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Abstract

The aviation industry is moving towards more electric aircraft. This involves the

replacement of conventional mechanical, pneumatic, and hydraulic systems with electri-

cal solutions. The motivation for this is to reduce system mass and operating costs,

increase efficiency and availability while maintaining reliability and performance. This

thesis presents a multifaceted design toolbox for optimal sizing of aerospace electric drive

systems with long feeder cables. The design tool is applied to a flap actuation sizing case

study. The drive components considered are the power electronics, EMI input filter, LC

output filter, cable, machine, and gearbox. The toolbox’s inputs are design requirements

defined by the system’s power, lifetime profile, failure rate, operating environment, and

power quality. Models and procedures for each component within the toolbox determine

their respective mass, volume, efficiency, thermals, failure rate, dynamics, power quality,

and component parameters. The models are coupled with one another such that variation

of one parameter lead to a change in another. The system is sized with the main objective

of minimising its overall mass while ensuring design requirements are met. Analytical

sizing and parameter determination procedures have been developed for all considered

components. The capabilities of the proposed toolbox are demonstrated by using it to

optimally size and design the electrical flap actuation drive system of an Airbus A320-200.

Two different topologies are compared, centralised and distributed. Through the analy-

sis and results, it was concluded that distributed is superior to the centralised topology,

offering less mass and reduced complexity. The novelties of this research include:

� A new sizing algorithm for surface mounted permanent magnet synchronous ma-

chines suitable.

� Development of design toolbox for optimal aerospace electric drive system design

consisting of high fidelity inter-domain dependent models that explicitly consid-

ers the relationship between mass, volume, electrical, electromechanical, thermal,

mechanical, failure rate, and lifetime profile. The considered components are the

machine, cable, LC output filter, inverter, parallel plate finned heat sink, EMI input

filter, inductors, and capacitors.

� Utilisation of aforementioned toolbox to assess the merits and drawbacks of opti-

mised aerospace electric drive designs for both centralised and distributed topolo-

gies.
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Chapter 1

Introduction

1.1 About optimal design for aerospace electric drive

systems

Optimal design of electromechanical aerospace electric drive systems for actuation is a

complex multi-objective, multi-variable, multi-domain design problem. At a high-level,

the considered design domains are actuation demand, reliability, thermal, power quality,

mass, volume, mechanical, and electromechanical. Objective criteria may be categorised

into one of these domains. Elements/items are defined by domain-specific parameters.

Parameters of one domain may be coupled with parameters of another. Some parame-

ters have constraints, whereby elements must reside within a given design space. Some

parameters are dependent on others. Some parameters require minimisation. The design

process, from objective to solution, can be streamlined by reducing the number of inde-

pendent variables through coupling of two or more different parameters; thus, creating

dependency between previously independent variables. This is achieved by appropriate

design algorithms. All design solutions have negative side-effects or consequence. These

negative side-effects are also known as the cost or the sum of weighted costs. The ul-

timate objective of an actuation system is to actuate a given demand, be it a flight

control-surface, landing gear or any other arbitrary load. Negative side effects of the

developed solution include losses, intrinsic mass, and added inertia. Thus, solving the

electromechanical optimal design problem can be considered as finding a solution for a

required actuation demand with minimal cost, within constraints, using developed design

algorithms.

In the context of aerospace application design solutions, the most prominent negative

side-effect to be minimised is mass. Consider the objective of moving a given payload

from point A to point B by flying. Transport by aircraft is a solution to do this. The

negative side-effect of the aircraft as a solution is that energy is needed to move itself,

as well as the payload. The required energy is in the form of jet fuel which has intrinsic

1
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monetary cost, mass, and environmental impact. The effectiveness of an aircraft to do

this task is known as the payload fraction and is determined by dividing the payload mass

by the aircraft’s take-off mass. For a fixed payload, an increase in the aircraft take-off

mass leads to a decrease in payload fraction and an increase in its fuel requirements. To

maximise the payload fraction, the mass of solution (i.e. the aircraft) and its components

should be minimised.

Let us consider how an arbitrary component’s mass relates to the other design do-

mains/parameters for a given technology level and topology while assuming continuity

of material properties (e.g. density, Young’s modulus, thermal conductivity) and dimen-

sional/geometric ratios:

� Electrical/electromechanical – in this study, electromagnetic forces are utilised for

actuation. This involves the manipulation of magnetic fields by way of designed

electromagnetic mechanisms through voltage and current control and conditioning.

The considered electromechanical mechanisms is the electrical machine/motor, con-

verting electrical energy into actuating torque. Generally, an electrical machine’s

current is proportional to its torque, and its voltage is proportional to its operating

speed. Control of the current leads to control of the torque. Voltage and current

control and conditioning are done by power electronic inverters and output filters.

Electrical power routing is done by electrical cables. The electrical machine’s oper-

ating point with respect voltage/current, and torque/speed need to be considered

simultaneously. Naturally, all components in the electrical and electromechanical

system have intrinsic mass, volume, losses, reliability, thermal characteristics, and

effect system level power quality. All components are dependent on electrical ma-

chine’s operating point, as described by its voltage/current and torque/speed.

� Volume – generally, an increase in component’s mass leads to an increase in its

volume. In the context of aerospace actuation solutions; volume, space, and geo-

metric limitations exist for a given aircraft design. Reduction in volume of a given

component can increase the space for payload or other components.

� Mechanical – increase in force/torque load leads to increased component volume,

and thus increased mass. For a fixed power demand, an increase in rotational/linear

speed leads to a reduction in force/torque load and a reduction in component mass.

Increased mass leads to increased inertia, and slower actuation dynamics or the

requirement of a greater actuation force/power.

� Thermal – consider the thermal characteristics of electrical components designed

for minimal mass i.e., maximum power density. Increasing power density leads to a

decrease in mass and a decrease in volume. Consequently, for electrical components,

this also leads to an increase in conduction losses and component temperature due

to the reduced conductor cross sectional area. Reduction in mass leads to lower

heat capacity, and shorter thermal time constants, thus a component can overheat
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faster. Reduction in volume also reduces external surface area. In the case of

convection and radiation, this in turn increases the effective component to ambient

thermal resistance. Increased component to ambient thermal resistance leads to an

increased operating temperature.

� Failure rate – failure rate of a component is dependent on thermals, its functional

loading (be it electrical, mechanical) and ensuring it operates within its designed

range. Failure rate requirements can be defined as mean time between failure

(MTBF). Decreased failure rate refers to an increase in the MTBF value. Com-

ponents can be oversized to decrease failure rates for exceptional loading circum-

stances or faults at the cost of increased physical mass/volume and cost. Generally,

an increase in operating temperature leads to an increase in failure rate. Higher

temperature leads to faster component degradation as described by Arrhenius’s

law. Higher operating temperature with respect to ambient temperature leads to

more pronounced thermocycling due to repeated thermal expansion and contraction

stresses.

� Power quality – electrical power quality can be described by power factor, crest

factor, total harmonic distortion, and distortion spectrum. EMI and EMC power

quality constraints for the input and output voltage/current of electrical devices

are set by MIL-STD-704F and MIL-STD-461F for aerospace applications. Con-

verter/Inverter switching can create un-wanted harmonics and distortion. Filters,

consisting of resistors, inductors, and/or capacitors in combination, can be used

to attenuate unwanted harmonics and condition the voltage/current at the cost of

added mass, volume, losses. Generally, the greater the attenuation required, the

greater the mass of the resultant filter.

� Functional requirement definition – mechanical actuation demand is part of the

actuator’s functional requirement definition. An increase in force/torque demand

leads to increase in mass. Power quality and reliability constraints are considered

a part of the functional requirement definition. The understanding is that for this

system to function properly, it must also abide by these reliability and power quality

constraints.

Lower failure rates is desirable as is minimum mass. These design objectives implicitly

conflict with each other as it has been deduced that a reduction in failure rate generally

leads to an increase in mass for a given technology level. This phenomenon can be

illustrated by plotting the respective mass’s and failure rates of a set of valid design cases

in Figure 1.1. The unit for failure rate is FIT where 1 FIT is equivalent to one failure

per 1× 109 hours. As mass reduces, failure rate increases. Consider that a subset of

design cases can be generated with each design case of the subset having failure rates

below a threshold. Within that subset exists a single design of minimum mass. The

subset’s failure rate threshold is iterated for each design cases’ respective failure rate,
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from which a design of minimum mass is selected. These selected designs are plotted and

joined to create the Pareto frontier. Any design that is an element of the Pareto frontier

is considered Pareto efficient. Any design that is not an element of the Pareto frontier

is considered suboptimal as another design exists with a lower failure rate for the same

mass, or a lower mass for the same failure rate. Determination of the Pareto frontier

relationship is key to determining an optimal compromise between failure rate and mass.
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Figure 1.1: Mass vs. failure rate Pareto frontier example.

1.2 Centralised and Distributed topology

As mentioned in the thesis title, centralised and distributed electrical topologies are anal-

ysed. Both are shown in Figure 1.2. In the centralised topology, the inverter and its

associated EMI and LC output filters are located within the pressurised fuselage. It

is connected to the machine, which drives the actuator in the unpressurised wing en-

vironment via a long feeder cable. The advantage of this topology is that the power

electronics and associated filters operate in the more hospitable environmental-controlled

environment. To mitigate transmission line effects and power quality issues, the inverter’s

switched voltages are conditioned by an LC output filter. In the distributed topology,

both the inverter and the machine are at the point of actuation in the less hospitable

unpressurised environment. The inverter is supplied by the dc supply network via a long

cable. Environment conditions affect the failure rate and operating temperatures of com-

ponents. Components located in the unpressurised wing environment experiences larger

amplitudes of thermal cycling, greater vibration, variation in pressure, and exposure to

weather. Components need to be appropriately sized and designed to account for these
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environmental stress effects.
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Figure 1.2: Centralised (top) and distributed (bottom) electrical topologies.

1.3 Objective

The ultimate objective is to create a toolbox for optimal sizing and design of electric

drive systems for aerospace actuation applications considering centralised and distributed

topologies. The toolbox is a collection of models and design procedures for each of the

systems’ component and for the system as a whole considering every relevant domain.

To demonstrate the toolbox’s abilities, it will be used to optimally size the flap actu-

ation system of an Airbus A320-200 for centralised and distributed topologies.

1.4 Thesis structure

The thesis structure is outlined below. This outline summarises the steps taken to achieve

the objective of section 1.3.

� Chapter 2 covers the relevant background literature review considering more elec-

tric aircraft, its motivation, recent trends in aircraft electric systems, power-by-

wire actuation systems, fault-tolerant topologies, demonstrators, and case studies.

Methods of electric drive design and sizing are investigated.

� Chapter 3 provides the details of the problem definition (i.e. what is the problem

that needs to be solved). The aim is optimally size and design a flap actuation

drive system for an Airbus A320-200. The flap function is described. A mechanical

and kinematic representation is formulated. The failure rates and failure modes

requirements are outlined.
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� Chapter 4 outlines the toolbox models and procedures utilised to optimal size and

design electric drive systems (i.e. how is the problem solved). The considered

components are inductors, capacitors, heat sinks, semiconductors, electric machine,

cable, and gearbox. The subsystems are the inverter, inverter output filter, and

EMI input filter. The modelling domains are electrical, electromechanical, power

quality, volume, thermal, failure rate.

� Chapter 5 covers the drive system control scheme where a gain-scheduled LQR

controller for the centralised topology is presented.

� Chapter 6 covers high-frequency modelling of the inverter, feeder cable, and machine

for the centralised topology.

� In Chapter 7, the presented toolbox of Chapter 4 is utilised to optimally size and

design the flap actuation drive systems; one design for centralised topology and

another for distributed. These designs are compared and contrasted with each

other.

� Chapter 8 provides the concluding summary of the work, critiques, identification of

future work based on highlighted shortcomings, and the novel contributions.

1.5 Publications

The following publications related to the research topic written by the author are listed

in chronological order as follows:

� P. Xie, D. Dewar, G. Vakil and C. Gerada, “Gain-scheduled LQR control of an

aerospace drive system with LC filter and long feeder cable,” 2020 23rd Interna-

tional Conference on Electrical Machines and Systems (ICEMS), 2020, pp. 656-661.

� P. Xie, G. Vakil and C. Gerada, “Electric drive systems with long feeder cables,”

IET Electric Power Applications, 2020, pp. 16-30.

� P. Xie, G. Vakil and C. Gerada, “Sizing, Design, and Modelling of Aerospace Elec-

tric Drive System with Long Feeder Cables,” 2019 IEEE International Electric

Machines & Drives Conference (IEMDC), 2019, pp. 993-1000.

� P. Xie, R. Ramanathan, G. Vakil and C. Gerada, “Simplified Analytical Machine

Sizing for Surface Mounted Permanent Magnet Machines,” 2019 IEEE International

Electric Machines & Drives Conference (IEMDC), 2019, pp. 751-757.



Chapter 2

Literature review

The aviation industry is tending towards more electric aircraft. This involves replacement

of conventional hydraulic, pneumatic, and mechanical systems with electrical solutions.

The motivations for this movement are mass reduction leading to reduced fuel burn

and reduced environmental impact, ease of maintenance leading to increased availabil-

ity, and reduced operating costs leading to increased profits. This chapter discusses the

background in more electric aircraft. General more electric aircraft design trends are pre-

sented. This is followed by an investigation focused on aerospace actuation applications.

Conventional hydraulic actuation systems and their supporting systems are presented.

Electrical actuators are then introduced, and their characteristics are compared with

each other. Demonstrators and case studies for the presented actuator types are shown.

Different electrical actuation topologies are discussed, considering redundancy, failed op-

eration, and power quality. Existing design and modelling methodologies for electrical

actuators are shown.

2.1 More electric aircraft trends and existing sys-

tems

Recent trends have shown an increase in commercial aircraft’s electrical generation as

shown in Figure 2.1 [1]. The largest leap in electrical power generation is with the Boeing

787, attributed to its no-bleed architecture [2].

The increase in electrical generation capability is clearly seen when a conventional

electrical system and the Boeing 787’s electrical system are compared, as shown in Figure

2.2. The conventional system has a centralised distribution system and the 787 has a

distributed system. The conventional electrical system has 115Vac and 28Vdc networks.

Boeing 787 has 230Vac, 115Vac, 28Vdc, and ±270Vdc networks. Both the distributed

nature of the 787’s electrical system and its higher voltages leads to a reduction in power

feeder cable mass. The 787 has a total of six electrical generators, two 250kVA per engine

7
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Figure 2.1: Commercial aircraft electrical generation with respect to first year of flight. [1]

and two 225kVa auxiliary power unit (APU) generators. This gives a total 1450kVA of

on-board electrical generation.

Figure 2.2: Conventional electrical system with centralised distribution and Boeing 787’s
electrical system with distributed distribution [2].

The generated electric power is utilised by various aircraft systems. A portion of the

total power generated by the aircraft’s engine is converted into different usable forms,

such as pneumatic, hydraulic, and electrical. These power forms are known as secondary

power and are required for the operation of aircraft’s supporting systems. The major

supporting systems include the Environmental Control System (ECS), the Ice Protection

System (IPS), and the Flight Control System (FCS). Conventional aircraft utilise bleed

air from the engine for IPS and ECS. Hydraulic system is utilised for FCS. The elec-

trified systems in the Boeing 787 are the ECS, IPS, engine starting, and driving of the

hydraulic pumps. A comparison between conventional systems and the 787’s no-bleed-air

architecture systems is shown in Table 2.1. Improvements between the no-bleed-system

and conventional systems include improved efficiency, reduced complexity, and reduced
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maintenance.

Table 2.1: Comparison between conventional systems and the Boeing 787’s no-bleed-air ar-
chitecture systems, and resultant improvements [2].

System Conventional No-bleed-air system Result

Environmental
control

Bleed-air energy extrac-
tion from engines requir-
ing pre-coolers and modu-
lating valves.

Output of the cabin
pressurisation compres-
sor flows through low
pressure air conditional
packs. Variable speed
motors avoid excess sup-
plied compressed air and
further downstream down
regulation losses.

Improved efficiency by us-
ing minimum energy re-
quired.

Ice protection Hot bleed-air is dis-
tributed through piccolo
tubes to the leading edges
of the wing, then venting
it to lower surface of
wing/slat.

Electric blankets under
the leading edge are
utilised.

Energy usage is halved,
removal of bleed-air duct-
ing, reduced drag and re-
duced noise.

Hydraulic sys-
tem centre lane

2 large 50 gallon per
minute (gpm), 3000psi
air-turbine driven hy-
draulic pumps for peak
loads during take-off and
landing. 2 small 6gpm
electric-driven pumps for
remainder of flight.

2 large 30gpm, 5000psi
electric- driven hy-
draulic pumps. One runs
throughout the entire
flight, the other only
runs during take-off and
landing.

Higher pressure results in
smaller hydraulic compo-
nents for both mass and
volume saving. Smaller
part count.

Auxiliary
power unit

Provides both pneumatic
and electrical power.

Only provides electrical
power.

Improved reliability, re-
duced maintenance, re-
duced complexity with
elimination of pneumatic
system.

Engine sec-
ondary power.

Majority of secondary sys-
tems power is in the form
of bleed air.

Majority of secondary sys-
tems power is electrical.

1 to 2% reduction in fuel
consumption during cruis-
ing, reduced engine com-
plexity with the elimina-
tion of pneumatic system.

Other recent released aircraft such as the Airbus A350, A380, and Boeing 777X still

rely on bleed air systems. Airbus 350 has adopted a 2H-2E architecture. Its electrical

system is shown in Figure 2.3 [3]. There are two 230Vac 100kVA variable-frequency

engine-driven generators per engine. The APU can supply 230Vac at 400Hz, 150kVA.

There are three electrical distribution networks, 230Vac, 115Vac, and 28Vdc. Auto Trans-

former Units (ATUs) convert the 230Vac supply to 115Vac. When all generators fail, a

drop out Ram Air Turbine (RAT) is deployed to power essential systems.
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Figure 2.3: Airbus A350 electrical system [3].

2.2 Flight control surfaces actuators

Actuators are required to move flight control surfaces so the aircraft can change velocity,

pitch, yaw, altitude, and direction. Actuators are also required to deploy and retract

the landing gear, open and close cargo doors, and move the stator vanes in the turbo

fan engines [31]. Generally, flight control surfaces fall into two categories; primary and

secondary. Primary flight control surfaces are critical flight surfaces which must be op-

erational and active at all times. They control the three main axis of rotation for flight:

yaw, pitch, and roll. These surfaces include the elevators (for pitch), the ailerons and

spoilers (for roll), and the rudder (for yaw). Secondary flight control surfaces control the

amount of lift and drag and are utilised at take-off and landing. These surfaces are the

leading-edge slats and the trailing-edge flaps. Upon final-approach for landing, the flaps

and slats are extended in increments to increase both lift and drag so that the plane can

land at slower speed. The flight control surfaces of an A350 is shown in Figure 2.4.

The A350’s hydraulic system and actuator grouping is shown in Figure 2.5. There

are four engine drive pumps (EDPs) in total, two per engine. One of them pressurises

the green hydraulic systems and other powers the yellow. If one of the engines fails,

both hydraulic systems can still be pressurised by the remaining functioning engine. The

nominal pressure is 5000psi which is higher than the 3000psi of previous Airbus aircraft.

The A350 is equipped with both hydraulic and electro-hydrostatic actuators (EHA) and

electrical backup hydraulic actuators (EBHA). In the event of one or both hydraulic
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Figure 2.4: Airbus A350 flight control surfaces [3].

systems failing, EHA’s and EBHA’s are utilised for flight control surface actuation.

Figure 2.5: Airbus A350 hydraulic and actuator system [3].

Typical flight control surface actuator requirements can by defined by the following

descriptors [32]:

� Type of motion - linear/rotary.

� Control - position controlled (primary flight surfaces), end-stop to end-stop move-

ment (landing gear deployment/retraction), pressure to force control (braking).

� Operating duration - continuous (primary flight surface), transient (slats/flaps de-

ployment).
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� Power capability - force/velocity, torque/speed.

� Dynamics - 1Hz to 15Hz.

� Operating environment - temperature, altitude, humidity, vibrations, EMI

� Life time - 135000 flight hours for large commercial aircraft.

� Failure rate - 1× 10−5 failures per flight hour for secondary flight controls, 1× 10−9

failures per flight hour for primary flight controls.

� Failure mode - fail-operative with reduced output, fail-operate with full output, fail

safe (passive/frozen/neutral).

� Maturation - >98%.

The lifespan of developed flight surface actuators need to be considered. NASA in-

troduced technology readiness levels (TRL) which describe the degree of progress made

to bring a product from concept to full operational readiness [33]. TRL2 represents for-

mulation of concept idea, TRL4 is validation of concept by realised demonstrator, and

TRL9 is fully operational and is put into service. The development of aerospace EHA

took 15 years to go from TRL4 to TRL9 [32]. The same model of aircraft with the same

actuators may be manufactured for thirty years and stay operational for another thirty

years. Thus, it can take 75 years to go from concept formulation to retirement.

2.2.1 Conventional hydraulic actuators

Conventional hydraulic actuators require pressurised hydraulic fluid from a centralised

hydraulic system. The pressurised hydraulic fluid in the actuator is controlled by valves

and acts on a piston to drive a linear or rotary motion. Their use has been well established

in aerospace for more than 50 years and are utilised as the main primary flight control

surface actuators for all current generation large passenger aircraft. The advantages of

hydraulic actuator systems are as follows [32]:

� High power density at the actuator level.

� Ease of heat dissipation due to the hydraulic fluid carrying the heat away.

� Moving parts have low inertia and thus high actuator bandwidth is possible.

� High force/low speed easily achievable.

� No issues with EMI.

� Can hold constant max torque/force without additional requirement of power.

The disadvantages of hydraulic actuator systems are as follows:

� Low power density at the system level, this includes both hydraulic power generation

and distribution by fluid lines.

� Hydraulic fluid pollutants are not environmentally friendly.

� Difficulty of identifying leaks.
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� Hydraulic fluid requires conditioning (filling, filtering, charging, clearing).

� Low efficiency on a system level as full force needs to be constantly generated,

regardless of the immediate demand.

The development of electric powered alternatives is motivated by addressing the dis-

advantages of the hydraulic powered system.

2.3 Electric actuators - power-by-wire

Electric actuators for aerospace generally fall into two categories, electro-hydrostatic ac-

tuators (EHA) and electro-mechanical actuators (EMA). Recent developments in both

are discussed in this section. Note that all presented case studies in sections are examples

of distributed systems unless otherwise stated.

2.3.1 Electro-hydrostatic actuators

EHA transform supplied electrical power to hydraulic power to mechanical power. Typical

EHA system consist of a bi-directional axial piston pump driven by an electric motor, a

hydraulic actuator piston, and bypass valves as shown in Figure 2.6 (a). A diagram of the

axial piston pump is shown in Figure 2.6 (b). The axial piston pump consists of pistons

mounted in displacement chambers of the cylinder block. The pistons and cylinder block

rotate with the drive shaft rotation. The drive end of the pistons are attached by ball-and-

socket joints to slippers which are in contact with an angled swash plate. As the pistons

rotate about the drive shaft axis, their respective displacement chamber volumes vary

due to the reciprocating motion of the pistons as it tracks the angled swash plate. The

displacement chambers’ volume at the flow inlet Qin is greater than the displacement

chambers’ volume at flow outlet Qout. This creates negative pressure at the inlet side

and positive pressure at the outlet. Axial piston pumps are fixed displacement pumps.

Assuming incompressible fluid, flow rate is directly proportional to the speed of rotation.

US programs investigating the use of EHA’s for aerospace have mainly focused on

military applications. The F-35 fighter aircraft has a full electro-hydrostatic actuator

system for all control surfaces with no centralised hydraulic system. [5] investigated re-

placing the standard aileron hydraulic actuator with an EHA on the F-18 fighter aircraft.

The EHA system consisted of the EHA as shown in Figure 2.7, two independent interface

boxes, one power control and monitoring electronics unit, one power conversion unit,

pilot control panel. The EHA consists of an axial piston pump driven by a three-phase

permanent magnet motor. Its total weight is 18.8kg and requires no active cooling. The

power converter unit converts 115VAc to ±135Vdc for the power, control, and monitor

electronics (PCME). The PCME weighs 9.1kg and has 115Vac cooling fan.
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Figure 2.6: EHA system (a) Overview of EHA system. (b) Axial piston pump diagram [4].

Figure 2.7: F-18 Electro-hydrostatic actuator [5].

European programs investigated EHA’s for large commercial aircraft. Recent Airbus

aircraft, such as the A380 [7], A350, and A400M utilises electro-hydrostatic backup ac-

tuator (EHBA) and electro-hydrostatic actuators (EHA) in support of the conventional

hydraulic systems for their ailerons, elevators, rudders, and spoilers. Exact actuator spec-

ifications for in-service aircraft are not publicly available. The A350’s inboard aileron

EHA and spoiler EBHA are shown in Figure 2.8.

[7] highlighted the lessons learnt in the development of the A380 EHA’s. The A380’s

2H/2E arrangement improves on redundancy compared to the conventional 3H systems

as two electrical systems has replaced one hydraulic system. The dissimilarity between
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(a) Inboard aileron EHA.
(b) Spoiler EBHA.

Figure 2.8: Airbus A350 electro-hydrostatic actuators [6].

the two systems reduces the chances of common mode failure, such as maintenance errors

which can effect one of the two kinds of systems. The EHA design requirements are

high speed, low displacement pumps and low losses, as it cannot eject heat easily like

a centralised hydraulic system can via its hydraulic fluid. EHA produce losses while

generating a static holding force. The only form of heat dissipation is natural convection.

The reliability of a forced cooling solution is of concern and the nature of forced cooling

would contribute to drag forces on the aircraft. Because of the relative lower reliability of

the power electronics, they are to be designed as line replaceable units, easily replaceable

without the removal of the entire actuator. The Airbus A380’s aileron EHA and HA are

shown in the left and right of Figure 2.9 respectively. Here, the relative size between EHA

and HA can be seen. The weight of the EHA is double that of the hydraulic actuator but

weight savings on the overall system level is achieved with the removal of one hydraulic

system. The motors of the EHA were designed with a wet rotor configuration, allowing

better integration of motor and pump and elimination of the low reliability dynamic shaft

seal. The EHA dynamics are 1-1.5Hz.

Figure 2.9: Airbus A380’s aileron electro-hydrostatic actuator (left) and hydraulic actuator
(right) [7].
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2.3.2 Electro-mechanical actuators

Electro-mechanical actuators directly transfer electrical power into mechanical power, re-

sulting in linear or rotary motion/actuation. Typical linear electro-mechanical actuators

consists of an electric motor and a mechanism, such as a ball-screw or roller-screw, that

converters the motor’s rotation motion into linear motion as seen in Figure 2.10. The

tailstock and rod end is where the load and the anchor point are attached. The ball

nut and ball screw transforms rotational motion of the output gear into linear motion of

the output shaft. A DC brushless motor drives transforms electrical energy into rotary

mechanical energy. It drives the pinion gear which itself is meshed with the the output

gear. Linear Variable Differential Transformer (LVDT) is used to determine output shaft

linear position. The tachometer determines the rotary speed of the motor. Hall effect

sensors are used in the electrical commutation of the dc brushless motor. The bearing

plate holds the bearing to the actuator’s casing. The bearing spacer ensures proper align-

ment of the bearings. The snubber is used to reduce excess force during actuation. The

sleeve bearing ensures a seal between the output shaft and the actuators casing.

Figure 2.10: Moog electro-mechanical servo actuator [8].

The main advantage of EMA’s compared to EHA’s are that they are inherently lighter

and less complex as there is no intermediate transform from electrical to hydraulic power.

The main downside is their safety concern during failure. Jamming is a major concern

and methods of dealing with jam failures have not reached a level of maturity for wide-

spread adoption of EMA’s for primary flight control surfaces. EHA’s are not at the same

risk of jamming as by-pass valves can be engaged to bring it to a fail-passive damped

state. Recent European investigations into EMA’s for primary flight control surfaces

include COVADIS [34] and ACTUATION2015 [35] programs.

COVADIS [34] developed a TRL6 (technology readiness level 6) aileron EMA for the

A320. It was tested both on an iron-bird and in flight on an A320. The EMA is a direct

drive design, consisting of a PM DC brushless motor, position and force sensors, satellite

roller screw, and power electronics.
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ACTUATION2015 [35] investigated EMA for future all-electric aircraft. Its main aim

was to develop catalogues of standardised, modular, and scalable EMA components for

all types of aircraft. The objectives are to reduce overall life cycle costs, reduce mass,

improve reliability, and mature technologies from TRL3 to TRL5. It is predicted that

the outcomes from this project leads to a reduction of life cycle costs by 30%, reduce

failure rate by 30% and aircraft mass of 500kg for an Airbus A320 sized aircraft.

DEAWS [9] and ELGEAR [36] developed EMAs for flap/slats actuation and landing

gear nose wheel steering respectively. Details of these systems in the context of their

topologies will be presented in successive sections.

2.4 Redundant topologies

Consider the problem of designing flight control surface actuation. Its actuation, failure

rate, and faulted-operation mode requirements are defined. A potential solution is to

use a single lane electro-mechanical actuator, consisting of an electric machine, power

electronics, gearbox, and ball-screw mechanism. If however a single-lane solution cannot

deliver on the actuation, failure rate, and faulted-operation mode requirements for a given

technology level, then multi-lane redundant topologies would need to be adopted. Here,

different redundant topologies and their design considerations are discussed.

2.4.1 Fault-tolerant electrical topology

First, let’s consider a standard single-lane electric drive consisting of a two-level inverter

and three-phase machine. This electric drive is used to drive an actuator. Together they

make up an actuation system. The inverter consists of six switches and the machine

consists of three windings, one for each phase. One of its six switches can fail (fail open-

circuit or short-circuit) or one of its windings can short (degradation of insulation due to

overheating, causing turn-to-turn fault and loss torque). This design is not fault-tolerant

because a single failure of any of its subcomponents would ultimately lead to the failure

of the drive and the entire actuation system. If each components’ probability of failure

is known, then the probability of failure for this single-lane is the sum of the probability

values of each of its components.

Now, consider the use of two-lanes instead of a single lane to drive the same actuator.

A fault occurs one of the two lanes. The faulty lane can restrict the operation of the

healthy lane if a decoupling mechanisms is not present. The lanes have been sized such

that if one of the lanes fail, the remaining healthy lane can still deliver the required

actuation and overcome damping effects of coupled faulty lanes. Using two-lanes makes

the actuation system fault-tolerant as actuation can be sustained after a lane failure. The

actuator system will ultimately fail if both lanes fail. Assuming the probability of each
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lane is equal to the single-lane case, the probability for both lanes failing is the square

of the probability of a single-lane failing. Thus, failure rate probabilities can be reduced

through multiple-lane design.

[37] presents two different fault-tolerant electric drive design concepts using multiple

electrical lanes. They are known as “n+1” and “n×3”.

2.4.1.1 “n+1”

The “n+1” topology is where each phase winding of one machine is driven by its own

isolated inverter. The “2+1” arrangement, where n=2, is utilised in the “distributed

electrically actuated wing system” (DEAWS) [9] as shown in Figure 2.11. Three windings

are present, each connected to its own inverter and control electronics. Their current

commands are generated and synchronised by the flap control computer. During healthy

operation, each phases’ current is sinusoidal with a phase difference of 120◦ with respect to

each other. If the winding or the inverter of one of the lanes fail, the remaining two healthy

lanes will drive the current to deliver the required torque. Generating smooth torque

requires reshaping of the currents in the healthy lanes. This phase-fault compensation

action is shown in Figure 2.12. Healthy operation is seen between 0.01 and 0.02 seconds

as phases a, b, and c deliver sinusoidal current. At 0.02 seconds, an open circuit fault

in phase c is induced and the remaining phases current is reshaped to compensate for

the phase c current loss. The generated torque is maintained before and after the fault.

If faulted full-output operation is required, each phase would need to be sized to deliver

50% of the total power. The reshaped current’s peak value is 1.87 times that of nominal

[37] .

The downside of this topology is that the instantaneous power drawn for each lane

is sinusoidal and requires considerable input filtering. This adds excessive mass and

volume to the system. For the 1.5kW DEAWS system, the total inductor mass of the

input filter required to attenuate its input current distortion spectrum within DO-160F

limits is 3.6kg. Increasing the number of lanes from beyond three may not be possible

as each lane requires an isolated power source to avoid common mode failures. Most

large commercial passenger aircraft have two engines and one APU, giving a total of

three independent power sources. The APU typically isn’t operated after take-off, with

the exception of backing up the electrical system, backing up the air conditioning, or to

restart the main engines [38].

2.4.1.2 “n×3”

The “n×3” topology consist of n-lanes where each lane has one set of 3-phase windings and

powered by its respective isolated inverter. The “2×3-phase” topology as shown in Figure

2.13 was utilised in the ELGEAR project for electric landing gear nose wheel steering [11].
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Figure 2.11: 2+1 fault-tolerant machine topology [9].

Figure 2.12: Current reshaping of phase a and b currents after phase c current failure at 0.02
seconds for a 2+1 fault-tolerant machine [9].

The advantages of this topology over “n+1” is that the power draw from each lane’s power

source is constant and not oscillating sinusoidally at the motor’s fundamental frequency.

Less filtering is required to get the input current distortion spectrum to be within DO-

160F limits. Smooth torque is intrinsically generated by each lane, making it easier to

implement during both healthy and faulted operation. During nominal operation, each

lane delivers half of the total required power as shown in Figure 2.14. Upon an open

circuit failure in lane B at 0.03 seconds, lane A’s output power doubles with respect to

its nominal value to maintain the same constant torque.

Figure 2.13: 2×3-ph fault-tolerant machine topology [10].
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Figure 2.14: ELGEAR operation before and after single-lane open circuit fault [11].

2.4.2 Fault-tolerant mechanical topology

It has been established that multiple lanes can be utilised to create electrical redundancy

in an actuation system. Methods to establish mechanical redundancy is now presented.

The electric machine is the interface between the electrical domain and the mechanical

domain. Broadly speaking, the mechanical output of two or more lanes can be combined

by torque summing or speed summing [12].

2.4.2.1 Torque summing

Torque summing is where the total output torque is the sum of each lane’s torque. Each

lane’s rotor shaft is mechanically coupled together by a gearbox or common drive shaft

such that the relationship between their respective speeds is constant. The advantage

of this is that it avoids speed run-away in one of the lanes. This can also be considered

a disadvantage during a lane fault scenario. Depending on the failure manner of the

machine and the machine type, the faulted lane’s machine can create a drag torque that

the remaining healthy lanes must overcome. This phenomenon occurs with permanent

magnet motors that have a shorted phase or phase set. The rotation of the rotor in

the faulted machine by the motion of the healthy lanes’ machines creates a back-EMF

voltage which in turn induces a current and drag torque [39]. This drag torque can be

addressed in two ways: isolation or over-sizing. De-clutching of the faulted machine, as

shown in Figure 2.15, is required to isolate the healthy lanes from faulted lane’s drag

torque. The addition of a clutch mechanism adds to the system’s mass and complexity.

The failure rate of the clutching mechanism needs to be accounted for to determine the

total actuation system’s failure rate. If de-clutching is not feasible, as is the case for lanes

sharing a common drive shaft, then the remaining lanes need to be oversized to overcome

the drag torque. [39] provides over-sizing scaling factors for torque summed “n+1” and

“n×3” lane topologies.

“n+1” phase machines are intrinsically torque summed topologies with no option for

de-clutching. Each lane’s winding is magnetically coupled to the rotor. The same can

be said for “2×3” machines investigated in [13]. Circumferential and axial segmentation
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Figure 2.15: Four lane torque summer with clutches [12].

of the lanes’ respective three-phase windings was investigated as shown in Figure 2.16.

Optimised machine designs for both segmentation strategies were synthesised. The drag

torque for short-circuited three-phase windings with respect to speed was calculated as

shown in Figure 2.17.

Figure 2.16: Circumferential and axial dual-lane segmentation [13].

Figure 2.17: Calculated drag torque for short-circuit fault of axially (Ax) and circumferentially
(Circ) segmented lanes with single layer (SL) and double layer winding schemes (DL) [13].
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2.4.2.2 Velocity summing

Velocity summing is where the total output velocity is the sum or average of each lane’s

velocity. This is typically done through the use of a differential gearbox as shown in

Figure 2.18. The main advantage is that it eliminates force fighting between the lanes if

there is disagreement. If one of the lanes fails and its speed becomes uncontrollable, the

remaining healthy lanes would need to compensate by increasing or reducing their speed

to maintain constant output speed. The faulty lane would then need to be mechanically

isolated by locking it in place. The remaining lanes would then need to increase their

output to compensate for the loss in speed. For a two lane velocity summing configuration,

both lanes deliver half the output power at their nominal torque and speed. If one of the

lanes fail, the faulted lane’s brake is activated and the healthy lane would need to double

its power by doubling its speed to maintain the same output torque and speed. Isolating

the faulted lane eliminates drag torque on the healthy lanes.

Figure 2.18: Velocity summing with a differential gearbox [12].

Velocity summing using a differential gearbox is utilised for the hydraulic actuation

of the Airbus A320’s flaps and slats as shown in Figure 2.19 for the flaps. Two hydraulic

motors powered by the green and yellow hydraulic lanes respectively drive one differential

gearbox. Each motor has its own pressure off brake (POB). If one of the lanes fail, its

brake is engaged and the remaining healthy lane drives the flap or slat extension/retrac-

tion at half speed [14]. A loss of secondary flight control surface extension/retraction

speed is acceptable for large commercial aircraft as it would not explicitly mean a loss in

control of the aircraft’s trajectory. A loss in dynamics of primary flight control surface

may not be acceptable as it can lead to loss of aircraft control. [40] investigated a two-lane

velocity summing topology for high-temperature EMA application. A planetary gear set

is utilised as the velocity summing component and its output drives a ball-screw via a

three stage gearbox set.

2.5 System sizing and modelling techniques

In this section, a review of published literature into aerospace electric drive actuation

system sizing and modelling techniques are presented. Any relevant insights gathered
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Figure 2.19: A320 flap actuation system with a differential gearbox [14].

from the reviewed literature are highlighted.

[41] and [42] presented easy to use mechanical component scaling laws that can be

utilised in preliminary actuator sizing. Optimal EMA/EHA design is a multi-domain

problem. Often is the case that a system level designer may lack knowledge in a specific

field. This is where scaling laws can be used to aid the system designer. It allows the

estimation of all relevant parameters for preliminary calculations and basic simulations

from a small amount of inputs. The scaling law is based on the assumption of similarity of

material properties and dimensional/geometric ratios. Knowing the specifications of one

component in a product range, the specifications of another component of that product

range can be easily deduced using the presented scaling laws.

[43] presented a multifaceted methodology for optimal preliminary design and sizing

of EMA’s. It stated that conventional “static sizing” based on one operating point is

not sufficient and instead proposed sizing based on transient mission profiles considering

all major design drivers (maximum torque/speed, vibration, temperature, duty cycle,

failure rate, operating modes). Estimation, simulation, evaluation, and meta-models were

utilised and the inter-model coupling relationships are described. Scaling laws and surface

response methods is utilised to develop meta-models from which the design space can be

computationally efficiently explored. Time domain simulation was done in Modelica. The

methodology was demonstrated by sizing of a spoiler EMA.

[44] presented a dimensioning tool for MEA (more electric aircraft) actuator systems

considering modelling, analysis, and technology comparison. Preliminary drive sizing was

done for architecture comparison. Empirical inverter power loss and mass equations for

IGBTs as function of dc-link voltage, switching frequency, and input power were used

[45]. Empirical equations of a similar form were derived for the electrical machine as a

function of input power, output torque, technology factor, and fundamental frequency,

and for gearbox as a function of input power, nominal diameter, technology factor, and

input rotation speed. The parameters determined from the preliminary design were

utilised as starting points for detailed inverter, machine, and gearbox design. The electric

machine design is analysed and validated using a combination of Finite Element Method

(FEM) and Reluctance Network Model (RNM). The modelling principle of Time Domain
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Frequency Separation (TDFS) is utilised whereby only quasi-stationary electrical state

variables are simulated. Thermal, mechanical, control, and electrical dynamics differ in

orders of magnitude. Here, any fast dynamics that occur within a switching cycle are

ignored, thus improving simulation run time. Time domain simulations utilising these

TDFS models was done in Modelica.

[46] presented a multi-level integrated mass optimisation method for electric drives.

It addresses the issue that most existing literature related to electric drive optimisa-

tion focuses exclusively on either the power electronics or the machine. The considered

drive consisted of an AC/DC rectifier, dc-link capacitor, six-switch inverter, inverter heat

sink, and machine. The four modelling levels are listed as follows in order of decreasing

bandwidth: component (>100kHz), behavioural (10kHz - 100kHz), functional (10Hz –

10kHz), and architectural (<10Hz). The multi-level approach separates the optimisation

into level-segregated runs. Particle swarm optimisation (PSO) from MATLAB’s global

optimization toolbox was utilised for the system mass minimisation. Parameter variables

associated to a given level are optimised and then passed on as input constants to the level

below. This process is repeated iteratively until no improvements are seen in the objective

function. This reduces the number of dimensions for each run, in turn reducing runtime

and increases robustness. This approach was compared with a single-level optimisation

were all parameters across all levels are considered for optimisation simultaneously. The

best objective function optimisation results for multi-level and single-level are 11.96kg

and 11.85kg respectively. The average for computation times for multi-level and single-

level are 793.35 seconds and 113.1 seconds respectively. The single-level approach took

approximately 50% longer to simulate but achieved a superior design of lesser mass com-

pared to the multi-level approach. However, the difference between minimal mass of the

single-level and multi-level approaches was small that it could be neglected. One may

select the multi-level optimisation approach for improved optimisation robustness and

the faster simulation time at the expense of a slightly heavier design.

[47] presented a multi-objective optimisation technique for electric machine design

considering electromagnetic, electrical, mechanical, and thermal characteristics. Multi-

objective optimisation allows for the exploration of the design space by generating the

Pareto frontier and comparing multiple objectives which may be in contradiction with

each other. The multi-objective optimisation was completed using distributed heteroge-

neous optimization [48] with genetic algorithm. The considered objectives parameters

were mass, phase voltage, and winding temperature.

[49] presented a computational efficient design procedure for permanent magnet syn-

chronous machines using the RNM of [50] and thermal resistance networks of [51]. The

RNM parameters are determined from the geometry and material specifications of the

stator, rotor, magnet, and windings. The RNM is used to solve the torque/stator current

relationship while considering material non-linearities. There is a good match between
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RNM- and finite element method (FEM)-calculated torque/current relationships and

torque ripple. Solving of RNM networks is faster than FEM equivalent models. The

RNM is integrated as a part of an optimisation scheme utilising particle swarm optimisa-

tion as presented in [52]. The “2×3” fault tolerant 12 slot, 10 pole HEMAS (Helicopter

Electro-Mechanical Actuation System) machine is realised from this study.

[53] presented modelling and simulation of flight control electromechanical actuators

considering multi-disciplinary effects. Multidisciplinary energy flow was represented ex-

plicitly using the Bond graph formalism [54]. This facilitated the implementation of an

in-depth multi-disciplinary simulation model. The model considers thermals, response to

failure, and power quality. The considered components of the studied actuation system

includes a direct drive EMA with a nut-screw mechanism, actuator control electronics,

power drive electronics, permanent magnet motor, flight control surface, and sensors for

current, speed, and position. The multi-disciplinary domain coupling facilitated energy

balance modelling and thermal effects on magnetic properties, friction, and dimensions.

Non-linear effects considered include magnetic saturation, compliance effects (preload,

backlash), friction, structural dampening, and cogging torque. The simulation was im-

plemented in AMEsim.

[55] determined optimal designs with respect to power (volumetric) density for DC-DC

converter, single phase AC-DC converter, three phase unit power factor PWM rectifier,

and a sparse matrix converter. The analysis determined the power density limits for

these four topologies as 28kW/dm3, 35kW/dm3, 45kW/dm3, and 71kW/m3 respectively.

The design paradigm considered power semiconductor modules and their losses, power

passives (transformers, inductors, capacitors), cooling system (finned air heat sink and

fan), and EMI filter. Optimal finned air heat design is outlined in [56]. Optimal EMI

filter sizing is achieved by deriving an empirical relationship between inductor, capaci-

tor volume of a multi-stage EMI filter with respect to required attenuation. The paper

declared that power density has been doubling every decade since 1970. To double the

power density, the switching frequency would been to be increased by approximately a

factor of 10. Increase in switching frequency leads to a reduction in EMI filter sizing.

To facilitate this increase in switching frequency, a proportional decrease in switching

times is required to preserve the comparable switching losses. This poses challenges for

semiconductor manufacturers to reduce the switches drain-source capacitance. Thermally

coupling passive components to the heat sink using heat pipes can increase the passive

components’ power density. Increasing the allowable junction temperature of semicon-

ductors increases the effectiveness of heat sink to dissipate the losses to ambient, noting

that heat flow is directly proportional to temperature difference for a constant thermal

resistance.

[57] presented a multi-objective optimised design for an unmanned underwater ve-

hicle (UUV) propulsion drive. The UUV is 53cm in diameter with a requirement to
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move 1.54m/s at a thrust of 152N. The components considered were the surface mounted

permanent magnet synchronous machine, propeller, power electronics, and battery. Con-

sidered system losses included propeller losses, semiconductor losses, machine copper

losses and core losses. 33 design constraints were set. These include machine geometry

and mass limits, minimum conductor width, propeller geometry limits, flux density, ma-

chine magnet demagnetisation limits and maximum input power. Genetic algorithm was

utilised for the optimisation from which the Pareto efficient designs were determined with

respect to system mass and range.

[58] determined Pareto-optimal designs for three 10kW AC-DC generation systems

with Silicon, Silicon Carbide (SiC), and Gallium Nitride (GaN) semiconductors respec-

tively. The considered system components were the permanent magnet AC machine, a

passive rectifier, DC-DC converter, inductors, and capacitors. The Pareto-efficient opti-

misation with respect to total losses and total mass by genetic algorithm. For the same

system loss of 300W, the GaN based system’s mass is 93.6% that of SiC based system,

and 60.8% that of the Si based system.

[59] presented a generalised process for drive train optimisation of industrial robots.

The presented design paradigm considered the relationship between cost, lifetime, and

performance. The payload’s trajectory was considered in the design loop. The considered

drive train components were the machine, and gearbox and were modelled empirically.

The Complex algorithm [60] was utilised for optimisation as it was suitable to be used for

discrete-set input data and is non-gradient dependent. The design process was demon-

strated by sizing a dual axes industrial robot, each axes having six degrees of freedom. A

total of 12 optimisation variables were determined, 6 for each axes. The design process is

applicable for more joints, though [59] stated that problems with more than 25-30 optimi-

sation problems (i.e. 4-5 axes with 6 degrees of freedom each) may require an alternative

optimisation algorithm to the Complex algorithm.

2.6 Failure rate

Low failure rates are a requirement for aerospace actuators. The failure rates for primary

and secondary control surfaces are <1× 10−9 and <1× 10−5 failures per flight hour

respectively. To understand what failure rates are and to assess an actuation topology’s

failure rate; methods of determining its components’ failure rates and the system’s overall

failure rate are required. An electrical component’s failure rate with respect to time are

often represented by the bathtub curve as shown in Figure 2.20. It consists of three

different regions, infant mortality, maturity, and wear out. During the infant mortality

period, failure rates reduce with time. Failures during this period are typically attributed

to the setting up and debugging process. After that, failure rates are approximately

constant during the maturity period. The length of this period is known as its normal



2.6. FAILURE RATE 27

life. After this is the wear out period, where the component’s failure rate increases. Often

when ”failure rates” are mentioned, it is implicitly referring to the constant failure rate

of the bath tub curve’s mature period.

Figure 2.20: Failure rate vs. time bathtub curve [15].

The MIL-HDBK-217 handbook [61] is one of the most cited references of reliability

calculation of electronic components. The general equation for the failure rate λp model

of a component p is a product of the base failure rate λb, temperature factor πT , power

rating factor πR, voltage factor πS, quality factor πQ and environmental factor πE,

λp = λbπTπRπSπQπE. (2.1)

The latest update of the MIL-HDBK-217 was 1995 and it is now considered obsolete and

has been shown to be highly inaccurate. [62] compiled a collection of critical articles

from government research bodies, academics, and industry. [63] [64] stated that there

was no scientific foundation upon which MIL-HDBK-217 models are based and that

results are highly inaccurate. The failure rates are determined from statistical curve

fitting of failures gathered from field data. It does not take into consideration different

environmental and operational loading conditions and assumes the same failure rate for

all loading conditions.

Many alternative methods of determining component reliability have been developed

to address the short comings of the MIL-HDBK-217 [62]. These include physics of fail-

ure model-based prediction, data-driven prognostics, similarity analysis-based prediction,

field data-based prediction, and test data-based prediction.

FIDES (meaning faith in Latin) Guide 2009 [15] was created to address the short-

comings of MIL-HDBK-217. Its development was instigated by the French Ministry of

Defence in collaboration with Airbus France, Eurocopter, Nexter Electronics, MBDA mis-

sile systems, and Thales. It provides realistic failure rates of the electronic components

considering physical factors, life profile, electrical, mechanical, and thermal overstresses,

failure related to development, production, operation, and supplier determination factor

for components. It adopts a physics of failure approach. The methodology has been

shown to provide good results and the existing models have been expanded upon in the

PISTIS project to consider new technologies, such as sub-30nm semiconductor nodes,
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and GaN power modules [65].

2.6.1 System failure rate

[11] and [66] utilised fault tree analysis in comparing different electrical actuator archi-

tectures. Component failure rates are assumed to be constant and taken from literature.

The developed fault tree is used to identify the cause and effect of different failure types.

[67] utilised Markov analysis to determine drive level reliability of an induction motor

drive under field-orientated control. The considered components were power electronics,

induction machine, speed encoder, and current sensors. The considered modes of failures

include omission, gain, and bias errors for the speed encoder and current sensors, open-

circuit, short-ciruit to ground or dc-bus for the phase legs, and machine phase to phase

and rotor bar break. It identified the dominant failure modes are due to the speed encoder.

Markov analysis also allows the inclusion of maintenance scheduling in the analysis and

to determine its effect on a system’s failure rate [68].

[69] analysed the relationship between cost and reliability of a N +X parallel inverter

system for power distribution, where N is the number of parallel inverters required to

deliver full load, and X is the number of inverters for redundancy. The case study

considered a parallel inverter system delivering 100kW. For this scenario, it was found

that increasing X increases system reliability significantly up to a point, where X > 3 for

N = 3 returned negligible increase in overall system reliability. The paper investigated

the effects of dynamic power distribution and time sharing between the inverters. M out

of N inverters were utilised at a time to deliver the required load to optimise efficiency

at lower, non-nominal loads. Effects of this scheme was an increase in system up time,

increased efficiency, lower operating thermals, and thus increase reliability. Total system

cost included hardware, operating and maintenance, downtime, and power loss. An

optimised minimal cost solution of N = 6 and X = 2 was determined.

[70] presented system-level reliability analysis for a 5kW backup power dc/dc con-

verter based on the system’s mission profile. The analysis addressed the short-comings

of common reliability analysis assumptions, such as assuming constant failure rate, and

taking no consideration of realistic mission profile. This leads to overestimation of unreli-

ability and over engineering. Component-level and system-level reliability is determined

as function of mission profile. The ambient temperature and power load of the mission

profile is described by bins of a histogram lifetime frequency distribution. The consid-

ered components of the dc/dc converter were the power electronics and dc capacitors.

The considered electronic component stress factors are voltage, current, and temper-

ature, from which the components’ lifetimes are determined. The steps of predicting

component lifetime are as follows. First, component loading is determined with respect

to loading profile and ambient temperature. The current and voltage is determined and
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the losses are calculated. Loss data is fed into component thermal models to determine

temperature. The component’s voltage, current, and temperature stress factors are used

to determine component lifetime. This is repeated to determined the equivalent lifetime

for each bin of the histogram lifetime frequency distribution. The effective lifetime is de-

termined from the sum of the inverted lifetimes for each bin, weighted by their respective

bin frequency. Sensitivity analysis is completed considering variation in base component

lifetime. System level reliability is determined using a series/parallel reliability block

diagram.

2.7 Electric drive systems with long feeder cables

An investigation into electric drive systems with long feeder cables was completed by the

author and published as [71]. The motivation behind the investigation is the proposal of

a new centralised electric drive topology for aerospace actuation, whereby the inverter is

located in the fuselage and the actuator is located on the wing, at the point of actuation.

An understanding of the design concerns and modelling methods is required to both qual-

itatively and quantitatively assess this topology. High dv/dt switched inverter voltages

applied to long cable feeders whose surge impedance matches poorly with that of the

machine can lead to high-frequency high-amplitude oscillations through out the cable, at

the machine’s terminals and through out the machine’s windings. This phenomenon is

known as the transmission line effect. These effects can lead to high EMI, corona dis-

charge, differential mode current, common-mode current, bearing current. The issue of

corona discharge is of particular concern for aerospace application. The amplitude of the

voltage oscillation can be more than 2× that of the dc-link voltage value for short pulse

widths [72]. As altitude increases, atmospheric pressure reduces and with that, the break-

down threshold voltage for corona discharge reduces as well. This has been described by

the Paschen’s curve as shown in Figure 2.21. The x-axis is pressure times distance in

units of Pascals metres. The y-axis is the peak ac/dc breakdown voltage in units of volts.

Corona discharge can lead to degradation of the insulation system and bearing currents

lead to breakdown of the bearing track race surface.As utilisation of wide-band gap semi-

conductors with high dv/dt and faster switching frequencies increases, these high-voltage

high-frequency phenomena and associated issues will become more prevalent and must

be addressed correctly. High-frequency cable and machine models are required to model

this high-frequency transmission line phenomenon. The presented methodology can be

extended to other applications, such as renewable energy and drive systems.
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Figure 2.21: Paschen’s curve for air [16].

2.8 Conclusion

The aim of this thesis to develop an optimal electrical actuation sizing toolbox for

aerospace applications. The relevant literature to help achieve this goal has been pre-

sented in this chapter. The key points are summarised here.

Recent trends have shown an increase in commercial aircraft’s electrical generation

such as the Boeing 787’s no-bleed architecture and Airbus A350’s and A380’s 2H-2E

architecture. Development of EHA have reached a level of maturity that they have

been adopted for primary control surface use, albeit in a support or back-up role in the

A350 and A380. The increased electrification trend will eventually lead to an all-electric

secondary power systems aircraft. It is predicted by Actuation2015 that full utilisation of

EMA’s can lead to a reduction of life cycle costs by 30%, reduce failure rate by 30% and

total mass reduction of 500kg for an Airbus A320 sized aircraft. Sagem has successfully

demonstrated and te sted a TRL6 aileron EMA on the A320.

Fault-tolerant electrical topologies “n+1” and “n×3” were presented. The issues of

the “n+1” topology have been highlighted: non-constant power draw from each lane,

high input filtering requirement, and the need for current re-shaping during lane failure.

This makes “n×3” the better electrical topology candidate as each lane draws constant

power, thereby reducing input filtering requirements. Moreover, current reshaping is not

required in the event of a lane failure.

The concepts of torque and velocity summing are presented along with their redundant

failure-mode operating requirements. Torque summing topologies without the option of

de-clutching experience pulsating drag torque from the failed lane due to machine phase

short. This drag torque would need to be compensated for by the remaining healthy

lanes. “n+1” topologies are intrinsically torque summing topologies as multiple lanes

are magnetically coupled to the same rotor. “n×3” topologies can be torque or velocity

summing topologies. A dual-lane velocity summing topology with differential gearbox
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and per-lane pressure off brakes is already utilised in conventional hydraulic actuation

systems for flaps and slats. The added advantage of this topology is the faulted lane can

be easily mechanically isolated with a brake, thus eliminating the effects of drag torque

on the healthy lanes’ operation.

System sizing and modelling techniques have been presented. The effective utilisation

of scaling laws to quickly and easily size mechanical drive train components was demon-

strated in literature. The importance of a holistic approach to electrical actuator design

and sizing, spanning multiple domains and bandwidth levels, has been highlighted by

many authors. The adoption of heuristic search algorithms such as particle swarm and

genetic algorithm for both component and system level optimisation has been prolific and

can be accredited to the ease of accessibility for academics via MATLAB’s global opti-

mization toolbox. The bundled optimisation algorithms allows for easy implementation

and exploration of the optimal design space for a multi-objective optimisation problems

by generation of the Pareto frontier. Computationally efficient analytically based sizing

procedures are required for the effective utilisation of heuristic search algorithms. An ex-

ample of this is using RNM instead of FEM to determine the torque/current relationship

for machine sizing optimisation.

Design for actuation system failure rate is of equal importance as designing for me-

chanical actuation requirement and power quality. Conventionally, MIL-HDBK-217 was

used to determine component reliability but numerous publications have outlined its

obsolescence, inaccuracies, and lack of consideration for difference in environment, op-

erating loads, and loading conditions. FIDES guide 2009 is the preferred method of

determining component reliability due to its physics of failure approach and its continued

development ties with reputable aerospace engineering companies. Fault tree analysis

and Markov analysis are two common methods of determining the system level reliabil-

ity. Fault tree analysis is comparatively easier to implement while Markov can include

the effects of maintenance scheduling into its analysis.

A thorough investigation into electric drive systems with long feeder cables was con-

ducted by the author and published in [71]. The motivation behind this investigation was

the proposal of a centralised topology with long feeder cables. Steep-fronted switched

voltages with high dv/dt applied to long feeder cables with high cable-machine surge

impedance mismatch leads to high-frequency high-amplitude voltage oscillations. This

phenomena is known as transmission line effects and can lead to corona discharge, high

EMI, bearing currents, and eventual system failure if not properly considered. High-

frequency cable and machine models are required to analyse this effect.
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Chapter 3

Problem Definition

Before the solution to a problem can be developed, the problem itself needs to be un-

derstood and defined. The considered problem is optimal sizing and design of the flap

actuation drive system for an Airbus A320-200. The flap’s function is described. A me-

chanical and kinematic representation is formulated. The failure rates and failure mode

requirements are outlined.

3.1 Flap actuation functional description

Flaps, as well as slats, are part of an aircraft’s high-lift system. The slats and flaps are

secondary flight control surfaces. The high-lift system increases both the lift and the

drag of the aircraft. This allows for slower speed landings and take-off’s, thus shorter

runaways and reduced wear on the landing gear. The flaps and slats extend and retract

to discrete positions. In the Airbus 320, there are five discrete flap positions, named 0, 1,

2, 3, and FULL. The positions are labelled on the A320’s flap position lever and shown

on its slat/flap indicator display as seen in Figure 3.1.

The A320’s flap retracted and fully-extended positions are shown in Figure 3.2. When

the flaps are extended or retracted, they need to overcome the aerodynamic forces acting

upon the surface. The drive arm rotates about the pivot point of the rotary actuator.

This in term, moves the flap link arm, the flap carriage, and the flap along the track.

The Airbus A320’s conventional slat and flap transmission system is shown in Figure

3.3. The flap actuation system is controlled using two slats flaps control computer, SFCC1

and SFCC2. Electrically controlled hydro-mechanical Power Control Unit (PCU) controls

power to drive the hydraulic motors. Two motors, supplied by the green and yellow

hydraulic supply, drive torque to the common flap transmission system for a differential

gearbox. The gear position of the differential gearbox is monitored by the feedback

position pickup unit (FPPU) and instrument position pick up unit (IPPU). The flap

actuators are connected to the common flap transmission system. As the transmission

33
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(a) Lever. (b) Indicator.

Figure 3.1: Flap lever and indicator [14].

(a) Retracted.
(b) Fully-extended.

Figure 3.2: Flap retracted and fully-extended [14].

shaft rotates, both the outer and inner flaps are actuated in synch. Slat actuation is

achieved using the same concept. A centrally located slat power control unit and two

motors powered by the blue and green supply drive a common transmission system, via a

differential gearbox, from which all slat actuators are connected to. Asymmetry position

pick-up off units (APPU) are located at either ends of flap and slat transmission systems

respectively. Wing-tip brakes (WTB) are present to stop flap or slat movement in the

event of a fault, over-speeding, or asymmetry. Feedback Position Pick-Off Unit provides

position information to the power control unit (PCU). Flaps position and proximity

signals are sent to the Landing Gear Control Interface Units (LGCIU) as deployment and

retraction of the landing gear coincides with use with flaps during take-off and landing.

The disadvantage of this transmission system using torque shafts and mechanical links

is that it is difficult to install, is heavy, and doesn’t allow for differential setting of the

inboard and outboard flaps.

The Airbus A350XWB implements an additional active differential gear box between

the inboard and outboard flaps, as shown in Figure 3.4. This allows for differential flap

settings (DFS) and variable chamber (VC) [3]. These features allows for reduction of

wing load by alleviating aerodynamic and structural loads on the wing, leading to weight

savings on the order of half a tonne in the wing box [73].
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Figure 3.3: A320 slat and flap transmission system [14].

Figure 3.4: A350XWB flap transmission system with active differential gearbox for differential
flap settings [17].

3.2 Flap actuation mechanical description

3.2.1 Actuation Requirement and mechanical system represen-

tation

A distributed flap system is proposed where by the actuation of each flap can be inde-

pendently controlled. This allows for differential flap setting and variable camber. [18]

determined the flap actuation loads for the Airbus A320-200. The actuation load for the

outboard trailing edge flap is shown in Figure 3.5. There are four flap surfaces, two for

each wing. Each flap is actuated by an inboard and outboard mechanisms. These mech-

anisms are link-track systems driven by rotary actuators. The inboard and outboard
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rotary actuators are driven by a torque tube rotating nominally at 25RPM via their

respective gearboxes of 1:17 and 1:16 gearbox ratios respectively. The total actuation

power requirement for the outboard flap is determined as 1.1kW when rounding up to

the nearest 0.1kW. It is proposed an electric drive system is designed for this load.

Figure 3.5: A320-200 outboard flap actuation definition provided by [18].

To deliver the required mechanical power for the flap actuation load in a fault-tolerant

manner, the velocity summing topology of Figure 3.6 is considered. It consists of two

three-phase machines, labelled M1 and M2 rotating at speeds ω1 and ω2 respectively,

electrical brakes EB1 and EB2, and a differential gearbox DGB. When the flap is not

being actuated and its position matches that desired by the slats flaps control computer

(SFCC), both EB1 and EB2 are locked to hold the flap in place. This means no energy is

expended by applying the holding torque while the flap is stationary. During nominal non-

faulted actuating operation, the flap is moved from one position to another, EB1 and EB2

are unlocked and both M1 and M2 are controlled to rotate at the same speed such that

ω1 = ω2. This drives the actuation load via the 1:k gear ratio differential gearbox DGB.

The output shaft of DGB drives a 1:1 gear ratio 90◦ bevel gearbox, rotating the torque

tube TT which drive the inboard actuation gearbox AGB,IB and outboard actuation

gearbox AGB,OB. Gear ratio k of DGB is a design variable.

Figure 3.6: Proposed mechanical flap actuation topology.

A mechanical system can be represented by an analogous electrical circuit using the

method of impedance analogy as described in Table 3.1.
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Table 3.1: Mechanical-electrical impedance analogy.

Mechanical rotation variable Analogous electrical variable

Torque Voltage
Angular velocity Current
Angular momentum Flux linkage
Angle Charge
Rotational resistance Resistance
Moment of inertia Inductance
Rotational compliance Capacitance

A simplified analogous circuit for the flap mechanical system of Figure 3.6 is shown in

Figure 3.7. Gearboxes are represented by transformers in the analogous circuit. Variables

J and F represent moments of inertia and friction coefficients respectively. The differen-

tial gearbox consist of ns number of stages. The moment of inertia’s differential gearbox’s

input gears is JDGB,1. The moment of inertia for the remaining gears is represented by

JDGB,2→ns. The load torque applied on the inboard and outboard rotary actuators are

represented by TF,IB and TF,OB respectively. The lumped moment of inertia JF,IB and

JF,OB includes that of the rotary actuator arm, the flap mechanism and the flap.

Figure 3.7: Flap actuation mechanical analogous circuit.

Methods for determining appropriate values for analogous circuit’s parameters in Fig-

ure 3.7 is presented in section 3.2.2.

3.2.2 Speed reducer gearbox, electromagnetic brakes, and torque

tube scaling laws

[41] presented estimation models suitable for preliminary system-level design of electrome-

chanical actuators and mechanical systems. The proposed estimation model for a given

component directly links the component’s primary characteristics, which describes its

main function, to its secondary characteristics. For example, consider a torque tube. Its

function is to deliver drive torque from a rotational source to a rotational load by me-

chanically linking them. A torque tube’s primary characteristic is defined by its nominal

operating torque. Examples of secondary characteristics are its mass, moment of inertia,

and maximum speed.
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Scaling laws are used to describe the association between primary and secondary

characteristics of components. The scaling law ratio of a given parameter x∗ is calculated

as

x∗ = x/xref , (3.1)

where xref is reference parameter and x is the parameter under study. The scaling law

is based on assumptions of similarity where the considered reference component and

components under study have the same,

1. Material properties (e.g. density, Young’s modulus)

2. Dimensional and geometric ratios.

3.2.2.1 Speed reducer gearboxes

The established scaling laws for speed reducers with one stage are as follows [41]. For

single stage speed reducer, the definition parameter is nominal output torque Tnom and

transmission reduction ratio k. The scaling law with respect to dimensions length l∗ and

diameter d∗, and mass M∗ are,

d∗ = T ∗1/3nom , (3.2)

l∗ = T ∗1/3nom , (3.3)

M∗ = T ∗nom. (3.4)

The relationship between the moment of inertia and torsional stiffness to the definition

parameter are as follows,

J∗ = T ∗5/3nom , (3.5)

K∗ = Tnom. (3.6)

The operating torque and speed limits are related to the definition parameter as shown,

T ∗max = T ∗nom, (3.7)

ω∗max = T−1/3
nom . (3.8)

For multi-stage planetary gearbox speed reducers with high overall stage reduction ratio

k, the maximum reduction ratio for each stage is limited by geometrical restrictions. It

is assumed that the overall reduction ratio k is shared equally among the ns stages such

that each ith stage’s reduction ratio ki is equal to k(1/ns). The last stage (where i = ns)

is sized for its nominal output torque in the exact same manner as the single stage speed

reducer. The supplementary stages’ (i < ns) torque load is significantly reduced but

rotational speed increases and with that fatigue. Thus, both fatigue and transmission

are drivers for supplementary stage sizing. These stages are sized such that their fatigue
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lifetime is the same as that of the last stage. The fatigue lifetime is represented by an

associated cumulated damages term Qh and is a function of nominal torque ωnom where

p is a bearing constant equal to 3 or 10/3 depending on bearing type [74],

Qh = T pnomωnom. (3.9)

Thus, the nominal torque of the ith stage with respect to the nominal output torque of

the final stage i = ns and per stage efficiency η can be derived as follows,

T ∗i,nom =
T ∗ns,nom

k(1− 1
p

)(1− i
ns

)ηns−i
. (3.10)

This T ∗i,nom value is used to size the ith stage using the aforementioned single stage equa-

tions (3.2-3.8).

The mass Mi of each ith stage is determined for T ∗i,nom using (3.4). The total mass of

the multi-stage gearbox is the sum of all of the stages. The moment of inertia Ji for each

ith stage is determined using (3.5). The total equivalent inertia Jeq considering all stages

of the multi-stage gearbox with respect to the high-speed input side is as follows,

Jeq =
ns∑
i=1

Ji
k2(i−1)/ns

. (3.11)

The torsion stiffness Ki for each ith stage is determined using (3.6). The total equiv-

alent torsion stiffness Keq with respect to the low speed shaft is as follows,

Keq =

(
ns∑
i=1

K−1
i,eq

)−1

, (3.12)

where,

Ki,eq = Kik
2(ns−i)/ns . (3.13)

Mechanical torque limit is considered with respect to the last stage as this is where

the maximum torque is experienced. Inversely, the rotational speed limit is considered

with respect to the first stage as that is where the maximum rotational speed occurs,

T ∗max = T ∗ns,nom, (3.14)

ω∗max = T
−1/3
1,nom. (3.15)

The equivalent per stage gearbox friction coefficient term F was estimated from data

sheet nominal operating conditions for single-stage gearbox with reducer ratio k and
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efficiency η,

F =
Tnom(1− η)

ωnomη
. (3.16)

The fitted relationship between single stage gearbox’s mass and moment of inertia

with respect to torque are shown in Figures 3.8 and 3.9 respectively. The data points

are taken from manufacturer datasheets [19]. Equation of the form (3.4) was fitted to

the mass vs torque data points of Figure 3.8. Equation of the form (3.5) was fitted to

data points of Figure 3.9. The empirical equations to calculate gear mass and moment of

inertia derived from fitting manufacturer’s data are hence forth utilised in gearbox sizing.
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Figure 3.8: Mass of single stage gearbox with respect to nominal low speed side output torque.
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Figure 3.9: Moment of inertia of single stage gearbox with respect to nominal low speed side
output torque. [19]

The F values determined using 3.16 for a given dataset [19] is plotted in Figure 3.10. A

power curve is fitted to this data. The total equivalent friction coefficient Feq considering
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Figure 3.10: Calculated and fitted friction coefficient for single stage gearbox with respect to
high speed input side for nominal output torque. [19]

all stages of a multi-stage gearbox with respect to the high-speed input side is as follows,

Feq =
ns∑
i=1

Fi
k2(i−1)/ns

. (3.17)

3.2.2.2 Electromagnetic brakes

The scaling laws for electromagnetic brakes are as follows [41]. The definition parameter

is holding torque T ∗. The scaling laws with respect to dimension length l∗, mass M and

moment of inertia J∗ are as follows,

T ∗ = l∗4, (3.18)

M∗ = T ∗3/4, (3.19)

J∗ = T ∗5/4. (3.20)

The relationship between the absolute maximum operating torque and speed to the def-

inition parameter are as follows,

T ∗em,peak = T ∗, (3.21)

ω∗abs,max = T ∗−1/4. (3.22)

3.2.3 Torque tube sizing

Torque tubes are sized for maximum allowable shear stress τ due to torsion,

τ =
Tr

I
, (3.23)
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where T is the torque, I is the second moment of area about the tube’s axial axis, and

r is the outer radius of the torque tube where the highest torsion is experienced. For a

solid torque tube, I = 1
2
πr4. Substituting I into (3.23) gives,

r =
3

√
2T

πτ
. (3.24)

The torque tube’s volume V , mass M , and moment of inertia J are determined as follows

for material density ρ and tube length l,

V = πr2l, (3.25)

M = ρV, (3.26)

J =
1

2
Mr2. (3.27)

3.2.4 Flap mechanical model

A link/track mechanism for the outboard flap of an A320-200 is considered. This is

modelled by a slider-crank mechanism, the kinematic model of which is presented in

section 3.2.4.1. Methods of estimating the model parameters is shown in section 3.2.4.2.

3.2.4.1 Flap kinematics and dynamics

The flap actuator’s link-track kinematics of Figure 3.11a can be modelled by a slider-

crank mechanism as shown in Figure 3.11b. The x-axis is aligned with the slider motion

. The centre of crank rotation coincides with the origin. The slider-crank model consists

of:

� the actuator crank arm OA highlighted in orange of mass m1, length r, applying

making a crank angle θ with respect to the x-axis, applying a torque T about O,

� a link arm AB highlighted in blue of mass m2, length l making an angle φ with

respect to the axis of slider motion,

� lumped slider highlighted in purpled of mass m3 at B consisting of flap, pivot and

roller masses with external force FE applied along its axis.

The centres of mass for the crank arm (x1c, y1c), link arm (x2c, y2c), and slider (where

centre of mass coincides with slider position) (x3c, y3c) are as follows,

(x1c, y1c) =

(
1

2
r cos(θ),

1

2
r sin(θ)

)
, (3.28)

(x2c, y2c) =

(
r cos(θ) +

1

2
l cos(φ),

1

2
l sin(φ)

)
, (3.29)
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(x3c, y3c) = (r cos(θ) + l cos(φ), 0). (3.30)

The relationship between crank angle θ and link angle φ is,

r sin θ = l sinφ. (3.31)

An expression for slider position x3c expressed exclusively with respect to θ is as follows,

x3c = r cos(θ) + l

√
1−

(r
l

sin(θ)
)2

. (3.32)

(a) Trailing edge flap mechanism in the retracted position [14].

(b) Slider-crank mechanism.

Figure 3.11: A320 trailing edge flap mechanism and link-track kinematic modelled as a slider-
crank mechanism.

[75] derived the mechanical dynamic equations of the slider-crank mechanism as a

function of crank angle θ. The presented equations of [75] have been modified to account

for slider slope γ with the inclusion of reaction torque Ĝ(θ) due to gravitation forces.

Ĵ(θ)
d2θ

dt2
+ B̂(θ,

dθ

dt
) = F̂ (θ) + Ĝ(θ), (3.33)
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where,

Ĵ =
[
(2m3 +m2) +

m3

c
r cos θ

](r3

c
cos θ sin2 θ

)
+ (m2 +m3)r2 sin2 θ

+
1

3
m2

(
l

c

)2

(r cos θ)2 +
1

3
m1r

2,

(3.34)

B̂ =

[
m2r

2 sin θ cos θ

(
1− l2

3c2
+
r

c
cos θ +

(lr)2

3c4
cos2 θ +

r3

2c3
cos θ sin2 θ

)
−m2

r3

2c
sin3 θ +m3r

2 sin θ cos θ

(
1− r2

c2
sin2 θ +

r2

c2
cos2 θ + 2

r

c
cos θ

+
(r4 cos2 θ sin2 θ)

c4
+
r3

c3
sin2 θ cos θ

)
−m3

r3

c
sin3 θ

](
dθ

dt

)2

,

(3.35)

Ĝ =− m1gr

2
(cos γ cos θ − sin γ sin θ)

− m2gr

2

(
cos γ cos θ − r

c
sin θ sin γ cos θ − sin γ sin θ

)
+m3gr

(
r sin γ sin θ cos θ

c
+ sin γ sin θ

)
,

(3.36)

F̂ = τ − (FE)r sin θ
(

1 +
r

c
cos θ

)
, (3.37)

c =
√
l2 − r2 sin2 θ. (3.38)

3.2.4.2 Flap mechanism model parameter estimation

[27] presents trailing edge flap’s components’ specific weight values with respect to pro-

jected area of nested flap(s) and flap type mechanism. The calculation method is based

on weight estimation formulas determined by [76] and have been modified for the use of

composites in flap construction. The trailing edge flap specific weights for a single slot-

ted link-track mechanism and calculated weights for an A320-200’s outboard flap of area

5.45m2 are shown in Table 3.2. Given there are two flap actuator mechanism consisting of

supports, actuation, and fairings, these particular values need to be halved to determine

per actuator mechanism masses.

Table 3.2: Trailing-edge flap specific weights as weight per flap area for single-slotted link-
track mechanism [27] and calculated weights for A320-200 outboard flap with area of 5.45m2.

Single-slotted link/track Specific weights kg/m2 [27] A320-200 OB flap weights (kg)
Flap panels 13.2 72.0

Supports 7.3 40.0
Actuation 9.8 53.3

Fairing 0.5 26.7
Total flap 30.8 167.9

The A320 single slot trailing edge flap mechanism in the retracted position is shown
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in Figure 3.11a. Relative end-view areas of the drive lever and flap link arm are deter-

mined. These relative areas of the drive lever and flap link arm are used to estimate their

respective components’ masses assuming total calculated actuation arm mass of 26.65kg.

Drive arm and link arm mass are estimated to be 7.2kg and 19.5kg respectively. It is

assumed each flap actuator supports half of the flap panel mass, this being 36kg. The

track slope is measured directly from the diagram and has been determined to be 15◦.

The drive lever and flap track arm lengths were estimated to be 0.2m and 0.33m

respectively. This was done by scaling the flap actuator diagram of Figure 3.11a such the

flap chord and aft fairing distance matches that of plan view drawings taken from [77].

A summary of the estimated flap mechanism model parameters are shown in Table 3.3

for drive lever crank arm mass m1, link arm mass m2, per actuator flap mass m3, drive

lever length r, link arm length l, and slope track angle γ. These values are utilised in the

flap slider-crank mechanism model equations (3.33-3.38) presented in section 3.2.4.1.

Table 3.3: Estimated flap mechanism model parameters for A320-200 outboard trailing edge
flap.

Mechanism m1 m2 m3 r l γ
Inboard 10.23kg 27.73kg 51.19kg 0.2m 0.33m 15◦

Outboard 4.16kg 11.27kg 20.81kg 0.2m 0.33m 15◦

Inboard and outboard flap mechanism parameters in Table 3.3 were substituted into

(3.34-3.36) to plot Ĵ , B̂, Ĝ, and x3c with respect to θ for a nominal torque tube speed of

25RPM as shown in Figure 3.12.

3.2.5 Flap actuation mechanism dynamic model

Consider the following topology shown in Figure 3.13 where two identical machines M1,

M2 with electric brakes EB1, EB2 drive a flap load via the open differential gearbox

DGB with gear ratio of k. The output of DGB drives a 90 degree bevel gear box BGB

with unity gear ratio. Torque tubes drive the inboard and outboard actuator gearboxes

respectively. During nominal actuating operation, the electric brakes are off and both

machines drive the flap actuation load via the differential gearbox at the same torque

and speed. If a fault develops in one of the machines, its respective electric brake locks

that axle and the non-faulted machine drives the flap load. After the actuation motion

is complete and the desired position is reached, both electric brakes are engaged to lock

position into place.

The equivalent mechanical dynamic plant model is presented. Section 3.2.4 repre-

sented the full equivalent flap actuation system mechanical model as shown in Figure

3.7. This model is simplified by lumping the moments of inertia and friction coefficients

on the output low-speed side of the differential gearbox to equivalent values Jeq and Feq
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Figure 3.12: Estimated A320-200 outboard flap’s mechanism parameters and slider position
with respect to crank arm position θ for constant torque tube speed of 25RPM.

(a) (b)

Figure 3.13: Dual machine with electric brakes (E/B) driving open differential gearbox topol-
ogy, (a) nominal operation with both machines 1 and 2 are active and either respective E/B
are off, sun and ring driving carrier gear at ωc = ωs = ωr, (b) faulted operation with machine
2 faulted, E/B 2 is on, machine 1 is driving load carrier gear at ωc = 2ωs.

respectively as shown in Figure 3.14,

Jeq = JBGB + JTT + JAGB,IB + JAGB,OB +
JF,IB

172
+
JF,OB

162
, (3.39)

Feq = FBGB + FAGB,IB + FAGB,OB, (3.40)

Teq =
TAGB,IB

17
+
TAGB,OB

16
, (3.41)
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Figure 3.14: Simplified flap actuation mechanical analogous circuit with equivalent low speed
side lumped moment of inertia, friction coefficient, and equivalent torque.

TAGB,IB(θ,
dθ

dt
) = −B̂AGB,IB(θ,

dθ

dt
)− ĜAGB,IB(θ) + F̂AGB,IB(θ), (3.42)

TAGB,OB(θ,
dθ

dt
) = −B̂AGB,OB(θ,

dθ

dt
)− ĜAGB,OB(θ) + F̂AGB,OB(θ), (3.43)

where:

� JM is the machine moment of inertia,

� JEB is the electric brake moment of inertia,

� JDGB,1 is the first stage moment of inertia of the differential gearbox,

� JDGB,2→ns is lumped moment of inertia for remaining stages of the differential gear-

box,

� Jeq, is the equivalent low speed side moment of inertia,

� FDGB is the friction coefficient of the differential gearbox,

� Feq is the equivalent low speed side friction coefficient,

� k is the differential gearbox gear ratio,

� Teq is the equivalent low speed side load torque which includes flap reaction and

gravitational loads.

From this an equivalent linear time invariant transfer function needs to be derived with

which a control scheme can be designed. Given a nominal torque tube rotational speed

of 25RPM and machine speeds in the range of 1000-8000RPM, the range for differential

gear box ratio k is determined to be 40-320. It is observed that Jeq and Feq vary as a

function of θ but because k is high, the significance of Jeq and Feq from the perspective

of the differential gear box’s high speed side are low. This is demonstrated for a design

case of two 1kW machines, nominal 5500RPM connected to a differential gearbox with

k = 220. The values J ′eq and F ′eq represent the equivalent differential gear box low speed

side moment of inertia and friction coefficient respectively from the perspective of the

high speed side as shown,

F ′eq = Feq/k
2, (3.44)

J ′eq = Jeq/k
2. (3.45)
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The moments of inertia and friction coefficients for this design case are shown in Table

3.4. The maximum lumped moment of inertia on the low-speed side of the differential

gearbox reflected from the high-speed side is J ′eq(max). It can be seen that this value is

approximately three orders of magnitude smaller than that of the machine’s rotor moment

of inertia. Similar can be said when comparing FDGD to F ′eq, where F ′eq << FDGD.

Because J ′eq and F ′eq contribute so little to the high speed side total moment of inertia

and friction coefficient, they are not accounted for in the control design. This assumption

is made for this application where a high gear ratio is required. Only moments of inertia

and friction coefficient on the high-speed side, which include JM , JEB, JDGD,1, JDGD,2←ns ,

F ′DGD are considered.

Table 3.4: Moments of inertia and friction coefficients from differential gear box’s high-speed
side for gear box ratio k of 220.

JM 3.337×10−4 kg.m2 JDGD,2←ns
2.143×10−6 kg.m2

JEB 3.408×10−5 kg.m2 Jeq(max) 3.59×10−2 kg.m2

JDGD,1 0.92×10−5 kg.m2 J ′eq(max) 7.417×10−7 kg.m2

FDGD 4.125×10−4 Nm.s/rad F ′eq 3.643×10−6 Nm.s/rad

Two operating conditions need to be considered from which equivalent transfer func-

tions need to be derived:

1. Nominal operation - both machine 1 and machine 2 are driving T1 and T2 at speeds

ω1 and ω2 respectively. Each machine delivers half of the total required load power.

Control effort for each machine is weighted equally, thus T1 = T2 = Tm and ω1 =

ω2 = ωm = ω/(2kkact), where ω is the crank arm angular speed. The equivalent

nominal operation mechanical transfer function Gnom(s) is as follows,

Gnom(s) =
ωm(s)

Tm(s)
=

1

s
(

(JM+JEB+JDGB,1)

2
+ JDGB,2←ns

)
+ FDGB

(3.46)

Figure 3.15: Mechanical system representation for nominal operation.

2. Faulted operation - Consider the case where machine 1 is operational and machine

2 is faulted. Machine 2’s rotor is locked such that its respective speed remains zero,
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ω2 = 0, and the machine 1 delivers the required load power at torque Tm at speed

ω1 such that ω1 = ωm = ω/(kkact). The equivalent faulted operation mechanical

transfer function Gflt(s) is as follows,

Gflt(s) =
ωm(s)

Tm(s)
=

1

s (JM + JEB + JDGB,1 + JDGB,2←ns) + FDGB
(3.47)

Figure 3.16: Mechanical system representation for faulted operation.

3.3 Failure rate requirements

Airbus has outlined the main slats and flap system failure modes and their respective

failure rate limits as follows [36]:

1. Asymmetry: failure rate <1× 10−10 per flight hour.

� Asymmetry is when one flap extends further than the other flap on other side

of the aircraft. Skew is when inboard and outboard panels do not extend at

the same rate.

� Flap/slat surfaces ±5% travel or else pilot would need to correct with 10% roll

control via ailerons.

� >±5% variance can cause loss of control.

2. Un-commanded movement: failure rate <1× 10−10 per flight hour.

� ±1% flap/slat actuator travel. Related to breakage/erroneous actuator ac-

tion/sudden control surface movement.

3. Inability to extend/retract flaps/slats: failure rate <1× 10−5 per flight hour. The

flap is fixed in position.

� On ground failure: aborted take-off.

� Post take-off: cannot retract flaps; must return to airport.

� Pre landing: cannot extend flap; emergency landing and require extra runway

distance.

� Post landing: cannot retract; aircraft is grounded for repairs.
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4. Incorrect indication to pilot: failure rate <1× 10−9 per flight hour

� Not being indicated about correct position of flaps/slats.

� Can cause pilot to fly the aircraft out of its flight envelope if the erroneous

flaps/slats position is assumed correct.

Failure modes 1, 2, and 4 are considered out of the scope of the project as their

common root cause of fault, asymmetry, is addressed and managed by the asymmetry

sensors and SFCC (slats flaps control computer) operating scheme. For example, the

Boeing 777 has asymmetry sensors and indicators for flaps [78]. If flap asymmetry or

skew is beyond a certain threshold, flaps are fixed by the electric brake. Failure mode

2 relates to a mechanical failure. Failure mode 4 relates to SFCC and sensor reliability.

Failure mode 3 is directly linked to the reliability design constraint of this thesis. The

focus of the design is flap actuation, not sensing, avionics, mechanical failures. Failure

rates of modes 1, 2, and 4 are orders of magnitude greater than that of 3. The SFCC and

sensing are responsible and active for all modes of operation. If the existing technology

level SFCC’s satisfy the higher reliability conditions of 1, 2, and 4, it will by extension

satisfy the lower reliability condition of failure mode 3. Same can be said for actuator

structural and mechanical design.

The reliability to extend/retract flaps/slats is greater than 1× 10−5 failures per flight

hour. The failure rate of the slats and flaps are assumed to be equal. The failure rate of

the flap system is calculated as 5× 10−6 per flight hour. The failure rate of each of the

four flap systems is assumed to be equal for which a per flap failure rate of 1.25× 10−6

failures per flight hour is determined. For a duplex-lane-per-flap fault-tolerant system,

the per lane failure rate is 2.5× 10−6 failures per flight hour. A typical medium haul civil

aircraft spends 0.55 of the calendar year time flying. To determine Failure In Time (FIT)

from the failure per flight hours value, the per lane failure in flight hours reliability value

of 2.5× 10−6 is multiplied by the proportion of flying time for the aircraft (i.e. 0.55),

resulting in a value of 1.375× 10−6 failures per hour, or 1375FIT where 1FIT is equal to

1 failure per 1× 109 hours. Thus, 1375FIT is the per-lane reliability design goal for a

duplex-lane-per-flap fault-tolerant flap actuation system.

3.4 Conclusion

The problem definition specifications have been outlined in this document. The consid-

ered problem is optimal sizing and design of the flap actuation drive system for an Airbus

A320-200.

Flaps are a part of an aircraft’s high-lift system. The high-lift system allows for

increase in both lift and drag of an aircraft, enabling slower landings and take-offs. Flap
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actuation operation is intermittent whereby flap position is set and fixed in discrete

positions during various stages of take-off and landing.

A distributed flap was proposed where by the actuation of each flap can be indepen-

dently controlled, allowing for differential flap setting and variable camber. The consid-

ered design case was that of the outboard flap and its power requirements was determined

to be 1.1kW.

For the actuation of each flap surface, a fault-tolerant, dual-lane, velocity-summing

topology is proposed. It consists of two electric machines driven by their respective power

electronics and powered from independent sources. Electrical brakes are present on each

lane which allows for machine locking when the desired actuation position is reached and

mechanical isolation in the event of lane fault. The mechanical output of the two machines

drive a differential gearbox, the output of which drives the outboard and inboard rotary

flap actuators via a bevel gear box, torque tube, and actuator gearboxes.

The link/track mechanism for the outboard flap of an A320-200 is modelled by a

slider/crank mechanism. The kinematic and dynamic model has been derived. Mass

estimation of the link/track mechanism’s components was completed. Due to the speed

reducer’s high gear ratios, the reflected side moments of inertia and frictional coefficients

from the low speed can be considered negligible compared to that of the high-speed

side. Thus, the machine, the electric-brake, and differential gearbox dominate the rota-

tional dynamics of the mechanical system and a simplified mechanical representation was

formed.

The mechanical system is represented by an analogous circuit. The parameters were

estimated using following scaling laws, based on the assumption of similarity whereby

the considered reference component and component under study have the same material

properties and dimensional/geometric ratios. These scaling laws were used to estimate

the mass, and moment of inertia for single-stage and multi-stage speed reducer gearboxes,

and electromagnetic brakes, and torque tubes.

The failure rate requirements were outlined for different failure modes. Failure rate

for the inability to extend/retract flaps and slats was set at < 1× 10−5 per flight hour,

from which a per-lane reliability deign goal of 1375FIT was determined for a duplex-lane-

per-flap fault tolerant flap actuation system.
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Chapter 4

Model and Toolbox Realisation

The design problem has been defined in Chapter 3. This chapter describes how the

aforementioned problem is solved. Just like a toolbox is collection of different tools to

do different tasks, the presented realised solution is a figurative toolbox, within which

is a collection of design procedures and models acting as the figurative tools. The high-

level design concept is described. Design procedures and models are realised for different

system components and modelling domains. The considered components are inductors,

capacitors, heat sinks, semiconductors, electric machine, cable, and gearbox. The subsys-

tems (a collection of components that work together to perform a task) are the inverter,

inverter output filter, and EMI input filter. The modelling domains are electrical, elec-

tromechanical, power quality, mass, volume, thermal, and failure rate.

4.1 Introduction

4.1.1 High level design concept

The high-level design concepts are as follows. Let’s start with the premise that an arbi-

trary system consists of subsystems and components. The aim is to design the optimal

system. To do this, subsystems and components would also need to be optimally sized

and designed. The subsystems and components need to be compatible with each other

and function together so the system functions as a whole.

Consider the design at a subsystem or component level. Design algorithms are de-

veloped for each component and subsystem. Each component and subsystem design

algorithm takes a functional definition as its independent input. The functional def-

inition consists of the functional requirement (e.g., force, torque, current, inductance,

operating environment, duty cycle) and cost/constraint limits (e.g., failure rate, power

quality, geometric/manufacturing accuracy). From the component’s inputs, the design

algorithm determines all dependent parameter outputs in their domains (i.e., electrical,

electromechanical, mass, volume, thermal, failure rate, and power quality, actuation de-

53
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mand) while minimising the subsystem’s/component’s mass. The dependent parameter

outputs are compared with their respective cost/constraint limits. A design is considered

feasible if the costs/constraint limits are abided and the functional requirements are met.

Thus, a set of mass-minimised feasible candidate designs is generated by the developed

design algorithm for each component/subsystem.

Secondly, the mass and failure rates of all mass-minimised feasible candidate designs

for a given component/subsystem are compared, from which the set’s Pareto frontier is

determined. The set of candidate designs is then down selected to only Pareto efficient

designs. Thus, sets of mass-minimised feasible Pareto-efficient candidate designs are

created for each component and subsystem. These sets act as a catalogue from which the

full system design’s components and subcomponents are selected from.

Thirdly, consider system level design using proposed design algorithms to generate sets

of mass-minimised Pareto-efficient subsystem and component candidate designs. During

the creation of the subsystem and component candidate design sets, the functional def-

inition input of the respective component design algorithms have been coordinated at a

system level to ensure both mutual compatibility between design sets and satisfaction of

system level functionality (e.g., any designed inverter is compatible with any designed

output filter, or input filter.) This allows for each subsystems and components’ designs

from their respective sets to be mixed and matched iteratively to generate every feasible

design combination. Each combination’s system level mass and failure rate are deter-

mined and compared with each other. Optimal system designs are feasible designs of

minimum mass within constraints of failure rates.

Finally, the selected optimal system designs are simulated to check if electrical con-

straints are abided by and control scheme is stable. The relevant simulated voltage

waveform’s distortion spectrums are checked. Current controller stability is tested by a

constant current command as electrical speed ramps from stand still to rated. Finite

element analysis is utilised for validation of electromagnetic component designs.

4.1.2 System design steps overview

The sizing and design of one lane of a duplex-lane fault-tolerant system is described.

Both lanes are identical. The considered electric drive topologies are centralised and

distributed. The centralised topology has a long cable feeder connection between inverter

and machine. The distributed topology is where the drive and the machine are both

located at the point of actuation. Both topologies consist of a machine, cable, inverter,

and inverter input filter. An inverter output filter is required in a centralised system to

mitigate transmission line effects, but can be omitted in a distributed system due to the

short distance connection between inverter and machine. Input filters and output filters

consist of inductors and capacitors. Natural convection finned heat sinks are required for
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inverter semiconductor thermal management. The considered component and subsystem

design algorithms are for the machine, cable, inverter, inverter LC output filter, inverter

EMI input filter, inductors, capacitors, and finned heat sinks. Each step in the design

process ultimately leads to determining feasible, inter-compatible, and Pareto-efficient

with respect to mass and failure rate designs of components or subsystems.

A basic overview of the per-lane system sizing procedure is shown in Figure 4.1.

Key input and output variables for each sub-procedure are listed. Please note it is non-

exhaustive list. The variables are as follows,

� Tnom - Nominal torque,

� RPM - Machine’s rotor’s mechanical

speed in rotations per minute,

� Vdc - DC-link voltage,

� Iph - Machine’s phase current,

� fc - Inverter carrier/switching fre-

quency,

� Rs - Machine’s stator resistance,

� Ls - Machine’s stator inductance,

� λm - Machine’s magnetic flux link-

age,

� ωo - Electrical frequency in radians

per second,

� p - Number of pole pairs,

� Rc - Cable phase resistance,

� Lc - Cable phase inductance,

� Cc - Cable phase to phase capaci-

tance,

� Lfil - Output filter inductance,

� Cfil - Output filter capacitance,

� PT - Inverter’s transistor losses,

� PD - Inverter’s diode losses,

� Tj - Inverter’s semiconductor junc-

tion temperature,

� v̄dq,inv - Inverter output dq voltage,

� īdq,inv - Inverter output dq current,

� xmac - Machine,

� xcable - Cable,

� xfil - Output filter,

� xinv - Inverter,

� xhs - Heatsink,

� xinv - Inverter,

� xEMI - Input EMI filter,

� f(x) - Function f of variable x,

� L - Inductor inductance,

� IL - Inductor current,

� T - Temperature,

� C - Capacitor capacitance,

� Vc - Capacitor voltage,

� Vce/IC - IGBT collector-emitter

voltage to IGBT collect current re-

lationship,

� Eon, Eoff - IGBT on and off switch-

ing energy respectively,

� VF/IF - Forward diode voltage and

forward diode conducting current

relationship,

� Err - Diode reverse recovery energy,

� Rhs - Heat sink thermal resistance,

� FIT - Failure in time.

Multiple machine designs are generated from a given functional requirement, defined

by its mission profile. These designs are down selected to only Pareto-efficient designs.

For each machine design, a gearbox and cable are sized for it. Multiple LC-input filter,

inverter, heat-sink, and EMI input filter designs are generated. Mass, volume, and failure

rate data for inductors, capacitors, semiconductors, and heat sinks are provided to the LC-
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input filter, inverter, heat-sink, and EMI input filter sizing. The inputs for the respective

design processes were coordinated at a system level to ensure inter-compatibility between

components. Unique combination of components were generated in an iterative serial

process. The pseudo code to do this process is shown below. The empty list sys list

is created where system designs would be stored. The lists of designed machines, cables,

outputs filters, inverters, and EMI input filter are list mac, list cable, list fil,

list inv, and list emi respectively. Nested foreach loops iterate through each item of

each component list. A temporary variable a sys representing a given system design is

created to which each component is assigned. The system a sys mass and failure rates

are determined by the sum of its components mass and failure rate. This temporary

system variable a sys is added to storage list sys list.

sys_list = list();

foreach mac in list_mac

foreach cable in list_cable

foreach fil in list_fil

foreach inv in list_inv

foreach emi in list_emi

a_sys.mac = mac;

a_sys.cable = cable;

a_sys.fil = fil;

a_sys.inv = inv;

a_sys.emi = emi;

a_sys.kg = sum(mac.kg,cable.kg,fil.kg,inv.kg,emi.kg);

a_sys.fit = sum(mac.fit,cable.fit,fil.fit,inv.fit,emi.fit);

sys_list.add(a_sys);

Unique per-lane system level designs are plotted with respect to mass and failure rate

as shown in the “Optimal design selection” box of Figure 4.1. The optimal design is

picked and has the minimum mass below a failure rate limit.

The selected Pareto efficient design is then validated and refined, as described in the

“Control, validation, and refinement” box of Figure 4.1. The analysis procedures are

categorised under “Dynamic modelling, and control”, “Power quality”,“Finite element

analysis”, and ”High-frequency”. These steps are not included in the system level op-

timisation loop due to their relatively high computational effort. The purpose of these

steps is to validate the design. For dynamic modelling and control, a gain-scheduled

LQR state feedback controller is tuned and tested in a time series simulation with a full

electrical system model implemented in Simulink and PLECs software. The outputs of

the simulation is dynamic and controller performance, and electrical voltage waveforms

from which the power quality is determined. FEA methods are used to validate machine
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torque/current relationship, torque ripple, and inductance. High-frequency analysis in-

vestigates load side voltages due to inverter switching and transmission line effects. If

it was discovered from the validation process that system power quality and machine

electromagnetic/electromechanical performance marginally miss their respective design

targets, the design can be refined until its respective design targets are met within a

satisfactory margin. Passives components in filters maybe re-selected to address power

quality issues. Machine geometry can be adjusted to address machine electromagnetic/-

electromechanical issues. The manner in which this is done at this stage is at discretion

of the designer.
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Figure 4.1: System sizing and design process overview.

Component failure rates are determined in section 4.3. Lifetime profile affects the
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failure rate of all devices/components. Semiconductor’s failure rate are mainly depen-

dent on its operating junction temperature and thermocycling. As junction temperature

increases, so too does failure rate. The inductor’s failure rate is dependent on its internal

temperature, ambient board temperature, and thermocycling. Thermocycling of greater

amplitude and higher frequency leads to higher solder joint failure rates by thermal ex-

pansion [15]. Capacitor’s failure rates are dependent on the ratio between the applied

voltage and capacitor’s rated voltage, rms current, and operating frequency. Capacitor

failure rates increase with applied voltage for a constant rated voltage. Capacitor reliabil-

ity can be increased with the increase of rated voltage at the expense of mass and volume.

Winding insulation failure rate is determined with respect to its operating temperature

and lifetime profile.

The overall mass and failure rate of a filter subsystem (e.g., the inverter output filter

and EMI input filter) consisting of inductors, capacitors, and semiconductor switches is

the contribution of their components’ individual mass and failure rates.

The design procedure for passive components is shown in section 4.4. Inductors are

designed with respect to inductance, operating current, current density, and operating

environment. An increase in either operating current or inductance for the same current

density leads to an increase in mass and volume. An increase in current density leads

to smaller and lighter components with increased copper losses and higher temperature

rise. Capacitors are sized with respect to rated voltage and capacitance. Capacitor’s size

and volume increases with rated voltage and capacitance.

The enclosure mass and volume sizing procedure is shown in section 4.5. The case

mass enclosing inverter output filter (if present), power electronics, and input filter is

considered. Larger total volume of components leads to larger and heavier cases.

The machine design procedure is shown in section 4.6. The machine is designed for

minimal mass considering torque/speed requirements, minimum current ripple, inverter

switching frequency, inverter dc-link voltage, operating environment, current density, and

lifetime profile. The machine’s phase resistance, phase inductance, and flux linkage con-

stant, stator and rotor diameters, and stack length are determined from the torque/speed

requirements, minimum current ripple, inverter switching frequency, inverter DC link

voltage and current density. The machine’s air gap, stator tooth tip geometry, and mag-

nets are sized for the phase inductance and flux linkage. Knowing the full geometry of the

machine and its steady state electrical operating point, copper losses, and core losses are

determined. A lumped parameter thermal network is utilised to determine steady state

operating temperature. The winding insulation failure rate is determined from the wind-

ing temperature and machine’s lifetime profile. Thus, the relationship between machine

mass and failure rate is determined.

The cable design selection procedure is shown in section 4.7. The cable is selected

considering operating environment and required machine phase current. The cable pa-
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rameter’s phase resistance, phase inductance, phase-to-shield and phase-to-ground capac-

itance, mass, and dimensions are determined.

The passive LC output filter design procedure is shown in section 4.8. The passive

LC inverter output filter is determined for the required harmonic attenuation, maxi-

mum allowable inverter output phase current ripple, and minimum mass. The cut-off

frequency is selected to provide the required attenuation of inverter switching harmonics

such that MIL-STD-704F’s distortion spectrum limits for variable frequency systems are

not exceeded. The inductor’s inductance is determined to ensure the maximum allowable

inverter output current ripple is not exceeded. The capacitor’s capacitance can then be

solved from the filter cut-off frequency and inductor’s inductance.

The inverter semiconductor losses and heat sink design procedure is shown in section

4.9. The operating conditions of the inverter power electronics are determined. The oper-

ating modulation index, and line current, phase are calculated from the inverter load (i.e.,

the output filter (if present), cable, and machine). For given semiconductor transistor

and diode, the switching and conduction power losses are determined for the operating

conditions. Knowing the power losses, the relationship between the junction temperature

and heat sink thermal resistance for a given ambient condition is determined. The rela-

tionship between failure rate and junction temperature is determined given the inverter’s

operating environment and lifetime profile. Natural convection finned heat sinks are used

for inverter thermal management and are sized for minimum mass considering heat sink

base temperature, ambient temperature, and atmospheric pressure. The relation between

thermal resistance and heat sink mass is determined from which the relationship between

heat sink mass and inverter failure rate can be correlated.

The inverter EMI input filter design procedure is shown in section 4.10. The inverter

input filter is designed for MIL-STD-461F EMI requirements, using the inverter’s nom-

inal modulation index, nominal output phase current, phase, switching frequency, and

switching scheme. The inverter dc link current is calculated analytically, from which the

inverter input conducted emissions spectrum is determined in the absence of a filter. This

is to determine a baseline from which the required attenuation is calculated. Parameters

of a multi-stage LC filter are then calculated to deliver the required attenuation while

minimising mass. Knowing the DC-link current draw and the multi-stage LC filter’s

parameters, the inverter’s power leads conducted emissions is solved to check if EMI re-

quirements have been met. Trivially, the inverter input filter’s overall mass and failure

rate is determined by the contribution of that of its components’ individual mass and

failure rate.

The current control scheme is presented in Chapter 5. A gain-scheduled LQR state

feedback LQR current controller and state observer is implemented for the centralised

topology. Gain tuning was done through the minimisation of a closed loop performance

dependent cost function by pattern search algorithm. The controllability, stability were
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tested in simulation.

Drive-level high frequency modelling is presented in Chapter 6. High-frequency models

for the inverter, cable, and machine are presented. High-frequency lumped parameter

network models are utilised for the cable and machine. Finite element analysis based

methods are used to determine the high-frequency impedance characteristics of the cable

and machine.

4.2 MATLAB global optimization toolbox

MATLAB global optimization toolbox was utilised at various points for component level

optimisation. The toolbox contains a collection of global heuristic search algorithm solvers

to find the solution of multi-variable problems through minimisation of a cost function.

The solvers utilised were pattern search, and particle swarm. [79] compares different

solvers from MATLAB’s global optimization tool in terms of robustness, precision, calcu-

lation effort, and implementation difficulty. It provides example MATLAB code for each

of different solvers. The two methods from this toolbox were used; pattern search, and

particle swarm optimisation. Detailed analysis and these methods is beyond the scope of

this thesis.

Pattern search is direct search numerical optimisation method. The algorithm for

general pattern search is described in [80]. The merits of this algorithm is that it is

derivative-free and doesn’t require the cost function to be continuous or linear. Pattern

search was utilised to determine the required stator tooth tip and magnet geometry to

achieve desired stator inductance and magnetic flux linkage in section 4.6.8.3. This is

done by minimisation of a cost error function defined in (4.156). Pattern search was

also utilised for gain tuning of an LQR current controller through minimisation of a

performance cost function defined by (5.57) in section 5.4.1.2.

Particle swarm optimisation is population based algorithm inspired by the social in-

teraction of flock of birds or a school of fish. The basis of its algorithm can be found

in [81]. The merits of this algorithm is that it is derivative-free and doesn’t require

the cost function to be continuous or linear. It was utilised to fit parameters of a per-

phase high-frequency permanent machine model in a least squared manner to measured

differential-mode and common-mode impedance data in section 6.4.5, by minimisation of

the cost error function defined by (6.39).
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4.3 Failure rate

4.3.1 General Model for electrical and electronic components

Predicted failure rates are determined in units of FIT where 1FIT is one failure per 109

calendar hours.

The failure rate of a non-redundant system λsystem is the sum of its components’

failure rates. A non-redundant system in this context means if any one of its components

fails, the system as a whole will fail. The proposed fault-tolerant duplex-lane actuation

topology is considered redundant because if one lane fails, the other remaining lane can

still drive the actuation. However, each lane is non-redundant if considered independently

as any failure of any lane’s components ultimately leads to failure of the lane.

λproduct =
∑
Item

λitem. (4.1)

FIDES guide 2009 general reliability model is utilised to calculate the failure rate of

discrete semiconductors, capacitors, and inductors [15]. All of the failure rate equations

in sections 4.3.1 to 4.3.4 have been taken directly from FIDES guide 2009 [15]. The

failure rate λ is expressed with respect to physical contributions λPhysical, manufacturing

quality and control contribution factor ΠPM, and development and usage process quality

contribution ΠProcess.

λ = λPhysicalΠPMΠProcess. (4.2)

To determine λPhysical, per phase failure rates first need to evaluated. Components

would experience different phases throughout the year, representing different periods of

operation states. A phase of index “i” is period of time with constant failure rate λphase-i

due to the same condition being maintained through said phase. A lifetime profile is used

to represent these phases throughout a calendar year. The physical contribution λPhysical

is the time-weighted sum of all phases where 8760 presents the number of hours in a year,

λPhysical =
Phases∑

i

(
Hours per year of phase-i

8760
λphase-i

)
. (4.3)

This is to account for deterioration and wear of components through the calendar year,

including periods when it is not operational and is in storage or idle.

The per phase physical contribution in failure rate λphase-i is the weighted sum of

physical contribution stress accelerating factors temperature λTH, temperature cycling

λTCy, humidity λRH and vibration λMech,

λphase-i = (λTH + λTCy + λRH + λMech)i (Πinduced)i . (4.4)
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The calculation of λPhysical for capacitors and inductors is shown in section 4.3.3, and

for discrete semiconductors in section 4.3.4.

The manufacturing quality and control contribution factor ΠPM is determined as fol-

lows,

ΠPM = e1.39(1−Part Grade)−0.69 (4.5)

where,

Part Grade =
((QAmanufacturer + QAcomponent)× fxp)

24
(4.6)

The values QAmanufacturer and QAcomponent represents manufacturer and component quality

assurance levels respectively and fxp represents component buyer’s experience with their

supplier. QA represents the components position relative to the state of the art when on

a scale of 0 (much lower) to 3 (higher). A higher value of QA leads to a higher value of

Part Grade, and a lower value of ΠPM . Here, both QAmanufacturer and QAcomponent are set

to 2, for equivalent level to state of the art. Experience factor fxp varies from 1 to 4, where

4 represents component recognised reputable manufacturer with a matured process and 1

represents component from manufacturer with previous product disqualifications. Here,

fxp is set to 3, representing recognised manufacturer but process has not yet matured.

Finally, the term ΠProcess represents the technical and quality control over reliability

in the product life cycle and ranges from 1 (best case) to 8 (worst case). The default value

of 4 was used as it was not evaluated. Further detail related to ΠPM and Part Grade can

be found in sections 1.8 and 1.9 of [15].

4.3.2 Lifetime profile

The typical life profile and environmental conditions in a medium haul civil aircraft

avionics bay is provided by FIDES guide 2009, as shown in Table 4.1 for a calendar year

[15]. The “On/off” column has been adjusted from the original lifetime profile as flap

actuation only occurs during “Ground - taxiing” and “Flight - climb/descent” phases.

Table 4.1: Medium haul civil aircraft internal avionics bay lifetime profile [15].

Index (i) Phase title
Calendar
time (h)

On/off
Ambient
temp. (C)

RH (%) ∆T (◦C) Cycles/year
Cycle
duration (h)

Max temp.
during cycling (C)

1 Ground operation (on/off) 700 Off 40 30 25 350 2 40
2 Ground - operation (stopover) 1400 Off 55 30 15 700 2 55
3 Ground - taxiing 630 On 40 10 0 2100 0.3 40
4 Flight - climb/descent 1050 On 40 10 0 1050 1 40
5 Stable - flight 3150 Off 40 10 0 1050 3 40
6 Ground - dormant 1830 Off 15 70 10 365 5.01 20

Index (i) Phase title
Random
vibrations (Grms)

Saline
pollution

Environmental
pollution

Application
pollution

Protection
level

Π application
Equivalent
altitude (ft)

1 Ground operation (on/off) 0.05 Low Moderate Moderate Non-hermetic 4.8 0
2 Ground - operation (stopover) 0.05 Low Moderate Moderate Non-hermetic 2 0
3 Ground - taxiing 5 Low Low Moderate Non-hermetic 1.2 0
4 Flight - climb/descent 0.6 Low Low Moderate Non-hermetic 1.1 8000
5 Stable - flight 0.6 Low Low Moderate Non-hermetic 1.1 8000
6 Ground - dormant 0 Low Moderate Low Non-hermetic 3.3 0
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FIDES guide 2009 does not explicitly provide lifetime profile for components operating

in the wing for a medium haul civil aircraft. It does provide a lifetime profile for external

stores of multi-role fighter aircraft. A medium haul civil aircraft external stores lifetime

profile is inferred by combining the phases, calendar hours, on/off periods, cycles/year,

and cycle duration values of Table 4.1 with the ambient temperature, relative humidity,

thermal cycling amplitude, maximum cycling temperature, random vibrations, saline,

environmental, and application pollution, protection level, and ΠApplication of external

stores multi-role fighter aircraft lifetime profile. Comparing the lifetime profiles of Table

4.1 and 4.2, the ΠApplication in the external stores profile is much higher, leading to higher

failure rates for components operating in this environment.

Table 4.2: Inferred medium haul civil aircraft external stores lifetime profile [15].

Index (i) Phase title
Calendar
time (h)

On/off
Ambient
temp. (C)

RH (%) ∆T (C) Cycles/year
Cycle
duration (h)

Max temp.
during cycling (C)

1 Ground operation (on/off) 700 off 35 20 20 350 2 40
2 Ground - operation (stopover) 1400 off 35 20 20 700 2 35
3 Ground - taxiing 630 on 35 20 0 2100 0.3 0
4 Flight - climb/descent 1050 on 35 20 0 1050 1 0
5 Flight - stable 3150 off -2 10 37 1050 3 35
6 Ground - dormant 1830 off 15 70 10 365 5.01 20

Index (i) Phase title
Random
vibrations (Grms)

Saline
Pollution

Environmental
Pollution

Application
Pollution

Protection
level

Π application
Equivalent
altitude (ft)

1 Ground operation (on/off) 0.05 Low Moderate Moderate Non-hermetic 4.8 0
2 Ground - operation (stopover) 0.5 Low Moderate moderate Non-hermetic 4.8 0
3 Ground - taxiing 8 Low Moderate Moderate Non-hermetic 5 0
4 Flight - climb/descent 8 Low Low Moderate Non-hermetic 5 20000
5 Flight - stable 4 Low Low Moderate Non-hermetic 5 40000
6 Ground - dormant 0 Low Moderate Low Non-hermetic 4.4 0

4.3.3 Capacitor and Inductor

All equations in this section have been taken directly from [15]. The general equation for

capacitors and inductors predicted failure rate λ is as follows,

λ = λPhysicalΠPMΠProcess. (4.7)

The expression for physical applied stress contribution λPhysical is as follows where ΠTH-EL,

ΠTCy, ΠMech represent thermal-electrical, thermal-cycling, and mechanical stress acceler-

ation factors respectively,

λPhysical = λ0

Phases∑
i

(
tannual

8760

)
i

(ΠTH-EL + ΠTCy + ΠMech)i (ΠInduced)i . (4.8)

The capacitor thermal-electrical stress acceleration factors ΠTH-EL,Cap is a function of

applied voltage Vapplied, rated voltage Vrated, reference level of electrical stress Sref, acti-

vation energy Ea, and ambient board temperature Tboard ambient. The term γ represents
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the corresponding basic stress acceleration factor value and can be found in Table 4.3,

ΠTH-EL,Cap = γTH-EL,Cap

(
1

Sref

× Vapplied

Vrated

)3

e
11604×Ea×

(
1

293
− 1
Tboard ambient+273

)
. (4.9)

ΠTH-EL,Cap = 0 for non-operation phase(s).

The inductor thermal-electrical stress acceleration factors ΠTH-EL,Ind is as follows

where Tboard ambient is the ambient board temperature and ∆T is the component’s tem-

perature relative to ambient during operation,

ΠTH-EL,Ind = γTH-EL,Inde
11604×Ea×

(
1

293
− 1
Tboard ambient+∆T+273

)
. (4.10)

ΠTH-EL,Ind = 0 for non-operation phase(s).

The thermal cycling accelerating factor ΠTCy is as follows where Nannual-cy is number

of cycles of the considered phase per year, tannual is the total number of hours per year

of the considered phase, θcy is the per cycle duration in hours, ∆Tcycling is amplitude in

temperature variation for the phase in ◦C, and Tmax-cycling is the maximum temperature

achieved during cycling in ◦C,

ΠTCy = γTCy

(
12Nannual-cy

tannual

)(
min(θcy, 2)

2

)1/3(
∆Tcycling

20

)1.9

e
1414

(
1

313
− 1
Tmax-cycling+273

)
.

(4.11)

The mechanical stress acceleration factor is as follows where Grms is the associated

stress from random vibration,

ΠMech = γMech

(
Grms

0.5

)1.5

. (4.12)

The induced overstress failure contributing factors ΠInduced is calculated for each phase

as follows,

ΠInduced = (ΠPlacementΠApplicationΠRuggedising)(0.511 log(Csensitivity)), (4.13)

where placement contributing factor ΠPlacement is 2.5 for analogue power interface function,

application contributing factor ΠApplication can be found in the lifetime profile for a given

phase. A default value of 1.7 is set for the ruggedising contributing factor Πruggedising as

it is not fully evaluated. Inherent overstress sensitivity factor Csensitivity values are found

in Table 4.3.

Parameters for inductor and capacitor predicted failure rate calculations are shown

in Table 4.3 for dry tantalum capacitor with axial metal packaging, and wire wound

power inductors for basic failure rate λ0, reference level of electrical stress Sref , contri-

bution sensitivity factor Csensitivity, basic stress acceleration factors γTH-EL, γTCy, γMech,
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for thermoelectric, thermocycling, and mechanical respectively, temperature rise ∆T and

activation energy Ea.

Table 4.3: Parameters for inductor and capacitor predicted failure rate calculation.

Component λ0 γTH-EL γTCy γMech ∆T (◦C) Sref Csensitivity Ea (eV)

Dry tantalum capacitor
axial metal packaging

0.25 0.94 0.04 0.02 N/A 0.4 6.95 0.15

Wirewound power inductor 0.05 0.09 0.79 0.12 30 N/A 8.05 0.15

4.3.4 Discrete semiconductors

The general equation for discrete semiconductors predicted failure rate λ is the same as

shown in (4.2). The equations for this section were taken from [15]. The physical applied

stress contribution λPhysical expression for discrete semiconductors is as follows,

λPhysical =
Phases∑

i

(
tannual

8760

)
i

(λTH + λTCy + λRH + λMech)i (Πinduced)i . (4.14)

where

λTH = λ0THΠThermal (4.15)

λTCy = λ0TCycaseΠTCycase + λ0TCysolderΠTCysolder (4.16)

λRH = λ0RH × ΠRH (4.17)

λMech = λ0Mech × ΠMech (4.18)

The terms λ0 represent base failure rate while Π represents the acceleration factor.

The thermal-electrical stress acceleration factor is a function of junction temperature

Tj in ◦C for power transistors,

ΠThermal = e
11604×0.7×

(
1

293
− 1
Tj+273

)
(4.19)

The thermal cycling stress acceleration factor considers both thermal cycling of the case

ΠTCycase and of the solder ΠTCysolder,

ΠTCycase =

(
12Nannual-cy

tannual

)(
∆Tcycling

20

)4

e
1414

(
1

313
− 1
Tmax-cycling+273

)
(4.20)

ΠTCysolder =

(
12Nannual-cy

tannual

)(
min(θcy, 2)

2

)1/3(
∆Tcycling

20

)1.9

e
1414

(
1

313
− 1
Tmax-cycling+273

)

(4.21)
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The mechanical and relative humidity acceleration factors, ΠMech and ΠRH, are as follows

where RHambient is the ambient relative humidity in percentage,

ΠMech =

(
Grms

0.5

)1.5

, (4.22)

ΠRH =

(
RHambient

70

)4.4

e
11604×0.9×

(
1

293
− 1

(Tboard ambient+273)

)
. (4.23)

The induced overstress failure contributing factors ΠInduced is calculated in the same

manner as (4.13). The contributing factor ΠPlacement and Πruggedising were set to 2.5 and

1.7 respectively. The Csensitivity value is 5.2 for discrete semiconductors.

Parameters for discrete semiconductor basic failure rate calculation is found in Table

4.4. The basic failure rate for silicon carbide MOSFETs is not included in the FIDES

but is assumed to be equal to that of silicon MOSFETs.

Table 4.4: Parameters for discrete semiconductor predicted failure rate calculation [15].

Case λ0RH λ0TCycase λ0TCysolder λ0Mech

TO220 0.0589 0.00303 0.01515 0.0003
D3PAK 0.0335 0.00413 0.02065 0.00041
ISOTOP 0.99 0.03333 0.16665 0.0033

Power transistors λ0TH

Silicon bipolar >5W 0.0478
Silicon MOS >5W 0.0202
IGBT 0.3021

Note the basic failure rate λ0TH of IGBT’s is an order of magnitude higher compared

to silicon bipolar and silicon MOSFET. [82] determined the failure rate of the IGBT as

the OR-gate combination of the silicon bipolar and silicon MOSFET. The basic failure

rates for a low power silicon MOSFET, a silicon bipolar >5W, and a rectifying diode >3A

from FIDES are 0.0145FIT, 0.0478FIT, and 0.1574FIT respectively. When N elements

(e.g. diodes, transistors, etc.) are combined into a single case, the basic failure rate needs

to be scaled by
√

(N). Substituting the three failure rates and scaling the sum by
√

3

gives a calculated basic failure rate of 0.38FIT for an IGBT. This values is greater than

the quoted IGBT failure rate of 0.3021FIT from Table 4.4 but is in the same order of

magnitude. The IGBT failure rate from FIDES is what will be used going forward.

4.3.5 Insulation failure rate

The insulation lifetime L in hours operating at temperature T (in K) is as follows,

L = Ae(
B
T ), (4.24)

where values A and B are characteristic constants of the insulation.

If the insulation is at a temperature Ti for a phase i of ∆ti hours duration per calendar
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year, the proportion of the total insulation’s lifetime mi consumed by phase i is,

mi =
∆ti
L(Ti)

=
∆ti

Ae(B/Ti)
. (4.25)

Insulation can experience different phases of operation throughout the year as described

by its lifetime profile. Consider determining the failure in time of insulation for an electric

machine. The operation of the machine is described by its lifetime profile. Assume the

insulation reaches the machine winding’s steady state for the entirety of its “on” phases.

Assume the insulation is at ambient temperature during its “off” phases. Thus, the per

phase insulation lifetime proportion consumption is determined using (4.25).

The total proportion of the lifetime consumed per calendar year M is thus the sum

of the proportion consumption of all phases mi,

M =
Phases∑

i

mi. (4.26)

The total lifetime hours is determined by inverting M and scaling by the number of hours

for a year,

Lt =
8760

M
. (4.27)

To determine insulation failure rate λ in units of FIT, Lt is inverted and scaled by 109,

λ =
1

Lt
× 109. (4.28)

Insulation constants A and B of (4.24) have been determined in a least square manner

for a commercial class 200 polyester/polyamideimide coated winding wire as shown in

Figure 4.2. The constants fitted were A = 5.898×10−17, and B = 2.297×104. It can be

observed that if temperature increases by 10◦C, lifetime is approximately halved.
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Figure 4.2: Commercial class 200 polyester/polyamideimide coated winding wire lifetime vs.
temperature [20].
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4.3.6 Results

The predicted failure rate of a dry tantalum capacitor with axial metal packaging vs.

applied/rated voltage ratio is shown in Figure 4.3. As the applied/rated voltage ratio

increases, failure rates increase. Failure rates of components in the external environment

is higher than that of the internal for the same applied/rated voltage ratio. For the same

operating voltage, the failure rate can be reduced by increasing the rated voltage.

The predicted failure rates of a power inductor with temperature rise ∆T of 30◦C

for internal and external lifetime profile of Table 4.1 and 4.2 are 18.67FIT and 54.98FIT

respectively.
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Figure 4.3: Dry tantalum capacitor with axial metal packaging predicted failure rate vs.
applied over rated voltage ratio for internal and external lifetime profiles of Table 4.1 and 4.2.

The predicted failure rate of a discrete semiconductor vs. junction temperature is

shown in Figure 4.4. The considered component is silicon MOSFET with a D3pack case.

The considered lifetime profiles are the internal avionics bay and external - in the wing as

shown in Tables 4.1 and 4.2 respectively. As temperatures increase, failure rates increase.

Failure rates of components in the external environment is higher than that of internal

for the same junction temperature.
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Figure 4.4: D3pack silicon MOSFET discrete semiconductor predicted failure rate vs. junction
temperature for internal and external lifetime profiles of Table 4.1 and 4.2.
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The insulation predicted failure rate has been determined with respect to operating

temperature for external stores lifetime profile of Table 4.2 as shown in 4.5. The con-

sidered insulation is the commercial 200 class winding wire. The x-axis temperature

corresponds to the “on” phases’ insulation temperature of Table 4.2. During the “off”

phases, insulation temperature is equal to that of ambient.
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Figure 4.5: Commercial 200 class winding wire insulation predicted failure rate with respect
to operating temperature for external stores lifetime profile of Table 4.2.

These calculated failure rate values for inductors, capacitors, discrete semiconduc-

tors, and winding wire insulation for internal and external lifetime profiles are used to

determine subsystem-level and system-level failure rates going forward.

4.4 Passive component sizing

4.4.1 Inductor - static and low band

In this section, the fundamental inductor equations and design steps are presented. Us-

ing these equations and steps, an algorithm is realised to optimally design inductors with

minimal mass within a maximum temperature rise. This algorithm is then used to gener-

ate a look-up table of inductor designs. This look-up table is then utilised at system level

design to reduce computation demand. The key steps and procedures are listed below:

1. The core geometry and ratios are defined.

2. The magnetic operating point and coil parameters are determined considering core

geometry, material magnetic properties, and gap fringing effect.

3. The copper losses and core losses are calculated from the coil parameters and mag-

netic operating point respectively.

4. The temperature rise is determined considering heat transfer by natural convection

and radiation to ambient.

5. The mass and volume are determined.
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6. An inductor is designed for minimal mass. A discrete set of core dimension and

gap length combinations is created for which a corresponding inductor is designed.

A preliminary optimal feasible inductor design of minimal mass is selected from a

discrete set of design cases. This design is then improved with the use of bisection

method.

7. A inductor design look-up table is generated from which system level design pro-

cesses can pull inductor design data from, reducing computational load.

More information relating to each of these steps is found in the successive subsections.

4.4.1.1 Geometry

Inductors are sized based on methods outlined in [21], assuming an EI core as shown in

Figure 4.6 with fixed geometric ratios,

E = D, (4.29)

Ac = D2, (4.30)

Wa

Ac
= 0.789, (4.31)

G/F = 3, (4.32)

F =

√
Wa

G/F
, (4.33)

length = 2(F + E), (4.34)

width = D + F, (4.35)

height = G+ E, (4.36)

At = 2(length× width + width× height + height× length). (4.37)

where Wa is the window area, Ac is core cross sectional area and At is equivalent external

surface area. Thus, only D is required to define all of the core’s dimensions.

The area product Ap is shown as follows where ff is the core material fill factor,

Ap =
Wa

Ac

(
Ac
ff

)2

. (4.38)

The mean length per turn MLT and mean magnetic path length MPL are follows,

MLT = 4(D + F ), (4.39)

MPL = 2(E +G+ F ). (4.40)
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Figure 4.6: EI inductor core and coil assembly [21].

4.4.1.2 Magnetic operating point

The fringing factor Fr which accounts for the fringing flux at the air gap of length lg is

as follows,

Fr = 1 +
lg√
Ac

log

(
2G

lg

)
. (4.41)

Consider core magnetic permeability µm varies with respect peak flux density Bpk

as shown in Figure 4.7 for different materials. The number of turns N is a function of

the peak magnetic flux Bpk as shown where L is the desired inductance and µ0 is the

magnetic permeability of free space,

N(Bpk) = round

√L(lg + MPL
µm(Bpk)

)

(µ0AcFr)

 (4.42)
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Figure 4.7: Core material magnetic permeability µm vs. flux density B.

The peak flux density Bpk is expressed with respect to turns as a function of peak flux

density N(Bpk), peak current Ipk, and core magnetic permeability as function of peak

flux density µm(Bpk),

Bpk =
Frµ0IpkN(Bpk)

lg + MPL
µm(Bpk)

, (4.43)
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where peak current Ipk is,

Ipk = Idc +
∆I

2
for dc inductors, (4.44)

Ipk = Io +
∆I

2
for ac inductors. (4.45)

Idc is the average current, and ∆I is the ripple current for a dc inductor. Io is the first

harmonic’s peak current, and ∆I is the ripple current of an ac inductor. Equation (4.42)

is substituted into (4.43) to give the following expression,

Bpk =
Frµ0Ipk

lg + MPL
µm(Bpk)

round

√L(lg + MPL
µm(Bpk)

)

(µ0AcFr)

 , (4.46)

which is solved numerically for peak flux density Bpk.

Due to conductor number rounding by (4.42), the achieved inductance L′ may not

match that of the desired L. It is important to check this value as calculated from the

rounded number of conductors,

L′ =
Frµ0N

2Ac

lg + MPL
µm(Bpk)

. (4.47)

The absolute relative inductance error with respect to desired inductance L∆ is as follows,

L∆ = abs

(
L′ − L
L

)
. (4.48)

4.4.1.3 Losses

The per wire copper cross sectional area Acu is determined as follows for the copper fill

factor Ku = 0.4,

Acu =
KuWa

N
. (4.49)

The inductor’s phase resistance is determined where σcu is copper’s electrical conduc-

tivity,

RL =
NMLT

Acuσcu
. (4.50)

Proximity effects were not taken into consideration when calculation inductor’s phase

resistance.

The copper losses is determined for phase current Irms as,

Pcu = I2
rmsRL. (4.51)

For DC inductors, the ac flux density ripple Bac due to current ripple ∆I is determined
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as follows assuming µm(Bpk) u µm(Bpk −Bac),

Bac =
µ0NFr

(
∆I
2

)
lg + MPL

µm(Bpk)

. (4.52)

Core loss Pcore in units of watts for a core of volume Vcore,cm3 in cm3 is determined using

the Steinmetz equation with material constants k, α, and β,

Pcore = Vcore,cm3kfαBβ
ac × 10−3. (4.53)

The Steinmetz parameters for different core materials are shown in Table 4.5.

Table 4.5: Core material properties [28].

Index Material type Manufacturer Name Bs (T)
Density
(g/cm3)

ff
k
(mW/cm3)

α β

1 Silicon-steel JFE 10JNHF600 1.87 7.53 0.9 0.05147 1.26 1.91
2 Amorphous Hitachi 2605SA1 1.56 7.18 0.83 0.04668 1.67 1.79
3 Iron-powder Magnetics MPP60 0.75 8.2 1 0.10975 1.34 2.16
4 Nanocrystalline VAC Vitroperm500F 1.2 7.3 0.7 0.00347 1.71 2.09
5 Ferrite Ferroxcube 3C93 0.5 4.8 1 0.00175 2.26 3.07

The core loss for ac inductors is determined as follows. It is assumed that the sig-

nificant harmonics of the flux density are induced by the fundamental oscillating current

Io at a frequency fo and the ripple current ∆I due to inverter switching at the carrier

frequency fc,

Bac(t) = Bo sin (2πfot) +Bc sin (2πfct). (4.54)

The Steinmetz equation is utilised to determine the core loss contribution of each of these

harmonics,

Pcore = Vcore,cm3K(fαo B
β
o + fαc B

β
c )× 10−3. (4.55)

The total losses Pt are the sum of copper and core losses,

Pt = Pcore + Pcu. (4.56)

4.4.1.4 Thermal

Assuming an isothermal inductor, the total heat transfer rate q from itself to ambient is

the sum of radiation qr and convection qc,

q = qr + qc = εσAt(T
4
s − T 4

a ) + hcAt(Ts − Ta), (4.57)

where ε is the surface emissivity, σ = 5.67 × 10−8 W/m2K4 is the Stefan–Boltzmann

constant, Ts is the surface temperature (K) and Ta is ambient temperature (K), and hc is
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the convective heat transfer coefficient, and At is the total surface inductors outer surface

area.

An empirical equation for heat transfer coefficient hc has been derived and provided

by [83],

hc = C

(
p

pref

)0.477(
Ta

Ta,ref

)−0.218(
(Ts − Ta)0.225

L0.285
h

)
, (4.58)

where C is equal to 1.53 for horizontal orientation, p is ambient atmospheric pressure

(in pascals), pref is atmospheric pressure at sea level, Ta,ref is 293.15K, and Lh is the

considered hydraulic length,

Lh = height× width. (4.59)

Equation (4.58) shows convective heat transfer coefficient reduces with a decrease in

ambient pressure and an increase in ambient temperature.

At thermal steady state, total power loss Pt is equal to total heat transfer rate from

inductor to ambient q. Equation (4.58) is substituted into (4.57) and equated with (4.56)

to give the following expression for which the solution Ts is numerically determined,

0 = −Pt + εσAt(T
4
s − T 4

a ) + C

(
p

pref

)0.477(
Ta

Ta,ref

)−0.218(
(Ts − Ta)0.225

L0.285
h

)
At(Ts − Ta).

(4.60)

The temperature rise Tr is calculated as the difference between Ts and Ta.

4.4.1.5 Mass and volume

The expressions for core volume Vcore and copper volume Vcu are as follows,

Vcore = 2D((F + E)(GE)−Wa), (4.61)

Vcu = N(MLT)Acu. (4.62)

The total inductor mass ML is as follows where ρcore and ρcu are the core and copper

densities,

ML = ρcoreVcore + ρcuVcu. (4.63)

The “box” volume considered for case volume calculations is as follows,

VL = height× width× length. (4.64)

4.4.1.6 Inductor mass minimisation

The design guideline is to minimise the inductor’s mass for desired inductance, funda-

mental current, and ripple current while ensuring temperature rise Tr does not exceed a

maximum Tr,max of 30◦C, L∆ is less than a threshold L∆,max, and peak flux density Bpk
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does not exceed material’s saturating flux density Bs.

Assume desired inductance, fundamental current, and ripple current have been given.

A set of core dimension Di and gap length lg,j values, where i and j are the parameters’

respective indexes, is created. The remaining core dimensions can be derived from 4.29

- 4.37. Each combination of (Di, lg,j) represents a unique candidate design for which

its corresponding mass ML(Di, lg,j), temperature rise Tr(Di, lg,j), absolute relative induc-

tance error L∆(Di, lg,j) and peak flux density Bpk(Di, lg,j) are calculated using procedure

of Section 4.4.1.1 to 4.4.1.5. All designs with Tr > Tr,max, L∆ > L∆,max, and Bpk > Bs are

removed from the set, after which the design of minimum mass is selected from the re-

maining designs. The selected design of minimum mass (Di, lg,j) is improved. Gap length

lg,j is fixed while core dimension D is iterated between Di and Di−1, where Di−1 < Di,

using the bisection method. A feasible solution of minimum mass exists where Tr ap-

proaches Tr,max.

This calculation process is demonstrated by sizing a 1mH inductor for Idc = 5A, ∆I

= 0.5A, and fc = 15kHz, and amorphous core. A 10 x 10 grid on (Di, lg,j) values is

created for which Tr, L∆, Bpk, and mass were determined as shown in Figure 4.8. Lighter

shade data point markers represents higher values while darker shade represents lower.

Each dataset Tr(Di, lg,j), L∆(Di, lg,j), and Bpk(Di, lg,j) are checked with respect to their

limits. The conditions for feasible designs are as follows: Tr < 30◦C, L∆ < 0.05p.u., and

Bpk < 1.87T. Any data points exceeding their respective limits is marked with a red “×”

and are considered infeasible. The remaining feasible designs are left unmarked as shown

in Figure 4.8 (d), out of which the design of lowest mass is selected and highlighted with

a cyan (light blue) dot. This data point will be known as the “grid calculated minimum”

design.

The grid calculated minimum design of Figure 4.8 is further improved by iterating D

using the bisection method as shown in Figure 4.9. As the number of iterations increase,

the temperature approaches that of the limit of 30◦C. A comparison between the grid

calculated minimum design and the bisection method improved design is shown in Table

4.6. Core dimension D has reduced from 2.154cm to 1.396cm. Overall mass has reduced

from 400.79g to 142.89g. Temperature rise has increased from 5.06◦C to 30.0◦C.

Table 4.6: Inductor design parameter comparion for L = 1mH, Idc = 5A, ∆I = 0.5A, fc
= 15kHz, Tamb = 40◦C, altitude = 20,000ft, grid calculated minimum and bisection method
improved.

D (cm) L∆ (p.u.) N ML (g) Tr (◦C)

Grid calculated minimum 2.154 0.0179 46 400.79 5.06
Bisection method improved 1.396 0.00051 51 142.89 30
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Figure 4.8: Inductor design process illustration of a 1mH inductor Idc = 5A, ∆I = 0.5A, fc
= 15kHz, Tamb = 40◦C, altitude = 20,000ft, amorphous core. Lighter shade markers represent
higher values. Red “×” represents infeasible designs whose parameters exceed their respective
limits. Feasible design of minimum mass is highlighted with a cyan (light blue) dot.
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Figure 4.9: Bisection method iteration values of inductor dimension D with respect to calcu-
lated temperature rise Tr.

4.4.1.7 Empirical fitting and inductor look up table generation

Empirical equations for inductor volume VL and mass ML as a function of inductance L

and rated current Îin have been provided by [84],

VL(L, Îin) = kL1LÎ
2
in + kL2L+ kL3Îin, (4.65)
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ML(L, Îin) = mL1LÎ
2
in +mL2L+mL3Îin, (4.66)

where kL1 and kL2 are volume constants and mL1 and mL2 are mass constants for fitting.

An example of this fitting can be seen in Figure 4.10.
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Figure 4.10: Empirical curve fitting for inductor volume vs. inductance and current. Dots
represent specific designed point, line represents empirical equation fit. Inductor specification:
fc = 15kHz, current ripple= 10%, Tamb = 40◦C, altitude = 20,000ft, temperature rise = 30◦C,
amorphous core.

A look-up table of inductor volume and mass constants kL1, kL2, kL3 and mL1, mL2,

mL3 for a range of switching frequencies, ambient temperature, environmental equivalent

altitude, and material has been created using the inductor sizing procedure described. A

portion of this look up table is shown in Table 4.7.

Table 4.7: Inductor volume and mass empirical equation constants look up table sample.

Inputs Outputs

Core material Ta (◦C) Altitude (ft) fc (Hz) kL1 ( m3

HA2 ) kL2 (m3

H ) kL3 (m3

A ) mL1 ( kg
HA2 ) mL2 (kg

H ) (kg
A )mL3

. . . . . . . . . . . . . . . . . . . . .
Amorphous 40 8000 15000 1.29× 10−5 9.31× 10−3 1.37× 10−7 2.65× 10−1 9.21× 101 1.26× 10−3

30000 1.29× 10−5 9.33× 10−3 1.37× 10−7 2.66× 10−1 9.25× 101 1.26× 10−3

45000 1.27× 10−5 9.03× 10−3 1.75× 10−7 2.62× 10−1 8.72× 101 1.89× 10−3

60000 1.27× 10−5 9.08× 10−3 1.75× 10−7 2.64× 10−1 8.78× 101 1.89× 10−3

75000 1.27× 10−5 9.14× 10−3 1.75× 10−7 2.65× 10−1 8.85× 101 1.89× 10−3

90000 1.51× 10−5 8.89× 10−3 1.67× 10−7 3.20× 10−1 8.18× 101 1.70× 10−3

. . . . . . . . . . . . . . . . . . . . . . . . . . . . . .

4.4.2 Capacitor - static and low band

Empirical equations for capacitor volume VC as a function of capacitance C and rated

voltage Ûin have been provided by [84],

VC(C, Ûin) = kC1CÛ
2
in + kC2, (4.67)

where kC1 and kC2 are constants for fitting.
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Two different sets of kC1, kC2 values were determined for two different ranges of ca-

pacitors in a least square manner. For constant rated voltage, volume increases with

capacitance. For constant capacitance, volume increases with rated voltage. The cal-

culated constants are shown in Table 4.8. The data sheet values from [85] [86] and the

calculated values are plotted in Figure 4.11.
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Figure 4.11: Empirical curve fitting for capacitor volume vs. capacitance and voltage for
commercial capacitors capacitor range.

Table 4.8: Empirical fitted capacitor volume equation constants kC1 and kC2.

Manufacturer Name kC1 kC2

Vishay MKP1848 3.6329×10−6 5.0137×10−6

Vishay MKT1820 2.9855×10−5 4.2108×10−7

To determine the capacitor’s mass, their volume is multiplied by their density. The

average density for both capacitor dataset is 1069.15kg/m3.

4.5 Enclosure volume and mass - static band

An enclosure is required to house the input filter, inverter, and output filter (if present).

The estimated case volume is the sum of the enclosed component’s respective volumes,

multiplied by a scaling factor kcase,

Vcase = kcase
∑

Vcomponents. (4.68)

Here, a case scale factor of 2.5 is estimated from an in-house demonstrator inverter as

shown in Figure 4.12.
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Figure 4.12: Demonstrator inverter internal view.

Consider a case with the following geometric ratios as shown in Figure 4.13. The case

mass for this geometry Mcase is,

Mcase = ρalu16

(
Vcase

4

) 2
3

tcase, (4.69)

where ρalu is the density of aluminium and tcase is the case thickness, equal to 3mm.

Figure 4.13: Inverter case dimensions.

4.6 Machine - static and low band

The surface mounted permanent magnet synchronous machine design process is presented

in this section. The author has published the majority of the utilised procedure in [87].

The analytical algorithm generates candidate machine designs for electrical, electrome-

chanical, material, and geometric specifications. The design procedure is divided into

four mains sections,

� Initial stator and rotor sizing,

� Phase resistance Rs, phase inductance Ls, and magnetic flux λm linkage calculation,

� Air-gap, magnet, and tooth-tip sizing,

� Thermal calculation.

The following assumptions are made for the design process:
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� Three-phase, outer-stator, inner-rotor, surface-mounted permanent magnets, non-

salient, machine is considered.

� The permeability of the stator and rotor cores compared to that of air is considered

infinite when determining stator inductance and magnet operating point.

� Magnetic saturation is not considered. The machine material is assumed and de-

signed to operate in the linear B-H region.

� No forced cooling is utilised.

The full machine design process is divided into “System-level” and “Detailed”. “System-

level” encompasses initial stator and rotor sizing and calculation of electrical parameters

Rs, Ls, and λm. “Detailed” includes air-gap, magnet, and tooth-tip sizing, and thermal

calculations. The full stator, rotor, winding geometry is drawn up and the machine’s elec-

tromagnetic properties and operating point is analysed using FEA. The machine design

process outputs are shown in Table 4.9. This division is for the benefit of system-level

designer reader who are concerned only with macroscopic drive level parameters.

Table 4.9: Machine design process outputs.

Parameter System-level Detailed

Mass/Volume X X
Phase resistance Rs X X
Phase inductance Ls X X
Magnetic flux linkage λm X X
Rotor moment of inertia X X
Losses and power factor X X
Tooth tip geometry X
Magnet geometry X
Air gap thickness X
Thermals X

4.6.1 Specification

The surface mounted permanent magnet machine design procedure’s input specifications

are grouped under the following categories:

� Mechanical - Nominal mechanical output power Po, nominal operating speed RPM ,

� Material - Density ρ, conductivity σ.

� Geometry ratio - slot number Nsl, pole number Np, coil shortening nr, rotor diam-

eter to stack length aspect ratio x, slot tooth width to slot pitch ratio τ .

� Electrical - average flux density across the air gap B, current density J , switching

carrier frequency fc, torque per rotor volume TRV , slot fill factor Fslot, inverter dc

link voltage Vdc, phase current Iph.

� Magnet core - B-H curve, density Steinmetz properties k, α, β.
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� Permanent magnet - Remnant reluctance Br, relative recoil permeability µrec, in-

trinsic coercivity Hcj, density ρ.

These parameters need to be pre-defined before the design procedure can be executed.

4.6.2 Slot/pole combination selection

The slot/pole combination (i.e. the number of slots and poles) greatly influences the

electromechanical characteristics of the machine. Reference [88] describes the effects of

pole count and slot count on brushless machine’s radial force, cogging torque, and back

EMF. Zero net radial force on a rotor occurs when,

gcd(Np, Nsl) > 1, (4.70)

where “gcd” stands for greatest common denominator. For Np = 10, and Nsl = 12, the

greatest common denominator is 2. Thus, radial forces are minimised. Minimising radial

forces will minimise bearing loads and increase bearing longevity.

The least common multiple (lcm) between the Np, Nsl effects the cogging torque. As

this value increases, the cogging torque decreases [89]. Thus, a high value of lcm(Np, Nsl)

is desired. Cogging torque is the worst for integer slot pitch combination, i.e. when the

value of Nsl/Np is an integer [88].

Reference [90] has determined the winding factor amplitudes and back-EMF harmon-

ics for different slot/pole combinations. The calculated data was utilised to make an

informed choice on appropriate slot/pole combinations for low back-EMF harmonics and

winding factor amplitudes

A fractional slot arrangements where gcd(Np, Nsl) > 1 and high value is lcm(Np, Nsl)

is chosen. The advantages of fractional slot windings have been well documented in [91].

These include, short-end turns, high-power density, and fault tolerance due to phase sep-

aration for concentrated winding arrangements. The considered slot/pole combinations

are 12/10 and 12/14.

4.6.3 Stator and rotor sizing

The considered machine dimensions and geometry are shown in Figure 4.14.

Fundamental electrical machine sizing equations have been provided by [29]. The

average current density A around the air gap circumference is as follows for phase number

m, number of turns per phase Nph, and rotor diameter D,

A =
2mNphIph

πD
. (4.71)

The magnet loading B is defined as the average flux density over the rotor surface and
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Figure 4.14: Permanent magnet synchronous machine dimensions.

is expressed for the stack length Lstk, fundamental component of the air gap flux linkage

φ1, and number of pole pairs p.

B =
2pφ1

πDLstk
. (4.72)

The per phase back-EMF E is expressed as follows for fundamental electrical frequency

fo, fundamental harmonic winding factor kw1,

E =
2π√

2
kw1Nphφ1f, (4.73)

The torque per rotor volume TRV can be expressed with respect to A, B, and rotor

volume VR for an ac machine,

TRV =
T

Vr
=

π√
2
kw1AB. (4.74)

Typical values for TRV have been provided by [29] and is shown in Table 4.10.

The slot fill factor Fslot is the ratio between cross sectional area of copper conductor

compared to slots. The ratio of slot tooth width tw to slot pitch λ is expressed by the

variable τ . The current density J is expressed as shown with respect to Fslot, slot depth
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Table 4.10: Typical values of torque per rotor volume and current densities (continuous
operation) [29].

Class of machine TRV (kNm/m3)
Small totally-enclosed motor (Ferrite magnets) 7 - 14
Totally-enclosed motors (sintered rare earth or NdFeB) 14 - 42
Integral-hp industrial motors 7 - 30
High-performance servomotors 15 - 50
Aerospace machines 30 - 75
Condition J (A/mm2)
Totally-enclosed 1.5 - 5
Air-over, fan-cooled 5 - 10
Liquid cooled 10 - 30

d, and τ ,

J =
A

Fslotd(1− τ)
. (4.75)

Typical values for current densities for available cooling conditions have been provided

by [29] and is shown in Table 4.10.

The fundamental winding factor kw1 is the product of the fundamental pitch factor

kp1, distribution factor kd1, and are expressed as follows [92],

kw1 = kp1kd1, (4.76)

kp1 = sin

(
yQ − nr
yQ

π

2

)
, (4.77)

kd1 =
2 sin(π

6
)

Nsl
3p

sin( πp
Nsl

)
. (4.78)

The full pitch slot count yQ is equal to the Nsl/Np. The pitch shortening in number of

slots is represented by nr.

For a given TRV value, stack length, and rotor aspect ratio xr = Lstk/D; the rotor

volume Vr and diameter D are calculated. The relationship between the average magnetic

loading B and the peak tooth magnet flux Bt(pk) is as follows,

B =
2τBt(pk)

π
(4.79)

Typical values of Bt(pk) is 1.6T and for τ = 0.5, this gives B u 0.5. (4.74) is solved for

A, giving

A =
TRV

√
2

πkw1B
. (4.80)

(4.71) is solved for Nph, giving the following,

Nph =
AπDr

6Iph
. (4.81)
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Slot depth d is calculated from (4.75) giving the following expression,

d =
A

JFslot(1− τ)
. (4.82)

Typical slot fill factor value is 0.4 [29].

The back-iron depth dbk is expressed as follows,

dbk =
3Nsl

Np

tw. (4.83)

The stator dimensions rra, rrad, and rradbk are determined. An initial value of 1mm is

set for the air gap da but will be corrected.

4.6.4 Windings, conductors, and stator resistance

Next, the stator windings need to be defined to determine the per phase stator resistance

Rs. The total cross-sectional area (CSA) of copper Acu(total) is calculated from the product

of Fslot with the slot’s CSA Aslots,

Acu(total) = FslotsAslots. (4.84)

Aslots = π(r2
rad − r2

ra)−Nsldtw, (4.85)

The per conductor copper CSA Acu(wire) is determined,

Acu(wire) =
Acu(total)

(6Nph)
. (4.86)

The maximum diameter of wire consisting of insulation and conductor assuming square

packing pattern dwire is expressed as follows. This value needs to be considered when

determining the minimum value of the slot opening width wd.

dwire =
dcu(wire)

2

√
π

Fslot
(4.87)

Total length of wire for each phase lph is determined as follows for the per-turn mean end

winding length for semi-circular end winding path lend and pitch shortening in number

of slots nr [93],

lph = Nph(lend + 2Lstk). (4.88)

lend =

(
π2

2Nsl

)(
1− nrNp

Nsl

)
(rra + rrad). (4.89)

The stator resistance Rs can now be determined knowing the conductor’s total length
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and wire copper cross-sectional area,

Rs =
lph

σcuAcu(wire)

, (4.90)

where σcu is the copper electrical conductivity.

4.6.5 Operating point, stator inductance, and magnetic flux

linkage

The steady state dq voltage equations in the synchronous reference frame for a non-salient

surface mounted permanent magnet synchronous machine (SMPMSM) are as follows for

d- and q- axis currents id and iq , the d- and q- axis voltages vd and vq, d- and q- axis

flux linkages λd and λq , permanent magnet flux linkage λm, and electrical speed ωo =

2πfo. For a non-salient SPMSM, it is assumed that d- and q-axis stator inductances are

equal such that Ls = Ld = Lq,

vd = Rsid − ωoLsiq, (4.91)

vq = Rsiq + ωoLsid + ωoλm. (4.92)

λd = Lsid + λm (4.93)

λq = Lsiq (4.94)

|λdq| =
√
λ2
d + λ2

q (4.95)

The voltage and current magnitudes |vdq| and |idq| are as follows,

|vdq| =
√
v2
d + v2

q , (4.96)

|idq| =
√
i2d + i2q =

√
2Iph. (4.97)

The relationship between mechanical speed ωm and ωo is follows,

ωo = ωmp, (4.98)

The electromechanical torque Tem is,

Tem =
3p

2
λmiq. (4.99)

The voltage limit Vmax need to taken into consideration and is expressed as follows
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for linear modulation (i.e. modulation index m ≤ 1),

Vmax =
Vdc
2
≥ |vdq|. (4.100)

The machine’s operating range is represented on the dq current axis as shown in

Figure 4.15. The area enclosed by the blue arrows mark the dq current operating range.

The voltage ellipses are marked by dotted lines. Typically, a current limit (represented by

a circle) is imposed by the current control scheme to avoid excess machine copper losses

and/or protect the power electronics. Compare the size of the voltage ellipse at electrical

speed ωo and ω+
o where ωo < ω+

o . As electrical speed increases, the voltage ellipse size

decreases, limiting the current operating range. Torque is directly proportional to iq

as described by (4.99). Field-weakening is required during voltage limited operation to

extend the operating range of the machine. This is done by injecting negative id which in

turn reduces λd. The maximum required d-axis field weakening current can be solved by

taking (4.93), setting λd = 0, and solving for id. The nominal operating point assumes

no field-weakening (i.e., id = 0). The dq voltage equations (4.91-4.92) are simplified to,

vd = −ωoLsiq, (4.101)

vq = Rsiq + ωoλm. (4.102)

The relationship between RMS phase current Iph and iq is simply,

iq =
√

2Iph for id = 0. (4.103)

𝑖ௗ

𝑖௤

−𝜆௠/𝐿௦

Nominal
operating point

Current operating
range

6.51 cm
10.13 cm

Figure 4.15: Non-salient permanent magnet synchronous machine’s operating range repre-
sented on the dq current axis.

The desired stator inductance Ls is determined for a desired current ripple ∆I due to
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switching at frequency fc,

Ls =
Vdc

π2fc∆I
. (4.104)

The variable c for desired current ripple ratio is defined as,

c =
∆I

iq
(4.105)

Equation (4.105) is expressed with respect to ∆I and substituted into (4.104) to get an

expression of Ls with respect to Vdc, fc, c, and iq,

Ls =
Vdc

π2fcciq
. (4.106)

The torque equation (4.99) is rearranged to get an expression of λm with respect to

iq and Tem,

λm =
2Tem
3piq

. (4.107)

Equations (4.104) and (4.107) are substituted into (4.101) and (4.102) and then into

voltage limit equation (4.100) to get an expression of |vdq| as a function of iq,

|vdq| =

√(
− ωo

Vdc
π2ciqfc

)2

+

(
Rsiq + ωo

2Tem
3piq

)2

. (4.108)

4.6.6 Mass

After determining dimensions of the stator, rotor, and windings; their respective mass is

determined, given the material densities as seen in Table 4.11. The general equation for

mass MX of component “X” (e.g. stator core) is as follows, where ρX is the component’s

material density, CSAX is its cross sectional area and lX is its length.

MX = ρX lXCSAX . (4.109)

The total mass of the copper conductor Mcu is determined in a similar manner,

Mcu = 3ρcuCSAculph. (4.110)

The cylindrical case is assumed to be aluminium at a thickness tcase of 3mm and case

length lcase. The case mass Mcase is determined as follows,

Mcase = ρcase(π((rradbk + tcase)
2 − r2

radbk)lcase + 2π(rradbk + tcase)
2tcase) (4.111)
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Table 4.11: Material densities.

Component Density (kg/m3)
Steel laminations 8120
Copper conductor 8930
Aluminium case 2810
Insulation 1750
Magnet (NdFeB) 7500
Magnet (SmCo) 8300
Shaft 7800

The total machine mass Mmac is the sum of the mass of all components,

Mmac = Mstator +Mrotor +Mcu +Mmagnet +Mcase +Mshaft. (4.112)

For system level analysis, rotor mass can be approximated by assuming magnet density

is equal to that of the steel lamination. The air gap, magnet, and tooth tip will be fully

dimensioned in section 4.6.8.

4.6.6.1 Losses and power factor

The total copper losses Pcu is determined as follows for rms phase current Iph, and stator

phase resistance Rs,

Pcu = 3I2
phRs. (4.113)

The proportion of the total copper power loss dissipated in the end windings Pcu,ewdg and

in the slot windings Pcu,slot are calculated as follows,

Pcu,ewdg = Pcu
lend

lend + 2Lstk
, (4.114)

Pcu,slot = Pcu
2Lstk

lend + 2Lstk
, (4.115)

where lend is the mean end-winding path length as given by (4.89) and Lstk is the stator

stack length.

The per kg core losses is determined given the Steinmetz equation of the following

form,

Wkg = KhfB
α+βBt(pk)

t(pk) + 2π2Keddyf
2
0B

2
t(pk), (4.116)

where Kh, Keddy, α, and β are core material Steinmetz constants.

It is assumed that rotor core losses are negligible, compared to that of the stator as

the flux generated by the stator rotates in synch with the rotor at steady state. From

the rotor’s reference frame, the fundamental flux appears to be at dc. The back-iron

stator core losses Pcore,bk and teeth core loss Pcore,t is estimated by multiplying the result
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of (4.116) with their respective mass,

Pcore,bk = Mback−ironWkg. (4.117)

Pcore,t = MteethWkg, (4.118)

The power factor is determined from the operating dq voltages and currents,

PF = cos

(
arctan

(
vq
vd

)
− arctan

(
iq
id

))
. (4.119)

4.6.7 System level candidate machine design selection

4.6.7.1 Preliminary machine sizing function

A function fmac1 is realised using equations (4.71-4.112) that calculates outputs {Rs, Ls,

λm, |vdq|, Pcu, Pcore, Mmac} from inputs (Iph,TRV, Po,RPM, Vdc, xr, J, Bt(pk), Nsl, Np, c, fc, nr, τ).

{Rs, Ls, λm, |vdq|, Pcu, Pcore,Mmac} =

fmac1(Iph,TRV, Po,RPM, Vdc, xr, J, Bt(pk), Nsl, Np, c, fc, nr, τ).
(4.120)

The calculation process is demonstrated for a 1.1kW machine design. The design’s

input specifications for fmac1 are shown in Table 4.12. Inputs Iph and TRV are iterated

across a grid of values spanning 3.5-7Arms and 3-100kNm/m3 respectively. The remaining

input specifications are fixed. Rs, Ls, λm, |vdq|, losses (as a sum of Pcu and Pcore), and

machine mass are plotted with respect to Iph and TRV in Figures 4.16. Designs whose

operating voltage magnitude is greater than the maximum allowable voltage, i.e. |vdq| >
vmax, were eliminated. For the given inputs, the labelled data point is considered the

optimal machine design which will result in the minimum overall system mass. How this

design is selected will be addressed later in this section. Rs, Ls, and λm increase with

Iph for a given value of TRV as seen in Figures 4.16 (a-c). Ls and λm do not vary with

TRV as shown in (4.104-4.107) and in Figures 4.16 (b-c). For a given phase current; Rs

and losses remain relatively constant with respect to TRV as seen in Figures 4.16 (a)

and (d), with the exception of very low values of TRV. For a given phase current, there

exists a minimum machine mass with respect to TRV as seen in Figure 4.16 (f). Phase

current does not influence machine mass but it does greatly impact on the cable, output

filter, and inverter mass. Thus, a machine design should be selected which would provide

overall minimum system mass.

4.6.7.2 Preliminary system mass estimation for machine design selection

Preliminary estimation of the system mass for a given machine design assuming nomi-

nal component operating ranges is required. This will allow the selection of an optimal
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Table 4.12: Case study machine for system level candidate design selection - fmac1 input.

Parameter Value Unit

Phase current Iph {3.5, ..., 7} Arms

Torque per rotor volume TRV {3, ..., 100} kNm/m3

Mechanical output power Po 1.1 kW
RPM 4000
DC-link voltage Vdc 270 V
Rotor aspect ratio xr 0.5
Current density J 10 A/mm2

Tooth peak flux density Bt(pk) 1.6 T
Slots/poles Nsl/Np 12/10
Current ripple c 0.1 p.u.
Switching carrier frequency fc 15 kHz
Pitch shortening nr 0
Relative tooth width τ 0.5

machine design which will result in minimum total system mass. The components consid-

ered for this preliminary estimation are the cable, LC output filter, inverter, and inverter

heat sink. The mass calculation of these parameters require low computational demand

compared to that of sizing the input EMI filter. EMI filter is done once machine designs

are finalised and are down-selected to only Pareto-efficient designs.

In section 4.7, the cable is sized considering the operating altitude, bundle number,

phase current Iph, cable length lc, and voltage Vc. A function fcable is created which

returns its mass Mcable, line resistance Rcs, line inductance Lcs, and phase to ground Cpg

capacitances,

{Mcable, Rcs, Lcs, Cpg} = fcable(Altitude,Bundle number, Iph, lc, Vc). (4.121)

In section 4.8, an LC output filter’s inductance Lfil and capacitance Cfil are selected

to attenuate the switching harmonics and its side-bands below that of the MIL-STD-

704F distortion spectrum. The mass and volume of the inductors and capacitors are

determined using sections 4.4.1.5, and 4.4.2 respectively. The case mass is determined

from the component’s volume as shown in section 4.5. A function fLC,out is created which

returns its mass MLC,out, the case mass Mcase, inductance Lfil, and capacitance Cfil,

{MLC,out,Mcase, Lfil, Cfil} = fLC,out(Vdc, fc, Iph, Vc,rated). (4.122)

The nominal inverter output voltage, modulation index M and current Io, and phase

angle φ can be determined given the parameters of the machine, cable, and output filter

using section 5.2. In section 4.9.1, the power electronics losses is determined knowing

M , Io, φ, Vdc, and fc from which the required heat-sink thermal resistance is determined

for nominal junction operating temperature. The heat sink is then sized for the required

heat-sink thermal resistance as described in section 4.9.2.6. Thus, a function fInverter is
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(a) Stator resistance.
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(c) Magnetic flux linkage.
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Figure 4.16: System level machine sizing, 1.1kW rating, fmac1 outputs |vdq| and machine
mass.

realised which computes, heat sink mass Mheatsink and semiconductor mass Msemiconductors.

{Mheatsink,Msemiconductors} = fInverter(M, Io, φ, fc, Vdc) (4.123)
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The preliminary system mass is estimated as follows,

Mtotal = Mmac +Mcable +MLC,out +Mcase +Mheatsink +Msemiconductors. (4.124)

Nominal operating conditions/parameters for preliminary system mass estimation for

centralised and distributed topologies are shown in Table 4.13.

Table 4.13: Nominal operating parameters used in preliminary system mass estimation of
centralised and distributed topologies.

Component Parameter Centralised Distributed Unit

Cable Equivalent altitude 20000 20000 ft
Bundle number 3 2
Length 10 10 ◦C
Voltage rating 1000 1000 Vpk

LC output filter Inductor temperature rise 30 n/a ◦C
Capacitor voltage rating 700 n/a V
Equivalent altitude 8000 n/a ft

Power electronics Junction temperature 125 125 ◦C
Heat sink Ambient temperature 40 70 ◦C

Equivalent altitude 8000 20000 ft

The preliminary estimated system mass values with respect Iph and TRV are shown

for a centralised system in Figure 4.17 (a). The machine design corresponding to the

minimum system mass is labelled. Observe the optimal design is a design of minimum

feasible phase current. Cable mass and inductor mass increases with respect to their

current rating as described in section 4.7 and 4.4.1.7 respectively. Semiconductor switch-

ing and conduction losses increase with respect to current for a fixed voltage as seen in

Figure 4.47 and Figure 4.48. Higher losses correspond to heat sinks with lower thermal

resistance and higher mass as described in section 4.9.2.6. A mass breakdown of the

optimal selected design of minimal system mass is shown in Figure 4.17 (b). Note that

the mass of LC filter exceeds that of the machine.

Previously, only fmac1 inputs Iph and TRV were iterated across a search space while

the remaining inputs were constant. Now, the input variables RPM, dc-link voltage, rotor

aspect ratio, current density, slots/poles combination, and switching carrier frequency are

iterated within their respective search space range and resolution as specified in Table

4.14. For each combination of input, the optimal machine mass is determined by iteration

of Iph and TRV.

The design’s are plotted with respect to machine mass, RPM, and current density

in Figure 4.18 (a). Machine mass reduces with increase in speed and current density.

Estimated system mass with respect to machine RPM, and inverter switching frequency

is plotted in Figure 4.18 (b). Estimated system mass reduces with an increase in switching

frequency and speed.
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(b) Mass breakdown of optimal design.

Figure 4.17: Preliminary estimation of system mass with respect machine phase current Iph
and torque per rotor volume TRV of a centralised 1.1kW system considering, machine, cable,
and LC output filter, semiconductor, and heat sink.

Table 4.14: Case study machine for system level candidate design selection - fmac1 input.

Parameter Value Unit

Phase current Iph {3.5, ..., 7} Arms

Torque per rotor volume TRV {3, ..., 100} kNm/m3

Mechanical output power Po 1.1 kW
RPM {4000, 4250, ..., 8000}
DC-link voltage Vdc 270 V
Rotor aspect ratio xr {0.5, 1, 2}
Current density J {10, 10.1, ..., 20} A/mm2

Tooth peak flux density Bt(pk) 1.6 T
Slots/poles Nsl/Np {12/10, 9/10, 12/14}
Switching carrier frequency fc {15, 30, 45, 60} kHz
Relative tooth width τ 0.5

4.6.8 Air gap and magnet sizing

A set of machine designs have been created in the system level candidate machine design

selection process. Basic stator and rotor dimensions such as tooth width tw, number of

slots Nsl, number of poles Np, stack length Lstk, slot depth d, stator bore diameter rra,

and stator outer diameter rradbk have been defined. The air gap, tooth tip, and magnet

need to be sized for desired stator inductance Ls and magnetic flux linkage λm.

4.6.8.1 Inductance

The calculated inductance L′s is the sum of magnetising inductance Lmd and leakage

inductance Lls,

L′s = Lmd + Lls (4.125)

An expression for the Carter factor Kc is given by [94] which takes into account the
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(a) Machine mass with respect to RPM, and cur-
rent density.

(b) Estimated system mass with respect to ma-
chine RPM, and inverter switching frequency.

Figure 4.18: System level candidate machine design and selection.

lengthening of the air gap due to slotting,

Kc =
wd + wst

wst + 4da
π

ln
(

1 + πwss
4da

) (4.126)

An effective stack length l′ is utilised to account for lengthening of the air gap due to

end-core field fringing effects [92],

l′ = Lstk + 2(da + dm) (4.127)

The magnetising inductance Lmd for a three-phase non-salient surface mounted per-

manent magnet synchronous machine is given by [92],

Lmd =
6µ0τpl

′(kw1Nph)
2

pπ2
(
Kcda + dm

µrec

) (4.128)

Given air gap da, magnet thickness dm, height hd, and width wd of slot opening

depression, slot number Nsl, and stator bore radius rra; the tooth tip width wtt and slot

inner width wsi are determined as follows,

wtt =
2πrra − wdNsl

Nsl

(4.129)

wsi =
2πrra − twNsl

Nsl

(4.130)

The pole pitch τp and tooth pitch τt are as follows,

τp =
2πrra
Np

, (4.131)
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τt =
2πrra
Nsl

. (4.132)

The leakage inductance Lls is determined as follows. [22] identified seven flux leakage

paths as shown in Figure 4.19.
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Figure 4.19: Slot teeth dimensions and leakage flux permanence paths [22].

The general equation for the permanence of a magnetically-uniform magnetic circuit

element is as follows where d is length of the element, A is the element’s cross sectional

area, and µ is the material’s magnetic permeability,

P =
1

R
=

d

µA
(4.133)

Here, the permeability of the stator core is assumed to be infinite and the contribu-

tion from portions of the flux path which passes through the core to the overall path

permanence are ignored.

Permanence of path 1 Psl1 is associated with the flux travelling from one tooth to the

neighbouring tooth via the air gap and permanent magnet, without passing through the

rotor back-iron,

Psl1 =
µ0Lstk
π

log

(
1 +

π

wd
min

(wtt
2
, g′
))

. (4.134)

Permanence of path 2 Psl2 is associated with the flux travelling from tooth tip to the

neighbouring tooth tip in a transverse direction. The element CSA is Lstkhd and the

element length is the slot opening depression width wd.

Psl2 =
µ0Lstkhd
wd

, (4.135)
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Permanence of path 3 Psl3 is associated with the flux travelling across the slot width,

between the bottom of the tooth tip and the top of the winding,

Psl3 =
µ0Lstk(dsi − h4)

3wsi
. (4.136)

Determination of permanence corresponding to path 4 Psl4 is based on an energy approach

proposed by [90], as not all flux generated by the remaining path links all of conductors

in that slot,

Psl4 =
µ0Lstkdw

3wsi
. (4.137)

The permanence paths 5-7 are associated with the stator ends and have a component

in the axial direction of the machine. The slot permanence for the winding region Psl5,

the region between the top of the winding and bottom of the tooth tip Psl6, and region

between tooth tips Psl7 are as follows,

Psl5 =
µ0dw
3π

log

(
1 +

πtw
wsi

)
, (4.138)

Psl6 =
µ0

π
log

(
1 + π

tw
wsi

)
(dsi − dw), (4.139)

Psl7 =
µ0

π
log

(
1 + π

wtt
wd

)
hd. (4.140)

The total leakage permanence Psl is determined as the sum of the seven considered

leakage permanence paths,

Psl = Psl1 + Psl2 + Psl3 + Psl4 + 2Psl5 + 2Psl6 + 2Psl7. (4.141)

A magnetic permanence factor λsl associated with the total leakage permanence Psl

is introduced [92],

λsl =
Psl

Lstkµ0

, (4.142)

from which the equivalent leakage inductance Lls is then determined,

Lls =
12µ0l

′N2
phλsl

Nsl

. (4.143)

Thus, the total calculated stator inductance L′s is determined as the sum of magnetis-

ing inductance Lmd and leakage inductance Lls as shown in 4.125.
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4.6.8.2 Permanent magnet

A simplified open-circuit magnet reluctance circuit, as shown in Figure 4.20, is utilised

to determine magnet operating point and the calculated magnetic flux linkage constant

λ′m. Subscripts “m”, “L”, and “g” refers to magnet, leakage, and air gap respectively.

𝑅௚𝑅௅𝑃௠଴

𝜙௠

𝜙௅ 𝜙௚

𝜙௥ 𝐹௠

8.19 cm
11.03 cm

Figure 4.20: Magnet’s open-circuit equivalent reluctance circuit [23].

The magnet area Am is determined considering its cross section midway through the

magnet to be its effective area,

Am = αpm
π

p

(
rra − da −

dm
2

)
Lstk, (4.144)

where αpm = θpm/θp as seen in Figure 4.14.

Optimal values for magnet pole-arc αpm which minimise cogging torque is as follows

[95],

αpm =
Ncp − k1

Ncp

+ k2, for k1 = {1, 2, . . . , N − 1}, (4.145)

where Ncp = Nc/Np and Nc is the lowest common multiple of Nsl and Np, and k2 is a

correction factor to account for magnet fringing. Typical values for k2 range from 0.01 -

0.03 and is dependent on the air gap.

The flux due to the magnet permanence φr is the product of the magnet’s remnant

reluctance Br and magnet area Am,

φr = BrAm. (4.146)

The magnet’s self permanence Pm0 is determined as follows for magnet’s relative perme-

ability µrec and magnet thickness dm,

Pm0 = µrecµ0
Am
dm

(4.147)

The air gap area Ag is calculated as follows. The effects of fringing is approximated
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by adding an air gap distance da to each of the four boundaries [23],

Ag =

(
π

p

(
rra −

da
2

)
αpm + 2da

)
(Lstk + 2da). (4.148)

The effective air gap g′ considering slotting is determined as follows where Kc is the

Carter’s coefficient,

g′ = Kcda. (4.149)

The reluctance of the air gap is determined given g′ and Ag,

Rg =
g′

µ0Ag
. (4.150)

The air gap flux linkage φg is determined as follows,

φg =
φr

1
flkg

+ Pm0Rg

, (4.151)

where flkg is flux leakage factor defined as equal to φg/φm. Typical values for flkg are

0.9-0.95.

From (4.151), φm is determined given φm = φg/flkg. The magnet’s operating point is

calculated using Bm = φm/Am. The air-gap flux density Bg is determined as follows,

Bg =
φg
Ag
, (4.152)

from which the calculated fundamental magnet’s flux linkage λ′m is determined [96],

λ′m = 8
kw1NphBgrraLstk

πp
. (4.153)

4.6.8.3 Air gap, tooth tip, and magnet sizing

A script function fL′s is written from (4.125 - 4.143) which calculates L′s for a set of inputs

as shown,

L′s = fL′s(da, dm, wd, hd, tw, d, τ, Lstk, rra, p, kw1, Nph, Nsl, µrec). (4.154)

Similarly, a script function fλ′m is written from (4.144 - 4.153) which calculates λ′m for a

set of inputs as shown,

λ′m = fλ′m(da, dm, wd, Nph, tw, rra, Lstk, p, kw1, flkg, Br, µrec, τ, Nsl). (4.155)

A set of machine designs have been created at system level candidate machine de-
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sign selection as described in section 4.6.7.2. For each of these designs, the following

parameters have already been determined,

� Tooth width tw,

� Slot depth d,

� Tooth pitch τ ,

� Stack length Lstk,

� Stator bore radius rra,

� Pole pairs p,

� Fundamental winding factor kw1,

� Number of turns per phase Nph,

� Number of slots Nsl,

� Desired stator inductance Ls,

� Desired magnetic flux linkage λm.

The magnet properties Br and µrec are defined by the selected magnet material. The

only remaining undefined input variables required to solve fL′s and fλ′m are,

� Air gap da,

� Magnet thickness dm,

� Width of slot opening wd,

� Height of slot opening depression hd.

An error function fmin to minimise consisting of fL′s and fλ′m is proposed as shown,

fmin(da, dm, wd, hd) =
|fL′s(da, dm, wd, hd, . . . )− Ls|

Ls
+

|fλ′m(da, dm, wd, . . . )− λm|
λm

.

(4.156)

It can be seen that as calculated L′s = fL′s(da, dm, wd, hd, . . . ) and λ′m = fλ′m(da, dm, wd, . . . )

approach desired Ls and λm respectively; fmin approaches 0. Minimisation of fmin is done

using pattern search. Geometric limits are set for da, dm, wd, and hd as shown in Table

4.15.

Table 4.15: Geometric limits for air gap, magnet height, and tooth tip dimensions.

Variable Lower limit Upper limit Unit

Air gap da 0.5× 10−3 0.25rra m
Magnet thickness dm 1× 10−3 0.25rra m
Width of slot opening wd 2dwire 0.9wsi m
Height of slot opening depression hd 1× 10−3 0.5wsi m

The accuracy of the minimised solution is checked as a solution of fmin = 0 may not

exist for the predefined stator/rotor dimensions and geometric limitations. All designs

whose |L′s − Ls|/Ls > 0.05 and |λ′m − λm|/λm > 0.05 are discarded.
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4.6.8.4 Demagnetisation limit

During field-weakening operation, negative id current is injected to lower λd and increase

the operating range at the voltage limit. However, excess negative id current can demag-

netise the magnet. The magnet’s operating point should never go below its knee point

(BD, Hcj) of demagnetisation curve, where Hcj is the magnet’s intrinsic coercive force as

shown in Figure 4.21 (a). The demagnetisation knee point flux density BD is determined

for given Hcj,

BD = µrecµ0(−Hcj) +Br. (4.157)
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(a) Permanent magnet BH curve.
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(b) Equivalent magnetic circuit for demagnetisa-
tion calculation.

Figure 4.21: System level candidate machine design and selection.

The simplified equivalent magnetic circuit used to determine the magnet’s demagneti-

sation operating point is shown in Figure 4.21 (b). The magnet flux φm for this operating

point is determined by setting Bm = BD such that φm = BDAm. The armature MMF

Farm for this condition is as follows,

Farm = φmRL − (RL +Rg)

(
φm + (φm − φr)

Rm0

RL

)
. (4.158)

The relationship between peak current Iarm and armature MMF Farm is,

Iarm =
pπFarm
3kw1Nph

. (4.159)

Thus, (4.158) is substituted into (4.159) to give an expression for the demagnetisation

current limit Idemag,

Idemag = Iarm =
pπ

3kw1Nph

(
φmRL − (RL +Rg)

(
φm + (φm − φr)

Rm0

RL

))
. (4.160)

This value must be greater than λm/Ls so that the entire current operating range is
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reachable. Thus, all designs whose Idemag < λm/Ls are discarded.

4.6.9 Thermal modelling

4.6.9.1 Overview

Once all machine geometry designs have been finalised, the winding’s operating temper-

atures are determined. To do this, the lumped parameter thermal network (LPTN) of

[24] as shown in Figure 4.22 is utilised. This model was originally developed for inner

rotor induction machines but has been modified by replacing the rotor winding properties

with that of the permanent magnet. The represented components are the frame, stator

back-iron, stator teeth, stator winding, air gap, end-winding, end-cap air, rotor magnet,

rotor iron, and shaft. Each node represents a component’s thermal potential, analogous

to voltage of an electrical circuit. Heat flow between nodes is analogous to electrical cur-

rent and thermal resistance is analogous to electrical resistance. Core losses and copper

losses are modelled as power heat sources and are analogous to current sources. Ground

potential is considered as ambient temperature.

Thus, to determine machine operating temperatures; the LPTN parameters, ambient

to machine equivalent thermal resistance, and power losses are needed. The basis of

the LPTN’s component geometry to equivalent thermal network is presented in section

4.6.9.2. The ambient to machine surface equivalent thermal resistance R01 is determined

in section 4.6.9.3. The power losses are calculated in section 4.6.6.1.
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Figure 4.22: Lumped parameter thermal network [24].
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4.6.9.2 Lumped parameter thermal network

The machine components’ geometry is approximated by a cylinder as shown in Figure

4.23 (a). The axial and radial heat flows are assumed to be independent with respect

to each other. A LPTN for each component is determined by its given geometry, and

thermal properties. The corresponding cylindrical approximation LPTN is shown in

Figure 4.23 (b). A single mean temperature Tm is determined for each component and

used to calculate heat flow between components. The thermal resistance Ra, Rm, Rb,

and Rc of Figure 4.23 (b) are as follows,

Ra =
L

6πka(r2
1 − r2

2)
, (4.161)

Rb =
1

2πkrL

1−
2r2

2 ln
(
r1
r2

)
r2

1 − r2
2

 , (4.162)

Rc =
1

2πkrL

2r2
1 ln
(
r1
r2

)
r2

1 − r2
2

− 1

 , (4.163)

Rm =
−1

4π(r2
1 − r2

2)krL

r2
1 + r2

2 −
4r2

1r
2
2 ln
(
r1
r2

)
r2

1 − r2
2

 , (4.164)

where r1 and r2 are inner and outer cylinder radii, L is cylinder length, kr and ka are

the radial and axial thermal conductivity. The extensive equations to determine each

components’ LPTN are outlined in [24].
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Figure 4.23: System level candidate machine design and selection.
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4.6.9.3 Machine to ambient heat transfer

Consider a machine horizontally mounted to a flange. Natural convection is assumed.

The heat power flow from machine frame to ambient is the sum of heat transfer by

convection qconv, radiation qrad, and conduction qcond as shown in Figure 4.24. At steady

state, this is equal to the total losses of the machine.

Pcore,bk + Pcore,t + Pcu,slot + Pcu,ewdg = qconv + qrad + qcond =
Tw − Ta
R01

(4.165)
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Figure 4.24: Machine to ambient convective, conductive, and radiative heat transfer paths.

Convection - to determine qconv, the machine is approximated as a horizontal cylinder

consisting of curved and vertical surfaces. The general equation for heat transfer by

convection is as follows,

qconv = hA(Tw − Ta). (4.166)

This equation expresses heat flow qconv flowing from the surface area with a heat transfer

coefficient h, at a temperature Tw to an ambient temperature Ta.

The corresponding heat transfer coefficients for the curved surface and vertical surfaces

hcylinder and hvert can be calculated from their respective Nusselt number as follows,

hX =
NuXk

D
, (4.167)

where X is replaced by “cylinder” or “vert”, k is the thermal conductivity of the convec-

tion fluid, and D is the hydraulic length (in this case the diameter of outer case diameter
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of the machine).

Total heat flow by natural convection is the sum of heat flow from the curved and

vertical sides,

qconv =

(
hcylinderπDLstk + hvert2π

(
D

2

)2)
(Tw − Ta) (4.168)

The expressions of the Nusselt number for free natural convection of the curved

isothermal surface of a cylinder Nucylinder and an isothermal vertical plate Nuvert are

provided by [97][98] as shown,

Nucylidner =

(
0.6 +

0.387Ra
1
6
D(

1 + (0.559
Pr

)
9
16

) 8
27

)2

, (4.169)

Nuvert =

(
0.825 +

0.387Ra
1
6
D(

1 + (0.492
Pr

)
9
16

) 8
27

)2

, (4.170)

where Pr is the Prandtl number.

The Rayleigh number Ra is expressed as follows,

RaD =
gβ(Tw − Ta)D3

vα
, (4.171)

where g is the acceleration due to gravity, β is the thermal expansion coefficient of the

gas, v is the kinematic viscosity, and α is the thermal diffusivity.

Radiation - heat transfer rate by radiation qrad is described by the Stefan-Boltzmann

equation where ε is the emissivity of the surface, σ is the Stefan-Boltzmann constant

5.67Ö10-8kg/s3/K4, A is the surface area, Tw is the surface temperature in K and Ta is

the ambient temperature in K,

qrad = εσA(T 4
w − T 4

a ). (4.172)

Conduction - to determine qcond, consider heat transfer by conduction from frame

to the mounting flange. The mounting flange is assumed to be a large thermal mass at

constant ambient temperature. The general equation for thermal resistance by conduction

Rcond of an element is expressed as,

Rcond =
∆x

Ak
, (4.173)

where ∆x is the element’s thickness measured in the direction of heat flow, A is the

cross sectional area in the plane perpendicular to the direction of the heat flow, and k is

the element’s thermal conductivity. In this scenario, the machine’s case is acting as the

conductive heat transfer path whereby heat flows axially from the machine towards the
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flange. The considered ∆x is approximated as half way along the length of the machine

Lmac such that ∆x = Lmac/2. The value A is the case’s annular CSA π(r2
radbkcs − r2

radbk).

The case thermal conductivity is that of aluminium. Substituting into (4.173) gives,

Rcond =
Lmac/2

π(r2
radbkcs − r2

radbk)kcs
. (4.174)

Knowing the equivalent thermal resistance for the conductive path of frame to flange

Rcond, the heat transfer rate by conduction for frame temperature Tw and ambient tem-

perature Ta is as follows,

qcond =
(Tw − Ta)
Rcond

. (4.175)

The total heat transfer rate from the machine to ambient is the sum of natural con-

vection and radiation. The equivalent thermal resistance as a function of Tw and Ta is

determined,

R01(Tw, Ta) =
Tw − Ta

qrad(Tw, Ta) + qconv(Tw, Ta) + qcond(Tw, Ta)
. (4.176)

4.6.10 Electrical machine model validation

In this section, the process of experimentally validating the electrical and thermal machine

models is presented.

4.6.10.1 Experimental set-up

In this section, the details of the test set-up and hardware exclusively are presented.

Experiments to validate specific aspects of the sizing and modelling tool can be found

in their respective sections. An overview of the experimental set up is shown in Figure

4.25. The high voltage DC power supply and bench power supplies are labelled and

highlighted in green. The high voltage DC power supply supplies 270Vdc to the inverter

(highlighted in purple). The bench power supplies supply 28V to the DC/DC converters

of the inverter’s microcontroller board and supplies power to the magnetic brake. The

oscilloscope is equipped with differential voltage probes and current probes. A 10m long

cable connects the output of the inverter to the machine (which can not be seen from

this angle, but is visible in Figure 4.26). Basic specifications for the equipment used are

shown in Table 4.16.

The machine loading rig is shown in Figure 4.26. It consists of machine mounted on

a flange, a torque sensor, a gearbox, and magnetic brake. It was built by “SpectraQuest

Inc.” as a drivetrain diagnostics simulator. The torque sensor, though labelled, was not

used. Its torque nominal torque measurement is 100Nm and the torque output of the

machine is 3Nm nominal. This gave a very low signal to noise ratio and thus was not
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Figure 4.25: Test set-up overview

Table 4.16: Measurement equipment and power supply specifications.

Component Name Range Bandwidth/Sampling rate

High voltage DC power supply Electro-Automatik PSI 8720 2U
0 - 720V
0 - 15A

Bench power supply Digimess PM3006-2
0 – 30V
0 – 6A

Impedance analyser N4L PSM1735, Impedance Analysis Interface
10mΩ – 100MΩ
10pF – 1000uF
100nH – 10kH

10uHz - 35MHz

Oscilloscope Lecroy 424 Waverunner
200MHz
2Gs/s

Voltage probes LeCroy high voltage differential probe ADP300 1400Vpk differential voltage 20MHz

Current probes LeCroy current probe CP150 150Arms 10MHz

Power analyser NF4L PPA5500
300mVpk ∼3000Vpk (1000Vrms)
30mApk ∼300Apk(30Arms)

2.2Ms/s

Torque meter Kistler Type 4502A 100Nm rated 100Nm = 5V output

Magnetic brake 2 - 43Nm

Cable M27500-10SD3T23 600Vrms, 10AWG

used in this experiment. The torque from the magnetic brake is controlled directly by a

bench power supply. Loading torque is directly proportional to the supplied current from

the bench power supply to the magnetic brake. A fan is also mounted to aid in cooling.

The machine under test is the dual-lane axially-segmented HEMAS machine as shown

in Figure 4.27. Both lanes are a 12 stator slot, 10 rotor pole design. Each lane has one

set of three-phase windings connected in star. One lane has single layer windings, and

the other has double layer windings. Multiple K-type thermocouples are embedded into

the stator slots amongst the windings (two in the single layer stator and three in the

double layer stator) though their exact placement is unknown. A resolver is used for

rotor position measurement. The machine’s basic specifications are shown in Table 4.17
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Figure 4.26: Mechanical loading rig.

with full specifications shown in Table 4.18.

Figure 4.27: Dual-lane axially-segmented HEMAS machine.

Table 4.17: Dual-lane axially-segmented HEMAS machine specifications.

Parameter Single-layer Double-layer Unit

Stator resistance Rs 0.297 0.412 Ω
Stator inductance Ls 1.416 1.455 mH
Magnetic flux linkage λm 0.0172 0.0198 Wb
Torque constant (kt) 0.129 0.1485 Nm/Apk
Turns per phase 92 112

The prototype inverter electronics and power electronics are shown in Figure 4.28.

This hardware was developed by a previous student, Chintan Patel. Bench power supply

supplies 28Vdc to the DC/DC converters. The output of the converters feeds the micro-

controller and the switching circuit. The high voltage dc power supply supplies 270Vdc

to the dc link located underneath the DC/DC converters. The resolver feed provides

rotor position. There is one set of three-phase outputs. Thus only one of the two sets
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of three-phase windings of the HEMAS machine can be energised at a time with this

inverter. The power module is located on bottom PCB and is thermally bonded onto the

heat sink. The power module is Infineon FS50R12KT4P B11. It has six trench IGBT 4

switches and is rated for VCES = 1200V and IC nom = 50A. It can be seen in the side view

of Figure 4.28 (b). The heat sink is electrically bonded to ground. The microcontroller

utilised is the Infineon TC1797. It is interfaced with the desktop computer via the Hitex

Tantino USB box, allowing for debugging, monitoring, uploading of code, and control.

The control scheme, safety checks, switching scheme, initialisation procedures are written

in C, compiled, and then uploaded. The switching frequency was set at 10kHz.

(a) Top view. (b) Side view.

Figure 4.28: Inverter power electronics [6].

An example of the impedance analyser being used to measure the phase impedance

of a machine is shown in Figure 4.29. The machine in this instance is the SHAO machine

whose specifications can be found in Table 4.18.

Figure 4.29: Impedance analyser to measure SHAO machine.

The machines electrical and thermal models were validated in section 4.6.10. The high-

frequency cable and machine characterisation is outlined in section 6.3 for transmission

line parameter extraction, section 6.5.2 for high-frequency machine model impedance

calculation by FEA, and 6.5 for simulated voltage step response on long cable, and

resultant machine side voltage overshoot.
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4.6.10.2 Utilised existing machines for validation

Three different existing machines were utilised for validation, named HEMAS-SL, HEMAS-

DL, and SHAO. HEMAS-SL and HEMAS-DL have the same stator and rotor but different

winding schemes where SL stands for single layer and DL stands for double layer. SHAO

is a fault tolerant machine with two sets of three-phase windings in the same stator. The

specifications of the machines is shown in Table 4.18. Their winding schemes is shown in

Figure 4.30-4.32. HEMAS-SL and SHAO both have concentrated single layer windings.

HEMAS-DL has double layer windings. The machines’ FEMM determined flux density

plots are shown in Figure 4.30-4.32. For the SHAO machine, one of the two three-phase

windings is considered when calculating for stator inductance and magnetic flux linkage.

Table 4.18: Specifications of surface mounted permanent magnet synchronous machine utilised
in experimental validation.

Parameter Units HEMAS-SL HEMAS-DL SHAO

Slots 12 12 24
Poles 10 10 22
Winding scheme Single layer Double layer 2× single layer
Stator diameter mm 58 58 140
Stator bore mm 26.7 26.7 84.4
Tooth width mm 4 4 5.4
Slot depth mm 13.15 13.15 21
Tooth tip depth mm 0.85 0.85 1
Slot opening mm 2.55 2.55 1.5
Stack length mm 49.8 49.8 22
Magnet thickness mm 3 3 5.3
Magnet arc ◦E 110 110 165
Air gap mm 1.2 1.2 0.8
Shaft diameter mm 18.3 18.3 45
Turns per phase 92 112 108
Stator core material Vacoflux-50 Vacoflux-50 Vacoflux-50
Rotor core material DW270-35
Magnet material Recoma 32 Recoma 32 N45SH

4.6.10.3 Air gap, tooth tip, and magnet sizing

The analytical procedure to determine stator inductance Ls and magnetic flux linkage λm

for a given machine of known geometry and composition is validated using the aforemen-

tioned three machines. The stator inductance is measured using an impedance analyser.

Each machine’s differential mode impedance characteristic was measured and are plotted

in Figure 4.33. The stator inductance is determined as follows,

Ls =
2

3

Aimp sin(∠imp)

2πf
, (4.177)

where Aimp and ∠imp are the measured differential impedance amplitude and phase angle

respectively at a frequency f . The stator inductance was calculated at a frequency f of
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(a) Winding scheme. (b) FEMM determined flux density.

Figure 4.30: Electrical machine cross section - HEMAS single layer design.
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Figure 4.31: Electrical machine cross section - HEMAS double layer design.
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Figure 4.32: Electrical machine cross section - SHAO design.
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Figure 4.33: Measured differential mode impedance plots for HEMAS-SL, HEMAS-DL, and
SHAO machines.

The magnetic flux linkage is determined from an open-circuit back-emf test. The

line-to-line back emf profiles are shown in Figure 4.34. The magnetic flux linkage term

is determined as follows,

λm =
Vll,1

2
√

3πf1

, (4.178)

where Vll,1 is the fundamental harmonic component of the measured line-to-line voltage

at a frequency of f1. The fundamental Vll,1 is determined from the measured line-to-line

back-emf voltage using Fourier analysis.

The measured, FEA, and analytically determined values are shown in Table 4.19.

The error percentages are with respect to measured values. Results show a good match

of calculated stator inductance values compared to measured for machines with single-

layer windings, ranging from -3.8% for HEMAS-SL and 8.4% for SHAO. A larger stator

inductance percentage error of 25.6% is observed for HEMAS-DL’s results. The larger

discrepancy in the HEMAS-DL result is because the inductance calculation method pre-

sented did not consider the flux interaction of different windings in the same slot. The

inductance calculation method provided provides more accurate results for concentrated

windings. Analytically determined magnetic flux linkage values are underestimated. The

magnet flux linkage percentage errors are -21.5%, -13.7%, and -4.9% for HEMAS-SL,

HEMAS-DL, and SHAO respectively.

4.6.10.4 Thermal model

The lumped parameter thermal network model of section 4.6.9 is validated using the

HEMAS. HEMAS consists of two axially segmented stators, HEMAS-DL and HEMAS-
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Figure 4.34: Measured back-EMF plots for HEMAS-SL, HEMAS-DL, and SHAO machines.

Table 4.19: Measured, FEA, and analytical determined stator inductance and magnetic flux
linkage comparison.

Parameter Method HEMAS-SL HEMAS-DL SHAO

Ls (mH) Measured 1.416 [0.0%] 1.504 [0.0%] 0.988 [0.0%]
FEMM 1.168 [-21.2%] 1.459 [-3.1%] 1.143 [13.6%]
MotorCAD 1.200 [-18.0%] 1.482 [-1.5%] n/a
Analytical 1.364 [-3.8%] 2.022 [25.6%] 1.078 [8.4%]

λm (Wb) Measured 0.0172 [0.0%] 0.0196 [0.0%] 0.0198 [0.0%]
FEMM 0.0180 [4.7%] 0.0211 [7.2%] 0.0197 [-0.3%]
MotorCAD 0.0179 [4.2%] 0.0211 [7.1%] n/a
Analytical 0.0142 [-21.5%] 0.0172 [-13.7%] 0.0189 [-4.9%]

SL as shown in Figure 4.35 (a). Their respective rotors are mechanically coupled onto

the same shaft. HEMAS-DL is on the flange-side and HEMAS-SL is on the non-flange

side. The stators’ and rotors’ stack lengths are all Lstk. For equal losses in both stators

and rotors, the thermal characteristics of this dual stator, dual rotor machine is modelled

simply as single stator, single rotor machine of stack length 2Lstk with the same cross

sectional geometry as shown in Figure 4.35 (b). Two type-K thermocouples are located in

HEMAS-SL’s stator slots, labelled “CH1” and “CH2”. Three type-K thermocouples are

located in HEMAS-DL’s stator slots, labelled “CH3”, “CH4”, and “CH5”. The phases

of HEMAS-DL and HEMAS-SL were connected to two seperate DC power supplies.

Two out of the three machine phases are connected to the DC power supply’s positive
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(b) Equivalent single stator/rotor machine.

Figure 4.35: Lumped parameter thermal model validation using HEMAS dual stator/rotor
machine.

Table 4.20: HEMAS steady state temperature with 41W of copper loss per stator at ambient
temperature at 18◦C.

Channel CH1 CH2 CH3 CH4 CH5 Mean CHeq

Absolute temperature (◦C) 76.92 75.35 70.12 68.01 65.43 71.16 64.21 [-9.8%]
Temperature w.r.t. ambient (◦C) 58.92 57.35 52.12 50.01 47.43 53.16 46.21 [-13.1%]

terminal, and the remaining phase is connected to the negative terminal. The power

supplies voltage was adjusted to ensure equal ohmic losses is experienced in both stators’

windings.

The measured thermal profiles for each thermocouple is shown in Figure 4.36. 41

watts in the form of copper losses are applied to each stator. Ambient temperature was

18◦C. The measured steady state temperature of each thermocouple are shown in Table

4.20. Temperatures measured for HEMAS-DL are lower than that of the HEMAS-SL.

This is because HEMAS-DL is closer to the flange which acts as a heat sink for conduc-

tive heat transfer through the machine’s casing. The dimensions, heat loss, and ambient

conditions of the equivalent machine in Figure 4.35 (b) were input into the lumped pa-

rameter thermal network model, from which the steady state stator winding temperature

is determined. The calculated absolute steady state stator winding temperature of the

equivalent model is 64.21◦C, which is -9.8% that of the absolute mean measured stator

winding temperature.

4.7 Cable sizing - static band

Cables are used to transmit electrical power from the aircraft dc power source to the

inverter or from the inverter to the cable. A single core cable consists of a stranded
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Figure 4.36: Measured thermal profiles for HEMAS machine, 41W copper losses for each
stator.

copper conductor and two layers of insulation. Single-core cables are combined to make

multi-phase cable bundle. The multi-phase cable bundle is shielded with a stranded

aluminium shield. An outer jacket encases the entire cable structure and hold everything

in place and to provide environmental protection.

[16] determined the current rating for standard wire gauge sizes and applied bun-

dle derating factors for three-wire ac cable and four-wire dc cable bundles and altitude

correction factor for operation at 40000ft as found in [99]. For the ac case, the derating

factor for a three-wire bundle is 0.7375 and altitude correction factor at 40000ft is 0.7917.

For the dc case, the four-wire bundle derating factor is 0.67 while the altitude corrector

remains the same. The calculation results using this technique is shown in Table 4.21.

Table 4.21: Wire gauge sizes and corresponding current rating [16].

Wire gauge
(AWG)

Conductor
diameter (mm)

AC system
current rating (A)

DC system
current rating (A)

22 0.64 7.42 6.7
20 0.81 9.81 8.87
18 1.02 12.85 11.61
16 1.29 15.18 13.72
14 1.63 20.44 18.47
12 2.05 27.44 24.81
10 2.59 36.2 32.72
8 3.26 53.72 48.56
6 4.11 72.98 65.98
4 5.19 99.26 89.73
2 6.54 137.21 124.03
1 7.35 160.57 145.15
1/0 8.25 182.17 164.67
2/0 9.26 214.28 193.7



4.8. LC OUTPUT FILTER 115

Once the conductor size has been selected for a given current rating, the appropriate

cable is selected from a look-up table. Both Airbus ABS 1356 standard cables and M27500

standard cables are rated at 600Vrms or 1000Vpk. Their specifications are shown in Table

4.22 and are utilised for system level sizing. Determination of frequency-dependent cable

parameters for high-frequency cable modelling is outlined in section 6.3.

Table 4.22: Aircraft cable specifications [30].

Part number AWG Cores
DC resistance
(Ohms/km)

Diameter
(mm)

Weight
(g/m)

ABS1356VNC 24 3 149.4 2.45 11.14
22 3 92.9 2.73 13.96
20 3 51.1 3.35 20.34
18 3 34.2 3.89 26.89
16 3 23.7 4.62 38.23
14 3 16 5.26 48.38
12 3 11.2 6.25 70.04
10 3 6 7.56 100.81

ABS1356VND 24 4 149.4 2.68 13.74
22 4 92.9 2.99 17.37
20 4 51.1 3.68 25.38
18 4 34.2 4.29 33.83
16 4 23.7 5.1 48.14
14 4 16 5.92 66.67

M27500A 22 3 79.4 3.78 29.36
20 3 51.1 4.73 42.83
18 3 28.6 5.25 55.74
16 3 22.3 5.65 66.72
14 3 14.4 6.58 94.39
12 3 9.3 7.53 131.47

4.8 LC Output filter

Consider the centralised topology where the inverter is located internally and a long

cable connects the inverter to the machine.As discussed in a section 2.7, an LC filter is

required to mitigate against transmission line effects associated with the long cable in a

centralised system. Thus, the LC output filter is shown in Figure 4.37. The LC output

filter is required to:

� Condition the inverter’s output voltage such that transmission line effects are re-

duced by reducing its effective dv/dt,

� Attenuate the output phases’ voltage harmonics so they do not exceed MIL-STD-

704F distortion spectrums,

� Limit the output phase current ripple to ensure current control stability.

The LC output filter consists of three inductors, of series resistance Rfil and series
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inductance Lfil, and three capacitors of capacitance Cfil connected in star. The star-

arranged capacitors’ neutral point is connected to the dc-link mid-point. This mid-point

voltage is created by splitting the dc-link voltage in half with two capacitors Cdc,cm and

two damping balancing resistors Rd. At steady state, the mid point voltage is exactly

half of the dc link voltage. Rd is appropriately selected to dampen the common mode

voltage during switching as will be explained in 4.8.1.
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Figure 4.37: LC output filter with dc-link mid-point balancing capacitors and resistors.

A common mode current path exists starting from the output of the inverter, through

the LC output filter’s inductors and capacitors and back towards the dc-link midpoint.

The simplified common mode equivalent circuit for this path is shown in Figure 4.38. The

common mode inverter output voltage vcm and common mode current in are as follows,

vcm =
vinva + vinvb + vinvc

3
, (4.179)

in = iinva + iinvb + iinvc. (4.180)

The capacitor current flowing through capacitors Cfil is,

iC,fil =
in
3
, (4.181)

iC,dc,cm =
vcm2

s2Cdc,cm
. (4.182)

The voltage difference vcm2 between the dc-link mid-point capacitors is as follows,

vcm2 =
vC,dc,b − vC,dc,t

2
. (4.183)

When vcm2 is zero, the voltages of the top and bottom capacitors are the same and the

mid-point voltage is exactly half that of the dc-link voltage, assuming balanced upper

and lower bus capacitors. However, due to switching, this mid-point voltage will oscillate.

An appropriate value of Cdc,cm needs to be selected for given Lfil and Cfil to mitigate

this voltage oscillation.
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Figure 4.38: Simplified common mode equivalent circuit of LC output filter and dc-link mid-
point.

4.8.1 Parameter selection

The output phase voltages’ fundamental switching harmonic amplitude A10 at carrier

frequency fc is as follows,

A10 =
2Vdc
π

. (4.184)

The required attenuation Att is determined by comparing this harmonic with the MIL-

STD-704F distortion spectrum limit for variable frequency ac systems as shown in Figure

4.39. A margin of 6dB below the distortion spectrum limit is considered. The red-dots

mark the harmonics that exceed the MIL-STD-704F limit. The output phase voltage

spectrums were determined from the double Fourier-series solution of (4.232-4.237) for

Vdc = 270V, fc = 15kHz, and sinusoidal PWM.

The LC filter’s cut-off frequency ffil is determined as follows given the intrinsic at-

tenuation of a second-order filter is -40dB/decade,

ffil =
fc

10( Att−40)
. (4.185)

The inductor’s inductance Lfil is determined for desired output phase current ripple

∆I,

Lfil =
Vdc

π2fc∆I
. (4.186)

The capacitor’s capacitance Cfil is determined from Lfil and ffil,

Cfil =
1

(2πffil)2Lfil
. (4.187)

The voltage spectrum of vcm is determined from the double Fourier-series solutions

of (4.232-4.237). The resultant spectrum of common mode current in, and dc-link mid-

point imbalance voltage vcm2 is determined using the simplified common mode equivalent

circuit shown in Figure 4.38. The rms values of the common mode current and dc-link

mid-point imbalance voltage is calculated from their respective spectrums. A function
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Figure 4.39: Inverter output phase voltage spectrum and MIL-STD-704F distortion spectrum
limit.

fC,dc,cm is created from the aforementioned steps which determines the rms values of vcm2

and in from given inputs {vcm, Lfil, Cfil, Cdc,cm, Rd, Rfil}. DC-link balancing capacitance

Cdc,cm is adjusted until the vcm2 is at or below a desired threshold voltage.

The MIL-STD-704F limit is used to determine the threshold rms value of vcm2. The

rms value of vcm2 can be determined from its voltage spectrum. The main contributor

from vcm2’s spectrum to its rms value is the fundamental switching harmonic. The desired

vcm2 rms value is set equal to half of the interpolated rms voltage of the MIL-STD-704F

limit at the switching harmonic frequency (consider 4.183). This is shown for a switching

frequency of 15kHz in Figure 4.40. A 6dB margin below the limit is marked by the

dashed red line. Its amplitude value at 15kHz is -4.864dBVrms or 0.5712Vrms. Halving

this value gives a desired value for vcm2 equal to 0.2856Vrms.

Frequency: 15kHz
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Figure 4.40: MIL-STD-704F variable frequency power system distortion spectrum limit.

The effectiveness of the designed LC filter at mitigating the switching harmonics

and its side-bands is shown in the filter’s output voltage spectrums from simulation in
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Figure 4.41. The fundamental switching harmonic is attenuated to the margin. All other

switching harmonics and their side bands are below the margin.
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Figure 4.41: Simulated filter output phase voltage spectrum and MIL-STD-704F distortion
spectrum limit.

The simulated inverter output current is shown in Figure 4.42. The desired peak to

peak ripple ∆I = 0.2Io is achieved. The simulated phase a filter output voltage vfa and

machine side voltage vma are plotted in Figure 4.43. Both are close to identical due to

low voltage drop along the feeder cable. No transmission line effects occur due to low

dv/dt of the source side applied voltage.
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Figure 4.42: Simulated inverter output phase current.
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Figure 4.43: Simulated LC filter’s output phase voltage and machine side terminal voltage.

4.8.2 LC output filter failure rate vs. mass

The inductor and capacitor failure rates are determined according to section 4.3.3 for

given internal lifetime profile, inductor temperature rise Tr and voltage capacitor rating

Vc,rated. The inductors’ mass and volume are determined from its inductance, current

rating, and operating environment according to the section 4.4.1.7. The capacitor’s mass

and volume are determined according to section 4.4.2 for capacitor voltage rating Vc,rated

and capacitance Cfil. The case mass is determined according to section 4.5 to enclose all

LC output filter components.

The calculated inductances Lfil and capacitances Cfil vs. desired inverter line output

current ripple ∆I for fc = 15kHz, Vdc = 270V is shown in Figure 4.44. Here, the per unit

value for current is set with respect to I0 = 5.15A. As current ripple increases, inductance

decreases and capacitance increases.
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Figure 4.44: Output LC filter inductance and capacitance for desired inverter line output
current ripple.

The output filters failure rate vs mass is plotted in 4.45. The mass includes the

three inductors, the three capacitors, and the case enclosure. The dark-brown to light-

brown lines indicate a designs’ capacitor voltage rating where darker lines represents
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lower voltage ratings and lighter lines represent higher voltage ratings. The blue to green

coloured lines indicate a designs’ allowable current ripple ∆I where blue represents lower

current ripple and green represents higher current ripple. The intersection between the

capacitor voltage rating lines and the inductor current ripple lines are discrete designs

with its own corresponding mass and failure rate. As ∆I increases for a fixed capacitor

voltage rating, mass decreases. As Vc,rated increases for a fixed current ripple, failure rate

reduces and mass increases. This effect is more pronounced at higher allowable current

ripple. The maximum allowable current ripple is set to 0.2 p.u.. The pareto-frontier of

these designs is determined and coincides with the designs of ∆I = 0.2 p.u..

Figure 4.45: LC output filter failure rate vs. mass for capacitor voltage rating and current
ripple.

The LC output filter’s mass breakdown with respect to inverter output current ripple

and capacitor voltage rating is shown in Figure 4.46. The total mass proportion due to the

inductor decreases as inverter output current ripple increases. The total mass proportion

due to the capacitor increases as output current ripple decreases and capacitor voltage

rating increases.

4.9 Inverter sizing - static and low band

The components considered in the inverter sizing are its power module, heat sink, and

input filter. The prerequisites for inverter sizing are that the downstream electric drive

components (the machine, cable, and inverter output filter) have been sized. From that,
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Figure 4.46: LC output filter’s mass breakdown with respect to current ripple and capacitor
voltage rating

the voltage and current demand are determined. The duty cycle has been defined from

the application specification. The power module is selected empirically from a data base

for the given voltage and current demand. The switching and conduction losses are

determined from the data sheet information. The heat sink is sized based on a lumped

parameter thermal network and operating environment. Finally, the inverter input filter

is sized to ensure dc-link capacitance ripple voltage limits, and source side current peak

to peak ripple, THD, and distortion limits are not exceeded.

4.9.1 Power electronics losses

The conduction and switching losses of the PWM voltage inverter are calculated according

to [100]. The equations and explanation refer to IGBT modules but can also be applied to

MOSFET modules by replacement of subscript “ce” (collector-emitter) with “ds” (drain-

source). MOSFET do not have an on-state voltage, such that VDS0 = 0.

The following assumptions and simplifications are made,

� Sinusoidal pulse width modulation,

� Negligible switching times for transistors and diodes,

� Modulation is linear (m ≤ 1),

� Sinusoidal current with negligible switching frequency ripple,

� Switching frequency fc is much higher than that of fundamental fo.

The modulation m is determined as follows for the peak fundamental output voltage

V̂o(1), and dc link voltage Vdc,

m =
V̂o(1)

Vdc
2

. (4.188)
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The on-state voltage/current characteristics is linearised as follows,

VCEsat(t) = VCE0 + rCEic(t) = VCE0 + rCE Î1 sinωot (4.189)

where Î1 is the fundamental current amplitude, with frequency of ωo, VCE0 is the threshold

votlage of the on-state characteristic, rCE is the bulk resistance of the on-state charac-

teristic. The transistor’s on-state conduction losses Pcond(T ) is determined as follows for

junction temperature Tj and current phase φ,

Pcond(T ) =

(
1

2π
+
m cos(φ)

8

)
Vce0(Tj)Î1 +

(
1

8
+
m cos(φ)

3π

)
rce(Tj)Î

2
1 . (4.190)

The transistor’s switching losses is as follows where Eon+off is the combined per switching

instance turn on and turn off losses,

Psw(T ) = fcEon+off

√
2

π
. (4.191)

The on-state voltage/current characteristic of the diode is linearised as follows where VF0

is the diode’s threshold on-state characteristic, rF is the bulk resistance of the on-state

characteristic, Î1 is the fundamental current amplitude, with frequency of ωo,

vF (t) = VF0 + rF iF (t) = VF0 + rF î1 sin(ωot) (4.192)

The on-state diode conduction losses is determined,

Pcond(D) =

(
1

2π
− m cos(φ)

8

)
Vf0(Tj)Î1 +

(
1

8
− m cos(φ)

3π

)
rf (Tj)Î

2
1 (4.193)

The diode switching losses are determined as,

Psw(D) = fcErr

√
2

π
(4.194)

The transistors’ and diodes’ on-state voltage/current characteristics as a function of

temperature, and switching losses as a function of voltage, current, and temperature are

typically provided by the semiconductor component’s manufacturers. These values have

been provided for Microsemi’s silicon carbide (SiC) power MOSFET MSC080SMA120S

in Figures 4.47 and Figure 4.48.

The total transistor losses Ptot(T ) and total diode losses Ptot(D) are as follows,

Ptot(T ) = nT (Pcond(T ) + Psw(T )), (4.195)

Ptot(D) = nD(Pcond(D) + Psw(D)). (4.196)
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Figure 4.47: On-state voltage/current characteristics with respect to temperature for Mi-
crosemi’s silicon carbide power MOSFET MSC080SMA120S.
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Figure 4.48: Turn on and turn off losses for Microsemi’s silicon carbide power MOSFET
MSC080SMA120S.

where nT and nD are the number of transistors and diodes. For a three-phase two-level

inverter, nT = nD = 6.

The inverter’s equivalent thermal network is shown in Figure 4.49 where one heat
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Figure 4.49: Equivalent inverter thermal network.

sink of thermal resistance Rhs is used to dissipate all of the heat from n devices. The

considered package is a D3Pak where the transistor and diode are in the same package.

The variable Rjs is the junction to case surface thermal resistances. Using this thermal

network, the required heat sink thermal resistance is determined for a desired junction

temperature Tj, total transistor loss Ptot(T ), and diode loss Ptot(D).

Rhs =
Tj − Ta

Ptot(T ) + Ptot(D)

−
(
n

Rjs

)−1

(4.197)

The heat sink’s base temperature Tb can be calculated as follows,

Tb = (Ptot(T ) + Ptot(D))Rhs + Ta. (4.198)

4.9.2 Heat sink sizing

Parallel plate natural convection heat sink is considered for power electronics cooling.

The utilised heat sink sizing technique and governing heat transfer equations are found

in [101], [102].

The relationship between equivalent base to ambient thermal resistance Rhs, base

temperature Tb, ambient temperature Ta, and total heat flow rate from heat sink to

ambient q is as follows,

Rhs =
Tb − Ta

q
(4.199)

The total heat transfer rate q from heat sink to ambient is the sum of heat transfer

by natural convection qc and by radiation qr,

q = qc + qr. (4.200)

Natural convection heat transfer rate qc is a function of ambient air conditions. Radiation

heat transfer of an object is dependent on its surface temperature. The goal is determine
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the relationship between heat sink mass and equivalent base to ambient thermal resistance

as a function of base temperature, ambient air temperature and pressure. Knowing

this relationship allows the creation of a heat sink look-up table to be utilised in power

electronics losses thermal management.

4.9.2.1 Geometry

Consider parallel plate natural convection heat sink with the following dimensions and

geometry as shown in Figure 4.50, where H, W , d, L, t, and s are the fin height, heat

sink width, base thickness, heat sink length, fin thickness, and spacing respectively.

Figure 4.50: Parallel plate natural convection heat sink geometry.

4.9.2.2 Convection

The total convection heat transfer is expressed as a function of total heat transfer from

the fins, and heat transfer from the base plate,

qc = nfinqfin + (nfin − 1)hbasesL∆T, (4.201)

where nfin is the total number of fins, qfin is the heat flow from each fin, hbase is the heat

transfer coefficient of the base, Ab is the base area, and ∆T is the temperature difference

between base Tb and ambient Ta.

∆T = Tb − Ta (4.202)

The heat dissipation of a fin qfin, assuming insulated tip is as follows [103],

qfin = Lkfint∆Tm tanh(mH), (4.203)

where m is the fin parameter for fin heat transfer coefficient hfin, fin material thermal
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conductivity ks, and fin thickness t,

m =

√
2hfin
kst

. (4.204)

The geometric ratio for parallel plate fin heat sink of minimum material is,

t =
0.993hfinH

2

ks
(4.205)

Equation (4.205) is solved for hfin and then substituted into (4.204) to get,

m =

√
2

0.993H2
, (4.206)

The fin efficiency ηfin is as follows for fin height H,

ηfin =
tanh(mH)

mH
. (4.207)

Ambient air properties must be calculated with respect to temperature and pressure.

The optimum fin spacing s is as follows [104],

s = 2.66

(
Lv2

a

gβaηfin∆TPr,a

) 1
4

(4.208)

where va, βa, and Pr,a are the viscosity, expansion coefficient, and Prandtl number of air

respectively. The heat sinks width W is calculated as,

W = (nfin − 1)

(
nfint

nfin − 1
+ s

)
(4.209)

The Elenbaas number El is given by,

El =
ρ2
aβagcp,a
µakaL

s4∆T, (4.210)

where ρa, g, cp,a µa, ka, are the air density, acceleration due to gravity, air’s specific heat

capacity, air’s dynamic viscosity, and air’s thermal conductivity respectively.

The fin’s convective heat transfer coefficient hfin is as follows [105],

hfin =
ka
s

(
576

E2
l

+
2.873√
El

)−0.5

(4.211)
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The expression for fin’s heat transfer rate qfin is as follows,

qfin =
√

2hfinkstL∆T tanh

(√
2hfin
kst

H

)
(4.212)

The base heat transfer coefficient hbase is as follows,

hbase =
Cka
L

R1/4
a (4.213)

where C = 0.59 is an empirical constant, and Ra is the Rayleigh number,

Ra =
ρ2
aβagL

3∆Tcp,a
µaka

. (4.214)

Thus (4.201) can be solved for qc after determining qfin and hbase.

4.9.2.3 Radiation

The expression for radiation heat transfer of a parallel plate heat sink considering channel

view are as follows [106],

qr = (nfin − 1)qr,ch + (nfint(L+ 2H) + 2HL+ d(LW )) εsσ(T 4
b − T 4

a ). (4.215)

where the first group of terms are the sum of all channel radiation heat transfer qr,ch and

the second group of terms are the radiation heat transfer of the remaining surfaces.

The channel view factor Fs is as follows,

Fs = 1− 2H ′
√

1 + L′ − 1

2H ′L′ +
√

1 + L′2 − 1
(4.216)

for normalised height H ′ = H/s and length L′ = L/s.

The expression for per channel radiation qr,ch for an isothermal heat sink is as follows,

qr,ch =
σ(s+ 2H)L(T 4

b − T 4
a )

1−εs
εs

+ 1
Fs

. (4.217)

Temperature variation of fins need to be taken into consideration. An equivalent heat

transfer coefficient of radiation hr is defined as,

hr =
qr

Ahs(Tb − Ta)
, (4.218)

where Ahs is the total surface area of the heat sink,

Ahs = (nfin − 1)sL+ nfin(t(L+ 2H) + 2HL) + d(W + L) (4.219)
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Thus, the total radiation heat transfer is as follows,

qr,ch = ηhsAhshr(Tb − Ta) (4.220)

where ηhs is the heat sink efficiency, Af is the fin area,

ηhs = 1− nfinAf
Ahs

(1− ηf ), (4.221)

Af = 2(L+ t)H + Lt, (4.222)

ηf =

tanh

(
(H + t/2)

√
2hr(L+t)
ksLt

)
(H + t/2)

√
2hr(L+t)
ksLt

. (4.223)

4.9.2.4 Equivalent thermal resistance

The base’s equivalent conductive thermal resistance is as follows, assuming isothermal

conditions,

Rb =
d

LWks
(4.224)

The total equivalent thermal resistance of the heat sink Rhs with respect base and

ambient temperature Tb and Ta are as follows,

Rhs =
∆T

qc + qr
+Rb. (4.225)

4.9.2.5 Mass and volume

The mass and “box” volume of the heat sink, Mhs and Vhs, are as follows,

Mhs = ρs(nfinHtL+ dLW ), (4.226)

Vhs = LW (d+H), (4.227)

where ρs is the density of the heat sink material. Here, the material is assumed to be

aluminium.

4.9.2.6 Heat sink look-up table generation

The procedure for determining a parallel plate natural convection heat sinks’ equivalent

base to ambient thermal resistance Rhs as a function of ambient air temperature Ta,

ambient air pressure Pa, base temperature Tb, fin height H, heat sink length L, number

of fins nfin, and base thickness d has been presented in sections 4.9.2.2 to 4.9.2.4. As

a by-product of this procedure, the geometric dimensions fin thickness t, fin spacing s,
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and heat sink width W are determined from which the heat sinks’ mass and volume are

calculated by (4.226) and (4.227) in Section 4.9.2.5. This procedure is compiled into a

script function fhs that returns both Rhs and Mhs,

(Rhs,Mhs) = fhs(H,L, nfin, d, Ta, Pa, Tb). (4.228)

For fixed Ta, Pa, Tb, and d, the inputs H, L, nfin of function fhs are iterated for

which corresponding outputs Rhs and Mhs are determined. The relationship between the

resultant designs’ respective mass and thermal resistance is illustrated in Figure 4.51. As

heat sink mass increases, equivalent thermal resistance reduces. The Pareto frontier of

heat sink designs is determined. Thus, it has been shown for fixed Ta, Pa, Tb, and d, a

set of Pareto efficient heat sink designs is generated.
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Figure 4.51: Equivalent thermal resistance vs. heat sink mass for ambient temperature 70◦C,
equivalent pressure at an altitude of 20,000ft, base temperature 120◦C, base thickness = 5mm.

Assuming d is fixed, the values Ta, Pa, and Tb are iterated for which corresponding

sets of Pareto efficient heat sink designs are generated. This is done to create a look-up

table function fLUT,hs that provides the Rhs and Mhs relationship of Pareto efficient heat

sinks for given inputs Ta, Pa, and Tb.

Rhs(Mhs) = fLUT,hs(Ta, Pa, Tb) (4.229)

4.9.3 Inverter failure rate vs. heat sink mass

In this section, the relationship between inverter failure rate and heat sink mass is shown.

The results in the presented graphs refer to a case study of the following specifications

in Table 4.23.

1. λ vs. Tj - In section 4.3.4, the power electronics’s lifetime profile is defined from

which the discrete semiconductor failure rate λ with respect to junction temperature

Tj is determined for a semiconductor component as seen in Figure 4.52. Two
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Table 4.23: Case study for inverter failure rate vs. heat sink mass.

Parameter Value

Internal lifetime profile Table 4.1
External lifetime profile Table 4.2
Discrete semiconductor Microsemi SiC MSC080SMA120S
DC voltage 270V
Modulation index 1
Power factor 0.9866
Output current 5.0Apk
Fundamental frequency 400Hz
Switching frequency 15kHz

different lifetime profiles were considered, “internal” referring to that of the avionics

bay of a civil medium haul aircraft in Table 4.1, and “external” referring to in the

wing, at the point of actuation environment in Table 4.2. The lifetime profile also

defines the ambient temperature Ta and ambient pressure Pa which are relevant to

inverter thermal management calculations.

For the same discrete semiconductor junction temperature, the predicted failure rate

for the external lifetime profile is higher than that of the internal. Externally located

discrete semiconductor junction temperatures would need to operate at≈25◦C lower

than that of internally located components to achieve the same predicted failure

rate.
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Figure 4.52: Inverter failure rate vs. junction temperature.

2. Rhs vs. Tj - In section 4.9.1, the required heat sink thermal resistance Rhs and

resultant heat sink base temperature Tb is determined as a function of junction and

ambient temperatures Tj and Ta, total transistor and diode power losses Ptot(T ) and

Ptot(D). This relationship is illustrated in 4.53.

The required heat sink thermal resistance is lower for the external case than that

of the internal case. This is due to the higher ambient temperature for the exter-

nal design case (Ta = 70◦C) compared to the internal case (Ta = 40◦C). Higher
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ambient temperature results in a smaller relative temperature differential between

semiconductor junction and ambient. Thus, a lower thermal resistance is required

to dissipate the same amount of heat.
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Figure 4.53: Heat sink thermal resistance vs. junction temperature.

3. Rhs vs. Mhs - In section 4.9.2, a look-up table of heat sink designs has been created

that gives the relationship between heat sink equivalent thermal resistance Rhs and

heat sink mass Mhs of Pareto-efficient heat sinks for given inputs Ta, Pa, and Tb.

This relationship has been shown in Figure 4.54.

A heavier heat sink with a lower thermal resistance is required for the same junction

temperature in the external case compared to that of the internal case. For the same

mass, heat sinks of the external case have higher thermal resistance than that of

the internal case. This is due to higher ambient temperature and lower ambient

pressure at higher equivalent altitudes in the external case, than that of the internal

case.
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Figure 4.54: Corresponding heat sink thermal resistance vs. mass.

4. λ vs. Mhs - Knowing the relationships λ vs. Tj, Rhs vs. Tj, and Rhs vs. Mhs,

the relationship between inverter failure rate and heat sink mass λ vs. Mhs can be
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determined for each of the design cases and is plotted in Figure 4.55.

For the same predicted failure rate, the heat sink mass of the internal case is lower

than that of the external case. The internal design cases range from (0.0077kg,

3586FIT) at a junction temperature of 150◦C to (0.022kg, 3586FIT) at 80◦C. The

external design cases range from (0.0174kg, 12440FIT) at junction temperature of

150◦C to (0.301kg, 413.2FIT) at 80◦C. For the same failure rate, a heavier heat sink

is required for the external case compared to that of the internal case.
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Figure 4.55: Inverter failure rate in time vs. heat sink mass.

4.10 Input EMI filter design

A multi-stage LC inverter input EMI filter is considered. First, the EMI design require-

ments are outlined. The proposed EMI filter topology is presented. The mixed-mode,

DM and CM equivalent circuits are shown. Finally, the parameter selection procedure

steps are outlined. The inverter input filter are designed for the following considerations:

� To minimise EMI filter’s mass or volume.

� Ensure MIL-STD-461F’s CE101 and CE102 conducted emissions limits are adhered

to.

4.10.1 Conducted Emissions Requirements - MIL-STD-461F

MIL-STD-461’s CE101 and CE102 limits [107] define the power leads conducted emissions

requirements for subsystems and equipment used in/with ships, ground devices, and

aircraft as shown in Figure 4.56. The conducted emissions are measured using a MIL-

STD-461 specific line impedance stabilisation network (LISN) as shown in Figure 4.57.

The LISN is connected between the power source via the “IN” port and the EUT via

the “OUT” port for each power lead. The reference port “REF” is connected to ground.
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The voltage is measured at the “MEAS” port with 50Ω impedance termination and

its spectrum is plotted and compared with the appropriate emissions requirements. The

LISN is connected to the equipment under test (EUT) as shown in Figure 4.58 to measure

u+ and u− for the outgoing and return lead.
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Figure 4.56: MIL-STD-461 CE101 and CE102 conducted emissions, power leads, limits for
aircraft applications at different operating voltages (AD or DC).

Figure 4.57: MIL-STD-461 Line impedance stabilisation network (LISN).

4.10.2 Multi-stage LC inverter topology

The proposed multi-stage LC EMI filter topology is shown in Figure 4.59. The EMI filter

is placed between the source via a linear impedance stabilisation network (LISN) and

the inverter’s dc-link. The EMI filter consists of n LC branch stages sized for the DM

attenuation requirement [108]. The DM voltage udm is calculated as,

udm =
u+ − u−

2
. (4.230)

The EMI filter’s simplified DM equivalent circuit is shown in Figure 4.60 where idc

is the inverter current demand and udm is the equivalent DM measured voltage. In-

verter current idc harmonics is analytically determined for a given phase current, inverter
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Figure 4.58: Line impedance stabilisation network (LISN) connection to power source and
equipment under test (EUT).
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Figure 4.59: Proposed multi-stage LC EMI filter consisting of n differential mode (DM) stages.

switching scheme and frequency, modulation index, and dc-link voltage as discussed in

section 4.10.3. Knowing the inverter current harmonics of idc, the DM measured voltage

udm harmonics is solved using the equivalent circuit and plotted against the MIL-STD-

461F limits in Figure 4.56 to check the effectiveness of the DM attenuation. The current

harmonics of idc are determined in section 4.10.3.

4.10.3 Determination of common mode voltage and dc-link cur-

rent harmonics

Consider a two-level dc to ac inverter as shown in Figure 4.61. Pulse width modulated

switched voltages of amplitude equal to that of the dc-link’s voltage Vdc are applied to

the output voltages va, vb, and vc at a given switching carrier frequency fc, modulation

index M , and baseband frequency ωo. The relationship between modulation index M

and the desired first harmonic baseband v̂a1 for a given dc-link Vdc is,
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Figure 4.60: Multi-stage LC EMI filter, differential mode (DM) equivalent circuit.

Figure 4.61: Two-level inverter diagram.

M =
v̂a1

Vdc/2
. (4.231)

Holmes and Lipo in [109] have derived a double Fourier-series solution for the switched

output voltage waveform’s harmonic spectrum. Its general form f(t) consists of a dc

component, harmonics of the baseband fundamental frequency ωo, carrier frequency ωc

and carrier side bands, as shown below,

f(t) =
A00

2
+
∞∑
n=1

[A0n cos(nωot) +B0n sin(nωot)]

+
∞∑
m=1

∞∑
n=−∞

[Amn cos(mωct+ nωot) +Bmn sin(mωct+ nωot)],

(4.232)

where m and n are the carrier and baseband index variables respectively.
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The double Fourier integral defined spectral coefficients Amn and Bmn for different

switching schemes are provided in [109].

The harmonic solution for symmetrical regular sampled modulation is expressed as

[109, p. 137],

van(t) =
Vdc
2

+
2Vdc
π

∞∑
n=1

Jn(nωo
ωc

π
2
M)

nωo
ωc

sin

(
n

[
1 +

ωo
ωc

]
π

2

)
cos(n[ωot+ θo])

+
2Vdc
π

∞∑
m=1

1

m
J0

(
m
m

2
M
)

sin
(
m
π

2

)
cos(m[ωct+ θc])

+
2Vdc
π

∞∑
m=1

∞∑
n=−∞

Jn((m+ nωo
ωc

)π
2
M)

m+ nωo
ωc

sin

([
m+ n

ωo
ωc

+ n

]
π

2

)
× cos(m[ωct+ θc] + n[ωot+ θo]).

(4.233)

The harmonic coefficients for naturally sampled space vector modulation are taken

from [109, p. 282] as follows,

A00 = Vdc, (4.234)

A01 =
MVdc

2
, (4.235)

A0n + jB0n|n>1 =

√
3MVdc
2π

×[
1

n+ 1

[
sin
(

(n+ 1)
π

6

)
cos
(

(n+ 1)
π

2

)
×
(√
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(
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3
+
π

6

))]
+

1

n− 1
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π

6

)
cos
(

(n− 1)
π

2

)
×
(√

3 + 2 cos
(

(n− 1)
π

3
− π

6

))]]
,

(4.236)
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Amn+jBmn =
4Vdc
mπ2
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(4.237)

To determine the inverter output common mode voltage spectrum harmonics vcm,mn,

the A-, B-, and C- phase contributions are summed up and divided by the number of

phases (in this case three). B- and C- phases’ fundamental have a phase shift of n2π/3.

vcm,mn = (Amn + jBmn)(1 + 2 cos(n2π/3)) (4.238)

[110] presents a general analytical method for determining the dc-link current har-

monics for voltage source switching topologies. The inverter dc-link current is the sum

of each phase legs’ respective switched currents. For a two level inverter, the switched

current of a given phase leg is1(t) is the product of the phase leg’s load current io(t) and

phase leg PWM binary switching function s1(t) ∈ {1, 0},

is1(t) = s1(t)× io(t). (4.239)

The product of two time dependent functions is evaluated in the frequency domain by

the convolution of the time dependent functions’ spectra. As the PWM switching function

is defined by a discrete frequency spectrum, the convolution evaluates to an infinite

summation in the frequency domain. If sinusoidal load current is assumed, the infinite

summation reduces to that of a simple phase shift of the PWM switching function’s

spectrum.

The waveform harmonics of the switching function s1(t) can be represented by a

double Fourier-series solution whose general form is the same as that of the inverter
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output voltage spectrum as shown in (4.232).

Assuming sinusoidal load current of magnitude Io, fundamental frequency ωo and

phase φ,

io(t) = Io cos(ωot+ φ), (4.240)

the Fourier series for the phase leg’s switched current is,

is1(t) =
Â00

2
+
∞∑
n=1

[Â0n cos(nωot) + B̂0n sin(nωot)]

∞∑
m=1

∞∑
n=−∞

[Âmn cos(mωct+ nωot) + B̂mn sin(mωct+ nωot)],

(4.241)

where the harmonic coefficients are,

Â00 =
Io
2

[A01 cos(φ) +B01 sin(φ)], (4.242)

Âmn =
Io
2

[(Am,n−1 + Am,n+1) cos(φ) + (Bm,n−1 −Bm,n+1) sin(φ)], (4.243)

B̂mn =
Io
2

[(Bm,n−1 +Bm,n+1) cos(φ)− (Am,n−1 − Am,n+1) sin(φ)]. (4.244)

The switching function’s harmonic coefficients Amn and Bmn are determined for a given

switching scheme using the expressions derived for the switched voltage waveform har-

monic coefficients by setting Vdc = 1 as s1(t) ∈ {1, 0}. Harmonic coefficients for symmet-

rical regular sampled modulation are shown in (4.233) and for naturally sampled space

vector modulation in (4.234 - 4.237).

These coefficients are substituted into (4.242 - 4.244) to solve for Âmn and B̂mn and

then substituted into (4.241) to give the Fourier series for the phase leg’s switched current.

To determine the inverter dc-link current harmonics Îdc,mn, the A-, B-, and C- phase

contributions are summed up. B- and C- phase’s fundamental current have a n2π/3 and

−n2π/3 phase shift respectively thus,

Îdc,mn = (Âmn + jB̂mn)(1 + 2 cos(n2π/3)). (4.245)

4.10.4 EMI filter parameter selection

The analytical EMI filter parameter selection process is as follows and are based on the

design steps presented by [111],

1. Define the inverter operating point - modulation index M , DC-link voltage Vdc,

output phase current io at baseband frequency fo, switching carrier frequency fc,

and inverter switching scheme.

2. Calculate inverter input current spectrum idc and voltage spectrum vcm.
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3. Determine DM voltage spectrum at LISN measurement port udm.

4. Compare udm to MIL-STD-461F emission limits to determine baseline required DM

attenuation Att,dm.

5. Determine DM filter parameters Lcm, Cdm for n stages.

6. Compare udm to MIL-STD-461F emission limits to determine effectiveness of DM

filter.

7. Increase/decrease baseline required Att,dm until realised attenuation is achieved.

The baseline DM attenuation Att,dm is determined using the DM equivalent circuit

shown in Figure. 4.62 for a total dc-link capacitance Cdc. The inverter current demand’s

idc spectrum is calculated using (4.245) from which the DM voltage spectrum udm is

calculated and plotted against the MIL-STD-461F limits with a -6dBuV margin as shown

in Figure 4.63. The

𝐶ௗ௖ 𝑖ௗ௖

5
0u

H

2
50

nF

1
kΩ

//
50

Ω

+
𝑢ௗ௠

-

LISN Inverter and DC-link

𝐶ௗ௖,௖௠
2

8.53 cm
11.25 cm

Figure 4.62: Equivalent circuit to determine baseline differential mode (DM) attenuation
requirement.
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Figure 4.63: Differential mode (DM) baseline voltage spectrum, MIL-STD-461F limits, -
6dBuV margin, Vdc = 270V, M = 0.39, fo = 150Hz, fc = 15kHz, Cdc = 40uF, attenuation
Att,dm of -23.535dBuV at 30kHz.

Raggal et al. presents a model based EMI filter design procedure for minimal volume

and desired DM attenuation in [84]. Heldwein and Kolar [112] have shown that a multi-
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stage LC filter of the same inductance and capacitance for each stage gives the minimal

volume. Consider the differential mode equivalent circuit in Figure 4.60. The relation-

ship between the LC filter’s DM attenuation Att,dm at a frequency fD with n stages of

inductance Ldm and capacitance Cdm is,

Att,dm =
1

(2πfD)2nLndmC
n
dm

. (4.246)

Empirical equations for inductor volume VL and mass ML, as a function of operating

current Îin and inductance L, and capacitor volume VC and mass MC , as function of

voltage Ûin and capacitance C, have been derived as follows,

VL(L, Îin) = kL1LÎ
2
in + kL2L+ kL3Îin, (4.247)

VC(C, Ûin) = kC1CÛ
2
in + kC2, (4.248)

ML(L, Îin) = mL1LÎ
2
in +mL2L+mL3Îin, (4.249)

MC(C, Ûin) = mC1CÛ
2
in +mC2, (4.250)

where kL1, kL2, kL3, and kC1, kC2 are inductor and capacitor specific volume para-

metric constants and mL1, mL2, mL3, and mC1, mC2 are inductor and capacitor specific

mass parametric constants as described in sections 4.4.1.7 and 4.4.2.

Consider filter topology presented in Figure 4.59. Each stage consists of an inductor

Ldm and a capacitor Cdm. Thus, the total volume VDM and mass MDM of the EMI filter’s

DM portion are,

VDM = (n)(VL(Ldm, Îin) + VC(Cdm, Ûin)), (4.251)

MDM = (n)(ML(Ldm, Îin) +MC(Cdm, Ûin)). (4.252)

Substituting (4.247) and (4.248) into (4.251) for L = Ldm, C = Cdm, gives the following

expression,

VDM = n(kL1LdmÎ
2
in + kL2Ldm + 2kL3Îin + kC1CdmÛ

2
in + kC2) (4.253)

Equation (4.246) is solved with respect to Ldm,

Ldm =
1

(2πfD)2(A
1
n
tt,dmCdm)

, (4.254)
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and substituted into (4.253) to get an expression of VDM absent of Ldm,

VDM = n

 (kL1Î
2
in + kL2)

(2πfD)2C2
dmA

1
n
tt,dm

+ kL3Îin + kC1CdmÛ
2
in + kC2

 . (4.255)

To minimise the DM filter volume, VDM is differentiated with respect to Cdm,

dVDM
dCdm

= n

−
(
kL1Î

2
in + kL2

)
4π2fD

2Cdm
2Att,dm

1
n

+ kC1Û
2
in

 , (4.256)

and set equal to zero and solved for the capacitance Cdm,min(V ) for minimal volume of the

EMI filter with n stages for desired DM attenuation Att,dm,

Cdm,min(V ) =

√√√√ (
kL1Î2

in + kL2

)
(2πfD)2kC1Û2

inAtt,dm
1
n

. (4.257)

Equation (4.257) is substituted back into (4.254),

Ldm,min(V ) =

√√√√ kC1Û2
in

(kL1Î2
in + kL2)(2πfD)2A

1
n
tt,dm

(4.258)

This model based procedure is repeated to minimise EMI filter’s mass with n stages for

a desired DM attenuation Att,dm by appropriately substituting the specific volume para-

metric constants kL1, kL2, kL3, kC1, kC2 with the specific mass parametric constants mL1,

mL2, mL3, mC1, mC2 in (4.257) and (4.258), and then solving for capacitance Cdm,min(M)

and inductance Ldm,min(M).

Cdm,min(V ) =

√√√√ (
mL1Î2

in +mL2

)
(2πfD)2mC1Û2

inAtt,dm
1
n

. (4.259)

Ldm,min(V ) =

√√√√ mC1Û2
in

(mL1Î2
in +mL2)(2πfD)2A

1
n
tt,dm

(4.260)

The minimised EMI filter mass is determined,

MDM = (n)(ML(Ldm,min(M), Îin) +MC(Cdm,min(M), Ûin)). (4.261)
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4.10.4.1 Example EMI filter design

The following two-stage (n = 2) EMI filter design case for operating conditions Vdc =

270V, M = 0.9, fo = 483.3Hz, fc = 15kHz, Io = 9.29A, centralised topology is considered.

Inductance Ldm = 278uH and capacitance Cdm = 3.265uF were calculated. The resultant

simulated voltage spectrum u+, u− are plotted in Figure 4.64. Both u+, u− spectrums

are below the MIL-STD-461F emissions limit and -6dBuV margin.

5.24 cm
6.46 cm

L_dm: 2.7831e-04
C_dm: 3.2652e-06
C_dc: 1.0000e-06

n_stage: 2

Figure 4.64: Simulated power lead voltage spectrum, MIL-STD-461F limits, -6dBuV margin,
n = 2, Ldm = 278uH, Cdm = 3.265uF, Vdc = 270V, M = 0.9, fo = 483.3Hz, fc = 15kHz, Io =
9.29A, Cdc = 1uF, Cdc,cm = 47.1uF.

4.10.5 Inverter input EMI filter and dc-link capacitor - failure

rate vs. mass

The inverter input EMI filter and dc-link capacitor design process is presented in Figure

4.65. Each key step is indexed with a letter and its corresponding section is referenced

in Table 4.24. Subscripts “L, dm” and “C, dm” refer to the EMI filter’s inductors and

capacitors respectively. Subscript “C, dc” refer to dc-link capacitor. A general component

sum equation is defined as follows,

XΣ = n(XL,dm +XC,dm) +XC,dc (4.262)

where X can represent volume V , mass M , or failure rate λ. Regarding shorthand nota-

tion for inductor and capacitor empirical sizing constants, xy{1,2,...,N} = {xy,1, xy,2, . . . , xy,N}
where x represents volume constant k or mass constant m, and y represents inductor L

or capacitor C.

For a given lifetime profile (internal/external), inductor temperature rise Tr, and

capacitor voltage rating Vc,rated; the failure rate λL,dm, λC,dm, and λC,dc are determined at
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steps (a)-(c) in Figure 4.65. The total EMI-filter and dc-link capacitor failure rate λtotal

is determined at step (d) using (4.262), given number of stages n.

The lifetime profile defines ambient temperature and pressure Ta and Pa for either

internal/external conditions. These parameters, along with Tr, and desired core material

are provided to the inductor parameter LUT at step (d), from which inductor empirical

volume and mass equation constants kL{1,2,3} and mL{1,2,3} respectively are provided.

For given modulation index m, dc-link voltage Vdc, inverter output current magnitude

Io, current fundamental frequency fo, inverter switching carrier frequency fc, current

phase φ, dc-link capacitor Cdc, and switching scheme; the dc-link current spectrum idc

is determined at step (f). The LISN equivalent differential mode voltage udm is deter-

mined from the LISN equivalent circuit at step (g). This is compared with the distortion

spectrum limit from which the required attenuation Att,dm at frequency fD is determined.

For “n” stages, kL{1,2,3}, kC{1,2}, Att,dm, fD, Ûin, and Îin; the optimal inductance Ldm

and capacitance Cdm is calculated for minimum EMI filter volume at step (h). The value

Ûin is set equal to the capacitor voltage rating Vc,rated. The inductor’s rated current Îin

is calculated from M , Vdc, Io as follows,

Îin =
3MVdcIo

4
. (4.263)

The effectiveness of the designed filtering is double checked by numerically solving

its equivalent circuit at step (i) to ensure desired attenuation Att,dm is achieved. LISN

differential voltage udm is compared to the distortion spectrum limits using the EMI filter

circuit and calculated idc. If udm exceeds this limit, the discrepancy attenuation A′tt,dm is

calculated. The input Att,dm is compensated by A′tt,dm and Ldm, Cdm are calculated again

at step (h). This is repeated until udm no longer exceeds its distortion spectrum limits.

Once, Ldm and Cdm have been finalised and the desired attenuation is achieved, the

EMI filter inductors’ and capacitors’ mass and volume (i.e., ML,dm, MC,dm, VL,dm, VC,dm)

are determined at step (j).

The dc-link capacitor’s mass MC,dc and volume VC,dc are calculated from Vc,rated and

Cdc at step (k)

The total component volume VΣ is determined from VC,dc, VC,dm, VL,dm, and n at step

(l). The case volume Vcase is determined at step (m) from VΣ, followed by the case mass

Mcase at step (n).

The total component mass MΣ is determined from MC,dc, MC,dm, ML,dm and n at step

(n) using (4.262). The total mass Mtotal is the sum of total component mass MΣ and case

mass Mcase and determined at step (p).

The inverter input EMI filter and dc-link capacitor design process of Figure 4.65 is

utilised to determine how the capacitor voltage rating Vc,rated, inductor material, number

of stages, dc-link capacitor Cdc, and lifetime profile influences resultant design’s overall
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Figure 4.65: Inverter input EMI filter and dc-link capacitor design process.

Table 4.24: Section references for the Figure 4.65.

Index Reference Index Reference

(a) §4.3.2 (i) §4.10.2
(b) §4.3.3 (j) §4.4.1.7, §4.4.2
(c) §4.3.3 (k) §4.4.2
(d) (4.262) (l) (4.262)
(e) §4.4.1.7 (m) §4.5
(f) §4.10.3 (n) §4.5
(g) §4.10.4 (o) (4.262)
(h) §4.10.4 (p) n/a

mass and failure rate for a fixed electrical power demand. The input variable sets for a

considered 1.1kVA inverter case study is shown in Table 4.25.

For each of the five inductor core materials, the EMI filter and dc-link capacitor de-

signs’ failure rate and mass are determined. The results for silicon steel as the inductor

core material and internal/external lifetime profiles is shown in Figure 4.66. The failure

rate vs. mass Pareto-frontier for internal and external lifetime profiles have been deter-

mined. Internal designs generally have a lower failure rate and higher mass compared to

that of external designs. The lower failure rate is due to the more hospitable internal

operating environment. The higher mass is due to requirement of two dc-link capacitors
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Table 4.25: Input variables of input EMI filter and dc-link capacitor design process for 1.1kVA
inverter case study.

Variable Value Units

M 1
Vdc 270 V
Io 5.54 Apk
fo 400 Hz
fc 15 kHz
Power factor 0.98
Switching scheme Sinusoidal PWM
Tr 30 ◦C
Cdc {1, ..., 400} uF
n stages {1, 2, 3}
Vc,rated {450, 700, 1000, 1200} V
Lifetime profile {Internal, External}

Inductor core material
{Silicon Steel, Amorphous, Iron-powder,
Nanocrystalline, Ferrite}

of double the capacitance for the equivalent external dc-link design.
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Figure 4.66: EMI filter and dc-link capacitor with silicon steel core inductors for 1.1kVA
inverter - failure rate vs. mass.

The Pareto-efficient designs for the five inductor core materials and internal/external

lifetime profiles is plotted in Figure 4.67 (a). Inductor material has small-influence on

overall mass. Designs with iron-powder and ferrite cores are slightly heavier compared to

that of silicon steel, amorphous, and nano-crystalline. Designs with iron-powder inductors

are 8% heavier than that of the lightest design with comparable failure rates.

The Pareto-efficient designs are labelled by capacitor voltage ratings and plotted as

shown in Figure 4.67 (b). As capacitor rating increases, overall failure rate decreases and

mass increases. Higher voltage rated capacitors have greater volume and mass. Greater

capacitor volume contributes to greater case volume and greater case mass.

The total mass breakdown of internal and external lifetime profile designs and silicon

steel core inductors with respect to failure rate is shown in Figure 4.68. For most designs,
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Figure 4.67: Failure rate vs. mass of Pareto-efficient 1.1kVA inverter designs.

nearly 60% of the total mass is that of the case. This emphasises the significance of EMI

filter and dc-link capacitor volume minimisation, as this would lead to minimum case

volume and overall case mass.
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Figure 4.68: Mass breakdown by failure rate for internal and external lifetime profiles with
silicon steel, 1.1kVA inverter.

The total volume breakdown of internal and external lifetime profile designs and

silicon steel core inductors with respect to failure rate is shown in Figure 4.69. It can be

seen that inductors contribute a small proportion (at most 10%) to the total volume of

passive components. The majority of it is contributed by capacitors.
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Figure 4.69: Volume breakdown by failure rate for internal lifetime profiles, 1.1kVA inverter.

4.11 Conclusion

In this chapter, the toolbox realisation for optimal sizing of aerospace electric drive sys-

tems was presented. The toolbox consisted of design procedures and models fro different

system components and modelling domains. The considered components were inductors,

capacitors, heat sinks, semiconductors, electric machine, and cable. These components

make up electric drive subsystems such as the inverter, output LC filter, and input EMI

filter. The modelling domains were electrical, electromechanical, power quality, mass,

volume, thermal, and failure rate.

The high-level design concept for the optimal aerospace electric drive system sizing

is as follows. For a given topology, actuation requirement, and set of constraints; gen-

erate a set of Pareto optimal designs with respect to mass and failure rate for each of

the component of the electrical drive system. Each component is designed using its own

respective design algorithm. The inputs and constraints of each components’ respective

design algorithm are coordinated at a system level such that all resultant components

are intercompatible. When sets of optimal designs for each system component have been

generated, they are mixed and matched in every permutation iteratively to generate

unique combinations of components and thus a set of unique designs. Each unique de-

sign’s system mass and failure rate is determined from which Pareto-efficient designs are

identified and down-selected. These designs will go through an additional level of refine-

ment, including controller tuning and controllability testing as described in Chapter 5,

and high-frequency analysis in Chapter 6.

Failure rates of inductors, capacitors, and semiconductors were determined using

FIDES guide 2009 for a typical lifetime profile of a medium haul civil aviation aircraft.

The guide provided the failure rate equations as function of voltage, current, temperature,

application, vibration, and environmental stressors. Insulation lifetime was determined
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as function of temperature and life time profile.

Inductors were sized for inductance and current rating. The core geometry, and ratios

were defined and fixed. The magnetic operating point was determined considering core

geometry, material properties, and gap fringing effect. Copper losses and core losses were

determined. The temperature rise was calculated for natural convection and radiation.

Inductors design were optimised using the bisection method for minimal mass for an

allowed temperature rise. The inductor design procedure was repeated for different values

of inductance and current rating to generate an inductor design look-up table. The system

level design process pull designs from the look-up table, thus reducing computational load.

Capacitors were sized empirically as a function of rated voltage and capacitance.

The enclosure’s volume and mass is estimated by scaling with respect to the total

volume of the passives. A case scale factor of 2.5 was assumed as estimated from an

in-house demonstrator inverter. One may consider this scale factor as dubious as the

space required for cable-routing, PCB, connectors, and mounting solutions have not been

factored in. Future work and further investigation looking at a wide range of demonstrator

inverters will provide a more representative case scale factor.

A design procedure for optimal sizing of a surface mounted permanent magnet syn-

chronous machine was implemented. The main steps of the procedure are: 1) initial

stator and rotor sizing, 2) phase resistance, phase inductance, and magnetic flux linkage

calculation, 3) air-gap, magnet and tooth-tip sizing, and 4) thermal calculation. Initial

stator and rotor sizing was done using fundamental electric machine equations where the

main dependent variables are torque per rotor volume and current density. The stator

inner/outer diameters, back iron thickness, rotor diameter, stack length were determined.

The stator resistance is determined from the stator slot geometry and copper fill factor.

For a given nominal torque/speed, switching frequency, dc-link voltage, and current rip-

ple requirement, the required stator inductance and magnetic flux linkage were solved.

These are the target stator inductances and magnet flux linkage for which the magnet

and stator teeth dimensions were sized. The stator flux permanence paths were identified

and quantified to determine the relationship between stator teeth geometry and stator

inductance. A simplified open-circuit magnet reluctance circuit is utilised to represent the

relationship between magnetic flux linkage, magnet operating point, and magnet/air-gap

dimensions. The air-gap, tooth-tip, and magnet dimensions were determined to provide

the required stator inductance and magnetic flux linkage. An error function was defined

with respect to calculated over required stator inductance, calculated over required mag-

netic flux linkage, and dimensions of the air-gap, stator tooth tip, and magnet. This

error function was minimised using pattern search algorithm. A lumped parameter ther-

mal network was utilised to determine the temperature of the machine. The machine’s

components’ geometry are approximated by cylinders where axial and radial heat flows

are assumed to be independent of one another. The equivalent thermal resistance from
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frame to ambient was determined considering natural convection, radiation, and conduc-

tion. Ambient conditions at altitude were accounted for in calculating frame to ambient

thermal resistance.

Cable’s were sized from manufacturer brochures. The sourced cables were aerospace

standard cables. De-rating factors were determined considering altitude and bundle num-

ber.

The LC output filter is sized to condition the inverter’s output such that transmis-

sion line effects are reduced by reducing its effective dv/dt, attenuate the output phase

voltage harmonics so they don’t exceed MIL-STD-704F distortion spectrums, and limit

output phase current ripple to ensure current control stability. The common mode and

differential mode equivalent impedance networks were utilised. The LC filter’s cut-off

frequency was determined from the required attenuation to bring the main switching

harmonic below that of the MIL-STD-704F distortion spectrum limit. The inductor was

selected for a given allowable output phase current ripple. The relationship between

LC filter mass, failure rate, allow phase current ripple, and capacitor voltage rating was

determined. Increase in voltage rating leads to a reduction in failure rate but an in-

crease volume. Increasing the allowable current ripple decreases required inductance and

decreases inductor mass.

The inverter’s transistor and diode conduction and switching losses were determined

for a given modulation index, dc-link voltage, output phase current, phase, and switching

frequency. The power module’s steady state thermals were modelled using an equivalent

thermal network. Junction to case thermal resistances were provided by the manufac-

turer.

Parallel plate finned heat sink is used to dissipate heat from the inverter’s power mod-

ule to ambient. The heat sinks are optimally sized considering natural convection, oper-

ating environment, and radiation. A look-up table was generated of optimally heat-sink

designs from which the system level design process can pull from, alleviating computa-

tional load. The relationship between heat-sink mass and failure rate is determined. An

increase in heat sink mass lead to a decrease in both semiconductor junction temperatures

and failure rates.

The multi-stage LC inverter was determined to ensure MIL-STD-461F’s CE101 and

CE102 conducted emissions limits are adhered to. The dc-link current and voltage was

analytically determined from Holmes and Lipo’s double Fourier-series solution for switch-

ing output voltage waveform’s harmonic spectrum for a given inverter operating point.

The DM voltage spectrum at LISN measurement port was determined from which the re-

quired attenuation is calculated. The inductance and capacitance for a n-stage input EMI

filter was determined. The achieved attenuation was rechecked with respect to distortion

spectrum limits. If attenuation is not achieved, the required attenuation is readjusted a

new inductance and capacitance values are calculated. This process is repeated until the
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desired attenuation is achieved.
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Chapter 5

Drive level - dynamic modelling and

control

5.1 Overview

In this chapter, the dynamic modelling and automated controller tuning of designed elec-

tric drive system of chapter 4 is presented. The main purpose of the presented automated

controller tuning procedure is validate that the designed system is controllable, stable,

and meets desired dynamics. It is of no use designing an optimal system of minimal

mass within failure rate constraints if it’s uncontrollable or its dynamic performance does

not meet criteria. Prefer back to Figure 4.1 to see how dynamic modelling and control

fits into the overall system sizing; it is catalogued under “Refinement and Validation”.

Dynamic modelling and control is not directly integrated in the optimal electric drive

design and sizing process as time based control simulations are relatively computational

demanding.

An overview of the full system control scheme is shown in Figure 5.1. The flap

position θ∗ is set by the slats flap control computer SFCC. Each flap is controlled by its

corresponding actuator control electronics (ACE). Each flap actuation system consists of

two identical drive lanes, labelled L1 and L2 respectively. Both lanes drive the actuator

via a differential gearbox DGB, transmission torque tube, and gear box GB to move the

flap.

The ACE takes position and operating mode set points from the slats flaps control

computer (SFCC) and reports back status updates from its actuator and PCU lanes. The

ACE has three operating modes,

1. Hold - the default state when flap position is fixed, both lanes’ EB are locked and

the machines are idle. This occurs if the actuator’s position is equal to that of the

SFCC’s set point or if both PCU lanes are faulted.

2. Move - if no faults are present and SFCC’s actuator position’s set point does not

153
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equal to measured actuator’s position, both E/B are unlocked and both lanes drive

the actuator load via the differential gearbox to the desired position.

3. Fault - if a fault develops in one PCU lane, that lane’s EB is locked. The none-

faulted lane’s EB is unlocked and the lane drives the actuator load via the differ-

ential gearbox. This fault is reported back to the SFCC.

Each lanes’ PCU is responsible for speed control, current control with state observer,

and generating the correct switching scheme for desired voltage command. The PCU

monitors the inverter and machine’s operating status.

Figure 5.1: Full actuator overview for control analysis.

The two system models that need to be realised are:

1. Electrical model - represents the electrical dynamics of each PCU lane consisting

of the inverter, LC filter, cable and machine.

2. Mechanical model - represents the mechanical dynamics of each machine of the two

PCU lanes, E/B, the differential gear box, torque tube, actuator, and flap.

The three control loops that need to be realised are:

1. Current loop - controls the dq currents im,dq of each machine in their respective lane

such that it matches the desired current set point i∗m,dq as determined by the speed

loop. The current controller outputs voltage commands vinv,dq to the inverter.

2. Speed loop - controls the speed of each machine ωm in their respective lane such

that it matches the desired speed set point ω∗m as determined by the position loop.

It outputs the current set point i∗m,dq to the inner current control loop.

3. Position loop - controls actuator position θ for a given actuator such that it matches

the desired position set point θ∗ as determined by the SFCC. The position controller

outputs speed set points ω∗m to the inner speed control loops.

The presence of the LC sine-wave output filter can lead to unstable resonance if not

accounted for in the control design. Thus, a robust full state feedback gain-scheduled lin-

ear quadratic regulator (LQR) controller has been used to ensure stable machine current

control and attenuation of the output filter’s intrinsic resonance. To reduce the num-

ber of additional sensors required in hardware implementation for the full state feedback
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control scheme, a full state-space gain-schedule observer is used in conjunction with the

controller.

5.2 Electrical system dq representation

The dq equivalent circuit of the inverter, output filter, and machine is shown in Figure

5.2.

Figure 5.2: System dq equivalent circuit considering inverter, LC output filter, and machine.

The dq voltage equations vmd, vmq for a non-salient permanent magnet synchronous

machine are as follows where Rs and Ls are the stator resistance and inductance, ωo is

the electrical frequency, λm is the machine’s magnetic flux constant,

vmd = Rsimd + Ls
dimd
dt
− ωoLsimq, (5.1)

vmq = Rsimq + Ls
dimq
dt

+ ωo (Lsimd + λm) . (5.2)

The machine electromagnetic torque Tem is as follows where p is the number of pole

pairs,

Tem =
3

2
pλmimq. (5.3)

The dq inverter voltage equations vinvd, vinvq are as follows where Rfil and Lfil are

the output filter’s inductors’ series resistance and inductance, and Cfil is the output

filter’s phase-to-neutral capacitor’s capacitance and iinvd, iinvq are the inverter’s dq output

current,

vinvd = Rfiliinvd − ωoLfiliinvq + Lfil
diinvd
dt

+ vmd, (5.4)

vinvq = Rfiliinvq + ωoLfiliinvd + Lfil
diinvq
dt

+ vmq. (5.5)
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Applying KCL at the nodes vmd, vmq gives the inverter output current equations,

iinvd = −ωoCfilvmq + Cfil
dvmd
dt

+ imd, (5.6)

iinvq = ωoCfilvmd + Cfil
vmq
dt

+ imq. (5.7)

The equivalent circuit shown in Figure 5.2 is modified to include the dq low-frequency

cable characteristics using a single branch Γ-type lumped parameter cable model as shown

in Figure 5.3. The use of a single branch lumped parameter cable model is sufficient for

controller design as only control and observation of system states’ base band harmonic

component is considered. The cable’s phase to ground capacitance Ccpg is parallel with

the output filter’s capacitance Cfil. The cable phases’ series resistance Rcs and Lcs are

in series with stator resistance Rs and inductance Ls. The values Rcs, Lcs, and Ccpg are

determined by multiplying the cable length lc by their respective per unit length value,

as indicated with the ’ superscript,

Rcs = lcR
′
cs,

Lcs = lcL
′
cs,

Ccpg = lcC
′
cpg.

(5.8)

Equations (5.1 - 5.7) are modified to include the cable characteristics as shown,

vfd = (Rs +Rcs)imd + (Ls + Lcs)
dimd
dt
− ωo(Ls + Lcs)imq, (5.9)

vfq = (Rs +Rcs)imq + (Ls + Lcs)
dimq
dt

+ ωo ((Ls + Lcs)imd + λm) , (5.10)

vinvd = Rfiliinvd − ωoLfiliinvq + Lfil
diinvd
dt

+ vfd, (5.11)

vinvq = Rfil + ωoLfiliinvd + Lfil
diinvq
dt

+ vfq, (5.12)

iinvd = −ωo(Cfil + Ccpg)vmq + (Cfil + Ccpg)
dvmd
dt

+ imd, (5.13)

iinvq = ωo(Cfil + Ccpg)vmd + (Cfil + Ccpg)
vmq
dt

+ imq. (5.14)

Using a single branch Γ-type cable model means the number of system states remain

the same. The system is described with three pairs of dq voltage and currents equations.
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Figure 5.3: System dq equivalent circuit considering inverter, LC output filter, cable, and
machine.

5.3 Electrical system state-space representation

5.3.1 Continuous state-space representation

The generalised state-space representation equations in the continuous domain for an nth

order linear time invariant (LTI) system with r inputs, m outputs, and u disturbances

are as follows,

ẋ(t) = Ax (t) + Bu(t) + Ed(t), (5.15)

y(t) = Cx(t), (5.16)

where,

� x is the n× 1 time-varying state vector,

� ẋ is the derivative of the n× 1 time-varying state vector x,

� A is the n× n constant state matrix,

� B is the n× p constant input matrix,

� u is the p× 1 time-varying input vector,

� C is the m× n constant output matrix,

� E is the n× w constant disturbance matrix,

� d is the w × 1 time-varying disturbance vector,

� y is the m× 1 constant output matrix,

Equations (5.15) is solved with respect to x and substituted into (5.16) to get the following

transfer function representation,

y(s) = C(sI−A)−1Bu(s) + C(sI−A)−1Ed(s), (5.17)

where s is the continuous transfer function.

For the reader’s convenience, equations (5.15 - 5.16) have been rewritten as follows
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where the matrices’ and vectors’ subscripts represent their respective dimensions,

ẋn×1(t) = An×nxn×1(t) + Bn×pup×1(t) + En×wdw×1(t), (5.18)

ym×1(t) = Cm×nxn×1(t). (5.19)

The system dq voltage and current equations of (5.9 - 5.14) are solved with respect

to their respective differential terms and then arranged into state-space representation

(5.15 - 5.16) where,

A =



− (Rs+Rcs)
(Ls+Lcs)

ωo 0 0 1
(Ls+Lcs)

0

−ωo − (Rs+Rcs)
(Ls+Lcs)

0 0 0 1
(Ls+Lcs)

0 0 −Rfil
Lfil

ωo − 1
Lfil

0

0 0 −ωo −Rfil
Lfil

0 − 1
Lfil

− 1
(Cfil+Ccpg)

0 1
(Cfil+Ccpg)

0 0 ωo

0 − 1
(Cfil+Ccpg)

0 1
(Cfil+Ccpg)

−ωo 0


, (5.20)

B =

(
0 0 1

Lfil
0 0 0

0 0 0 1
Lfil

0 0

)T

, (5.21)

E =
(

0 − λm
(Ls+Lcs)

0 0 0 0
)T

, (5.22)

x =
(
imd imq iinvd iinvq vfd vfq

)T
, (5.23)

u =
(
vinvd vinvq

)T
, (5.24)

d = (ωo). (5.25)

Output matrix C can have different variants depending on the desired system output

y that is observed, tracked, and/or controlled. Two variants of C are presented, Cim

which returns the machine dq current states imd, imq, and Cinv which returns the inverter

current states iinvd, iinvq when multiplied by state vector x,

Cim =

(
1 0 0 0 0 0

0 1 0 0 0 0

)
, (5.26)

Cinv =

(
0 0 1 0 0 0

0 0 0 1 0 0

)
. (5.27)
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5.3.2 Discrete state-space representation

The discrete state-space representation is as follows where Az, Bz, Ez are the discrete

state-space coefficient matrices of the continuous state-space coefficient matrices A, B,

E respectively, z is the discrete transfer function, and I is the identity matrix,

zx = Azx + Bzu + Ezd, (5.28)

y = Cx, (5.29)

y = C(zI−Az)
−1Bzu + C(zI−Az)

−1Ezd. (5.30)

Discrete state-space coefficient matrices Az, Bz, Ez are calculated as follows,

Az = expm(ATs), (5.31)

Bz = A−1(Az − I)B, (5.32)

Ez = A−1(Az − I)E, (5.33)

where Ts is the time step and expm is the matrix exponential function. Note that the

output matrix C is the same for continuous and discrete state-space representation. The

time step Ts is set equal to the inverse of the inverter switching carrier frequency fc,

Ts = 1/fc. (5.34)

5.4 Gain-scheduled state feedback current controller

In this section, the gain tuning and selection procedure for a discrete full state feedback

current controller with integral action is presented.

5.4.1 The need for gain-scheduling

It can be seen in (5.20) that A, and therefore system dynamics, vary with ωo. Thus,

gain-scheduling of state feedback and observer gains as function of operating speed ωo is

required to ensure stable operation and the same closed loop dynamics for all operating

speeds. The dynamic bandwidth of ωo is equal to that of the speed control loop.For

conventional cascaded control where the speed loop’s bandwidth is designed to be at least

one order of magnitude slower than that of the current control loop, ωo is approximated

as a constant during current controller design. Gain-scheduling with respect to ωo will

be addressed in more detail in successive sections.
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5.4.1.1 State-feedback controller with integral action reference tracking

Consider the system described in (5.28-5.29). It is desired to synthesise a current control

system with integral action such that at steady state, the output vector y asymptotically

approaches a desired set point vector y∗. The proposed discrete state-space model and

state feedback controller with integral action is shown in Figure 5.4 and its accompanying

state-space representation is as follows,

Figure 5.4: Discrete state-space system representation and state feedback controller with
integral action.

z

(
x

xI

)
=

(
Az −BzK1 −Bz

−TsK2Cim I

)(
x

xI

)
+

(
0

TsK2

)(
0

y∗

)

+

(
E

0

)(
d

0

)
,

(5.35)

y =
(

Cim 0
)( x

xI

)
, (5.36)

where xI are the integral action states vector, and y∗ is the desired output set point

vector,

xI =
(
xId xIq

)T
, (5.37)

y∗ =
(
i∗md i∗md

)T
. (5.38)

The discrete closed loop transfer function is derived,

y =
(

Cim 0
)(

zI−

(
Az −BzK1 −Bz

−TsK2Cim I

))−1(
0

TsK2

)(
0

y∗

)

+
(

Cim 0
)(

zI−

(
Az −BzK1 −Bz

−TsK2Cim I

))−1(
E

0

)(
d

0

)
.

(5.39)

Consider the following expression derived from the expansion of the bottom portion
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of (5.35),

zxI = −TsK2Cimx + xI + TsK2y
∗. (5.40)

At steady-state, zxI and xI are the same and both equal to their respective steady state

value xI,ss. Substituting xI,ss into (5.40), it is shown that output y will match that of a

constant set point y∗ at steady-state conditions,

TsK2Cimxss = TsK2yss = TsK2y
∗, (5.41)

Cimxss = yss = y∗, (5.42)

where subscript “ss” means steady-state.

5.4.1.2 Linear quadratic regulator design and gain selection

The optimal feedback gain matrix K is determined by minimising the following quadratic

cost function for given positive definite diagonal weighting matrices Q and R,

J(u) =
∞∑
n=0

(xTaQxa + uTRu), (5.43)

xa =

(
x

xI

)
, (5.44)

Q = diag(q1 q2 ... qn+p), (5.45)

R = diag(r1 r2 ... rp). (5.46)

The optimal gain matrix K that minimises the quadratic cost function (5.43) is,

K =
(

K1 K2

)
= (BTSB + R)−1BTSA, (5.47)

where S is the stabilizing solution of the discrete time algebraic Riccati equation,

AT
aSAa − S−AT

aSBa(B
T
aSBa + R)−1BT

aSAa + Q = 0, (5.48)

and Aa and Ba are the augmented matrices,

Aa =

(
Az 0

−CimTs I

)
, (5.49)

Ba =

(
Bz

0

)
. (5.50)

This is implemented in MATLAB using K = lqr(Aa,Ba,Q,R).
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The design problem of finding the feedback gains in K is considered as a design

problem of finding constants in the weighting matrices Q and R for a desired closed loop

performance criteria. Weighting constants q1, q2, ..., qn+p in Q of (5.45) assign the relative

significance of each system state in x1, x2, ..., xn+p in xa of (5.44). Weighting constants

r1, r2, ..., rp in R of (5.46) assign the relative energy expenditure of each system input

in u1, u2, ..., up in u.

Consider the presented current controller design problem. The augmented state ma-

trix xa is constructed by substitution of x of (5.23) and xI of (5.37) into (5.44),

xa =
(

x xI

)T
=
(
imd imq iinvd iinvq vfd vfq xI1 xI2

)T
(5.51)

The primary objectives of the current controller design problem are to tune the dy-

namics of machine’s dq currents imd and imq to a desired bandwidth fbw and to ensure

their steady state values match that of i∗md and i∗mq respectively though the integral action

of states xId and xIq. Since the dynamics of iinvd, iinvq, vfd, and vfq are not considered in

these objectives (in other words, have no weighting/significance in the design problem),

weights q3, q4, q5, and q6 are set to zero. This makes the parameter tuning procedure

easier by reducing the number of unknowns from ten to six. Thus, the weighting matrices

Q and R are structured accordingly as shown,

Q = diag
(
q1 q2 0 0 0 0 q7 q8

)
, (5.52)

R = diag
(
r1 r2

)
. (5.53)

The number of unknowns are further reduced from six to three by setting q1 = q2 = qa,

q7 = q8 = qb, and r1 = r2 = ra. The justification for this simplification is that the

system’s d-axis and q-axis small signal dynamics are the same for a drive system with a

symmetrical load (i.e. a non-salient PMSM). Weights q1, q7, and r1 correspond to imd,

xI1, and y∗1. Weights q2, q8, and r2 correspond to imq, xI2, and y∗2. Machine currents imd

and imq have the same significance, thus q1 = q2 = qa. Similarly, q7 = q8 = qb because

integral action states xI1 and xI2 have the same significance and r1 = r2 = ra because

set point values i∗md and i∗mq have the same significance. Thus,

Q(qa, qb) = diag
(
qa qa 0 0 0 0 qb qb

)
, (5.54)

R(ra) = diag
(
ra ra

)
. (5.55)

The state feedback gain matrix K consisting of sub-matrices K1 and K2 is solved for

given Q, R, Aa, and Ba using (5.47 - 5.50). The closed loop discrete transfer function

is formulated using (5.39) by substituting in feedback matrices K1 and K2, and system
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coefficient matrices Az, Bz, Ez and C. The closed loop transfer function’s dc gain and

bandwidth are determined from its bode plots as shown in Figure 5.5 (a) for three different

fixed speeds. The closed loop transfer function’s step response in the time domain is

shown in Figure 5.5 (b). DC gain and bandwidth from i∗md to imd and from i∗mq to imq are

0dB (unity gain) and 450Hz. Minimal cross-coupling is observed from i∗md to imq∗ and

from i∗mq to i∗md.
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Figure 5.5: Calculated (a) bode and (b) step responses for gain-scheduled closed loop current
control at fixed electrical speeds ωo = {2π(133.33), 2π(400), 2π(666.67)}, with unity dc gain and
450Hz bandwidth for i∗md → imd and i∗mq → imq.

The procedure’s key steps are shown in the enumerated list below.

1. The system is mathematically described by the system’s dq voltage and current

equations from (5.9 - 5.14).

2. The continuous state-space representation’s matrix coefficients A, B, E, and C are

synthesized from the dq voltage and current equations (5.20 - 5.25) for a given

operating baseband electrical speed ωo.

3. The discrete state-space representation’s matrix coefficients Az, Bz, and Ez are

calculated from A, B, and E for a time-step Ts equal to the inverse of the inverter

carrier switching frequency fc using (5.31 - 5.34).

4. Augmented matrix Aa and Ba are constructed from the discrete state-space matrix

coefficients using (5.49 - 5.50).

5. Weighting matrices Q(qa, qb) and R(ra) in (5.54 - 5.55) are declared from which the

gain feedback matrix K can be solved for Q, R, Aa, and Ba using (5.47 - 5.50).

6. K is separated into K1 and K2 and are substituted into (5.35) from which the

closed loop discrete transfer function can be derived using (5.39).

7. The output’s bandwidth fbw of and dc gain Kdc can be determined from the closed

loop discrete transfer function’s bode plot.

The above design procedure is compiled into a function f1 which directly determines the
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closed loop bandwidth fbw, dc gain Kdc and feedback gain matrix K, when provided the

variables ωo, qa, qb, and ra.

(fbw,Kdc,K) = f1(ωo, qa, qb, ra) (5.56)

Let’s propose a performance error function fmin to be minimised for desired closed loop

bandwidth f ∗bw, and dc gain K∗dc where fmin approaches 0 when fbw approaches f ∗bw and

Kdc approaches K∗dc,

fmin =

∣∣∣∣fbw − f ∗bwf ∗bw

∣∣∣∣+

∣∣∣∣Kdc −K∗dc
K∗dc

∣∣∣∣ . (5.57)

Using (5.56 - 5.57), the performance error function is plotted with respect qa and qb for

ωo = 2π(400) and ra = 1 in Figure 5.6. A valley of small fmin values can be seen from

which its minimum can be found.
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Figure 5.6: Performance error function fmin versus qa and qb for ωo = 2π(400) and ra = 1.

Numerical methods are used to find the solution of qa, qb, ra, and respective gain

matrix K for a given constant operating electrical speed ωo to minimise performance error

function fmin. [113] presented a LQR tuning procedure by particle swarm optimisation of

a full car suspension system. Pattern search optimisation [80] was utilised in the author’s

own implementation as this method is suitable for multi-variable functions which are not

continuous or differentiable.

5.4.2 Gain-scheduling

Gain-scheduling with respect to electrical speed ωo is realised by repeating the gain tuning

procedure for a discrete set of electrical speed test points spanning the machine’s operating

range and generating a respective K matrix for each electrical speed. The index of gain
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matrix K and their association with sub-matrices K1 and K2 are as follows,

K =
(

K1 K2

)
=

(
K(1,1) ... K(1,6) K(1,7) K(1,8)

K(2,1) ... K(2,6) K(2,7) K(2,8)

)

=

(
K1(1,1) ... K1(1,6) K2(1,1) K2(1,2)

K1(2,1) ... K1(2,6) K2(2,1) K2(2,2)

)
.

(5.58)

An example with six electrical speed test points linearly spaced between −2π(666.67)

to 2π(666.67) rad/s is shown in Figure 5.7. The test points are represented by “x” markers

for K1 and “o” markers for K2. Two y axes are present as values in K1 are much smaller

than that of K2.

Second degree polynomials as a function of electrical speed ωo in the following form

are fitted in a least square manner to each gain in matrices K1 and K2,

K1(1,1)

K1(1,2)

...

K1(1,6)

K1(2,1)

K1(2,2)

...

K1(2,6)

K2(1,1)

K2(1,2)

K2(2,1)

K2(2,2)



=



p′′1(1,1) p′1(1,1) p1(1,1)

p′′1(1,2) p′1(1,2) p1(1,2)

...
...

...

p′′1(1,6) p′1(1,6) p1(1,6)

p′′1(2,1) p′1(2,1) p1(2,1)

p′′1(2,2) p′1(2,2) p1(2,2)

...
...

...

p′′1(2,6) p′1(2,6) p1(2,6)

p′′2(1,1) p′2(1,1) p2(1,1)

p′′2(1,2) p′2(1,2) p2(1,2)

p′′2(2,1) p′2(2,1) p2(2,1)

p′′2(2,2) p′2(2,2) p2(2,2)



 ω2
o

ωo

1

 (5.59)

This is shown in Figure 5.7 where the line plot represents a second degree polynomial fit.

5.5 Gain-scheduled full state observer

The gain-scheduled full state-space feedback current controller requires feedback of dq

inverter currents iinvd, iinvq, dq filter output voltages vfd, vfq, and dq machine currents

imd, imq. To minimise the number of voltage and current sensors, a gain-scheduled full-

state observer is utilised to estimate voltages vfd, vfq and currents imd, imq.

The gain-scheduled full state feedback machine current controller with gain-scheduled

full-state observer are shown in Figure 5.8. The “ˆ” accent represents estimated values.

Consider the plant’s continuous state-space representation in (5.20 - 5.25) and observe
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Figure 5.7: Gain-scheduled K1 and K2 matrix parameters with respect to operating electrical
speed ωo, “x” and ”o” markers represent test points for matrix parameters of K1 and K2

respectively, line plots represent second degree polynomial fit.

that A (and with that, the system dynamics) vary with ωo. Consider the discrete state-

space matrices Az, Bz, and Ez in (5.31 - 5.33) are a function of A and therefore, also

vary with ωo.

Figure 5.8: Gain-scheduled full state feedback machine current controller with gain-scheduled
full-state observer.

The state-space representation of the observer is as follows,

zx̂ = Azx̂ + Bzu + Ezωo + GzCinv(x− x̂). (5.60)

The error dynamics of the observer is described by the poles of Az −GzCinv,

ze = z(x− x̂) = Az −GzCinv. (5.61)



5.5. GAIN-SCHEDULED FULL STATE OBSERVER 167

The total system discrete state-space representation consisting of the plant, the cur-

rent controller with integral action, and the observer is as follows,

z

xt︷ ︸︸ ︷ x

xI

x̂

 =

At︷ ︸︸ ︷ Az −Bz −BzK1

0 0 −K2CimTs

GzCinv −Bz Az −BzK1 −GzCinv


xt︷ ︸︸ ︷ x

xI

x̂



+

Bt︷ ︸︸ ︷ K2Ts

0

0

 ut︷︸︸︷
(y∗) +

Et︷ ︸︸ ︷ Ez

0

Ez

 dt︷︸︸︷
(d) ,

(5.62)

yt︷ ︸︸ ︷(
y

ŷ

)
=

Ct︷ ︸︸ ︷(
Cim 0 0

0 0 Cim

) xt︷ ︸︸ ︷ x

xI

x̂

 . (5.63)

MATLAB’s pole-placement function place, which utilises a robust pole assignment

algorithm described in [114], is used to determine the observer state-feedback matrix Gz

such that the poles pG of (Az −GzCinv) match that of desired poles p∗G. A general rule

of thumb is that the desired observer poles p∗G is set to be at least ×10 faster than the

dynamics of the controlled state (i.e. the machine currents).

Section 5.4.2 describes the process of gain-scheduling by second degree polynomial

fit applied to gain matrices K1 and K2. The same procedure is repeated for observer

state-feedback matrix Gz for a discrete set of electrical speed test points spanning the

machine’s operating range. Second degree polynomials as a function of electrical speed

ωo are fitted in a least square manner to each of parameters in Az, Bz, Ez, and Gz. This

process is completed for six electrical speed test points linear spaced between −2π(666.67)

to 2π(666.67) rad/s and is shown in Figure 5.9 and Figure 5.10. The “x” markers show

the test points and the line plots show the second degree polynomial fit.

The total system poles are determined from eigenvalues of (5.62) for three different

operating electrical speeds ωo and plotted in the z-domain as shown in Figure 5.11. The

poles at (0.9,0) correspond to the desired machine current closed loop dynamics of 250Hz

bandwidth. The observer poles were selected to be at least ×10 faster than that of the

machine current closed loop dynamics which, in this case, places them as a cluster at

centre of the unit-circle.
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Figure 5.9: State-space matrix values (a) Az and (b) Bz with respect to operating speed ωo,
“x” markers represent discrete test points, line plots represent second degree polynomial fit.
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Figure 5.10: State-space matrix values (a) Ez and observer state feedback gains matrix (b)
Gz with respect to operating speed ωo, “x” markers represent discrete test points, line plots
represent second degree polynomial fit.
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Figure 5.11: Poles of total system considering plant, controller, and observer plotted in z-
domain for different operating electrical speeds ωo.

5.6 Controller and observer simulation with switch-

ing model

Simulation results of the proposed gain-scheduled current control with state observer

scheme are presented here. The simulation is implemented in PLECS and Simulink. An
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Table 5.1: Controller and observer simulation with switching model and transmission line
parameters.

Rs 0.503Ω Rcs 0.785Ω Rfil 9mΩ
Ls 1.847mH Lcs 305.4uH Lfil 0.62mH
λm 25.1mWb Ccpg 90.17nF Cfil 5.27uF
p 5 fc 45kHz lc 10m

inverter switching model with sinusoidal PWM switching scheme is utilised. A distributed

transmission line models the long feeder cable. The simulation parameters are shown in

Table 5.1.

The real and estimated system’s states time series are plotted in Figure 5.12 for a

speed ramp from zero to 8000RPM and current command of i∗md = 0A, i∗mq = 7A at t =

0.02s. The estimated states track the real values closely. Reference tracking is achieved as

imd , imq tracks reference values i∗md, i
∗
mq. The corresponding phase voltage and currents

are shown in Figure 5.13. By comparing the source side phase voltage vfa, and machine

side phase voltage vma, it can be seen that no overshoot is present and transmission line

effects are mitigated.

Discrepancy is present between the observed and realised states and becomes more

pronounced as speed increases. This is due to a mismatch between the inverter output

voltage fundamental amplitude and the commanded dq voltage of the current controller.

It is proposed the modulation index can be scaled up as a function of speed to compensate

for this mismatch. Correction of this mismatch has not been investigated further.

5.7 Cascaded speed and position control loop

The proposed cascaded speed and position loop is shown in Figure 5.14 for nominal

operation. PI controllers with integral clamping are utilised for both speed and position

control. The machine speed is ωm, the reference crank arm position is θ, and machine

electromechanical torque is Tm. The “∗” superscript represent set points. The closed loop

torque/current controller dynamics are approximated by a first order transfer function

Gcc(s) of bandwidth bcc where,

Gcc(s) =
bcc

s+ bcc
. (5.64)

The speed control loop bandwidth is a tenth that of the current controller. The position

control loop bandwidth is a tenth that of the speed control loop.

A continuous PI controller of the following form is designed using bode plot analysis,

C(s) = Kp +Ki
1

s
. (5.65)

The machine speed open loop and closed loop bode plots are shown in Figure 5.15. The
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Figure 5.14: Cascaded speed and position loop for mechanical system.

open loop phase margin and cross over frequency are around 78deg and 42Hz respectively

for both nominal and faulted operation.
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The output of the PI controller is a torque command T ∗m. Torque command’s maxi-

mum absolute value is limited by the controller to that of the machine’s maximum torque.

Large changes in position set point can lead to significant accumulation of error in the

integrator, known as integrator windup. This effect causes excessive overshoot, oscilla-

tions and long settling times of both the controller output and system output during

the integral unwind period. Integral windup is particularly apparent in systems where

the input effort of the plant (in this case, the machines) saturates to a maximum limit.

To deal with integrator windup, clamping anti-windup is utilised as seen in Figure 5.16

where the input to the integral term is set to zero when the plant’s input effort saturates

(i.e. u 6= u∗) and the input effort u and error e have the same sign (i.e. u× e > 0) [115].

Figure 5.16: PI controller with integral clamping anti-windup.

The outer position loop is then designed. The speed closed loop transfer functions

Gnom(s) and Gflt(s) are considered from which the plant models Lnom(s) and Lflt(s) for
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which the position loop control is designed.

Lnom(s) =
θ(s)

Tm(s)
=

(
C(s)Gcc(s)Gnom(s)

1 + C(s)Gcc(s)Gnom(s)

)(
1

2(kkact)

)
, (5.66)

Lflt(s) =
θ(s)

Tm(s)
=

(
C(s)Gcc(s)Gflt(s)

1 + C(s)Gcc(s)Gflt(s)

)(
1

kkact

)
. (5.67)

The closed loop speed transfer function is multiplied by a free integrator to determine

position from speed and then scaled by the product of the gear ratios to determine

actuator crank arm position angle θ as shown.

A PI position controller is designed considering the described nominal plant model.

The position loop’s open loop transfer function’s cross over frequency is a tenth that of

speed loop’s. As with the speed controller, integrator clamping is also utilised.

The mechanical system response for actuator arm position, slider positions, and ma-

chine speed for the cascaded speed-position control loops are shown in Figure 5.17. The

actuator position set point started from fully extended to fully retracted. The current,

speed, and position controller bandwidths are 450Hz, 45Hz, and 4.5Hz respectively. The

phase margin for both speed and position control loops were set at 80◦. The time it

takes to reach the desired positions are 13.7s and 26.5s for nominal and faulted operation

respectively. The absolute speed limit of 8000RPM is set for the machine.

5.8 Conclusion

This chapter presented a discrete state feedback gain-schedule LQR current controller

for the distributed topology. The objective of the current controller is to control the

machine’s current by appropriate adjusting the voltage command of the inverter. The

LC filter in the distributed topology is required to reduce the inverter’s output voltage’s

dv/dt such that transmission line and voltage overshoot does not occur on the load side,

and to ensure MIL-STD-704F’s distortion spectrum is adhered to. However, the LC

filter is inherently a resonator. A control scheme is required to ensure machine current is

controllable and the inherent resonance of the LC filter is dampened.

The electrical system’s dq equivalent circuit considering the inverter, LC filter, ca-

ble, and machine was presented from which the discrete state-space representation was

derived. The cable is modelled by a single-branch γ-type lumped parameter circuit. Ref-

erence tracking was realised using state-feedback with integral action. Gain tuning for

desired closed-loop performance steady state tracking and bandwidth was done through

minimisation of LQR based performance error cost function using pattern search. An ob-

server was implemented to estimate machine side voltages and currents. Gain scheduling

for both the state feedback controller and observer was implemented using second order

polynomials as a function of electrical speed.
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Figure 5.17: Mechanical system response for actuator arm, slider positions, and machine
speed with respect to time for nominal and faulted operation.

The designed controller is simulated in MATLAB Simulink and PLECS with switching

inverter model. Sinusoidal switching was utilised. The controller is stable and dynamic

performance was achieved for a constant current command during a speed ramp. Discrep-

ancy was present between the observed and actual machine current. This is due to the a

mismatch between commanded voltage output of the current controller and the achieved

voltage output of the inverter. This discrepancy increased with electrical speed. This

issue can be resolved by a speed dependent compensation method however, a solution

was not pursued further.
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Chapter 6

Drive level - high-frequency

6.1 Overview

In this chapter, high-frequency modelling of the designed electric drive system of chapter

4 is presented. High-frequency modelling is not directly integrated in the optimal electric

drive design and sizing process as simulations are relatively computational demanding.

What is considered high-frequency and what related phenomenons of interest is discussed

as follows.

High frequency drive level analysis considers electrical dynamics equal to or greater

than the inverter switching frequency. Particular focus is placed on modelling transmis-

sion line phenomenon. Switched voltages with high dv/dt i.e. short rise times and fall

times, applied on long feeder cables, whose surge impedance matches poorly with that

of the machine, can cause high-amplitude high-frequency voltage oscillations throughout

the cable, at the machine terminals, and extending into the first few turns of the ma-

chine windings. Analysis of this phenomenon can inform a designer for a given system,

topology, rise/fall time, cable properties, cable length, and load impedance:

� If transmission line phenomenon poses an issue with load side over-voltage. For

example, if a short feeder cable is used, transmission line phenomenon may not be

of a concern and additional filtering or voltage shape conditioning does not need to

be added.

� If transmission line phenomenon does pose an issue, what filter solution can be used

to deal with this issue. Increasing the rise and fall time on the source side can also

reduce the over-voltage phenomenon.

� Can the distance between the switched inverter and the load be reduced such that

the assumption of short transmission line length is sufficient.

Consider a given candidate electric drive design consisting of inverter, transmission

line cable, and machine. Each component has been designed by their respective sizing

methods. Each component design, as defined by their geometry, material, electrical

175
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parameters, and characteristics are known and set. From each component’s design, a

corresponding high frequency model can be synthesized. Each component high frequency

model is combined to synthesize a drive level high frequency model. The high frequency

model consists of the source (which models inverter switching characteristics), output

filter (if present), and transmission line (which models the feeder cable), and load (which

represents the machine impedance). How these are modelled and represented is shown in

the following sections.

The analysis and calculations are done predominately in the frequency domain. Each

voltage pulse of the inverter’s output is approximated as a trapezoidal waveform from

which the Fourier expansion coefficients are derived, and the spectra is determined. The

cable’s impedance characteristics as a function of frequency is derived from FEA and

modelled as a single line transmission line. Parameters of a per-turn equivalent circuit of

the machine winding are determined using FEA.

Given the input voltage waveform’s Fourier expansion coefficients and the impedance

characteristics of the cable and the load, the load side voltage waveform’s Fourier expan-

sion coefficients are derived. Then the load side voltage is plotted in the time domain.

Note on output filter requirement: For a centralised topology whereby the switched

inverter is located centrally (e.g. in the fuselage) and connected to the machine that is

located at the point of actuation (e.g. on the wing), a sine-wave output filter must be used

to ensure MIL-STD-704F’s distortion spectrum and power quality limits are respected.

Thus, the applied inverter side voltage on the cable is sinusoidal, its effective dv/dt is

low and transmission line effects can be ignored.

6.2 Single-line transmission line model

Consider any conventional three-phase two-level inverter switching scheme. At any

switching instance, two of the three-phases are connected to one polarity of the DC-

link while the remaining phase is connected to the opposite polarity. At this instance,

the three-phase output inverter can be considered as a two port source as two phases are

effectively shorted together. Similarly, a single-line transmission line model is used to

represent the feeder cable where the two parallel lines connected to the same polarity are

lumped into one line. The load impedance of the three-phase machine is also simplified

to a two-port equivalent impedance. Thus, each switching instance of a two-level three-

phase inverter is modelled by a voltage pulse applied on the source side of a single-line

transmission line model and equivalent load impedance.
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6.2.1 Source

Each individual voltage pulse of the inverter output is represented as a trapezoidal wave-

form defined by rise time τr, fall time τf , period T , pulse width τ and amplitude A

[116]. The duty cycle d is equal to τ/T . The base frequency in radians is ω0 = 2π/T .

The trapezoidal waveform’s Fourier series expansion coefficients cn at harmonic n are as

follows,

cn =
A

T (jnω0)2

(
1

τr

(
1− e−jnω0τr

)
+

1

τf

(
e
−jnω0

(
τ+

τr+τf
2

)
− e−jnω0

(
τ+

τr−τf
2

)))
. (6.1)

The amplitudes of the Fourier series expansion coefficients are plotted in Figure 6.1

for a switching frequency f0 of 15kHz, DC bus of 270V, duty cycle of 0.4 and for different

combinations of rise time τr and τf .

Figure 6.1: Spectrum of symmetric and asymmetric trapezoidal waveform for f0 = 15kHz, d
= 0.4, A = 270V.

The amplitude of the Fourier series expansion coefficients fall within a maximum

magnitude spectrum envelope Etrap. For symmetrical trapezoidal waveforms (i.e. rise

and fall time are equal) it is expressed as a function of the switching frequency and

inverse of the rise time,

Etrap = 2A
τ

T

∣∣∣sinc
(
πτ

n

T

)∣∣∣ ∣∣∣sinc
(
πτr

n

T

)∣∣∣ . (6.2)

For short duty cycles where,
1

πτ
>

2π

T
, (6.3)

τ <
T

2
, (6.4)

the spectrum envelope would have a slope of 0dB/decade from the f0 to associated

frequency 1
πτ

as shown by the blue line in Figure 6.2. An envelope slope of -20dB/decade

exists between 1
πτ

and 1
πτr

. An envelope slope of -40dB/decade exists beyond 1
πτr

.
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For longer duty cycles such that τ > T
2
, the envelope starts with a -20dB/decade slope

at switching frequency 1
πT

which continues up to 1
πτr

and -40dB/decade slope beyond 1
πτr

.

This is shown by the red line in Figure 6.2.

Increasing the switching frequency and decreasing the rise time pushes this envelope

to the right, thus increasing the high frequency harmonics. With the adoption of SiC

inverters comes faster switching, steeper switched voltage wave-fronts, and thus, higher

frequency harmonics.

Figure 6.2: Fourier series expansion coefficient maximum magnitude envelope for symmetrical
trapezoid waveform, blue line where τ < T

2 , red line where τ > T
2 .

6.2.2 Differential mode model

Single-line lumped parameter multi-branch network models are used to model three-

phase transmission line effects. The following lumped parameter multi-branch Γ-type

transmission line model is considered as shown in Figure 6.3. Each Γ-type branch consists

of series resistance Rdm, series inductance Ldm and line to reference capacitance Cdm,

Rdm(ω) =
R′dmlc
N + 1

, (6.5)

Ldm(ω) =
L′dmlc
N + 1

, (6.6)

Cdm =
C ′dmlc
N

, (6.7)

where R′dm, L′dm, and C ′dm are per unit length series resistance, series inductance, and

line to reference capacitance, and N is the number of branches. The voltage source v0

represents the trapezoidal voltage waveform. The voltage across the load is vLdm.

As frequency increases, current density near the conductor outer boundary increases

while current density in the centre reduces due to the skin effect and proximity effect.
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With that, resistance increases and inductance decreases. These non-linear effects need

to be considered in the analysis as both Rdm and Ldm are a function of ω.

Figure 6.3: Γ-type single-line transmission line model.

The relationship between the source side voltage v0 and the node voltages from 1 to

N is presented in matrix form as follows for conductance terms Gs, Gg, and Gl,

(Gg
Gs

+ 2) −1 0 0 0

−1 (Gg
Gs

+ 2) −1 0 0

0
. . . . . . . . . 0

0 0 −1 (Gg
Gs

+ 2) −1

0 0 0 −1 (Gg+Gl
Gs

+ 1)





v1

v2

...

vN−1

vN


=



v0

0
...

0

0


, (6.8)

Gs =

(
1

R′dm + jωL′dm

)(
N + 1

lc

)
, (6.9)

Gg = jωC ′dm

(
N

lc

)
, (6.10)

Gl =
1

Zldm
. (6.11)

Node voltage vector of v1 to vN is solved by multiplying the inverse of the conductance

matrix with input voltage vector as follows,

v1

v2

...

vN−1

vN


=



(Gg
Gs

+ 2) −1 0 0 0

−1 (Gg
Gs

+ 2) −1 0 0

0
. . . . . . . . . 0

0 0 −1 (Gg
Gs

+ 2) −1

0 0 0 −1 (Gg+Gl
Gs

+ 1)



−1

v0

0
...

0

0


. (6.12)

Knowing vN , an expression for vLdm is derived,

vLdm = vN

(
ZLdm

Rdm + jωLdm + ZLdm

)
. (6.13)

Consider the trapezoidal waveform’s Fourier series expansion coefficients cn of funda-

mental frequency f0 at harmonic n as described by (6.1). For v0 = 1, vLdm is solved at

each harmonic of frequency nf0. This is plotted in blue as shown in Figure 6.4. Coeffi-

cients cn are plotted in orange. Coefficients cn are then multiplied by vLdm to determine
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the load side voltage’s Fourier series expansion coefficients and are plotted in yellow. The

influence of vLdm’s resonant peaks on the trapezoidal spectrum’s coefficients cn is shown

on the resultant cnvLdm plot.
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Figure 6.4: Bode response plot of source side to load side voltage vLdm, source side trape-
zoidal waveform’s Fourier expansion coefficients cn, and resultant product of cnvLdm for a 10m
long cable, fundamental frequency of f0 = 20kHz, DC bus voltage of A = 100V, source side
trapezoidal rise time τr = 0.03us and fall time τf = 0.08ns.

The respective time series a(t) of Fourier series expansion coefficients an is determined

as follows,

a(t) =
1

2
a0 +

∞∑
n=1

|an| cos (2πnf0t+ ∠(an)) . (6.14)

The time series of load side voltage response for a source side trapezoidal voltage

input is determined and plotted as shown in Figure 6.5. For the reader’s convenience, the

amplitude A of the source side trapezoid is set to 100 so the percentage voltage overshoot

on the load side can be easily determined. Here, the load side voltage peaked at a value

of 98.8% greater than that of the source side voltage’s amplitude.

6.3 Transmission line model parameter extraction

In this section, the method to determine the variation of line resistance and inductance

of cables with frequency due to skin effect and proximity effect is described. Analytical

methods of determining the cable parameters were initially considered. Equations for

three-phase cable series resistance considering proximity effect and skin effect have been

found [117]. Equations for per phase line inductance for high and low frequency conditions

have been found [118]. Phase-to-ground and phase-to-phase capacitance expressions as

derived using the mirror image method have been found for three conductors within a

round shield [118].

However, large discrepancies were observed between reviewed analytically determined

and their respective measured values. The main limitation of the reviewed analytical
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Figure 6.5: Time series of source side and load side voltages for a 10m long cable, fundamental
frequency of f0 = 20kHz, DC bus voltage of A = 100V, source side trapezoidal rise time τr =
0.03us.

equations is their approximation of each cable’s phase conductor to that of a single solid

homogeneous cylinder. In reality, the conductors are stranded, consisting of numerous

individual smaller solid cylinders. At high frequencies, the current density increases at

the outer boundaries of each conductor. Thus, precise representation of these outer

boundaries of each cable phase conductor is critical to the accurate determination of

resistance and inductance variation with frequency due to skin and proximity effect.

Phase-to-ground and phase-to-phase capacitance equations for three conductors assuming

a lumped continuous shield can be inaccurate as the shield in real three-phase cables tend

to be stranded as shown in Figure 6.6. For these reasons, FE methods are preferred and

have been used in the determination of cable parameters.

(a) Lumped continuous shield. (b) Stranded shield.

Figure 6.6: Lumped continuous shield and stranded shield representation.

FEMM was used to calculate the equivalent resistance and inductance of a metre long

portion of cable connected in a three-phase differential mode arrangement as shown in

Figure 6.7 where IA stands for impedance analyser.

The governing equations for this analysis are as follows. For a steady-state operating
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Figure 6.7: Cable differential mode single phase measurement arrangement.

frequency, the magnetic vector potential A is represented as,

A = Re[a(cos(ωt) + j sin(ωt))], (6.15)

where a is the magnetic vector potential magnitude. FEMM solves the governing har-

monic magnetic problem,

∇×
(

1

µeff (B)
∇× a

)
= −jωσa+ Ĵsrc + σ∇V, (6.16)

where µeff is the effective permeability, B is the flux density, σ is the conductivity, Ĵsrc

is the phasor transform of the applied current source [119].

The resultant flux and current density plots at three different frequencies, determined

using FEMM, are shown in Figure 6.8. At low frequency, current density is evenly

distributed throughout the conductors. As frequency increases, current density increases

at the outer boundary of each conductor, and decreases in the middle of the conductors

due to skin and proximity effect. In the absence of current density in the centre of the

conductors at high frequency, flux density reduces, leading to a reduction in inductance.

The FEE calculated PUL common mode three-phase equivalent capacitance C ′eq,cm3ph

is 977pF/m. The FEE calculated PUL common mode single phase equivalent capacitance

C ′eq,cm1ph is 416pF/m. The PUL phase to ground, phase to phase, single-line equivalent

differential mode, and single-line equivalent common mode capacitances C ′g, C
′
m, C ′cm can

be determined as follows,

C ′g =
C ′eq,cm3ph

3
, (6.17)

C ′m =
C ′eq,cm1ph − C ′g

2
, (6.18)

The equivalent three-phase cable capacitance network is shown in Figure 6.9. It

consists of the three conductors and the shield.

Cable phase-to-phase and phase-to-ground capacitance are determined using finite

element electrostatics (FEE). The electrostatic potential plots are shown in Figure 6.10,

for the given XL-ETFE insulator’s dielectric constant of 2.6.

For cable conductor’s gauges AWG#10 to AWG#24, the equivalent three-phase differential-

mode per unit length cable resistance and inductance with respect to frequency is de-
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Figure 6.8: Flux density |B| and current density |J | plots for different frequencies of M27500-
10SD3T23 cable’s cross section in three-phase differential model arrangement determined using
FEMM.

Figure 6.9: Equivalent three-phase cable capacitance network.

termined using FEM. These results are shown in Figure 6.11. The equivalent per unit

length common-mode three-phase and single-phase cable capacitance is determined for

cable conductor’s gauges in Table 6.1. It is assumed that phase insulation outer and inner

layer thickness, shield strand diameter and all component material properties remain the

same for all cable gauges.
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(a) Common mode three-phase. (b) Common mode single phase.

Figure 6.10: Finite element electrostatic voltage plot for common mode three-phase and single
phase arrangements of M27500-10SD3T23 cable.
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quency for three-phase differential mode cable arrangement for different conductor gauges.
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Table 6.1: Per unit length FEE determined cable capacitance with respect to cable gauge.

AWG Stranding (No. × mm) C ′eq,cm3ph (pF/m) C ′eq,cm1ph (pF/m)

10 37 × 0.40 770.7 367.0
12 37 × 0.32 691.0 308.2
14 37 × 0.25 571.2 260.3
16 19 × 0.30 521.6 233.5
18 19 × 0.25 452.4 201.8
20 19 × 0.20 379.8 167.0
22 7 × 0.25 324.7 143.9
24 7 × 0.20 270.5 119.6

6.4 High-frequency machine model

A three-phase non-salient permanent magnet machine’s common mode and differential

mode impedance is experimentally determined using an impedance analyser under the

measurement arrangement shown in Figure 6.12 where IA stands for impedance analyser.

(a) Common mode. (b) Differential mode.

Figure 6.12: Three-phase permanent magnet machine’s common mode and differential mode
impedance measurement arrangements.

However a physical machine from which one can measure the DM and CM equivalent

impedance with respect to frequency is of course not available during preliminary design

stage. Thus, methods of determining DM and CM equivalent impedance up to/beyond

10MHz from machine geometry, material data, and operating point need to be investi-

gated and developed. Broadly speaking, these methods can fall into one of two categories,

analytically/mathematically or finite element analysis FEA.

It has been shown in section 4.6 that equivalent per phase resistance and inductance

can be determined analytically for low frequencies. However this method is not appropri-

ate for determination of high frequency resistance considering skin effect, proximity effect,

and complex geometry. As frequency increases, resistance increases and inductance re-

duces. Equivalent turn-to-ground, turn-to-turn, and coil capacitance can be determined

for form-wound windings with tight packing. However, it cannot determine equivalent ca-

pacitance terms for randomly distributed windings or assess how significant the variance

is on the equivalent DM and CM impedance.

Thus, the focus of determining HF impedance is FEA based. A per turn equivalent

circuit is presented for which the parameters would be determined using FEMM.
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6.4.1 Machine winding per-turn equivalent circuit

The per turn equivalent circuit of turn 1 of a coil is shown in Figure 6.13. The turn-

to-stator winding is presented by C1.0. The per turn frequency dependent variation of

the resistance and inductance is modelled by the three parallel RL branches consisting of

{Rl1, Ll1}, {Rl2, Ll2}, and {Rl3, Ll3}. The per turn eddy current loss resistor is represented

by Ret. The inter-turn capacitance between turn 1 and turn 2 is C1.2 and between 1 and

3 is C1.3. This extends to any inter-turn capacitance between turn n and m for Cn.m.

Figure 6.13: Equivalent machine winding per-turn network.

Each turn’s {Rl1, Ll1}, {Rl2, Ll2}, {Rl3, Ll3}, and Ret is approximated to be equal.

How these terms are determined and the justification for approximation is explained in

section 6.4.2. The inter-turn and turn-to-stator capacitances is determined for a given

stator geometry and conductor placement and is presented in section 6.4.3.

6.4.2 Per-turn resistance and inductance

The per turn resistance and inductance with respect to frequency is determined using

FEMM magnetodynamic analysis for given stator and rotor geometry, material data,

winding scheme and conductor definition.

Instead of explicit conductor representation in a coil, each wound coil and its conduc-

tors as a whole is represented as a continuum via an equivalent foil approach [120, 121].

This is both for the sake of simplicity and to improve computational efficiency by reduc-

ing the number of mesh finite elements to solve. This approach determines the equivalent

conductivity and permeability of a region filled with packed round wires, from which skin

and proximity effects can be considered in the magnetodynamic field computation.

Three circuits, A, B, and C are defined, representing each phase. Circuit A’s current

magnitude a is set to 1A, while the magnitude of B, and C are both set to -0.5A. Each

phase circuit’s phasor voltage V̄A,B,C is determined with respect to frequency. Knowing

each phase circuit’s phasor voltage and current, the complex impedance is determined of
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which its real term equates to an equivalent per phase resistance RA,B,C and imaginary

term equates to the product of equivalent inductance LA,B,C and ω,

V̄A,B,C(ω)

ĪA,B,C(ω)
= Z̄A,B,C(ω) = RA,B,C(ω) + jωLA,B,C(ω). (6.19)

The equivalent differential mode impedance Z̄DM(ω) is of the following sum,

Z̄DM(ω) = Ra(ω) +
Rb(ω)Rc(ω)

Rb(ω) +Rc(ω)
+ jω

(
La(ω) +

Lb(ω)Lc(ω)

Lb(ω) + Lc(ω)

)
. (6.20)

FEMM determined Z̄DM(ω) for 12s/10p machine is shown in Figure 6.14 for which

its real, imaginary, and calculated inductance are plotted with respect to frequency. As

frequency increases, resistance increases, and inductance decreases due to skin effect,

proximity effect, and core losses.
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Figure 6.14: FEMM determined real, imaginary impedance and inductance with respect to
frequency for 12s10p HEMAS machine.

The per turn equivalent impedance Z̄t as a function of frequency is determined from

the Z̄DM as follows,

Z̄t(ω) =
2

3Nph

Z̄DM(ω). (6.21)

Next, parameters {Rt1, Lt1}, {Rt2, Lt2}, and {Rt3, Lt3} of the three RL parallel branch

that model Z̄t(ω) need to be determined. This is done using a technique known as vector-

fitting [122] [123] which determines a rational least squares approximation Yfit(s) of a

frequency response Y (s) of the following form,

Y (s) ≈ Yfit(s) =
N∑
m=1

cm
s− am

+D + sE, (6.22)

where cm and am are residues and pole respectively and D and E are constants to be
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fitted. For the presented case, N = 3.

Next, passivity of the admittance’s rational approximation Yfit(s) in pole-residue form

is enforced [124]. Passivity implies that the real part of its eigen values are positive for

all frequencies,

eig(Re{
N∑
m=1

cm
s− am

+D + sE}) > 0. (6.23)

Passivity enforcement ensures that any energy applied by a voltage would be absorbed,

ensuring stable simulation.

Passivity enforcement is done by minimum variation of difference ∆Y to the original

model,

∆Y =
N∑
m=1

cm
s− am

+D + sE ≈ 0. (6.24)

while ensuring real part of eigenvalues are positive as governed by (6.23).

Passive admittance in pole-residue form as expressed in (6.22) is synthesised into an

equivalent RLC circuit as shown in Figure 6.15 where,

Rm = −am/cm, (6.25)

Lm = 1/cm, (6.26)

RD = 1/D, (6.27)

CE = E. (6.28)

Figure 6.15: RLC equivalent circuit from vector fitting admittance.

The FEMM determined differential mode complex admittance as calculated from

Figure 6.14 is vector-fitted for N = 3, D = 0, and E = 0. The parameters of an

equivalent RL parallel ladder are determined and shown in Table 6.2.

The per turn RL parameters {Rt1, Lt1}, {Rt2, Lt2}, and {Rt3, Lt3}, is determined from

the respective differential mode RL fitted parameters {R1, L1}, {R2, L2}, and {R3, L3}
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Table 6.2: Vector-fitted RL parameters for FEMM determined differential mode complex
admittance

Subscript xm=1 xm=2 xm=3

x = R 1689 929 0.368
x = L 0.00495 0.0549 0.00205

by scaling the differential mode parameters by 2/(3Nph), where Nph is the number of

turns per phase.

Rtm|m=1...N =
2

3Nph

Rm|m=1...N , (6.29)

Ltm|m=1...N =
2

3Nph

Lm|m=1...N . (6.30)

6.4.3 Inter-turn and turn-to-stator capacitance

Consider the conductor turns of a coil in a stator slot. For any given conductor turn of

index n, parasitic capacitance is present between itself and the stator slot wall of value

C0.n, and between itself and other conductor of index m of value Cn.m. Trivially, Cm.n =

Cn.m. All conductor turns’ turn-to-stator and inter-turn capacitances is represented as a

capacitance matrix and determined for given slot geometry, conductor turn placement,

conductor geometry, and material data using electrostatic FEA.

FEMM is used to solve the electrostatic field problem. The governing electric field

[119] equation for which the program solves for voltage V , charge density ρ and electric

permittivity ε is,

−ε∇2V = ρ. (6.31)

A system with three conductors surrounded by a grounded box as shown in Figure 6.16

is used to explain the capacitance matrix solving method. The conductors are analogous

to coil conductors and the grounded box is analogous to the stator slot wall. The circular

conductors are indexed 1, 2, and 3. The inter-conductor capacitances are C1.2, C1.3, and

C2.3. The conductor to ground capacitances are C0.1, C0.2, and C0.3.

Given relationship Q = CV , the net charge Q on each conductor of a voltage V is,Q1

Q2

Q3

 =

C0.1 + C1.2 + C1.3 −C1.2 −C1.3

−C1.2 C0.2 + C1.2 + C2.3 −C2.3

−C1.3 −C2.3 C0.3 + C1.3 + C2.3


V1

V2

V3

 (6.32)
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Figure 6.16: Three conductor in grounded box example with labelled inter-conductor and
conductor to ground capacitances.

A matrix G is defined as inverse of matrix C,

G11 G12 G13

G21 G22 G23

G31 G32 G33

 ,

C0.1 + C1.2 + C1.3 −C1.2 −C1.3

−C1.2 C0.2 + C1.2 + C2.3 −C2.3

−C1.3 −C2.3 C0.3 + C1.3 + C2.3


−1

.

(6.33)

An expression of V with respect to G and Q is made,V1

V2

V3

 =

G11 G12 G13

G21 G22 G23

G31 G32 G33


Q1

Q2

Q3

 (6.34)

The conductor charge excitations are set as follows,(
Q1 Q2 Q3

)T
=
(

1 0 0
)T

(6.35)

Substituting (6.35) into (6.34) gives,V1

V2

V3

 =

G11 G12 G13

G21 G22 G23

G31 G32 G33


1

0

0

 . (6.36)

Voltages V1, V2, and V3 are solved using FEMM for Q1 = 1, and Q2 = Q3 = 0. Thus,

the following G matrix terms is equated to the voltage vector,(
G11 G12 G13

)T
=
(
V1 V2 V3

)T
. (6.37)

This process is repeated by setting the charge of each conductor equal to 1 coulomb

and the other conductors to zero. The voltage of all conductors are determined us-
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ing FEMM, and each row of the G matrix is solved. For charges
(
Q1 Q2 Q3

)T
=(

0 1 0
)T

, G parameters are solved by equating
(
G21 G22 G23

)T
=
(
V1 V2 V3

)T
.

For charges,
(
Q1 Q2 Q3

)T
=
(

0 0 1
)T

, G parameters are solved by equating,(
G31 G32 G33

)T
=
(
V1 V2 V3

)T
Once all terms of G are determined, capacitance

matrix terms C is determined using (6.33).

This capacitance matrix solving technique is demonstrated on the 12s/10p HEMAS

machine. Each of its three-phases consists of two concentrated coils with 46 turns per

coil. Each coil occupies two slots exclusively. The per slot geometry has been provided as

shown in Figure 6.17. The slot-liner material is 0.2mm insulation paper with a dielectric

constant of 3.0. The wire’s inner and outer diameters are 0.95mm and 1.0mm respectively.

Conductors were uniformly randomly distributed within the slot region. This is done

using a random number generator to generate a series of candidate conductor centre

coordinates. The geometric constraint criterion by which eligible conductor centre coor-

dinates are selected are that the distance between centres are greater than that of the

conductor’s outer diameter and the centre’s perpendicular distance to the slot-liner inner

wall is greater than that of the conductor’s outer radius. What this does is that it ensures

conductors don’t overlap with each other or with the boundary wall.

The outer boundary’s voltage is set to zero. The charge of one conductor is set to 1

coulomb while the charge of the other conductors are set to 0. The geometric depth of the

problem is set equal to the machine’s stack length Lstk. The electrostatic field problem is

solved, the voltage of each conductor is determined using FEMM and the corresponding

row of G matrix’s parameters are solved. This is repeated for all conductor until all rows

of G are solved. The capacitance matrix is then determined by inversion of G from which

all conductors’ inter-turn and turn to stator capacitances is equated.

Figure 6.17: Resultant voltage field plot of conductor filled stator slot where charge of one
conductor is set to 1 coulomb.

The conductor capacitance values determined in Figure 6.17 relate to a single slot of

depth equal to that of the stack length. One turn consists of two in-slot portions and two
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end-winding portions. Thus, to determine the equivalent turn-to-stator capacitance, the

conductor turn-to-stator capacitance is simply doubled. The inter-conductor capacitance

is multiplied by lmlt/Lstk to get the inter-turn capacitance where lmlt is the mean length

per turn.

The results of the turn to stator and inter-turn capacitances are shown in Figure

6.18. The diagonal represents turn to stator capacitance values C0.1, C0.2 . . . C0.46. All

off-diagonal values are inter-turn capacitances. Note the symmetry of the off-diagonal

parameters as Cn.m = Cm.n.

5

10

15

20

25

30

35

40

45

C
o

n
d

u
c
to

r 
in

d
e

x

5 10 15 20 25 30 35 40 45

Conductor index

Turn to stator and inter-turn capacitances (F)

2

4

6

8

10

12

14

16

18

10
-12

Figure 6.18: FEMM determined turn to stator (diagonal) and inter-turn (off-diagonal) capac-
itances.

6.4.4 Eddy current resistor

Per turn eddy current losses are represented by the resistor Ret. Methods of determining

this experimentally have been investigated in [25]. An empirical power fit of equivalent

eddy current resistance vs. machine power rating was derived for the following per phase

HF equivalent circuit as shown in Figure 6.19.

Figure 6.19: Per-phase equivalent circuit considering eddy current resistor [25].

The equivalent eddy current resistor of this machine is determined using vector-fitting

of measured differential mode impedance. The RLC equivalent circuit of Figure 6.15 is
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assumed. Observe the similarities between this circuit and that presented in [25]. Both

have an RL circuit in parallel with an eddy current resistor and terminal-to-terminal

capacitance.

For three RL branches, the following parameters were determined from RLC equiv-

alent circuit in Figure 6.15 by vector-fitting and shown in Table 6.3. The vector-fitted

impedance is plotted alongside the measured data with respect to frequency in Figure

6.20.

Table 6.3: Vector-fitted RL parameters for measured differential mode impedance.

R1 1689Ω L1 4.95mH
R2 929.4Ω L2 54.88mH
R3 0.368Ω L3 2.05mH
RD 1174Ω CE 121.56pF
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Figure 6.20: Vector-fitting of measured differential mode impedance.

The per turn eddy current resistor Ret is determined from vector fitted RD as follows,

Ret = RD
2

3Nph

. (6.38)

Here, Nph is 92.

6.4.5 HF machine model from measurement

If the considered machine under test has been physically realised/built, its differential

and common mode impedance can be measured and an equivalent high-frequency circuit

can be used to model it. The considered high-frequency equivalent circuit non-salient
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permanent magnet machine model is shown in Figure 6.21 and is presented in [26]. It

builds upon the conventional low-frequency per-phase equivalent circuit by adding param-

eters to model high-frequency impedance characteristics. The per-phase low-frequency

equivalent circuit portion consists of stator resistance Rs, magnetising and leakage in-

ductances LM and Lls respectively, and a back-EMF term K sin(ωr + φ) where K is the

back-emf constant, ωr is the rotor electrical speed and φ is the rotor’s electrical position.

The high-frequency impedance is modelled by phase inter-turn winding capacitance Csw,

mid-frequency stator resistance Rswm, high-frequency stator resistance Rswh, effective HF

stator inductance ηLss where Lss is the sum of LM and Lls, and effective stator-to-frame

capacitances and resistances Csf and Rsf respectively. The ports a, g, and n represent

phase input, grounded frame, and neutral respectively.

Figure 6.21: Per phase high frequency permanent machine model. [26]

The per-phase high frequency permanent machine model’s parameters were fitted to

measured differential mode and common mode plots in a least square manner [125] using

particle swarm optimisation. The fitness function ferror to be minimised is the sum of

integral of the absolute errors between measured and fitted common mode and differential

mode impedances ecm and edm across the considered frequency range f1 to f2 such that,

ferror =

∫ f2

f1

|ecm|df +

∫ f2

f1

|edm|df. (6.39)

The measured and fitted differential mode and common mode impedance plots of a

1kW test machine is shown in Figure 6.22. The machine’s phases are connected in star.

6.5 Experimental validation

Experiments to validate the high frequency cable model, common- and differential-mode

impedance models of the machine are presented in this section. Details of the experimen-

tal hardware is shown in section 4.6.10.1.
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Figure 6.22: Measured vs. fitted differential mode and common mode impedance.

6.5.1 Cable

The FE cable parameter extraction process is demonstrated on the M27500-10SD3T23

three-phase 10AWG shielded aerospace cable, the cross section of which is shown in

Figure 6.23 and its dimensions and material construction are shown in Table 6.4 and 6.5

respectively. The FE calculated values are then compared with measured values.

Figure 6.23: M27500-10SD3T23 10AWG cable cross section.

The equivalent three-phase differential mode per unit length (PUL) cable resistance

and inductance as a function of frequency are calculated using FEMM for both the

stranded shield and lumped continuous shield. The results are plotted against measured

values in Figure 6.24. Resistance increases with frequency due to skin and proximity

effect, while inductance decreases. Explicit strand representation of the shield leads to

more accurate three-phase DM PUL FEMM determined resistance and inductance values
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Table 6.4: M27500-10SD3T23 10AWG dimensions.

Parameter Value
No. of conductors 3
No. of strands per conductor 37
Conductor strand diameter 0.4mm
Conductor outer insulation thickness 0.18mm
Conductor inner insulation thickness 0.26mm
Conductor diameter with insulation 3.4mm
Screen strand thickness 0.1mm
Outer jacket thickness (single layer) 0.3mm

Table 6.5: M27500-10SD3T23 10AWG materials.

Component Material
Conductor outer insulation XL-ETFE
Conductor inner insulation XL-ETFE
Outer jacket XL-ETFE
Conductor Tin-coated copper

compared to that of a simplified lumped continuous screen representation.
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Figure 6.24: Per unit length FEM-calculated vs. measured resistance and inductance with
respect to frequency for three-phase differential mode cable arrangement.

These capacitances were calculated from two different measurement arrangements,

common mode three-phase and common-mode single phase as shown in Figure 6.25.

C ′g and C ′m have been determined and compared with measured values in Table 6.6.

The percentage error is calculated as the ratio of the difference of the calculated value

and the measured value to the measured value.
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(a) Common mode three-phase. (b) Common mode single phase.

Figure 6.25: Cable common mode three-phase and single phase measurement arrangements.

Table 6.6: Per unit length measured and FEE determined cable capacitances for M27500-
10SD3T23 cable.

PUL Measured (pF/m) FEE stranded screen (pF/m) FEE lumped screen (pF/m)
C ′eq,cm3ph 770.7 814.4 (5.7%) 977.7 (26.9%)

C ′eq,cm1ph 367.0 367.6 (0.1%) 412.6 (12.4%)

C ′g 256.9 271.5 (5.7%) 325.9 (26.9%)
C ′m 905.3 916.1 (1.2%) 1042.4 (15.1%)

6.5.2 Differential mode and common mode machine impedance

The considered the machine for analysis is the HEMAS-SL, its details are shown in

4.6.10.2. The differential and common-mode impedance was determined using an impedance

analyser. The calculated and experimentally determined differential and common mode

impedances are plotted with respect to frequency alongside their respective measured

impedances in Figure 6.26. Good match is observed for the measured and calculated dif-

ferential mode impedance first resonant frequency at 0.61MHz and 0.67MHz respectively.

Calculated DM impedance amplitude at frequencies greater than the first resonance is

overestimated. The common mode impedance amplitude is overestimated for frequencies

below that of the first anti-resonance point of 1MHz but matches closer for values beyond

its first resonance point of 2MHz.

6.5.3 High frequency cable and machine model - time domain

comparison

The calculated and measured differential mode voltages of both source and load side for

10m long cable have been plotted in Figure 6.27. For the calculated response, the finite

element determined values for differential mode resistance, inductance as a function of

frequency, and capacitance were utilised for the cable modelling. The calculated per-turn

high-frequency equivalent circuit is used to model the load impedance.

For the measured case, the DC link voltage is set to 100Vdc. It is observed that the

measured source side line-to-line voltage climbs from 0V to an initial voltage of 86.44V

in 24.83ns. Then it climbs from 86.44V to 100V in the next 102ns. Thus the source side

line-to-line voltage wave front is modelled as the sum of two time-shifted trapezoids to

consider for the two different slope portions
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Figure 6.26: Comparison between measured and FEMM, vector fitted, LTspice calculated
differential and common mode impedances.

The voltage peak for the calculated and measured load side line-to-line voltages are

182V and 171V respectively. The calculated and measured oscillation frequency are

3.49MHz and 3.87MHz respectively. The discrepancy between calculated and measured

values are due to modelling errors in the cable and machine impedance characteristics,

as shown in Figure 6.24 and 6.27.

6.6 Conclusion

High-frequency drive level analysis was completed using a developed high-frequency

model. The model considers the source, the transmission line, and the load. The source

represents the inverter, the transmission line represents the cable, and the load represents

the electrical machine. The analysis is completed in the frequency domain.

Each individual voltage pulse of the inverter is represented as a trapezoidal waveform,

from which its Fourier series expansion coefficients as a function of harmonic number was

calculated. The three phase feeder cable is represented by a Γ-type single-line transmis-

sion line model. The frequency dependent per unit length series resistance, inductance,

and capacitance were determined using FEA. The shield and conductors, and individual

conductor strands were explicitly represented. Flux density and current density plots

were determined with respect to frequency. Resistance increase with frequency due to

skin and proximity effect while inductance decreases. Current density increases near the

outer boundary of the conductors and decrease away towards the centre of the conductors

with an increase in frequency.
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Figure 6.27: Calculated and measured differential mode voltages of source and load side for
10m cable.

A machine winding per-turn equivalent circuit was utilised to represent the machine’s

differential model and common mode impedance. The per-turn equivalent circuits maybe

connected in series to create coils, the coils are connected to form phases, and phase are

connected to form equivalent differential and common-mode impedance measurement set

ups. The per-turn resistance and inductance with respect to frequency is determined

using FEA. Each wound coil and its conductors was represented as a continuum via an

equivalent foil approach. The inter-turn and turn-to-ground capacitance is determined

using electrostatic analysis considering random placement of conductors for a mush wound

winding.

The source, line, and load models representing the inverter, feeder cable, and machine

respectively were combined together from which the load-side line-to-line voltage time

series is calculated.

The per unit length FEM-calculated and measured resistance and inductance with

respect to frequency for three-phase differential mode cable arrangement were determined

and compared. Impedance values determined from two different cable representations

were compared to measured values; stranded shield and lumped shield. The stranded

shield model explicitly represented the conductor strands of the cable. Lumped shield

lumps all shield conductors and represents them as one conductor. More accurate results

are achieved by explicit representation of the individual conductor strands in the cable

shield. The high-frequency machine model was validated against measured differential-
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and common-mode impedances. The frequency of the first resonance point of differential-

mode impedance was determined with acceptable accuracy using the presented method,

with measured and calculate resonance frequencies 0.61MHz and 0.67MHz respectively.

Larger discrepancies were observed between the measured and model-calculated common-

mode impedance plots. The cable, and machine models were combined to generate a high-

frequency cable-machine model. This is used to determine load-side line-to-line voltage

for a given source-side voltage step. Peak voltage for calculated and measured load-

side line-to-line voltages are 182V and 171V respectively with a 6% error in oscillation

frequency.



Chapter 7

Topology Comparison

The flap actuation design problem is described in Chapter 3. The full electric drive design

and sizing algorithm toolbox has been presented in Chapter 4. The toolbox is used to

generate two optimal designs for flap actuation, one with centralised topology, the other

with a distributed topology. The resultant designs are compared with each other and

discussed.

7.1 Introduction

In section 4.1.1, the electric drive design sizing algorithm concept and scope was pre-

sented. The system consists of subsystems and components with their respective design

procedures. The details of component and system level design procedures are shown in

Chapter 4. The relevant inputs for each component’s design procedure have been coordi-

nated at a system level to ensure that components are inter-compatibility, the functional

definition is met, and design constraints are adhered to. The resultant output from each of

the design procedures were sets of feasible designs of known mass and failure rate. These

designs were mixed and matched in every possible combination. For each combination,

the system level mass and failure rate is determined from which the optimal designs were

selected. Optimal designs in this case are designs with minimum mass within the failure

rate constraint.

The full electric drive design and sizing algorithm toolbox, as presented in Chapter

4, is utilised to generate optimal system designs of different topologies . A comparison

between the centralised and distributed topologies for trailing edge flap actuation is made.

The considered system components are the gearbox, machine, cable, inverter LC output

filter (if present), power electronics, heat sink, and EMI LC input filter. The centralised

topology has the inverter and its associated passives inside the fuselage and the machine

is located in the wing, near the point of actuation. An inverter LC output filter both

conditions the output voltage, such that its distortion spectrum is within MIL-STD-

201
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704F limits, and mitigates transmission-line over-voltage and oscillation effects. The

distributed topology has the inverter and its associated passives out in the wing, next to

the machine. No output filter is present because the inverter to machine feeder cable is

short, thus making transmission line effects a non-issue.

7.2 Design search space

The system level functional definition, design variables’ respective search space limits

and resolution for this case study are listed in Table 7.1. The mechanical functional

requirement for the electric drive actuation system is outlined in section 3.2.1. The per

lane machine’s mechanical output power is 1.1kW corresponding to the per flap high-

lift trailing edge device power requirements of an Airbus A320-200. The nominal gear

box low speed side’s speed is 25RPM. The per lane failure rate constraint is 1375FIT

as determined in section 3.3. A reminder that 1FIT is equal to 1 failure per 109 hours.

The inverter’s dc-link’s voltage is equal to aerospace standard 270V power supply. For

the centralised topology, the LC filter is designed such that its output voltage spectrum

is within MIL-STD-704F distortion limits for variable frequency systems. The inverter

input EMI filter’s design targets are that of the MIL-STD-461F distortion limits. A -

6dB safety margin is introduced to all distortion spectrum limits. The nominal inverter

modulation index upper limit is set to 0.9 for sinusoidal PWM and 1 for the space

vector modulation. This provides a safety margin and gives the current controller some

additional voltage head room to utilise during transient high speed/high torque operation.

The considered semiconductor technology is SiC MOSFET as its base predicted failure

rate is an order of magnitude lower than that of IGBT’s as shown in Table 4.4, assuming

that SiC MOSFETs has the same base failure rate as a Si MOSFET. The internal and

external lifetime profiles are utilised to determine component’s failure rates are shown

in Table 4.1 and 4.2 respectively. The internal lifetime profile applies to the EMI filter,

power electronics, and LC output filter for centralised topology as they are located in

the fuselage. The external lifetime profile applies to the same listed components for

distributed topology as they would be located external of the fuselage, near the point of

actuation.

The machine design procedure input variables’ search space limits and resolution

are listed in Table 7.2. Mechanical output power is equal to that of the system level’s

functional definition. The RPM speed search space is between 4000 and 8000RPM. An

increase in speed typically leads to a decrease in machine mass and size. The mass of

the gearbox needs to be considered as its mass is a function of gear ratio, number of

gear stages, and output torque. Variation of machine speed varies both the gear ratio

and the number of gear stages, thus the minimum combined mass of the gear box and

the machine may not be the machine of maximum speed. Phase current search space
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Table 7.1: Centralised vs. distributed topology - system level functional definition and design
search space.

Parameter Value Unit

Application High-lift trailing edge actuation
Aircraft Airbus A320-200
Mechanical output power 1.1 kW
Nominal gear box low speed side 25 RPM
Per-lane failure rate limit 1375 FIT
DC bus voltage 270 V
Inverter switching frequency {15, 30, 45, 60} kHz
Inverter output LC filter design targets MIL-STD-704F
Inverter input EMI filter design targets MIL-STD-461F
Distortion spectrum safety margin -6 dB
Inverter nominal modulation index limit 0.9
Semiconductor technology SiC MOSFET
Internal lifetime profile Table 4.1
External lifetime profile Table 4.2

lower and upper limits are 3.85A and 7.59A respectively. The lower phase current limit

corresponds to delivering 1.1kW from 270V dc-link at unity power factor, 100% efficiency,

and modulation index of 1. The upper phase current limit corresponds to the delivering

the same 1.1kW from 270V dc-link at 0.75 power factor, 75% efficiency, and modulation

index of 0.9. The geometric limits for air gap, magnet, slot opening width, and height

of slot depression are defined either in absolute values (such as a lower limit of 0.5mm

for the air gap) or relative limits (such as air gap distance must be less than 25% of the

stator bore diameter). Slot opening’s lower limit is equal to double that of its winding

wire thickness. The maximum ambient temperature of 70◦C is considered for nominal

steady state winding temperature calculation though typically, ambient temperature in

this environment is lower than 70◦C, and is highly dependent on the aircraft’s operating

climate. This can lead to over-sizing of machine.

The inverter’s EMI LC input filter design procedure input variables’ search space

limits and resolution are listed in Table 7.3. The modulation index, output current,

fundamental frequency, and power factor are dependent on the inverter load (i.e. LC

output filter, cable, machine for desired steady state operating current and electrical

speed). The dc-link voltage is the same as the system level defined 270V. The switching

frequency search range is {15, 30, 45, 60} kHz, same as the system level defined switching

frequency set. Sinusodial PWM and space vector modulation are the utilised switching

schemes for centralised and distributed topologies respectively. Space vector modulation

cannot be utilised in the centralised topology due to the presence of the third harmonic in

the output voltage, causing common mode resonance in the LC output filter and dc-link

mid-point. The inductor’s temperature rise is 30◦C. This is suggested as a typical value

in FIDES guide [15]. The set of dc-link capacitor capacitances and rated voltages are

typical values found in manufacturer’s datasheets [85] [86]. The search set for number
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Table 7.2: Centralised vs. distributed topology - machine functional definition and design
search space.

Parameter Value Units

Mechanical output power Po 1.1 kW
RPM {4000, 4250, ..., 8000}
DC-link voltage Vdc 270 V
Phase current Iph {3.85, ..., 7.59} Arms

Torque per rotor volume TRV {3, ..., 100} kNm/m3

Rotor aspect ratio xr {0.5, 1, 2}
Current density J {10, 10.1, ..., 20} A/mm2

Tooth peak flux density Bt(pk) 1.6 T
Slots/poles Nsl/Np {12/10, 12/14}
Switching carrier frequency fc {15, 30, 45, 60} kHz
Relative tooth width τ 0.5
Air gap da {0.5× 10−3, . . . , 0.25rra} m
Magnet thickness dm {1× 10−3, . . . , 0.25rra} m
Width of slot opening wd {2dwire, . . . , 0.9wsi} m
Height of slot opening depression hd {1× 10−3, . . . , 0.5wsi} m
Maximum ambient temperature 70 ◦C
Magnet material Recoma 32
Laminated steel Vacoflux 50

of EMI stages is limited to {1, 2, 3}. It was observed in preliminary design cases that

increasing the number of stages further for this power level and these components, leads to

an increase in component count and failure rate without a significant decrease in volume

and mass.

Table 7.3: Centralised vs. distributed topology - EMI LC input filter functional definition and
design search space.

Parameter Value Unit

Modulation index M Load dependent
Output current Io Load dependent Apk
Output fundamental frequency fo Load dependent Hz
Power factor Load dependent
DC-link voltage Vdc 270 V
Switching frequency fc {15, 30, 45, 60} kHz
Switching scheme Space vector modulation
Inductor temperature rise Tr 30 ◦C
DC-link capacitance Cdc {3, 5, 7, 10, 15, 20, 30, 50} uF
Capacitor voltage rating Vc,rated {450, 700, 1000, 1200} V
EMI filter n stages number {1, 2, 3}
Lifetime profile {Internal, External}

Inductor core material
{Silicon Steel, Amorphous, Iron-powder,
Nanocrystalline, Ferrite}

Inverter input EMI filter design targets MIL-STD-461F

Inductor mass and volume is determined using empirical sizing equations. The con-

stants of these empirical equations are determined by fitting to a set of optimised inductor

designs with respect to current rating, inductance, switching frequency, temperature rise,

and ambient conditions. The inductor design procedure’s input variables’ search space
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limits and resolution utilised to generate the optimised inductor designs from which the

empirical inductor mass and volume equations are fitted is presented in Table 7.4. Five

different core materials are considered. An EI core is assumed, its geometry is shown

in Figure 4.6 and geometric ratios are shown in (4.29-4.37). The inductor’s temperature

rise is 30◦C, as suggested as a typical value in FIDES guide [15].

Table 7.4: Centralised vs. distributed topology - inductor functional definition and design
search space.

Parameter Value Unit

Core material
{Silicon Steel, Amorphous,
Iron-powder, Nanocrystalline, Ferrite}

Core geometry EI core Figure 4.6
Core dimension D 0.1, . . . , 10 cm
Gap length lg {0, 0.05, . . . , 0.5} cm
Temperature rise 30 ◦C
Ambient temperature {internal/external} {40/70} ◦C
Ambient altitude {internal/external} {8000/20000} ft
Switching frequency {15, 30, 45, 60} kHz
Current ripple for EMI filter 0.05 p.u.

The LC output filters design procedure’s input variables’ search space limits and

resolution can be seen in Table 7.5. The LC output filter is only applicable for centralised

topology, thus the internal lifetime profile is utilised. The inverter output current limit

is limited to between 0.02 and 0.2 p.u., ensuring controller and observer stability. The

distortion limits are that of MIL-STD-704F. Switching frequencies correspond to system

level selected values. The LC output filter’s inductor’s core geometry, core material,

temperature rise, and ambient conditions match that of Table 7.4.

Table 7.5: Centralised topology - LC output filter definition and design search space.

Parameter Value Unit

Inverter output current ripple {0.02,0.04,. . . ,0.2} p.u.
Lifetime profile Internal
Distortion spectrum limit MIL-STD-704F
Switching frequency {15, 30, 45, 60} kHz

Inductor core material
{Silicon Steel, Amorphous,
Iron-powder, Nanocrystalline, Ferrite}

Core geometry EI core Figure 4.6
Inductor temperature rise 30 ◦C
Ambient temperature 40 ◦C
Ambient altitude 8000 ft

The control stability and filter effectiveness of the designed systems are checked in

simulation. The control stability test involves a simulation with step command of rated

current during a speed ramp from stand still to nominal speed. When the system is run-

ning at steady state nominal torque and speed, the source power leads’ conducted emission

distortion spectrum is determined and compared with the MIL-STD-461F limits. The



206 CHAPTER 7. TOPOLOGY COMPARISON

LC output voltage distortion spectrum is compared to the MIL-STD-704F limits in sim-

ulation. A designed system is considered feasible if current control stability is maintained

during speed ramp, and input and output conducted emission spectra are compliant with

their respective limits, MIL-STD-461F and MIL-STD-704F limits respectively.

7.3 Results - Centralised topology

7.3.1 System level

Consider a set of machine designs with known mass and failure rate. For each machine

design which is an element of the Pareto frontier with respect to failure rate and mass,

sets of inter-compatible cable, LC output filter, LC input filter, power electronics, and

heat sink designs were created. These designs were iteratively mixed and matched in

every possible combination from which one optimal combination is selected. The optimal

combination is considered to be a system design of minimum mass and a per-lane failure

rate below the 1375FIT threshold.

The full set of machine designs with known mass and failure rate are shown in Figure

7.1. The considered slot/pole combinations are 12s/10p and 12s/14p. The design search

space is defined in Table 7.2. The pareto frontier is plotted with respect to both slot/pole

combinations. It can be seen that 12s/10p’s pareto frontier is below that of the 12s/14p,

and thus are considered better designs. The designs which are an element of the 12s/10p’s

pareto frontier were selected from the full set. These machine designs were utilised for

full system sizing.

1.3 1.4 1.5 1.6 1.7 1.8 1.9 2 2.1 2.2

Machine mass (kg)

100

101

102

103

12s/10p
12s/10p pareto
12s/14p

12s/14p pareto

3.97 cm
6.35cm

Ok centralised

Figure 7.1: Machine designs 12s/10p, 12s/14p with respect to failure rate and mass.
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The results of the system level sizing designs are shown in Figure 7.2. The colour

of the markers indicate the systems’ switching frequency. The mass includes all of the

electrical components and half the mass of the differential gearbox. A reminder that two

electrical lanes drive one differential gear/box, thus doubling this mass value would give

the total per flap gearbox and electrical lanes’ mass. It is shown that as failure rates

increase, mass decreases.

3.97 cm
6.35cm

12s/14p, before 
refine

Figure 7.2: All system designs for centralised topology - per lane failure rate vs. mass.

For each Pareto efficient machine design, the best combination of cable, LC output

filter, LC input filter, power electronics and heat sinks is selected. The best combination

has both a minimum per lane total mass and a failure rate below the 1375FIT threshold.

These designs are shown in Figure 7.3 (a). This removes the majority of the sub-optimal

designs of 7.2.

The mass and volume of inductors in the LC output filter and inverter input EMI

filter were initially determined using empirical equations. Discrepancies are observed

between the empirically determined values and their corresponding calculated data set

values are shown in Figure 4.10. Thus, the exact mass and volume of all inductors were

recalculated using Sections 4.4.1.1-4.4.1.6 for their current rating and inductance. Total

system mass is recalculated to correct for the discrepancy caused by empirical mass and

volume determination of inductor components. The results of this correction are shown

in Figure 7.3 (b). The optimal system design of per-lane minimum mass is marked. Its

mass is 8.963kg, failure rate is 1240FIT, and inverter switching frequency is 45kHz. Two

groupings of designs can be seen; a small group with failure rate less than 1250FIT and

a large group with failure rates greater than 1250FIT.

For each of these designs, their per component failure rate is plotted with respect to
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(a) Preliminary designs with empirical inductor
sizing.

Mass: 8.9kg
FIT: 1240FIT
fc: 45kHz

(b) Refined designs with exact inductor sizing.

Figure 7.3: Centralised systems, down-selected designs’ failure rate vs. mass.

the per-lane failure rate as shown in Figure 7.4. The failure rate for the LC output filter

and LC input filter remain constant for all designs. Both output and input filters consist

of inductors and capacitors, all of which were designed with the same target inductor

temperature rise, mission profile, and capacitor voltage rating, thus resulting in the same

failure rate across all designs. System designs with per-lane failure rates <1320FIT

have PE failure rates of 677.5FIT and semiconductor junction temperature of 115◦C,

and designs with per-lane failure rates >1320FIT have PE failure rates of 868.3FIT and

semiconductor junction temperature of 120◦C. This discrete 190.8FIT difference in PE

failure rate between the two design groups is the main reason for the segregation of these

two groups.

Figure 7.4: Per-lane failure rate vs. per component failure rate for centralised systems.
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The mass and failure rate for each system component of the optimum solution is

shown in Figure 7.5. The total per lane mass is 8.9kg. The gear box contributes 71% to

the total per lane mass followed by machine at 15%, LC output filter at 11%, cable at

2%, LC input filter at 2%, and power electronics heat sink at <1%.

Total per lane mass = 8.9kg

71%

15%

11%
< 1%

2%2%

Gearbox = 6.31kg
Machine = 1.33kg
LC output = 0.94kg
PE Heatsink = 0.0252kg
LC input = 0.139kg
Cable = 0.16kg

Figure 7.5: Optimal system design for centralised topology - per-lane component mass break-
down.

The per lane electrical component mass and failure rate breakdown are shown in

Figure 7.6. The total per lane electrical component mass is 2.59kg and total per lane

failure rate is 1240FIT. The machine contributes 51% to the total electrical component

mass and less than 8% to total failure rate. This is due to its large mass and low steady

state operating temperature. The LC output filter contributes 36% to the total electrical

component mass, followed by the LC input filter at 6%, cable at 5%, and power electronics

and heat sink at 1%. Power electronics are the largest contributor to the total failure

rate at 55%, followed by LC output filter at 23%, LC input filter at 14% and machine at

8%. Power electronics and heat sink contributes minimally to total mass but the power

electronics themselves contribute a large amount to the total failure rate. Increasing

heat sink would lead to lower operating temperatures and lower failure rates. There is

an opportunity to save additional mass as the total per lane failure rate is below the

1375FIT threshold. The inverse relationship between failure rate and mass has already

been well established. There is particular opportunity in mass savings for the LC output

filter as its inductors contribute to a large proportion of the LC output filter’s mass while

contributing a small proportion to the total failure rate.
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Total mass = 2.59kg

51%

36%

< 1%
5%

6%

Machine = 1.33kg
LC output = 0.94kg
PE Heatsink = 0.0252kg
LC input = 0.139kg
Cable = 0.16kg

Total = 1240FIT
8%

23%

55%

14%

Machine = 98.9FIT
LC output = 288FIT
PE Heatsink = 677FIT
LC input = 173FIT

Figure 7.6: Optimal system design for centralised topology - per-lane mass and failure rate of
each electrical component.

7.3.2 Machine

The optimal system’s machine design specification is shown in Table 7.6. It is a 1.1kW,

8000RPM nominal, 12/10 slot/pole design. The steady state temperature rise is 99.9◦C

when operating at 20,000ft, ambient temperature of 70◦C.

The optimal system’s machine design was checked in FEMM. The machine’s winding

scheme and flux density plot at nominal operating condition is shown in Figure 7.7.

Torque as a function of electrical loading angle, and torque ripple with respect to electrical

angle were determined with FEMM and plotted in Figure 7.8. The FEMM determined

torque of 1.35Nm is close to the desired torque of 1.31Nm. Peak-to-peak torque ripple

amplitude is 5.5% with respect to the mean torque value.

Values for analytically determined and FEMM determined stator inductance, mag-

netic flux linkage, and percentage peak-to-peak torque ripple with respect to nominal

torque are shown in Table 7.7. FEMM determined d-axis and q-axis inductances are

1.869mH and 1.879mH respectively while the analytically determined value is 1.847mH.

Magnetic flux linkage is calculated from torque at rated current using (4.107). Both

FEMM and analytically determined magnetic flux linkage are close. Torque ripple is

not determined in the analytical method however the magnet arc has been selected as

a function of slot/pole combination to minimise torque ripple. The FEMM determined

peak-to-peak torque ripple is 5.5% of the nominal torque value.
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Table 7.6: Optimal system design for centralised topology - machine specifications.

Parameter Value Units

Nominal torque 1.31 Nm
Nominal speed 8000 RPM
Slots 12
Poles 10
Winding scheme Single layer
Stator diameter 68.8 mm
Stator bore 35.7 mm
Tooth width 4.7 mm
Slot depth 14.3 mm
Tooth tip depth 1.5 mm
Slot opening 3.8 mm
Stack length 34.7 mm
Magnet thickness 3 mm
Magnet arc 120 ED
Air gap 0.71 mm
Shaft diameter 20 mm
Turns per phase 134
Stator core material Vacoflux-50
Rotor core material Vacoflux-50
Magnet material Recoma 32
Stator resistance 0.503 Ohm
Stator inductance 1.847 mH
Magnetic flux linkage 0.0251 Wb
Steady state winding temp 169.9 ◦C
Steady state temp rise 99.9 ◦C
Thermal resistance 1.407 K/W
Mass 1.326 kg
Failure rate 98.9 FIT

Figure 7.7: Optimal system design for centralised topology - machine winding scheme and
flux density plot at nominal load.
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Figure 7.8: Optimal system design for centralised topology - FEMM calculated torque and
torque ripple vs electrical angle.

Table 7.7: Optimal system design for centralised topology - FEMM determined machine
specifications.

Parameter Analytical FEMM calculated Units
Stator inductance 1.847 1.869/1.879 mH
Magnetic flux linkage 0.0251 0.0259 Wb
Peak-to-peak torque ripple n/a 5.5% p.u.

7.3.3 Gearbox

The gearbox specifications are shown in Table 7.8. A per stage gear ratio limit of 10 is

assumed. The gearbox’s input torque and speed is equal to the nominal output torque

and speed of the machine. The gearbox’s output speed is 25RPM. The total gear ratio

is calculated as 320. The per stage gear ratio is 6.84 for each of the three stages. Each

stages’ equivalent torque loading is calculated and shown in ascending order from which

the stage’s mass, moment of inertia, and high-speed side equivalent moment of inertia’s

are determined. The total mass is the sum of all the stages. Note that two machines

connect to one gearbox. Thus, the per lane gearbox mass is half that of the total gearbox

mass.
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Table 7.8: Optimal system design for centralised system - gearbox specifications.

Parameter Value Unit

Mass 11.49 kg
Equivalent moment of inertia 8.12× 10−6 kgm2

Equivalent friction 3.25× 10−4 Nms/rad
Number of gear stages 3
Per stage gear ratio 6.84
Input torque 1.31 Nm
Input speed 8000 RPM
Stage torque output {31.32, 109.46, 382.59} Nm
Stage mass {0.688, 2.403, 8.399} kg
Stage moment of inertia {6.741× 10−6, 5.485× 10−5, 4.462× 10−4} kgm2

Equivalent per stage moment of inertia {6.741× 10−6, 1.172× 10−6, 2.039× 10−7} kgm2

7.3.4 Cable

The selected cable specifications are show in Table 7.9. The current rating is 4.937Arms

which is the same as the machine’s nominal current rating. The conductor’s altitude and

bundle de-rating factors were determined as 0.8459 and 0.5937 respectively for 20000ft

and a conductor number of three. The conductor AWG number is 24 and cable diameter

is 1.887mm and mass of 0.1598kg. The line resistance, line inductance, phase-to-phase

and phase-to-ground capacitances were determined in Figure 6.11 at the machines fun-

damental electrical frequency and from Table 6.1.

Table 7.9: Optimal system design for centralised system - cable specifications.

Parameter Value Unit

RMS Voltage rating 600 Vrms
RMS current rating 4.937 Arms
Cable length 10 m
Altitude 20000 ft
Altitude de-rating factor 0.8459
Bundle number 3
Bundle de-rating factor 0.5937
Conductor gauge 24 AWG
Line resistance 0.0785 Ohm
Line inductance 0.3054 uH
Phase to phase capacitance 0.0147 nF
Phase to ground capacitance 0.0902 nF
Cable radius 1.887 mm
Mass 0.1598 kg

7.3.5 LC output filter

7.3.5.1 Initial design parameters

The parameters of the optimal system design for centralised topology’s LC output filter

and the dc-link mid-point capacitor are shown in Table 7.10. Its mass and failure rate
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values are 0.94kg and 287.8FIT respectively. Capacitor voltage rating of 450V was se-

lected. The selected inductor core material is nanocrystalline, its specifications are shown

in Table 4.5. Total case volume is 0.382litres, assuming a 2.5× scaling with respect to

the total passive component volume.

Table 7.10: Optimal system design for centralised topology - LC output filter and dc-link
mid-point capacitor parameters.

Parameter Value Units

Mass 0.94 kg
Failure rate 287.8 FIT
Inductance 0.622 mH
Capacitance 5.266 uF
Mid point capacitance 26.16 uF
Capacitor voltage rating 450 V
Per inductor mass 0.186 kg
Per capacitor mass 0.011 kg
Per mid point capacitor mass 0.039 kg
Per inductor volume 0.016 litre
Per capacitor volume 0.01 litre
Per mid point capacitor volume 0.038 litre
Case volume 0.382 litre
Case mass 0.272 kg
Inductor core material Nanocrystalline
Per inductor failure rate 3.7 FIT
Per capacitor failure rate 55.3 FIT

7.3.5.2 Filtering effectiveness

The filter output voltage and its distortion spectrum are shown in Figure 7.9. The

fundamental switching harmonic at 45kHz is visible. The distortion spectrum is below the

MIL-STD-704F limit for variable frequency systems. This illustrates the effectiveness of

the designed LC output filter to generate sinusoidal output voltage and mitigate inverter

switching harmonics to below the MIL-STD-704F distortion spectrum limit.

LC output filter and machine side terminal phase a voltages, vfa and vma respectively,

are plotted together in Figure 7.10. A 10m cable separates the LC output filter source

side and the machine load side. The cable is modelled by a distributed transmission

line. Transmission line effects are mitigated as smooth sinusoidal voltages are applied on

the source side of the cable and no overshoot on the load side is observed. Voltages vfa

and vma are a close match, with vma having a slightly smaller amplitude due to voltage

drop across the cable. The inverter output current is plotted. The design goal of 0.2 p.u.

amplitude current ripple with respect to fundamental nominal output current is achieved.
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Figure 7.9: LC output filter phase voltage at nominal operating condition and distortion
spectrum.
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Figure 7.10: Source-side vs. load-side phase voltage and inverter output current.

7.3.5.3 Inductor design

The specification of the designed inductor utilised in the LC output filter is shown in

7.11. The dimensions D, E, F, G are shown in Figure 4.6. The inductor’s mass and

volume are 0.186kg and 0.016litres respectively for a desired temperature rise of 30◦C at

steady state operating conditions.

The inductor design of Table 7.11 is realised in FEMM and an inductance value of

6.33mH was calculated. This value is 1.8% greater than the desired inductance value of

0.622mH, showing a close match between FEMM calculated and desired inductance. The

FEMM inductor’s flux density plot is shown in Figure 7.11.
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Table 7.11: Optimal system design for centralised topology - LC output filter inductor speci-
fications.

Parameter Value Unit

Inductance 0.622 mH
RMS current 4.937 Arms
Peak current 8.378 A
Fundamental frequency 666.667 Hz
Ripple frequency 45000 Hz
Turn number 42
D 15 mm
E 15 mm
F 7.7 mm
G 23.1 mm
Gap length 1 mm
Mass 0.186 kg
Volume 0.016 litre
Material Nanocrystalline
Steinmetz constant k 3.47× 10−6 W/cm3
Steinmetz constant α 1.71
Steinmetz constant β 2.09
Copper loss 0.792 W
Core loss 0.034 W

Figure 7.11: LC output filter inductor design FEMM determined flux density plot.

7.3.6 Power electronics

The power electronics and heat sink specifications are shown in Table 7.12. The switching

frequency is 45kHz, modulation index is 0.9 and output current is 5Arms. The total

semiconductor losses is 14.06W. For a junction temperature of 115◦C, a heat sink of

equivalent thermal resistance of 5.291K/W is required. The heat sink mass of 0.025kg

and volume of 0.0891litre were determined from the heat sink look up table of Section

4.9.2. The total semiconductor failure rate is 677.5FIT for this junction temperature and
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internal operating environment.

Table 7.12: Optimal system design for centralised topology - power electronics and heat sink
specifications.

Parameter Value Unit

Manufacturer Microsemi
Model Number MSC080SMA120S
Ambient temperature 40 ◦C
Equivalent ambient altitude 8000 ft
Junction temperature 115 ◦C
Transistor conduction losses 0.661 W
Transistor switching losses 1.329 W
Diode conduction losses 0.354 W
Total transistor and diode losses 14.06 W
Heat sink equivalent thermal resistance 5.291 K/W
Heat sink mass 0.025 kg
Heat sink volume 0.0891 litre
Failure rate 677.5 FIT

7.3.7 LC input filter

The designed EMI LC input filter’s specifications are shown in Table 7.13. It is a two-stage

LC design. The per stage differential mode inductance and capacitance are 0.011mH and

1uF respectively. The dc-link capacitance is 1uF. Note that dc-link mid point capacitors

needed for the LC output filter contributes to the total dc-link capacitance. The total

passive mass is 0.065kg and the total mass including the case is 0.139kg. Considering a

30◦C inductor temperature rise, and capacitor rating of 450V, the determined EMI filter

failure rate is 173.4FIT.

Table 7.13: Optimal system design for centralised topology - EMI LC input filter specifications.

Parameter Value Unit

Inductance Ldm 0.011 mH
Capacitance Cdm 1 uF
DC-link capacitance Cdc 1 uF
Capacitor rating 450 V
Number of stages 2
Passive mass 0.065 kg
Passive volume 0.022 litre
Total mass 0.139 kg
Failure rate 173.4 FIT

The effectiveness of the EMI filter design is determined in simulation. The input

leads conducted emissions were simulated and its corresponding spectrum is determined

as shown in Figure 7.12. The harmonics of largest amplitude correspond to the side bands

of the fundamental switching harmonic around 45kHz. Both the source and return lead
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distortion spectrums u+ and u− are below both the MIL-STD-461F limit with a margin

of at least 6dB.
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Figure 7.12: Optimal system design for centralised topology - EMI filter spectrum.

7.3.8 Current control

A gain-scheduled LQR controller and observer was realised and tested in simulation.

The switching scheme utilised is sinusoidal PWM. The current controller and observer

bandwidths are 450Hz and 4.5kHz respectively. The second-order polynomially fitted

gain-scheduled controller feedback and observer gains are shown in Figure 7.13. Refer to

Figure 5.8 for the full state-feedback and observer block diagram.

To test the stability of the current control, the current set point is stepped from zero

to rated while the speed is ramped from zero to rated as shown in Figure 7.14. Both the

real and observer-estimated states for dq machine current, inverter output current, and

filter output voltages are plotted. The q-axis current command is stepped at 0.02 seconds

from 0A to 7A, at same time as the speed ramps up. Control stability is maintained from

0RPM to 8000RPM. Discrepancy is present between the observed and realised states and

becomes more pronounced as speed increases. This is due to a mismatch between the

inverter output voltage fundamental amplitude and the commanded dq voltage of the
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Figure 7.13: Optimal system design for centralised topology - current controller second-order
polynomial gain-scheduled state feedback and observer gains.

current controller. It is proposed the modulation index can be scaled up as a function

of speed to compensate for this mismatch. Correction of this mismatch has not been

investigated further.
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Figure 7.14: Optimal system design for centralised topology - current control test for step
current step and speed ramp.
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7.3.9 Summary

The optimal system design of a centralised electric drive topology for a given defined

search space has been generated. The total per-lane mass and failure rate are 8.9kg and

1240FIT respectively. The inverter’s switching frequency is 45kHz. The majority of the

total per lane mass contribution is from the gearbox at 71%, followed by the machine

15%, LC output filter 11%. The remaining components consisting of the cable, inverter

heat sink and inverter input LC filter together contribute <5% to the total per lane mass.

The machine design has 12 slots, 10 poles, and nominally outputs 1.1kW at 8000RPM.

Its mass and failure rate are 1.326kg and 98.9FIT respectively. The machine design

was validated in FEMM, with a small error of 1.5% and 3.2% between the desired and

FEMM-calculated inductance and magnetic flux linkage values respectively. The achieved

peak-to-peak torque ripple is 5.5%.

The cable was sized considering operating current, altitude, and bundle derating fac-

tor. The cable length considered is 10m. Its conductor AWG number is 24, its cable total

diameter is 1.887mm, and total mass is 0.1598kg. Its line resistance, line inductance,

phase-to-phase and phase-to-ground capacitances were determined in Figure 6.11 at the

machines fundamental electrical frequency and from Table 6.1 with respect to AWG gauge

and insulation thickness appropriate for the 600Vrms voltage rating.

The inverter’s LC output filter is sized to mitigate the voltage distortion spectrum

below MIL-STD-704F limits and filter out high switching harmonics such that a sinusoidal

voltage is applied on the source side of the feeder cable. Its mass and failure rates

respectively are 0.94kg and 287.8FIT. The filtering effectiveness of designed LC filter is

validated in simulation. The filter output voltage distortion spectrum is below that of

the MIL-STD-704F limit for variable frequency systems. No voltage overshoot due to

transmission line effects was observed on the load side voltage. The dimensions of the

LC output filter inductors were determined and its design was validated using FEMM.

Silicon carbide switches were considered for the inverter semiconductor technology.

The total semiconductor losses, consisting of switching and conduction losses, were de-

termined as a function of modulation index, switching frequency, output current and

dc-link voltage for nominal conditions. The relationship between junction temperature,

failure rate, and heat sink mass has been established in section 4.9.3 for which an ap-

propriate heat sink is selected for desired junction temperature. Total inverter losses

are 14.1W. The junction temperature, equivalent heat sink thermal resistance, heat sink

mass, and failure rate are 115◦C, 5.291K/W, 0.025kg, and 677.5FIT respectively.

The inverter input EMI filter is a 2 stage LC design, its effectiveness in mitigating

source and return leads’ conducted emissions distortion spectrum below that of MIL-

STD-461F was validated by simulation for nominal operating conditions. Its mass and

failure rate are 0.139kg and 173.4FIT respectively.
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The current controller’s scheduled state feedback and observer gains were tuned for

450Hz and 4.5kHz bandwidth respectively. Control stability was maintained for a q-axis

current command step from zero to rated 7A peak current at the start of a speed ramp

from 0RPM to 8000RPM in 0.05 seconds. Discrepancy is observed between the actual and

observer-estimated states which increase with respect to operating speed. This is caused

by mismatch between the inverter output voltages’ fundamental voltage and the current

controller’s commanded voltage. A compensation technique for this speed dependent

voltage discrepancy was not investigated further.

7.4 Results - Distributed topology

7.4.1 System level

The design process described in section 7.3.1 for the centralised topology is repeated for

the distributed topology. A set of machine designs with known mass and failure rate is

generated. For each machine which is an element of the Pareto frontier with respect to

mass and failure rate, an optimum combination of cable, LC input filter, power electronics

and heat sink designs is generated. Due to discrepancies between analytically calculated,

and empirically determined inductor mass and volume, all inductors are re-sized and

recalculated analytically for its specific operating condition. Inductors are present in the

EMI LC input filter and its mass is recalculated for the new inductor parameters, followed

by the per-lane mass. Each of these design’s per-lane mass and failure rate are plotted

in Figure 7.15. The optimum design of minimum mass and a failure rate <1375FIT is

highlighted and has a per lane mass of 8kg, failure rate of 1300FIT, and an inverter

switching frequency of 45kHz.

The per lane component mass breakdown of the optimum design is shown in Figure

7.16. The gearbox mass contributes the most to the total per lane mass of 8kg with 79%,

followed by the machine with 14%, LC input filter with 3%, and power electronics heat

sink with 2%, and cable with 1%. The non-gearbox mass is only 21% of the total per

lane mass.

The electrical component mass and failure rate breakdown is shown in Figure 7.17.

The machine contributes 69% to the total electrical component mass value of 1.15kg,

followed by the EMI LC input filter with 16%, power electronics heat sink with 9% and

cable with 6%. Power electronics contribute the highest proportion of 64% to the per lane

failure rate value of 1300FIT, followed by the LC input filter with 27% and the machine

with 8%.

More details of the individual components are outlined in successive sections.
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Mass: 8.005kg
FIT: 1300
fc: 45kHz

3.97 cm
6.35 cm

Distributed
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Figure 7.15: Distributed topology system designs - per lane mass vs. failure rate.

Total per lane mass = 8kg

79%

14%

2%3%1%

Gearbox = 6.32kg

Machine = 1.15kg

PE Heatsink = 0.157kg

LC input = 0.264kg

Cable = 0.107kg

Figure 7.16: Optimised distributed system - per-lane component mass breakdown.

7.4.2 Machine

The optimal distributed system’s machine design specifications are shown in Table 7.14.

Three sets of values are shown, corresponding to column headings “Analytical design”,

“FEMM calculated”, and “Refined design”. “Original design” corresponds to the values

calculated by the machine sizing script. This design is realised in FEMM from which the

torque, stator inductance, magnetic flux linkage, and torque ripple values are calculated

and are shown in the “FEMM calculated” column. The “Original design” is refined such
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PE Heatsink = 838FIT
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Figure 7.17: Optimised distributed system - electrical component mass and failure rate break-
down.

that FEMM calculated inductance, magnetic flux linkage, torque values match closer

to their respective desired values of the “Original design”. The double dots represent

repeated row values, making it easier to identify which dimensions were changed. The

refined design has thinner magnets, smaller diameter shaft, larger stator diameter, and

smaller number of turns per phase. Overall mass of the refined design is 1.149kg, com-

pared to the original mass of 1.278kg. The stator resistance is marginally reduced due

to the refined design having four fewer turns per phase than the original design. The

flux density plots of both the original and refined designs are shown in Figure 7.18. The

refined design’s stator diameter was increased, effectively increasing the back iron thick-

ness such that peak flux density in the teeth and back iron are approximately equal.

The FEMM calculated torque and torque ripple vs. electrical angle for both original and

refined designs are shown in Figure 7.19. Peak-to-peak torque ripple for original and

refined designs are 4.9% and 5.6% respectively.

7.4.3 Gearbox

The gearbox specifications are shown in Table 7.15. A per stage gear ratio limit of 10 is

assumed. The gearbox’s input torque and speed is equal to the nominal output torque

and speed of the machine. The gearbox’s output speed is 25RPM. The total gear ratio

is calculated as 310. The per stage gear ratio is 6.77 for the total of three stages. Each

stage’s equivalent torque loading is calculated and shown in ascending order, from which
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Table 7.14: Optimal system design for distributed topology - machine specifications

Parameter Original design FEMM calculated Refined design Units

Mass 1.278 .. 1.149 kg
Failure rate 108.4 .. .. FIT
Nominal torque 1.355 1.41 [+4%] 1.366 [+1%] Nm
Nominal speed 7750 .. .. RPM
Slots 12 .. ..
Poles 10 .. ..
Winding scheme Single layer .. ..
Stator diameter 67 .. 68.4 mm
Stator bore 36 .. .. mm
Tooth width 4.7 .. .. mm
Slot depth 13.2 .. .. mm
Tooth tip depth 1 .. .. mm
Slot opening 4.2 .. .. mm
Stack length 35 .. .. mm
Magnet thickness 4.5 .. 3.7 mm
Magnet arc 120 .. .. ED
Air gap 0.75 .. .. mm
Shaft diameter 22.2 .. 17 mm
Turns per phase 158 .. 154
Stator core material Vacoflux-50 .. ..
Rotor core material Vacoflux-50 .. ..
Magnet material Recoma 32 .. ..
Stator resistance 0.749 .. 0.73 Ohms
Stator inductance 2.160 2.127/2.134 [-1.3%] 2.117/2.126 [-1.8%] mH
Magnetic flux linkage 0.0301 0.0313 [+4%] 0.0304 [+1%] Wb
Steady state winding temp 170.7 .. 169.2 ◦C
Steady state temp rise 100.7 .. 99.2 ◦C
Thermal resistance 1.414 .. .. K/W
Peak-to-peak torque ripple n/a 4.9 5.6 %

(a) Original design. (b) Refined design.

Figure 7.18: Optimised distributed system - machine designs.

the stages’ mass, moment of inertia, and high-speed side equivalent moment of inertia

are determined. The total mass is the sum of mass of all stages. Note that two machine

connect to one gearbox. Thus, the per lane gearbox mass is half that of the total gearbox

mass.
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(b) Refined design.

Figure 7.19: Optimal system design for distributed topology - FEMM calculated torque nd
torque ripple vs electrical angle.

Table 7.15: Optimal system design for centralised system - gearbox specifications.

Parameter Value Unit

Mass 11.63 kg
Equivalent moment of inertia 8.47× 10−6 kgm2

Equivalent friction 3.35× 10−4 Nms/rad
Number of gear stages 3
Per stage gear ratio 6.77
Input torque 1.36 Nm
Input speed 7750 RPM
Stage torque output {32.09 111.36 386.48} Nm
Stage mass {0.704 2.445 8.485} kg
Stage moment of inertia {7.020× 10−6, 5.645× 10−5, 4.539× 10−4} kgm2

Equivalent per stage moment of inertia {6.741× 10−6, 1.232× 10−6, 2.163× 10−7} kgm2

7.4.4 Cable

The selected cable specifications are show in Table 7.16. The current rating is 4.937Arms

which is the same as the machine’s nominal current rating. The conductor’s altitude and

bundle de-rating factors were determined as 0.8459 and 0.74 respectively for 20000ft and

a conductor number of two. The conductor AWG number is 24 and cable diameter is

1.887mm and mass of 0.107kg. The line resistance, line inductance, phase-to-phase and

phase-to-ground capacitances were determined in Figure 6.11 at the machines fundamen-

tal electrical frequency and from Table 6.1.
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Table 7.16: Optimal system design for distributed system - cable.

Parameter Value Unit

RMS Voltage rating 600 V
RMS current rating 4.16 A
Cable length 10 m
Altitude 20000 ft
Altitude de-rating factor 0.8459
Bundle number 2
Bundle de-rating factor 0.74
Conductor gauge 24 AWG
Line resistance 0.0785 Ohm
Line inductance 0.3054 uH
Phase to phase capacitance 0.0147 nF
Phase to ground capacitance 0.0902 nF
Cable radius 1.887 mm
Mass 0.107 kg

7.4.5 Control

A standard PI current controller configuration with cross decoupling terms is utilised, as

shown in Figure 7.20. How it was integrated into the system is shown in Figure 7.21. The

control scheme was realised and tested in simulation. The switching scheme utilised is

space vector modulation. The switching frequency is 45kHz. The current controller close

loop bandwidth is 2250Hz. The proportional gain Kp and integral gain KI are 30.36 and

7553 respectively.

To test the current control stability, the current set point is stepped from zero to rated

while the speed is ramped from zero to rated as shown in Figure 7.22. The machine dq

currents (imd, imq), commanded currents (i∗md, i
∗
mq), and rotor speed (RPM) are plotted.

The q-axis current command is stepped from 0 to 6A at 0.02 seconds while the d-axis cur-

rent command is held at zero. A constant speed ramp from 0 to 7750RPM is introduced

at the same time. The current controller attempts to maintain the machine currents to

their respective commanded values. The commanded and actual machine current values

match at steady state constant speed.

7.4.6 Power electronics and heat sink

The power electronics and heat sink specifications are shown in Table 7.17. The switching

frequency is 45kHz, modulation index is 1, and output current is 4.25Arms. The total

semiconductor losses is 10.827W. For a junction temperature of 95◦C, a heat sink with

equivalent thermal resistance of 2.266◦K/W is required. The heat sinks’ mass of 0.157kg

and volume of 0.872 litres is determined from the heat sink look up table of Section

4.9.2. The total semi-conductor failure rate is 837.7FIT for this junction temperature

and external operating environment.
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7.4.7 LC input filter

The designed EMI LC input filter specifications are shown in Table 7.18. It is a two-stage

LC design. The per stage differential mode inductance and capacitances are 0.113mH and

1.182uF respectively. The dc-link capacitance is 10uF. The total passive mass is 0.153kg

and the total mass including the case is 0.139kg. Considering a 30◦C inductor temperature

rise, capacitor voltage rating of 450V, and external lifetime profile, the determined EMI

LC input filter’s failure rate is 353.6FIT.
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Figure 7.22: Optimised design for a distributed topology - current control test for current
command step and speed ramp.

Table 7.17: Optimal system design for a distributed topology - power electronics and heat
sink specifications.

Parameter Value Unit

Manufacturer Microsemi
Model Number MSC080SMA120S
Ambient temperature 70 ◦C
Equivalent ambient altitude 20000 ft
Junction temperature 95 ◦C
Transistor conduction losses 0.514 W
Transistor switching losses 1.129 W
Diode conduction losses 0.162 W
Total transistor and diode losses 10.827 W
Heat sink equivalent thermal resistance 2.266 ◦K/W
Heat sink mass 0.157 kg
Heat sink volume 0.872 litre
Failure rate 837.7 FIT

The effectiveness of the EMI filter design is determined in simulation and shown in

Figure 7.23. The source and return lead conducted emissions were simulated at nominal

steady state conditions and its corresponding spectrum is determined. The harmonics

of largest amplitude correspond to side bands of the fundamental switching harmonic

around 45kHz. Both source and return lead distortion spectrums u+ and u− are below

both the MIL-STD-461F limit and -6dB margin.
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Table 7.18: Optimal system design for distributed topology - EMI LC input filter specifica-
tions.

Parameter Value Units

Inductance 0.113 mH
Capacitance 1.182 uF
DC-link capacitance 10 uF
Capacitor rating 450 V
Number of stages 2
Passive mass 0.153 kg
Passive volume 0.04 litre
Total mass 0.264 kg
Failure rate 353.6 FIT
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Figure 7.23: Optimal design for distributed system - EMI filter spectrum.

7.4.8 Summary

The optimal system design of a distributed electric drive topology for a given search

space has been generated. The total per-lane mass and failure rate are 8kg and 1300FIT

respectively. The inverter’s switching frequency is 45kHz. The majority of the total per

lane mass contribution is from the gearbox at 79%, followed by the machine with 14%,

the LC output filter with 3%, the power electronics heat sink at 2% and cable at 1%.

The machine design has 12 slots, 10 poles, and nominally outputs at 1.1kW at
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7750RPM. Its mass and failure rate are 1.149kg and 108.4FIT respectively. The machine

design is validated and refined in FEMM. A smaller error of -1.8% and 3.2% between the

desired and FEMM-calculated inductance and magnetic flux linkage values was observed.

The achieved peak-to-peak torque ripple is 5.6%.

The cable was sized considering operating current, altitude, and bundle derating fac-

tor. The cable length is 10m. Its conductor AWG number is 24, its cable total diameter

is 1.887mm, and total mass is 0.107kg.

Silicon carbide switches were considered for the inverter semiconductor technology.

The total semiconductor losses, consisting of switching and conduction were determined

as a function of modulation index, switching frequency, output current and dc-link voltage

for nominal conditions. The total switching losses are 10.827W. The junction tempera-

ture, equivalent heat sink thermal resistance, heat sink mass, and failure rate are 95 FIT,

2.266◦K/W, 0.157kg, and 837.7FIT respectively.

The inverter input EMI filter is a 2 stage LC design, its filtering effectiveness in

attenuating source and return leads’ conducted emissions distortion spectrum below that

of MIL-STD-461F limits was validated by simulation for nominal operating conditions.

Its mass and failure rate are 0.139kg and 173.4FIT respectively.

A PI current controller with cross decoupling terms was implemented. It was tuned

to have a bandwidth of 2250Hz. Control stability was maintained for a q-axis current

command step from zero to rated 6A peak at the start of a speed ramp from 0RPM to

7750RPM in 0.05 seconds. The machine currents tracked that of the commanded and no

steady state error was present.

7.5 Centralised vs. distributed topology

The optimal design for centralised topology was presented in section 7.3. The optimal

design for distributed topology was presented in section 7.4. These designs and their

components are compared with respect to each other.

7.5.1 System level

The total per lane mass and failure rate composition of the two optimal designs of each

topology are shown together in Table 7.19. The centralised topology’s EMI LC input

filter, power electronics, and LC output filter are located inside the fuselage of the air-

craft. The distributed topology’s EMI LC input filter, and inverter located outside of the

fuselage, next to the point of actuation. The operating environment and lifetime profile

effects component sizing and its failure rate.

The distributed topology’s per lane mass of 8kg is 0.9kg less than that of the cen-

tralised topology of 8.9kg. The distributed topology lacks an LC output filter which
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its mass of 0.94kg is comparable to the total per lane mass difference between the two

topologies. The distributed topology has a lower part count by virtue of not having an

LC output filter. The distributed topology has higher failure rates for LC input filter

and power electronics compared to the centralised topology. The cable mass for the

distributed topology is less as only two conductors instead of three are required.

Table 7.19: Centralised vs. distributed topology comparison - system level mass and failure
rate.

Mass (kg) Failure rate (FIT)
Component Centralised Distributed Centralised Distributed

Gearbox 6.31 6.32 - -
Machine 1.33 1.15 98.9 108
LC output 0.94 - 288 -
PE heat sink 0.0252 0.157 677 838
LC input 0.139 0.264 173 354
Cable 0.16 0.107 - -

Electrical component total 2.59 1.68 1236.9 1300.0
Total per-lane 8.90 8.00 1236.9 1300.0

The per-lane mass is plotted against carrier frequency for centralised and distributed

designs in Figure 7.24. A line is plotted through the design of minimal per-lane mass at

each unique carrier frequency. As seen in both Table 7.19 and Figure 7.24, the optimal

solution of both centralised and distributed topologies happens to operate at 45kHz. It

is known that as switching frequency increases, the required inductance and capacitance

for passive filters tend to decrease for a fixed level of attenuation and specified frequency

at the expense of increased switching losses, and core losses. For the presented functional

definition and presented design constraints, the optimal solution of the 45kHz switching

frequency leads to the optimal compromise between the minimal mass of passive compo-

nents at the expanse of increased switching and core losses. If the functional description

were to change, the optimal solution may lie somewhere else. Thorough sensitivity analy-

sis is required to definitively determine the relationship between switching frequency and

mass of optimal solution.

7.5.2 Machine

The machine designs for the centralised and distributed topologies are compared in Ta-

ble 7.20. Both designs have 12 slots and 10 poles. Their nominal line current values are

4.77Arms and 4.24Arms respectively. The centralised topology machine designs’ mass

and failure rate are 1.326kg and 98.9FIT respectively. The distributed topology machine

designs’ mass and failure rate are 1.15kg and 108.4FIT. Their stator diameter and stack

length are similar, 68.8mm to 68.4mm for stator diameter, 34.7mm to 35mm for stack

length. Magnet thickness is greater in the distributed topology machine at 3.7mm, com-
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Figure 7.24: Centralised vs. distributed topology comparison - per-lane mass vs. carrier
frequency.

pared to 3.0mm for the centralised topology machine. Permanent magnets are one of the

most expensive components on a per kilogram basis. The peak-to-peak torque ripple of

both machines are quite similar, 5.5% to 5.6%.

7.5.3 Cable

The selected cable designs for the centralised and distributed topologies are compared

in Table 7.21. The cable bundle conductor number is different for the centralised and

distributed. For the centralised topology, a three-phase cable transmits ac power from

the inverter to the machine. For distributed topology, a two phase cable transmits dc

power from the aircraft’s grid to the inverters input. It is assumed the distance between

the inverter and the machine is negligibly short for distributed topology. The cable mass

for the distributed topology is lower as it has one less conductor. Conductor gauge is

selected to the nearest AWG number.

7.5.4 LC output filter

The LC output filter design of the centralised topology is shown in Table 7.21. No LC

output filter is present in the distributed topology, thus no comparison can be made.

The LC output filter weighs 0.94kg and 287.8FIT. Its mass is significant if compared to

the 2.59kg total electrical components mass of the distributed topology . The inductors

contribute the most to the LC output filters mass, each weighing 0.186kg. There are

three inductors per LC output filter, making the total inductor mass equal to 0.558kg,

equivalent to 59% of the total LC output filter mass.
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Table 7.20: Centralised vs. distributed topology comparison - machine design.

Parameter Centralised Distributed Units

Nominal torque 1.31 1.366 Nm
Nominal speed 8000 7750 RPM
Nominal line current 4.77 4.24 Arms
Slots 12 12
Poles 10 10
Winding scheme Single layer Single layer
Stator diameter 68.8 68.4 mm
Stator bore 35.7 36 mm
Tooth width 4.7 4.7 mm
Slot depth 14.3 13.2 mm
Tooth tip depth 1.5 1 mm
Slot opening 3.8 4.2 mm
Stack length 34.7 35 mm
Magnet thickness 3 3.7 mm
Magnet arc 120 120 ED
Air gap 0.71 0.75 mm
Shaft diameter 20 17 mm
Turns per phase 134 154
Stator core material Vacoflux-50 Vacoflux-50
Rotor core material Vacoflux-50 Vacoflux-50
Magnet material Recoma 32 Recoma 32
Stator resistance 0.503 0.73 Ohms
Stator inductance 1.869/1.879 2.117/2.126 mH
Magnetic flux linkage 0.0259 0.0304 Wb
Steady state winding temp 169.9 169.2 ◦C
Steady state temp rise 99.9 99.2 ◦C
Thermal resistance 1.407 1.414 K/W
Mass 1.326 1.15 kg
Failure rate 98.9 108.4 FIT
Peak to peak torque ripple 5.5 5.6 %

Table 7.21: Centralised vs. distributed topology comparison - cable design.

Parameter Centralised Distributed Unit

RMS voltage rating 600 600 Vrms
RMS current rating 4.77 4.16 Arms
Cable length 10 10 m
Altitude 200000 200000 ft
Altitude derating factor 0.846 0.846
Bundle conductor number 3 2
Bundle derating factor 0.594 0.74
Conductor gauge 24 24 AWG
Mass 0.16 0.107 kg

7.5.5 Power electronics and heat sink

The power electronics and heat sink designs of the centralised and distributed topology

are shown in Table 7.23. Silicon carbide switches are utilised. The total semiconductor

losses are calculated for centralised and distributed topologies are 14.06W and 10.87W

respectively. The inverter’s output current for centralised and distributed topologies are
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Table 7.22: Centralised vs. distributed topology comparison - LC output filter design.

Parameter Centralised Distributed Units

Mass 0.94 - kg
Failure rate 287.8 - FIT
Inductance 0.622 - mH
Capacitance 5.266 - uF
Mid-point capacitance 26.16 - uF
Capacitor voltage rating 450 - V
Per inductance mass 0.186 - kg
Per capacitor mass 0.011 - kg
Per mid point capacitor mass 0.039 - kg
Per inductor volume 0.016 - litre
Per capacitor volume 0.01 - litre
Per mid point capacitor volume 0.038 - litre
Case volume 0.382 - litre
Case mass 0.272 - kg
Inductor core material Nanocrystalline -
Per inductor failure ratee 3.7 - kg
Per capacitor failure rate 55.3 - kg

4.77Arms and 4.24Arms. A reduction in the required output current leads to a reduction

in the semiconductor losses.

Consider the factors that affect power electronics/semiconductor failure rate. These

are described by the component lifetime profile that is associated with its operation and

environment. The distributed topology’s power electronics are located external of the

fuselage in the wing. This operating environment is harsher with increased vibration,

larger temperature and ambient pressure cycling compared to the internal operating en-

vironment of the centralised topology. The distributed topology’s power electronics/semi-

conductor’s associated lifetime profile leads to greater component failure rate compared

to that of the centralised topology. Semiconductor failure rate reduces with a reduction

in operating junction temperature. The increase in semiconductor failure rate due to its

associated lifetime profile is offset by lowering its junction temperature with a larger heat

sink of smaller thermal resistance. Reduced pressure at higher altitude increases the ef-

fective heat sink thermal resistance, leading to a further increase in heat sink sizing. The

distributed and centralised topology’s optimal design’s heat sinks designs are determined

and compared. The distributed topology’s heat sink’s 0.157kg mass and 0.872 litres vol-

ume is greater than the centralised topology’s heat sinks 0.025kg mass, 0.089 litre volume.

The centralised and distributed junction temperatures are 115◦C and 95◦C respectively.

The distributed topology’s heat sink mass is 6.3 times that of the centralised topology’s.

This mass is still small compared to the total per lane mass of 8.0kg and total per lane

electrical mass of 1.68kg. The centralised and distributed failure rates are 677.5FIT and

837.7FIT respectively.
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Table 7.23: Centralised vs. distributed topology comparison - power electronics and heat sink
design.

Parameter Centralised Distributed Unit

Ambient temperature 40 70 ◦C
Equivalent ambient altitude 8000 20000 ft
Output current 4.77 4.16 Arms
Junction temperature 115 95 ◦C
Transistor conduction losses 0.661 0.514 W
Transistor switching losses 1.329 1.129 W
Diode conduction losses 0.354 0.162 W
Total transistor and diode losses 14.06 10.827 W
Heat sink equivalent thermal resistance 5.291 2.266 ◦K/W
Heat sink mass 0.025 0.157 kg
Heat sink volume 0.089 0.872 litre
Failure rate 677.5 837.7 FIT

7.5.6 EMI LC input filter

The EMI LC input filter designs of the centralised and distributed topologies are shown in

Table 7.24. Both designs are two stage LC input filters. Smaller differential mode capac-

itors are required for the centralised topology design compared to that of the distributed

topology. In the centralised topology, two dc link mid-point balancing capacitors are

utilised for the LC outputs filter’s neutral point connection. These balancing capacitors

contribute to the overall dc-link capacitance. The inductance term is higher for the dis-

tributed topology with a value of 0.113mH compared to the 0.011mH of the centralised

topology. Both designs utilised the same 450V capacitor voltage rating and assumed

30◦C inductor temperature rise but have different operating environments and lifetime

profiles. The failure rate of the distributed topology’s EMI filter is higher than that of the

centralised due solely to its harsher external operating environment and lifetime profile.

The mass of the centralised and distributed topology EMI LC input filters are 0.139kg

and 0.264kg respectively while the failure rates are 173.4FIT and 353.6FIT respectively.

Table 7.24: Centralised vs. distributed topology comparison - EMI LC input filter design.

Parameter Centralised Distributed Units

Inductance 0.011 0.113 mH
Capacitance 1 1.182 uF
Inductor core material Amorphous Amorphous
DC-link capacitance 1 10 uF
Capacitor rating 450 450 V
Number of stages 2 2
Passive mass 0.065 0.153 kg
Passive volume 0.022 0.04 litre
Total mass 0.139 0.264 kg
Failure rate 173.4 353.6 FIT
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7.5.7 Control

The current control step responses during speed ramp is shown for centralised and dis-

tributed topologies are shown in Figure 7.25 (a) and (b) respectively. A gain-scheduled

state feedback current controller with state observer is utilised in the centralised sys-

tem. The current controller’s bandwidth is 450Hz and the observer is 4.5KHz. A PI

current controller with cross decoupling terms is utilised in the distributed topology.

Its bandwidth is 2250Hz. Control stability is achieved throughout the speed range for

both control schemes. For the centralised topology, discrepancy is present between the

observed and realised states and becomes more pronounced as speed increases. This is

due to mismatch between the inverter output voltage’s fundamental amplitude and the

commanded dq voltage of the current controller. For the distributed topology, the actual

current lagged behind the commanded current during the speed ramp but zero error is

observed at steady state.
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Figure 7.25: Centralised vs. distributed topology comparison - current control step response
during speed ramp.

7.5.8 Conclusion

For a given design search space, optimal designs for centralised and distributed topologies

were generated. The considered components are the gearbox, machine, cable, LC output
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filter for the centralised topology only, power electronics and heat sink, and EMI input

filter. These designs were compared on a system level with respect to total per lane mass

and failure rate. Designs with a total per lane failure rate of <1375FIT are considered.

The distributed topology’s optimal design’s total per lane mass of 8.0kg is less than

the centralised topology’s optimal design’s total per lane mass of 8.9kg. The majority

of the total per lane mass is due to the gearbox. The mass of the LC output filter in

the centralised topology, which is absent in the distributed topology, accounts for the

majority of the mass discrepancy between the two topologies.

The machine designs were validated in FEMM. The desired inductance and magnetic

flux linkage were achieved.

The feeder cable for the distributed system is lighter on the account that it transmits

dc power with a two conductor cable and not ac power through a three conductor cable.

The power electronics heat sink mass is greater for the distributed topology. This is

to compensate for the negative effects of increased ambient temperature, reduced atmo-

spheric pressure, and reduced junction temperature to achieve a comparable failure rate

to that of the centralised topology.

The EMI LC filter of the distributed system is greater than that of the centralised

topology. This is due to the requirement of larger dc-link capacitors and greater dif-

ferential mode attenuation due to the absence of the two mid-point balancing dc link

capacitors for the LC output filter neutral point, present in the centralised topology.

Stable current control is achieved for both topologies. Control is implemented in

the synchronous dq domain. Gain-scheduled LQR state feedback current control and

observer is required for the centralised topology due to the presence of the LC output

filter. Discrepancy is observed between actual and estimated system states, leading to

an overestimation of machine current and reduced torque output. This is due to the

mismatch between the desired and the attained inverter output fundamental voltage

which appear to increase with operating speed. A compensation technique for this issue

was not investigated further. A standard PI current controller with cross-decoupling

terms is utilised for the distributed topology and zero steady state error is achieved at

steady state.

It is concluded that for the given design search space and flap actuation requirement,

the distributed topology is superior to the centralised topology. This is due to the dis-

tributed topology’s optimal design having less mass than that of the centralised system.

It lacks an LC output filter which both reduces overall systems mass and makes the

control scheme more straightforward.
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Chapter 8

Conclusion

A summary of the work completed is presented. The work is critiqued, its shortcomings

are identified, and opportunities for future work are suggested. The novel contributions

from the author’s work are listed.

8.1 Summary

The aviation industry is moving towards more electric aircraft with the replacement of

conventional pneumatic and hydraulic systems with electric solutions. Recent trends

have shown an increase in commercial aircraft’s electric generation capacity. European

wide collaborations such as Actuation2015 and ACARE2020 show the aviation industry’s

intention to develop an all electric aircraft with the full elimination of all hydraulic and

pneumatic systems. Thus, new design tools are required to develop the future more

electric, and all electric aircraft.

The aim was to develop a design toolbox which optimally sizes the electric drive sys-

tem for aerospace actuation considering centralised or distributed topology. The optimal

design has the minimum mass within a failure rate constraint. The actuation requirement

is defined by its motion type, control scheme, life time profile, power capability, dynam-

ics, operating environment, power quality, and failure rate. The system consists of basic

components and subsystems. A multi-domain design approach is required. The con-

sidered basic components are inductors, capacitors, gearbox, machine, cable, heat sink,

semiconductor, and enclosure. The considered domains are electrical, electromagnetic,

high-frequency, losses, thermal, mass, volume, and failure rate. The domains for which

each basic component was modelled for are marked with a Xin Table 8.1. The considered

subsystems are the LC output filter, inverter, and EMI input filter. These subsystems are

built from some combination of inductors, capacitors, heat sinks, semiconductors, and

enclosures. Each subsystem and their contributing components are shown in Table 8.2.

Pareto optimal (with respect to mass and failure rate) sizing algorithms were developed

239
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for each basic component and subsystem.

Table 8.1: Modelling of basic components and their relevant domains.
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Inductor X X X X X X X
Capacitor X X X X
Gearbox X
Machine X X X X X X X X
Cable X X X X
Heat sink X X X
Semiconductor X X X X X
Enclosure X X

Table 8.2: Subsystems and their contributing basic components.
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LC output filter X X X
Inverter X X X
EMI input filter X X X

The relevant inputs of each basic component and subsystems’ respective design al-

gorithm are coordinated at a system-level to ensure that designed components and sub-

systems are inter-compatible, the functional definition is met, and design constraints are

adhered to. The basic components’ and subsystems’ designs are mixed and matched in

every possible combination. For each combination, the system level mass and failure

rate is determined from which optimal designs of minimum mass within a given failure

rate limit is selected. The optimal designs go through an intermediate refinement stage

whereby inductors and subsystems with inductors are resized in an analytical manner

to account for the discrepancy in its initially empirically-determined mass and volume.

Power quality and control stability were validated by simulation. The considered power

quality standards are MIL-STD-461 for the conducted source/return leads emission spec-

trums and MIL-STD-704F for the LC output filter’s spectrum. A gain-scheduled LQR

state feedback current controller and state observer was implemented for the centralised

topology. A PI current controller with cross de-coupling terms is utilised in the distributed

topology.

The tool was utilised to design and size the electric drive system for flap actuation of

an Airbus A320. For each flap, a “2×3” dual-lane velocity summing topology is utilised.
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This consists of two machines driving one differential gearbox, its output drives the rotary

actuators on either side of the flap via a transmission shaft. Each lane is powered by two

isolated networks to avoid common-mode failure. Each lane has an electric brake which

locks each lane when the commanded flap position has been reached or to mechanically

isolate a faulted lane. The power requirement is 1.1kW and the per-lane fault constraint is

<1375FIT. Optimal designs for the centralised and distributed topologies were generated

and compared against each other. The per-lane mass for the optimal centralised and

distributed designs are 8.9kg and 8.0kg respectively. The mass difference of 0.9kg is

mainly attributed to the lack of an LC output filter in the distributed design. A speed

dependent discrepancy is seen in the estimated system states for the centralised topology.

This is due to mismatch between the desired voltage command and the realised inverter

output voltage. A compensation method for this discrepancy was not investigated.

From the analysis using the realised optimal design tool and outlined design require-

ments and constraints, it is concluded that the distributed topology is superior to the

centralised topology for electric drive flap actuation as it has reduced mass, less compo-

nents, and a more straightforward current control scheme.

8.2 Critiques and future work

In this section, a critique of the accomplished work is presented. This in turn outlines

future work opportunities to address the accomplished work’s shortcomings.

A holistic approach considering all domains for all basic components and subsystems

was desired and the X’s in Table 8.1 show to what extent that goals was achieved.

Table 8.1 is modified with the addition of extra components, domains, and ◦ markers to

indicate the component/domain model upgrades that can be addressed in future work.

The modified table is shown in Table 8.3.

The ways in which the existing model can be upgraded are as follows:

� High-frequency inductor modelling is desired. Just as machine differential mode

impedance varies as function of frequency, so too does the impedance of inductors.

Both inductors and machines have multi-turn windings about magnetic core mate-

rial. As frequency increases, series resistance increases due to skin effect, proximity

effect, and core losses while inductance decreases. The impedance of turn-to-turn

and turn-to-ground capacitive parasitic paths reduce as frequency increases. The

inductor sizing algorithm utilised is only suitable for relatively “lower” switching

frequencies. This “lower” threshold is arbitrarily defined.

� Capacitor losses and thermal modelling is desired considering voltage ripple and

ambient conditions. Capacitors tend to have lower operating temperatures com-

pared to the inductor and particular attention is required to ensure their thermal
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Table 8.3: Modelling of basic components and their relevant domains.
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Inductor X X ◦ X X X X X
Capacitor X ◦ ◦ X X X
Gearbox ◦ X ◦ ◦ ◦
Machine X X X X X◦ X X X ◦
Cable X X X X
Heatsink X X X
Semiconductor X X X X X
Enclosure ◦ X X
Bearing ◦ ◦ ◦ ◦ ◦
Electric brake ◦ ◦ ◦ ◦ ◦ ◦ ◦

limits are respected.

� More detail regarding the gearbox and bearing modelling is desired. Bearing failure

rate is dependent on loading, vibrations, number of rotations, and bearing temper-

ature. Temperature is related to gearbox losses and bearing losses. Non-linear

mechanical model is desired which considers effects like backlash, compliance, fric-

tion.

� The machine’s thermal model is a steady state model. An attempt was made by

the author to develop a transient thermal model to estimate a machine’s design

equivalent thermal time constant. Results from the author developed transient

thermal model matched poorly with that of the experimentally determined values

and were not included in the thesis. Actuation operation is intermittent and not

continuous. Intermittent operation allows time for the machine to heat up and cool

down. It may not get a chance to reach steady state nominal temperature. The

failure rate due to thermal stresses on winding insulation has been overestimated

as it was determined for steady state conditions. An accurate determination of the

machines transient thermal response can enable further machine mass minimisation.

� The effects of cogging torque can also be included as a part of the non-linear me-

chanical model component of the machine. Cogging torque can be determined using

FEA methods and then be included in the simulation as a rotor-position dependent

torque source.

� The enclosure volume was determined by multiplying the total volume of contained

passives by a scaling factor. The accuracy of this is questionable as inductors and

capacitors can vary in height and required spacing. Thus, enclosure utilisation can

vary substantially. The enclosure also consists of PCB, upon which other circuitry,
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amplifiers, microcontroller, DSP etc are mounted. The mass, required spacing, and

losses of these components have not been considered. Internal temperature within

the enclosure needs to be determined considering enclosure geometry, material, in-

ternal losses and ambient conditions. The thermal characteristics of one component

can effect the temperature of neighbouring component, which in turn can effect its

failure rate.

� All components were assumed to be thermally isolated with respect to each other.

Depending on the degree with which the inverter may be integrated with the ma-

chine or the machine is integrated with the gearbox, substantial heat flow can occur

between these components. This can be beneficial as the large mass of the gearbox

may act as an alternative heat sink for the machine’s losses or detrimental if heat

from the machine increases the inverter switch temperature.

� The electric brake’s physical specifications, power electronics, and failure rate have

not been considered. Electric brake’s mass, volume, moment of inertia may be

determined using scaling laws.

More accurate and representative results will be achieved if all of these modelling

upgrade options are implemented. It is believed that the same conclusion regarding

distributed being lighter than centralised topology for this application will still be reached.

Bearings and electric brakes are present in both centralised and distributed topologies

and will contribute an equivalent amount to the respective topology’s mass and failure

rate.

The inductors were designed assuming a 30◦C temperature rise with respect to am-

bient during operation, as recommended by FIDES guide 2009. Increasing the allowable

temperature rise will lead to more power dense, and thus lighter results. The thermal

interaction between the hotter inductors and other neighbouring components may need

to be considered and assessed.

The high-frequency drive modelling considering transmission line effects is not well

integrated or utilised in system level optimisation. High-frequency cable models may not

be necessary if an inverter LC output filter is used whose cut-off frequency is less than

that of the inverter switching frequency (as is the case in the centralised topology) or the

if the inverter-machine cable length is short (as is the case for the distributed topology).

Transmission line effects do not occur if the conditions for them occurring (i.e. source

side voltage with high dv/dt and long feeder cable) have been removed.

The per-lane failure rate was determined by the sum of all of its components’ failure

rats. This is equivalent to using fault-tree analysis. As an alternative, Markov analysis

can be used to determine a more representative failure rate as it allows the inclusion of

scheduled maintenance effects on the per-lane failure rate.

For the experimental setup, the prototype optimal inverter has limited similarity with

the optimised designs presented in Chapter 7. The experimental inverter’s power stage is
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the IGBT based FS50R12KT4P B11 power module while the proposed inverter is based

on the Microsemi’s silicon carbide power MOSFET MSC080SMA120S. Silicon carbide is

being developed aerospace applications. One example is Microchip’s MAIPDMC40X120

SiC 5kVA power module which was designed with typical aviation mission profiles in

mind [126]. As of time of writing this, detailed specifications for the MAIPDMC40X120

is limited. The justification with not going with IGBT in the proposed optimal inverter

is IGBT’s relatively high base failure rate as shown in Table 4.4. The base failure rate

for Silicon MOSFET and IGBT is 0.0202FIT and 0.3021FIT. The base failure rate of SiC

MOSFETs was not provided by FIDES guide 2009. In the presented work, it is assumed

the SiC and Si MOSFETs have the same failure rate.

In spite of this, the experimental inverter was still used to effectively validate the

high-frequency models for inverter, cable, and machine to model specifically transmission

line effects. The basis of the inverter modelling is to consider dv/dt and dc-link voltage.

These input variables for my proposed modelling scheme are readily adjustable to account

for different inverter technologies with different dv/dt.

Outstanding experimental verification include LC output filter and assessing its ef-

fectiveness in phase voltage harmonic attenuation, controller stability and dynamics of

the gain scheduled LQR control with LC output filter, inverter loss and operating tem-

perature, and EMI conducted emissions. Should this work to be continued in earnest, a

completed system would be designed, realised in hardware, and experimental validated

as a whole instead of a model-by-model basis as presented here.

Sensitivity analysis is absent. Design process implementation requires further stream-

lining and optimisation for meaningful sensitivity analysis can be done. Insight gained

from this analysis may include identification of key variables that have a major impact

on system mass and failure rate.

8.3 Contributions

The following novel contributions were generated by the author,

� Permanent magnet machine sizing algorithm from drive level requirements.

– Conventional machine sizing algorithms start with the machine geometry and

then checks if the design satisfies the drive requirements.

– The presented algorithm starts with the drive level requirements and designs

a machine for it. It directly calculates appropriate machine electrical parame-

ters considering voltage limit, current ripple, nominal torque/speed, and then

designs the machine to fit those requirements.

� Optimal design for mass and failure rates.
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– Existing publications have either a high focus on electrical, electromechanical,

models with low focus on failure rate analysis or high focus failure rate analysis

with low focus on electrical, electromechanical models.

– Presented a detailed optimal design tool that explicitly considers the relation-

ship between electrical, electromechanical, power quality, thermal, mechanical

and failure rate. High-detailed inter-domain dependent models were developed

and utilised. This allows for the determination of Pareto-efficient designs with

respect to mass and failure rate of electric drive systems.

� Investigation and comparison between centralised and distributed electric drive sys-

tem for flap actuation.

– Utilised the presented optimal design toolbox to compare optimised electric

drive designs for both centralised and distributed topologies.

– Concluded that distributed topology to be superior due to lighter mass, less

components, and more straight forward control scheme.
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[115] K. J. Åström and T. Hägglund, PID controllers: theory, design, and tuning, vol. 2.

Instrument society of America Research Triangle Park, NC, 1995.

[116] C. R. Paul, “Bandwidth of digital waveforms,” IEEE Practical Papers, Articles,

and Application Notes, pp. 58–64, 2009.

[117] N. Idir, Y. Weens, and J. J. Franchaud, “Skin effect and dielectric loss models of

power cables,” IEEE Transactions on Dielectrics and Electrical Insulation, vol. 16,

pp. 147–154, February 2009.

[118] C. Purcarea, High-frequency parasitic effects in electric drives with long cables. PhD

thesis, Technische Universität, 2011.

[119] D. Meeker, “Finite element method magnetics,” FEMM, vol. 4, p. 32, 2010.

[120] D. C. Meeker, “An improved continuum skin and proximity effect model for hexag-

onally packed wires,” Journal of Computational and Applied Mathematics, vol. 236,

no. 18, pp. 4635–4644, 2012.

[121] D. Meeker, “Continuum representation of wound coils via an equivalent foil ap-

proach,” Available on 1-5-2015 at Http://www. femm. info/examples/prox/notes.

pdf, 2010.

[122] B. Gustavsen and A. Semlyen, “Rational approximation of frequency domain re-

sponses by vector fitting,” IEEE Transactions on Power Delivery, vol. 14, pp. 1052–

1061, Jul 1999.

[123] B. Gustavsen, “Improving the pole relocating properties of vector fitting,” IEEE

Transactions on Power Delivery, vol. 21, pp. 1587–1592, July 2006.

[124] B. Gustavsen and A. Semlyen, “Enforcing passivity for admittance matrices ap-

proximated by rational functions,” IEEE Transactions on Power Systems, vol. 16,

no. 1, pp. 97–104, 2001.

[125] M. Degano, P. Zanchetta, L. Empringham, E. Lavopa, and J. Clare, “HF induction

motor modeling using automated experimental impedance measurement matching,”

IEEE Transactions on Industrial Electronics, vol. 59, no. 10, pp. 3789–3796, 2012.



BIBLIOGRAPHY 257

[126] MICROCHIP, 2019.


