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Abstract

Wind energy has attracted growing interest due to the global energy crisis. This has led to an em-

phasis on the development of offshore wind turbines (OWTs). Monopile foundations have been

widely adopted to support OWTs due to their construction simplicity. The OWT foundation

generally undergoes a large number of load cycles as the result of wind, wave and turbine blade

rotation. On sustaining such load, pile head rotation must be less than 0.5 degree. In order to

meet this requirement, engineers must understand the monopile behaviour under monotonic

and cyclic loading.

The design of monopile foundations is based on p-y method, in which soil is treated as a

series of non-linear springs. Research on monopile response to lateral loads shows the current

design guidance API (2011) overestimate the p-y curves for stiff piles. This may result in uncer-

tainty about the safety of OWTs.

The majority of previous research on this topic has focused on short-term pile response un-

der to cyclic loading and the applied cycles was limited to low thousands. In this study, cyclic

loading at least 20,000 cycles was applied to a 60mm model pile, equivalent to a 6m proto-

type foundation, in sand to investigate the long-term behaviour of pile under cyclic loading.

The cyclic loading can be generally classified as one-way (force with a constant direction) and

two-way (force direction reversed) load and the magnitude and the bias of the load can vary.

A new loading device was developed to apply cyclic loads with different characteristics in the

centrifuge. In addition, the pile was instrumented with Fibre Bragg sensors, which allowed the

measurement of bending moments along the pile.

The study shows that the pile head displacement accumulates and then levels off in the long

i



term for one-way tests. For two-way tests, it decreases after the first cycle and then levels off.

This suggests that the one-way loading scenario is more damaging for monopile foundations. It

was also observed that the stiffness of the pile increases and then stabilise for both one-way and

two-way tests. A hyperbolic model was proposed to predict the pile stiffness development. The

change in bending moment along the pile during cyclic tests was examined. The results show

a reduction in bending moments for both one-way and two-way tests. Cyclic p-y curves were

derived based on the bending moment profile of the pile. It is shown that the cyclic p-y curves

become stiffer with cycles, which indicates a stiffening soil-pile system.

In addition, a pushover test was performed on the pile and the results confirm that the API

method over-predicts the soil response for monopile foundations. Furthermore, the displacement-

force curve from monotonic tests can provide useful information for the cyclic test study.
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F1 force measured by load cell 1
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σv vertical stress
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Chapter 1

Introduction

The demand for renewable energy has grown significantly over the last decades, driven by con-

cerns over climate change, diminishing fossil fuel resources, and the desire for energy security.

As a response to this problem, many countries have put great effort into the development of

wind energy. Hence, many offshore wind farms have been constructed around the world. The

expenditure of the construction is usually extremely high. The cost of foundations accounts for

about 20% of the total expenses of a project (Oh et al., 2018). Therefore, the design of founda-

tions for offshore wind turbines (OWTs) needs to be given proper consideration. Moreover, the

foundations are commonly subjected to various loads: wind loads, current loads, wave loads

and the self-weight. These loads result in significant horizontal cyclic loads and vertical dead

loads, which can be detrimental to the OWT performance. In order to make sure OWT founda-

tions meet serviceability requirements through their entire life-cycle, the design of foundations

also requires critical attention. There are several types of foundations used for OWTs, namely

gravity foundations, monopile foundations, jacket foundations and floating structure founda-

tions (Doherty and Gavin, 2012). Monopile foundations have been mostly utilised and represent
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78.8% of foundations for installed OWTs (EWEA, 2014). The popularity of monopile foundations

is attributed to the simplicity of construction and relatively low cost.

Given the prevalence of monopile foundations, their design should undergo strict scrutiny

to ensure the durability and reliability of the foundations. However, the design codes (API, 2011

and DNV, 2016) may not be satisfactory with respect to several factors. Firstly, the current de-

sign codes are based on oil and gas platforms, which have dissimilar loading conditions and

geometries. The loads on oil and gas platforms are dominated by vertical loading with rela-

tively small lateral loading. In contrast, OWTs are primarily subjected to lateral loading and the

vertical loading is relatively small. Secondly, the design requirements of platforms consider the

ultimate limit state, whereas OWTs are governed by serviceability limit state requirements where

the foundation displacements and rotations are crucial. Thirdly, the codes in use are based on

a small number of load cycles, however, OWT foundations will experience an extremely large

number of load cycles during their life cycle. Therefore, the current codes for the design of

monopile foundations could be improved. This leads to the need for research on the response

of monopile foundations subjected to a large number of load cycles.

Research on this topic has involved both experiments and numerical simulations. In terms

of experimental approaches, there are three methods: 1-g tests, N-g tests, and full-scale tests.

In this study, the focus is on N-g tests, in which geotechnical centrifuges are used to investi-

gate monopiles under cyclic loads. Most research employing this method applies only a small

number of cycles, which may not accurately represent long-term behavior. Consequently, this

study aims to bridge this gap by applying a large number of cycles, seeking to understand the

long-term response of monopiles subjected to cyclic loads. To achieve this, a new device was

developed to apply cyclic loads with large numbers of cycles in the centrifuge. Before conduct-
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ing cyclic tests, monotonic tests, in which an increasing one-way load is applied to the pile, were

carried out to demonstrate pile response under monotonic loads and also provide a reference to

cyclic tests. From monotonic tests, the change of pile head displacement will be demonstrated

in response to a monotonic load. In addition, the displacement and soil reaction along the pile

can be obtained from bending moments measured by fibre optic strain sensors installed on the

pile. The soil response at a certain depth can then be obtained by combining the soil reaction

and pile displacement. This soil response at all depths is referred to as p-y curves, which are the

core of the API method. The p-y curves from experiments will be compared with those of the

API method. The results from monotonic tests can also provide a reference for cyclic tests as

the cyclic tests begin with a section of increasing one-way force. In terms of cyclic tests, results

from a programme of cyclic tests are presented, using the developed loading device to apply

cyclic loads with different characteristics, including one-way and two-way loading and vary-

ing loading magnitude. Through these tests, the long-term behavior of the pile and soil will be

demonstrated and the effects of loading analyzed. These include pile head displacement, pile

stiffness, soil reaction, pile displacement along the pile, and cyclic p-y curves. This study pro-

vides valuable data showing the long-term response of piles under cyclic loading and analysis

explaining the effects of different cyclic loading on pile behaviour.

1.1 Aims and objectives

The aim of this project is to achieve a better understanding of the long-term behaviour of off-

shore wind turbine monopile foundations. Offshore wind farms located in the North Sea are

considered in this research, which are typically within sandy deposits (Kirkwood, 2015). The
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study will focus on the response of monopiles subjected to a large number of load cycles in

sand. The long-term effects of cyclic loading characteristics on pile-soil stiffness and pile head

displacement are of interest. The objectives are listed below.

1. To design and develop a novel loading device capable of applying cyclic loading of vari-

ous loading characteristics in a centrifuge. This experimental equipment will enable the

acquisition of a novel data set of piles under cyclic loading of various characteristics in

sand.

2. To carry out centrifuge monotonic tests of an instrumental pile in the same configuration

as cyclic tests. The experimental p-y curves from monotonic tests will be compared with

p-y curves used in the API method to show the validity of the API method.

3. To demonstrate the development of pile head displacement, secant pile-soil stiffness, and

pile bending moments over a large number of load cycles and analyse the effects of load-

ing characteristics on these parameters. This will provide valuable insights on the pile

response under cyclic loading and show the validity of findings from previous research.

4. To derive soil reactions and pile displacements along the pile from bending moments over

cycles and show their development with load cycles. Cyclic p-y curves will be derived

based on soil reaction and pile displacement data. The effects of load cycles and loading

characteristics on p-y curves will be analysed to better understand the soil behaviour of

the pile-soil system under cyclic loading.
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Chapter 2

Literature review

2.1 Overview

This section provides a literature review for research on monopiles under cyclic loading as well

as some background about offshore wind turbine structures. Firstly, information about OWT

foundations is presented, including foundation types, loads on foundations, and design require-

ments. Secondly, previous research on monotonic load effects on monopile foundations is sum-

marised. Thirdly, cyclic lateral load effects on pile foundations reported by other researchers are

introduced.

2.2 Foundations of offshore wind turbines

Various types of foundations have been used for OWTs, including gravity base foundations,

monopile foundations, jacket structure foundations, and floating foundations. The foundation

used in a specific project depends on the loads, the water depth, and the seabed sediment. Fig-
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ure 2.1 shows these foundations schematically. These foundations are explained in detail in the

following text.

Figure 2.1: Foundations for offshore turbine (Doherty and Gavin, 2012)

1. Gravity base foundation

Gravity foundations consist of a large block made of concrete or steel. They secure the

turbine through their significant weight. Such a foundation requires a large base area

to resist the overturning of the turbine. Consequently, seabed preparation is necessary

before constructing a gravity base foundation. These foundations are typically used in

shallow water since the cost of transporting them to deeper waters is prohibitive, and the

overturning moment becomes significant in deeper water.

2. Monopile foundation

A monopile is a single, large-diameter, open-ended steel tube. It stabilises the turbine

by mobilising the horizontal earth pressure of the soils. Owing to its simple geometry, it’s

convenient to manufacture and transport to the construction site. As monopiles are open-

ended tubes, they are typically driven into the seabed, making their installation straight-

forward. Monopiles are economical for use in water depths up to 35m (Doherty and Gavin,
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2012).

3. Jacket structure foundation

The jacket structure foundation consists of a three or four-legged steel lattice frame an-

chored to the seabed using a single pile beneath each leg. It is typically used in water

depths ranging from 35 to 60m. Since it offers minimal resistance to ocean waves and cur-

rent flow, it is suitable for severe maritime conditions. Furthermore, the requirement for

seabed preparation is relatively low, allowing it to be installed in complex site conditions

without compromising the structure’s stiffness (Arshad and O’Kelly, 2013).

4. Floating foundation

The floating foundation secures the turbine using catenary mooring, making it suitable

for very deep waters. Research is ongoing to address new design challenges. In the future,

it might be possible to commercialise this type of foundation. However, its commercial

viability remains uncertain (Doherty and Gavin, 2012).

Among the various foundation systems, monopile foundations are immensely popular in shal-

low waters. Therefore, this research will focus on monopile foundations.

2.3 OWT Foundation Design Requirements

The size of offshore wind turbines has been steadily increasing, as illustrated in Figure 2.2. To

optimise economic benefits, 5MW wind turbines are gaining popularity due to their overall cost

reduction per rated MW. 5MW offshore wind turbines can be supported by monopiles with di-

ameters ranging from 5m to 7.5m and are typically installed in water depths of approximately
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30m (Koh and Ng, 2016). A majority of studies have focused on relatively smaller diameter

piles (D<5m). There’s a pressing need to understand the complex behaviour of large diameter

piles when subjected to cyclic loading. Consequently, this research considers the large diameter

monopile for 5MW offshore wind turbines.

Figure 2.2: Growth in size of wind turbines (Koh and Ng, 2016)

2.3.1 Dimensions of a typical 5MW offshore wind turbine

The monopile for a 5MW OWT typically has a diameter ranging from 6 to 8m, a wall thick-

ness varying between 0.05 to 0.1m, and an embedded depth of 20 to 40m (Achmus and Abdel-

Rahman, 2005). The properties of a reference monopile for a 5MW OWT are described by Kat-

sanos et al. (2017), as illustrated in Figure 2.3.
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Figure 2.3: The 5 MW reference offshore wind turbine (Katsanos et al., 2017)

2.3.2 Loads on a typical 5MW OWT

The loads exerted on an OWT encompass its dead weight, wind loading, hydrodynamic loading,

rotational loading, and blade loading. Clearly, wind loading arises from wind action. Hydrody-

namic loading stems from currents and waves; its magnitude is influenced by wave kinematics,

density, water depth, and the shape of the foundation (Cuéllar, 2011). Rotational loading is a

cyclic load originating from the eccentricity of the turbine rotors, while blade loading arises due

to changes in aerodynamics as a blade passes the tower. These loads impose significant hori-

zontal force and a moment on the monopile foundation. This force can be decomposed into a

resultant force that acts on a monopile with an eccentricity accounting for the bending moment.

As illustrated in Figure 2.4, an equivalent lateral load (H) is applied to a 5MW offshore wind tur-

bine monopile foundation. This load has a lever arm (Le ) measured from the seabed surface,

and it induces a corresponding moment (M = H ∗Le ) from the eccentric load (not depicted in

the figure).
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Figure 2.4: Equivalent loads on 5MW offshore wind turbine foundation (modified from Cuéllar,
2011)

2.3.3 Design requirements

2.3.3.1 Pile displacement and rotation

The design of offshore wind turbines (OWTs) is governed by three criteria: the ultimate limit

state (ULS), the serviceability limit state (SLS), and the fatigue limit state (FLS). The ULS per-

tains to the maximum load capacity of the foundations. The SLS defines the state up to which

the OWT can function correctly, while the FLS sets the threshold beyond which the structure

may fail due to cumulative loading effects. Notably, the design of OWTs is primarily driven by

the serviceability limit state. To satisfy the SLS, Achmus et al. (2009) posits that the pile head ro-

tation should not exceed 0.5 degrees. Additionally, Malhotra (2007) suggests that the pile head

10



deflection be confined within 10% to 20% of the pile diameter. LeBlanc presents design loads

for a 2MW OWT in Table 2.1. The methodologies for load calculations are provided in DNV GL

(2016). Given these stringent limits, accurately predicting pile head displacement and rotation

becomes imperative.

Table 2.1: Typical design loads for a 2MW turbine LeBlanc et al. (2010a)

Number of
cycles

Moment
(MNm)

Lateral load
(MN)

Vertical Load
(MN)

ULS 1 95 4.6 5.0
SLS 102 45 2.0 5.0
FLS 107 28 1.4 5.0

2.3.3.2 Natural frequency

The fundamental natural frequency of an OWT plays a crucial role in its design. Resonance can

occur if the frequency of external forces aligns closely with this fundamental natural frequency,

leading to heightened stress within the structure. Consequently, the OWT’s design must ensure

that its natural frequency does not match the frequencies of external forces (Bhattacharya et al.,

2013; Arshad and O’Kelly, 2013).

As previously discussed, an OWT is exposed to various dynamic loads, including wind load-

ing, hydrodynamic loading, rotational loading, and blade loading. The frequencies of these

loads are presented in Table 2.2 (Arshad and O’Kelly, 2013). Notably, wind loads exhibit a low

frequency. This low frequency arises because wind loads are deemed quasi-steady, attributed to

the vast windward area (Journée and Massie, 2001).

The frequency range of the turbine rotor is commonly referenced as the first excitation fre-

quency, denoted as ‘1P’. For a three-bladed turbine, the blade passing frequency range is termed

as ‘3P’. These frequencies are depicted in Figure 2.5. Within this figure, the frequency range
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Table 2.2: Loads frequency (Arshad and O’Kelly, 2013)

Load type Frequency
Wind loading less than 0.1Hz
Hydrodynamic loading 0.07- 0.5Hz
Rotational loading 0.17-0.33Hz
Blade loading 0.5-1Hz

prior to 1P is labelled as the soft-soft zone. The interval between 1P and 3P is designated as the

soft-stiff zone. The range beyond 3P represents the stiff-stiff zone. The design frequency of the

OWT is strategically positioned within the soft-stiff zone (DNV GL, 2016; Ward, 2016). Both the

soft-soft and stiff-stiff zones are deemed undesirable for design purposes and are thus avoided.

Structures in the soft-soft zone are viewed as overly flexible, leading to deflections that exceed

serviceability limits. Conversely, structures in the stiff-stiff zone can become excessively rigid,

resulting in redundant material use and superfluous costs.

Figure 2.5: Excitation ranges for OWT structures (Arshad and O’Kelly, 2013)

Estimating the fundamental natural frequency of a monopile foundation is feasible. An OWT

can be conceptualized as a cantilevered vertical strut, depicted in Figure 2.6. In this representa-

tion, the turbine’s mass is treated as a point load at the monopile foundation’s apex. Thus, the

natural frequency can be approximated using Equation 2.1 (Arshad and O’Kelly, 2013).
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Figure 2.6: Structural model for wind-turbine system (Arshad and O’Kelly, 2013)

f 2
nat =

3.04

4(π)2

E I

(0.227µL+M)L3
(2.1)

where µ is the strut mass per unit length, L is the length of the monopile foundation and E I

is its flexural stiffness. The strength of this method lies on its simplicity of computation and

clear mechanical interpretation. However, it is limited to long and flexible pile foundations. An

alterative is the rotational spring method where the foundation is modelled as a beam hinged at

a rotation centre and constrained by a rotational spring. This model is considered more reliable

as it took into consideration of soil-pile interaction and thus was adopted to calculate the overall

natural frequency of offshore wind turbine with large diameter and rigid foundations (Wang

et al., 2022). In addition, the stiffness of the rotational spring changes over cycles. Since there

is a connection between the stiffness and the natural frequency of offshore wind turbines, it

is necessary to investigate the change of stiffness to ensure the natural frequency is within the

soft-stiff zone through the life-span of offshore wind turbines.
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2.4 Monotonic response of monopile foundations

2.4.1 Introduction

In order to properly support wind turbines, monopile foundations must resist significant lateral

loads and moments originating from various sources. The main considerations in the design

process encompass two aspects. The first is related to preventing excessive lateral deflection

and rotation of the pile. The second aims to prevent pile failure concerning soil and pile strength

(Randolph and Gourvenec, 2017). This underscores the importance of understanding the pile

foundation’s response to monotonic loads.

2.4.2 Failure modes of piles

Poulos and Hull (1989) introduced a criterion to determine the failure mode of a pile based on

the magnitude of the rigidity parameter, R. This parameter is given by:

R =
(

Ep Ip

Es

)0.25

(2.2)

where Ep is the Young’s modulus of the pile, Ip is the moment of inertia of the pile, and Es

represents Young’s modulus of soil. According to Poulos and Hull (1989), a pile is deemed rigid

if its length is less than 1.48R and considered flexible if its length exceeds 4.44R.

2.4.3 Soil Failure Mode

Theoretically, two different failure mechanisms were proposed based on proximity to the ground

surface and at depth:
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1. Close to the ground surface, an assumption was made that a conical wedge forms ahead

of the pile and is lifted, as shown in Figure 2.7. Behind the pile, a gap forms. This wedge

overcomes the friction between the pile, shear within the soil, and its self-weight.

2. Below a certain depth, the wedge is not likely to occur. Instead, the soil tends to flow

around the pile, as illustrated in Figure 2.7. This is due to the low resistance offered by a

flow mechanism.

Figure 2.7: Soil failure mechanisms (Randolph and Gourvenec, 2017)

2.4.3.1 Ultimate soil resistance

Hansen (1961) assumed that the soil pressure reverses below the rotation point, as depicted in

Figure 2.8. He proposed that the ultimate soil resistance can be calculated using Equation 2.3.

Pu = (qzkz
q + ckz

c )D (2.3)

where qz represents the sum of the passive and active earth pressures, given by qz = kp + ka .

The term c denotes the cohesion, while kz
q and kz

c are factors dependent on the effective friction

angle.
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Figure 2.8: Soil pressure profile at failure (after Prasad and Chari (1999))

Broms (1964) conducted small-scale tests on rigid piles subjected to lateral loads. From his

experiments, he deduced that the ultimate lateral resistance in cohesionless soil can be approx-

imated by

Pu = 3KpγzD (2.4)

where Kp is the passive earth pressure coefficient. Broms suggested that the soil pressure profile

at failure assumes a triangular shape, with a point load representing the soil pressure below the

rotation point, as illustrated in Figure 2.8.

Reese et al. (1974) proposed equations to calculate the ultimate soil resistance, assuming

that the soil adheres to the Mohr-Coulomb criterion. At shallow depths, a wedge failure mecha-

nism was considered. The interface between the pile and the soil is assumed to be frictionless.

Although this assumption may not hold as the soil-pile interaction will lead to an increasing
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Figure 2.9: Ultimate soil resistance behaviour, after Reese et al. (1974)

friction between soil and pile, it offers a way to establish an analytical model. The ultimate soil

resistance is calculated using Equation 2.5. The dimensions of the wedge are depicted in Figure

2.9(a).

pu,shallow = γ′z
[

D(Kp − Ka) + z(Kp − K0)
√

Kp tanα + zK0

√
Kp (

1

cosα
+ 1)tanφ′ sinβ

]
(2.5)

where γ′ is the effective unit weight of the soil, z represents depth, Ka = tan2(π/4−φ′/2) is the

active earth pressure coefficient, Kp is the passive earth pressure coefficient, φ′ is the internal

friction angle, D is the diameter, K0 is the in situ lateral pressure coefficient, and α and β are the

wedge dimensions as illustrated in Figure 2.9(a), which relate to the relative density and applied

load.

At greater depths, the ultimate soil resistance is predicted using Equation 2.6, which is based
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on the flow mechanism. A schematic representation of this is depicted in Figure 2.9(b).

pu,deep = γ′zD(K 3
p +K0K 2

p tanφ′−Ka) (2.6)

The ultimate soil resistance is determined by the lesser magnitude of the two modes men-

tioned above. An empirical parameter, denoted as A, is introduced to adjust the value, ensuring

that the theoretical results align with the test outcomes.

pu = min{Apu,shallow, Apu,deep} (2.7)

A ≈ 3−0.8
z

D
≥ 0.9 (2.8)

Prasad and Chari (1999) suggested that the soil pressure at the rotation point is zero since no

strain occurs at the point, as shown in Figure 2.8. Small scale tests using a pressure transducer

on a rigid pile were conducted to investigate the ultimate soil resistance. It was found that the

maximum soil pressure above the rotation point is at a depth of 0.6x, where x is the depth of

the rotation point. The magnitude of this maximum soil pressure is given by Equation 2.9. The

lateral soil pressure at the pile toe was measured as 1.7p0.6x . Straight lines were assumed to

connect these two points and the rotation point, as depicted in Figure 2.8.

p0.6x = [101.3tanφ+0.3]γ(0.6x) (2.9)

The ultimate lateral load at the pile head and the depth of the rotation point can be derived by

considering horizontal and moment equilibrium. The results are presented in Equation 2.10
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and Equation 2.12, respectively.

Hult =
∫ L

0
0.8pDd z (2.10)

Hultex =
∫ L

0
0.8pDzd z (2.11)

x = 1

2.1996

[
− (0.567+1.7ex)+ (5.307L2 +7.29e2

x +10.541exL)0.5
]

(2.12)

Zhang et al. (2005) considered the friction of the soil-pile interface and proposed Equation

2.13 to calculate the ultimate soil resistance. Figure 2.10 illustrates the pressure distribution

around the pile.

pu = (0.8pz +τz)D (2.13)

pz = Kpγ
′z (2.14)

τz = Khγ
′z tanδ (2.15)

where Kh is the lateral earth pressure coefficient; Kp is the passive earth pressure coefficient; δ

is the angle of friction at the soil-pile interface.

API (2011) and DNV (2014) simplified the equations proposed by Reese et al. (1974) and

provided the following equations to calculate the ultimate soil resistance. This method is com-

monly adopted by industry.

pu = min
{

c1z + c2D,c3D
}
γ′z (2.16)

where γ′ is the effective soil weight. Coefficients c1,c2 and c3 are dependent on the internal

friction angle determined from the Figure 2.11.

The PISA (Pile-Soil Analysis) joint industry project aimed to improve monopile foundation
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Figure 2.10: Distribution of pressures around a laterally loaded pile (Zhang et al., 2005)

design through field testing, numerical modelling, and a new design methodology (Burd et al.,

2020). A field test in Dunkirk, France, on dense to medium-dense sand investigated monopile

behaviour under monotonic loading, reflecting offshore wind turbine conditions in the North

Sea (McAdam et al., 2020). The study used 14 steel, open-ended piles with length-to-diameter

(L/D) ratios from 3 to 10 and diameters of 0.273 m, 0.762 m, and 2.0 m by impact driving method.

Results indicated stiffness and strength increased with the increasing length for medium-diameter

piles. In addition, It is shown the pile behaviour transitions from flexural to rotational deflection

modes as the L/D ratio decreases.

2.4.4 p-y method

2.4.4.1 Development

The p-y method is an extension of the Winkler model, which was developed by Winkler (Winkler,

1867). Winkler initially treated the soil as linear springs. The principle behind the p-y method
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Figure 2.11: C coefficients for API (API, 2011)

involves modelling the deforming soil around the pile as independent non-linear springs. Cen-

tral to the p-y method is the p-y curve, which describes the relationship between lateral load

and displacement. This curve varies with depth along the pile. At a specific depth, the slope of

a straight line connecting the origin to a point on the p-y curve is termed the secant stiffness of

the p-y response (Epy ). This is expressed in Equation 2.17. It is crucial to distinguish between

the soil resistance acting on a pile per unit length (P ) and the net pressure exerted on the pile

(p). The relationship between these two parameters is detailed in Equation 2.18.

Epy = P

y
(2.17)

P = pD (2.18)
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Reese et al. (1974) provided a detailed procedure for developing the p-y curve for short-term

static loading. This procedure is based on full-scale pile tests conducted at Mustang Island. Fig-

ure 2.12 illustrates a set of p-y curves. The curve begins with a linear portion, represented as

p = E 0
py y . Subsequently, it transitions into a parabolic section after the displacement of b

60 (b is

the pile diameter). After this segment, a linear relationship is observed, culminating at the ulti-

mate soil resistance (pu). Comprehensive explanations regarding the calculations of parameters

shown in Figure 2.12 can be found in Reese et al. (1974).

Figure 2.12: Characteristic shape of p-y curves for static and cyclic loading in sand (Reese and
Van impe, 2011)

A considerable amount of research has been dedicated to the development of p-y curves.

Murchison and O’Neill (1984) simplified the p-y curves proposed by Parker and Reese (1970) by

introducing new factors varying with effective soil friction angle, ensuring that the mean square

error in predicting pile head displacement was minimised.

The design codes from API (2011) and DNV (2014) integrated the p-y curves of Reese et al.
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(1974) and Murchison and O’Neill (1984), presenting Equation 2.19 for p-y curves. The equa-

tions put forth by API and DNV are recognised as the current p-y method and are widely ac-

cepted in the industry.

p = Apu tanh

[
kz

Apu
y

]
(2.19)

where k is the initial modulus of subgrade reaction, which is determined from Figure 2.13, pu is

defined in Equation 2.16, and A is estimated by Equation 2.8 (A ≈ 3−0.8 z
D ≥ 0.9).

Figure 2.13: Coefficient k for API (API, 2011)

2.4.4.2 Limitations of p-y method

Several limitations are associated with the p-y method. The p-y method is based on the database

provided by Reese et al. (1974) and Murchison and O’Neill (1984), which includes the behaviour

of flexible piles up to a 1.22m diameter. This inevitably introduces some uncertainties about the

p-y method.
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1. The pile stiffness: The p-y method is verified for small-diameter flexible piles. However,

for large-diameter piles, they tend to behave rigidly. Consequently, the validity of the

method for such piles becomes uncertain. Considering that monopile foundations for

OWTs are generally large diameter and exhibit stiff behaviour, it’s essential to examine the

appropriateness of using the existing p-y method to predict the behaviour of these stiff

piles.

2. The initial stiffness: The initial stiffness of the p-y curves proposed by API and DNV is

based on the assumption that the initial stiffness of the p-y curves increases linearly with

depth. This can be observed in Equation 2.20. Reese et al. (1974),Terzaghi (1955) and Veric

(1961) suggested the linear relationship is suitable for flexible piles.

Esi = d p

d y

∣∣∣
y=0

= APu

( kz
APu

)

cosh2( kz
APu

y)

∣∣∣∣
y=0

= kz (2.20)

Lesny and Wichtmann (2006) recommended a parabolic relation between initial stiffness

and depth for large diameter piles, as shown in Equation 2.21

Esi = Esi ,r e f

( z

zr e f

)a
(2.21)

where Esi ,r e f and zr e f are parameters determined from Figure 2.14, and a is selected as

0.6 to give the best fit in the study.

Sørensen (2012) suggested the initial stiffness is dependent on the depth, the pile diam-

eter, and the soil modulus. Small-scale tests in a pressure tank were conducted with the

application of a surcharge to the soil such that the soil properties for the small-scale tests
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Figure 2.14: Parabolic formulation for initial stiffness (Lesny and Wichtmann, 2006)

are similar to the soil properties for sand around full-scale foundations. The relation is

shown in Equation 2.22.

Esi = a
( z

zr e f

)b( D

Dr e f

)c( Esi

Esi ,r e f

)d
(2.22)

In this equation, zr e f , Dr e f , and Es,r e f are 1m, 1m, and 1MPa, respectively. The parame-

ters a, b, c, and d are suggested to be 1000kPa, 0.3, 0.5, and 0.8, respectively, for the best fit.

The soil modulus Es is estimated using Equation 2.23, as proposed by Ibsen et al. (2009).

Es = (1.15ID +20000)
( σ

′
3

100kPa

)0.58
(2.23)

where ID is the relative density and σ
′
3 is the confining pressure (kPa).

Klinkvort (2012) adopted a linear relation for the initial stiffness of rigid piles. Kirkwood

(2015) proposed a bi-linear relation, suggesting that the slope of the initial stiffness line
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changes after the rotation point for a rigid pile. To date, many researchers have carried out

investigations on the initial stiffness for rigid piles, but the outcomes remain inconclusive.

3. The shear between Winkler Springs: The p-y method was developed using Winkler springs.

This introduces a fundamental error associated with the p-y method as the shear stresses

between the Winkler springs are ignored.

2.4.4.3 Governing differential equation

To implement the p-y method, it is crucial to solve a governing differential equation. The deriva-

tion of this equation has been presented by Hetényi (1946). The derivation assumes small de-

flections and a smooth soil-pile interface.

Figure 2.15: Pile element (Hetényi, 1946)

Considering a pile element as shown in Figure 2.15, the moment equilibrium results in the

following equations.

(M +d M)−M +Pxd y −Vv d x = 0 (2.24)

d 2M

d x2
+Px

d 2 y

d x2
− dVv

d x
= 0 (2.25)
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Based on beam theory,

d 2M

d x2
= Ep Ip

d 4 y

d x4
(2.26)

dVv

d x
= p = Epy y (2.27)

The equation yields the governing differential equation 2.28.

Ep Ip
d 4 y

d x4
+Px

d 2 y

d x2
+Epy y = 0 (2.28)

where Ep Ip is the pile stiffness.

2.4.5 Subgrade reaction approach

The subgrade reaction approach represents the earliest application of the Winkler method, wherein

soil is modeled as a series of springs. The stiffness of these springs corresponds to the subgrade

reaction modulus, K [F L−2]. Additionally, K represents the initial gradient of the p-y curve.

Matlock and Reese (1960) provided a closed-form solution to determine pile head deflection

and rotation. It was assumed that K increased linearly with depth, given by the relationship

K = nk z, where nk is the coefficient of subgrade reaction [F L−3].

2.4.6 Elastic Continuum Approach

The elastic method was formulated to precisely determine pile head displacement and rota-

tion in an elastic soil. Based on an elastic and homogeneous soil with consistent stiffness and

Poisson’s ratio, Poulos (1971) developed specific equations. The friction between the soil and

27



pile was disregarded in this derivation. Furthermore, Randolph (1981) introduced solutions of

a similar form for soils where the stiffness increases linearly with depth, given by Equation 2.29

and 2.30.

Y = IY H
H

EsL
+ IY M

M

EsL2
(2.29)

θ = IθH
H

EsL2
+θY M

M

EsL3
(2.30)

where IY and Iθ are the influence factors for displacement and rotation, respectively. H and M

refer to the influences accounting for horizontal load and moment separately.

The prerequisite of the elastic method is the elastic behaviour of soils. This is reasonably

achieved when considering small pile deflection. The critical issue with this method is the de-

termination of soil properties. This method relies heavily on the soil stiffness or shear modulus,

which is challenging to determine in practice.

2.5 Cyclic lateral loading effects on pile foundations

2.5.1 Introduction

Since OWTs are commonly subjected to significant long-term cyclic loading resulting from envi-

ronmental loads, the effect of cyclic loading on the foundation is a major design consideration.

The current design codes, API and DNV, suggest degrading the ultimate soil resistance to ac-

count for cyclic loads with more than 50 load cycles (as shown in Equations 2.31 to 2.33). This

suggestion is based on findings from the Mustang Island tests (Reese et al., 1974 and Cox et al.,

1974). However, these tests applied only a small number of load cycles (fewer than 200 cycles),

which is significantly fewer than the approximately 107 cycles of loading that a real OWT will
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experience over a lifetime of 20 years. As a result, the current design codes may be insufficient

for the design of OWT monopile foundations. It is crucial to predict the pile response to a large

number of cyclic loads to ensure compliance with serviceability requirements. Several factors

require investigation, including the number of load cycles, loading characteristics, loading or-

der, and loading direction.

p = Apu tanh
[ kz

Apu
y
]

(2.31)

Static loading A = 3−0.8
z

D
≥ 0.9 (2.32)

Cyclic loading A = 0.9 (2.33)

2.5.2 The effect of number of load cycles

Little and Briaud (1988) proposed the following equations to predict the lateral pile displace-

ment after N cycles based on 6 full-scale tests using concrete and steel piles. In contrast to the

API, they suggested that the soil resistance remained constant during cyclic loading.

p(N ) = p(1) = constant (2.34)

y(N ) = y(1)Nα (2.35)

where y(1) and y(N ) are lateral deformations in the first and Nth load cycles respectively, and α

is an empirical parameter.

Long and Vanneste (1994) compared results of 34 full-scale pile tests in sand and proposed

an empirical model (represented by Equation 2.36) to predict the pile head displacement. The
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tests includes a wide range of soil density, pile type and material, construction technique, and

cyclic load characteristics. In this model, it is assumed that the soil modulus increases linearly

with depth. The model takes into account the effects of the number of load cycles, soil density,

characteristics of the cyclic load, and the pile installation method.

YN = AH

E I 0.4K 0.6
hN

+ B M

E I 0.6K 0.4
hN

(2.36)

KhN = Kh1N−t (2.37)

ζc = Hmin

Hmax
(2.38)

where Kh1 and KhN are the coefficients of soil reaction for the 1st and Nth load cycles, respec-

tively, A and B are constants accounting for the pile geometry and stiffness, t relates to cyclic

loading ratio (ζc), pile installation method and relative density of sand, and H and M are the

lateral load and bending moment, respectively. The cyclic loading ratio (ζc) is defined by the

ratio of minimum and maximum lateral loads. It was found that one way loading (ζc = 0) gives

rise to greater displacements than partial unloading(ζc > 0).

In contrast, Lin and Liao (1999) compared 26 full-scale tests in sand with different relative

density and suggested a logarithm relationship between the accumulated displacement of a pile

and the number of load cycles, as represented by Equation 2.39.

YN = Y1(1+βln(N )) (2.39)

where Y (1) and Y (N ) are lateral deformations in the first and Nth load cycles respectively, and
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β is an empirical parameter.

2.5.3 The effect of loading characteristics

Cyclic loading characteristics include the cyclic magnitude ratio, ζb , and cyclic loading ratio (or

cyclic ratio), ζc , as defined as follow:

ζb = Hmax

Href
(2.40)

ζc = Hmin

Hmax
(2.41)

where Href is the reference horizontal load capacity of the pile, and Hmax and Hmin are the

maximum and minimum load of the cyclic loading, respectively. For one-way cyclic loading,

ζc is equal to 0. For two-way cyclic loading, ζc is less than 0. Notably, ζc = −1 represents sym-

metrical two-way cyclic loading. Figure 2.16 shows cyclic loading with varying characteristics

concerning cyclic loading ratio and cyclic magnitude ratio.

Figure 2.16: Cyclic loading with different ζb and ζc (LeBlanc et al., 2010a)

LeBlanc et al. (2010a) conducted a series of tests on stiff piles subjected to tens of thousands

of lateral load cycles in drained sand at 1-g. The 80mm copper pile is equivalent to a proto-
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type pile with a diameter of 4m. The results showed that the logarithmic equation provided an

accurate fit for the accumulated pile head rotation for a number of load cycles less than 100.

However, for larger numbers of load cycles, the logarithmic equation underestimated the ac-

cumulated rotation, and an exponential relation was a better fit for the results. The authors

proposed that the accumulated rotation was related to the relative density, cyclic loading ratio,

and cyclic magnitude ratio, as shown in Equation 2.42.

θN

θs
= Tb(ζb , ID )Tc (ζc )N 0.31 (2.42)

where θs is the rotation of the pile under the equivalent maximum cyclic load in a monotonic

test. The dimensionless function Tb is dependent on relative density and cyclic magnitude ratio,

while the dimensionless function Tc solely depends on the cyclic loading ratio. These functions

were derived through curve fitting, as illustrated in Figure 2.17.

(a) Tb (b) Tc

Figure 2.17: Functions relating Tb and Tc to relative density Rd and characteristics of cyclic load
(LeBlanc et al., 2010a)
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It was also pointed out that the dimensionless pile secant stiffness increases logarithmically

with load cycles.

k̃N = k̃0 + Ak ln(N ) (2.43)

k̃0 = Kb(ζb)Kc (ζc ) (2.44)

where Ak is a dimensionless constant independent of both cyclic loading characteristics and

the relative density. Kb(ζb) and Kc (ζc ) are dimensionless functions determined by curve fitting,

as shown in Figure 2.18.

(a) Kb (b) Kc

Figure 2.18: Functions relating Kb and Kc to relative density and characteristics of cyclic load
(LeBlanc et al., 2010a)

It was observed that the highest accumulated rotation occurred for loading with ζc = −0.6.

This was four times greater than that observed in the one-way loading case. Taking into account

the empirical dimensionless function Tc , the accumulated rotation for two-way loading was

generally larger than for one-way loading.

Klinkvort and Hededal (2012) performed 12 cyclic centrifuge tests on monopiles in sand to
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investigate the effects of cyclic loading characteristics on change of pile stiffness and accumu-

lation of pile head displacements. The results confirmed that pile secant stiffness can be fitted

well through a logarithmic function.

KN = K1(1+κln(N )) (2.45)

The accumulation rate (κ) is dependent on the cyclic magnitude ratio and cyclic loading ratio,

as shown in Equation 2.46.

κ(ζc ,ζb) = κc (ζc )κb(ζb) (2.46)

In order to determine the effects of both cyclic magnitude ratio and cyclic loading ratio, the

influence of cyclic magnitude ratio was assumed to be linear with the accumulation rate. Conse-

quently, the function of the cyclic loading ratio was derived through division. The two resulting

empirical functions are presented below:

κc (ζc ) =−6.92ζc +1 (2.47)

κb(ζb) = 0.05ζb +0.02 (2.48)

The secant stiffness of the first cycle was related to the secant stiffness of the monotonic test

by the equation below,

K1(ζc ,ζb) = Kc (ζc )Ks(ζb) (2.49)

The functions Kb(ζb) and Kc (ζc ) are dependent on the cyclic magnitude ratio and cyclic load-
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ing ratio, respectively, as shown in the following equations.

Kc (ζc ) = 1.64ζ2
c +3.27ζc +3.27 (2.50)

Ks(ζb) = P (ζb)

Y (ζb)
(2.51)

The results also confirmed that the accumulation of pile head displacement can be accu-

rately described by a power function.

YN = Y1Nα (2.52)

The coefficient α is associated with both cyclic magnitude ratio and cyclic loading ratio.

These two factors were assumed to be independent. In a similar manner, the linear effect of

cyclic magnitude ratio on the coefficient was imposed. The functions were determined as fol-

lows,

α(ζc ,ζb) = Tc (ζc )Tb(ζb) (2.53)

Tb(ζb) = 0.61ζb −0.013 (2.54)

Tc (ζc ) = (ζc +0.63)(ζc −1)(ζc −1.64) (2.55)

Differentiation of Tc (ζc ) indicates that the largest pile head displacement occurs for ζc = 0.

That means one-way cyclic loading is the most critical case. The results were based on tests

using a 40mm steel model pile corresponding to a 3m diameter prototype pile. For larger piles,

the relationships above require further verification. The prerequisite of the design framework
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is that monopiles are installed in dense saturated sand under drained conditions. This drained

condition is an reasonable assumption as the permeability of sand is relatively high.

2.5.4 The effect of loading order

Lin and Liao (1999) developed equations to predict the pile head displacement after Na cycles of

magnitude a followed by Nb cycles of magnitude b using the superposition theory. A logarithmic

relationship between the accumulated displacement of a pile and the number of load cycles was

adopted in the derivation. The derivation is given as follows:

The pile head displacements under a single load cycle of magnitude a after Na load cycles is

YNa , calculated by Equation 2.39,

YNa = Y1a(1+βa ln(Na)) (2.56)

Considering the pile then experienced a different cyclic loading of magnitude b, the same

displacement could be achieved after N∗
b load cycles.

N∗
b = e

( YN a
Y1b

−1

βa

)
(2.57)

YNa = YN∗
b
= Y1b(1+βbln(N∗

b )) (2.58)

Hence, the pile head displacement under two subsequent sets of cyclic loads of magnitude

a and b, after Na and Nb load cycles, respectively, is calculated by,

YN (a+b) = Y1b(1+βbln(N∗
b +Nb)) (2.59)

36



LeBlanc et al. (2010b) conducted two small-scale tests at 1-g to examine the proposal. The

first test applied three sets of cyclic loads with loading magnitude 28%, 41%, and 53%, each after

1000 cycles, in an increasing order. The results were compared with the displacement obtained

using Equation 2.59, and the error was less than 6%. The other test applied three sets of one-way

cyclic loads (A, B, and C) with different magnitudes (ζb,A = 0.28,ζb,B = 0.41 and ζb,C = 0.53) after

different numbers of cycles: 10000, 100 and 10, respectively. These loads were applied in both

increasing and decreasing orders. The results showed a small discrepancy between the different

orders, as depicted in Figure 2.19. Peralta and Achmus (2010), on the other hand, observed a 25%

difference in displacement for two different loading orders. These tests were also conducted at

1g.

Figure 2.19: Envelopes of pile rotation measured for an increasing load sequence and an equiv-
alent decreasing load sequence (LeBlanc et al., 2010b)

2.5.5 The effect of loading direction

The environmental loads on offshore wind turbines (OWTs) can vary in direction, resulting in

multi-directional lateral cyclic loading. This variability in loading direction has the potential
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to cause larger displacements and pose safety risks to OWTs. However, information about spe-

cific loading patterns on OWTs is often deemed confidential by corporations and is therefore

unavailable to researchers. In the absence of this data, it becomes crucial to investigate the ef-

fects of various loading patterns on OWTs. Su and Yan (2013) and Nanda et al. (2017) conducted

small-scale tests to investigate the pile response to loading of variable directions. In both tests,

multi-directional lateral cyclic loading led to higher displacements compared to uni-directional

loading.

2.6 Chapter summary

This chapter provided a literature review on monopiles under monotonic and cyclic loading.

The following key points have been highlighted and will be further investigated in this study.

1. P-y curves in current design guidelines (API method) are based on flexible piles. For

monopile foundations, which are considered to be stiff piles, the p-y formulation needs

to be examined to determine the applicability of current design codes. This will be ac-

complished by performing monotonic tests on monopiles. The resulting p-y curves from

these tests will then be compared with those from the design codes. In addition, cyclic

p-y curves from the API method will be compared to the experimental cyclic p-y curves to

show the validity of the method.

2. Much research has focused on investigating the response of monopiles under cyclic load-

ing. However, most centrifuge studies have been confined to a limited number of cycles.

The majority of these studies indicate a logarithmic relationship between pile head dis-

placement and the number of load cycles. This relationship will be assessed for monopiles
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subjected to a significant number of cycles (104). Additionally, the evolution of pile secant

stiffness over numerous load cycles will be presented and compared with findings from

other research.

3. To date, there is no consensus regarding the effect of the cyclic loading ratio on pile head

displacements. The influence of cyclic loading characteristics, including cyclic loading ra-

tio and cyclic magnitude ratio, on monopile foundations will be explored after ten thou-

sand load cycles in sand.
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Chapter 3

Methodology

3.1 Introduction

Geotechnical centrifuge testing will be employed as the main tool to investigate the the topic

of this thesis. The application of centrifuge testing can achieve stress similarity between a full-

scale prototype and a small-scale model by increasing the acceleration field of the small scale

model. Centrifuge modelling allows the accurate simulation of the behaviour of soil in small

scale models, since the soil behaviour is stress dependent.

3.2 Centrifuge modelling of monopiles in sand

3.2.1 The University of Nottingham beam centrifuge

The centrifuge is a medium-sized beam centrifuge with a swing platform. A illustration of the

centrifuge is provided in Figure 3.1. The centrifuge is capable of spinning to 150 g (where g is

gravity) and carrying a maximum payload of 500kg on the platform (at a reduced g-level). A
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counterweight is located on the opposite side of the beam from the soil model to balance the

centrifuge during flight. At the centre of the centrifuge are fluid/electric/data slip rings which

allow water and high pressure air, power supply, and data transfer to be supplied/acquired

to/from the model during tests.

Figure 3.1: Typical sketch of general arrangement of centrifuge, after Ellis et al., 2006

3.2.2 Scaling laws

In order to achieve stress similarity, small scale models are designed carefully according to scal-

ing laws that relate the small scale model to a full-scale prototype. Considering a centrifuge
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model located at a radius, r , rotating at an angular velocity, w , the radial acceleration, a, is

calculated by equation 3.1, as shown in Figure 3.2; the acceleration is equal to N multiples of

gravitational acceleration, g.

a = r w 2 = N g (3.1)

Figure 3.2: Inertial stresses in a centrifuge model and gravitational stresses in the corresponding
prototype (Taylor, 1995)

In order to achieve stress similarity between the model and prototype, the following conditions

must hold.

σv,model =σv,prototype (3.2)

ρN g zmodel = ρg zprototype (3.3)

where σv is vertical stress, ρ is density, z is soil depth, and N is a scaling factor. Considering the

same soil density for both the model and the prototype, a scale factor for a linear dimension is

1: N, as seen in Equation 3.4.
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zmodel =
1

N
zprototype (3.4)

If a model is constructed at 1:N scale and the soil density is the same as in the prototype,

stress similarity will be achieved between the two. Scale factors relating the model measure-

ments to prototype values have been proposed and verified by a number of researchers, as sum-

marised in Table 3.1.

Table 3.1: Centrifuge scaling laws (Taylor, 1995)

Parameter Units Dimensions Model:Prototype
Gravity g LT −2 N : 1
Mass kg M 1 : N 3

Force N MLT −2 1 : N 2

Stress Nm−2 ML−1T −2 1 : 1
Strain - - 1:1
Acceleration ms−2 LT −2 N : 1
Dynamic velocity ms−1 LT −1 1 : 1
Displacement m L 1 : N
Rotation degree - 1:1
Time (dynamic process) s T 1 : N

According to Klinkvort et al. (2012), it is feasible to interpret tests in dry sand conditions

as if they were carried out in saturated conditions. To achieve this, the effective vertical stress

variation in a dry model and the saturated prototype must be identical. Adopting Ns as the ge-

ometric scaling factor between prototype and model, and Ng as the acceleration-based scaling

factor, this leads to,

σ
′
v,prototype = ρ

′
sat × g × zprototype =σ′

v,model = ρdry × (Ng × g )× zmodel (3.5)

Ng = ρ
′
sat

ρdry
× zprototype

zmodel
= ρ

′
sat

ρdry
×Ns (3.6)
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where ρ′
sat is buoyant density (ρ′

sat = ρsat−ρwater). It can be seen that by increasing the gravity by

Ng , identical soil stress can be achieved in a dry soil model compared to a saturated full-scale

prototype which is Ns times larger than the model.

In this study, the HST95 Congleton sand was used, and the dry and saturated density are

1728.7 kgm−3 and 2071.4 kgm−3, respectively(Lauder, 2010). Adopting the values of soil density

ρ along with a geometric scaling factor Ns = 100, a value of Ng = 62 is obtained:

Ng = ρ
′
sat

ρdry
∗Ns = 1071.4kgm−3

1728.7kgm−3 ∗100 = 62 (3.7)

The increase in gravity Ng and the geometrical scaling factor Ns = zprototype

zmodel
are not identical.

In this research, the tests were performed at 62 g in dry sand to simulate 100 g in saturated sand.

Consequently, to obtain scaling factors for force and stress in this case, we consider a dry

soil cube with dimensions a, b and c and a saturated soil cube with the same dimensions, along

with a density for these cubes of ρdry and ρsat respectively. The force measured in the centrifuge

model spun at an acceleration of Ng would be:

Fmodel = ρdry ×abc ×Ng × g (3.8)

The force in the full-scale prototype Ns times larger than the model is obtained as

Fprototype = ρsat ×abc ×N 3
s × g (3.9)

Hence, the relationship between force measured in the centrifuge and the equivalent full-

scale prototype force is
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F actorforce =
Fprototype

Fmodel
= ρsat

ρdry
× N 3

s

Ng
(3.10)

Adopting the values of ρ for this study, this gives a force scaling factor of

F actorforce =
2071.4

1728.7
× 1003

62
= 19326 (3.11)

3.2.3 Scaling errors

3.2.3.1 Scaling of soils

It is not feasible to scale sands down according to the geometric scaling factor; reducing the

particle size of the sands in the centrifuge model by a scaling factor of Ng would change its con-

tinuum behaviour such that it would not represent the equivalent prototype in sands. In terms

of centrifuge modelling of laterally loaded piles, the continuum behaviour is ensured provided

the ratio between the pile diameter and the average grain size is larger than 60 (the ratio is 353

in this study)(Remaud, 1999).

3.2.3.2 Variation of the acceleration field

The acceleration field in a small scale centrifuge model varies across the depth of the model

according to the distance from the centre of rotation of the centrifuge; as a result the nominal

scaling factor adopted for the centrifuge test does not necessarily apply everywhere within the

model. The centrifuge model is subjected to both radial acceleration and gravitational accelera-

tion. The radial acceleration is equal to w 2r where w is angular velocity and r is the radius from

the central axis of rotation of the centrifuge. This leads to a slightly different vertical stress dis-
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tribution compared to that in the prototype, as shown in Figure 3.3. Schofield (1980) suggests

the problem can be mitigated by choosing an effective centrifuge radius Re to determine the

scale factor N. This will achieve exact correspondence in stress between model and prototype at

two-thirds model depth. The effective centrifuge radius is given by Equation 3.12. This radius

was adopted in this study for all centrifuge tests to achieve stress correspondence at two-thirds

model depth. After applying this rule, the maximum under-stress error (ru) and over-stress error

(ro) can be calculated by Equation 3.13. The non-linear stress distribution results in relatively

small errors for larger centrifuge models (Taylor, 1995), which applies to this study (the error is

3% in this study).

Figure 3.3: Stress variation with depth in a centrifuge model and the prototype (Taylor, 1995)

Re = Rt + h

3
(3.12)

ru = ro = h

6Re
(3.13)
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3.3 Model preparation

3.3.1 Sand preparation

Sands used for this research were Congleton silica sands (HST95) from Bent Farm in Congleton,

Cheshire. The properties of HST95 are summarised in Table 3.2.

Table 3.2: Properties of HST95 Congleton sand (Lauder, 2010)

Property Symbol Unit Value
Average grain size d50 mm 0.17
Specific gravity Gs − 2.63
Coefficient of uniformity Cu − 1.9
Minimum dry unit weight γdry,min kN m−3 14.59
Maximum dry unit weight γdry,max kN m−3 17.58
Minimum void ratio emin − 0.467
Maximum void ratio emax − 0.796
Critical angle (direct shear) φ′

crit degree 32
Critical angle (triaxial shear) φ′

crit degree 32
Peak angle (direct shear) φ′

peak degree -

Peak angle (triaxial test) φ′
peak degree 39

All centrifuge models were prepared using the air pluviation method to ensure consistency

between tests. For dry sand, air pluviation can be used to achieve a specific relative density

through the control of fall height and flow rate (Vaid and Negussey, 1984). For the tests presented

in this thesis, samples were prepared to a relative density of 90% by pouring sand at a height of

1 m using a nozzle with five 3 mm diameter holes.

3.3.2 The pile

The dimensions of the model pile and corresponding prototype scale dimensions (using Ng =

100 as the geometric scaling factor) are shown in Table 3.3. The ratio D/d50 is larger than 60,

hence the soil continuity is ensured. A 2kg aluminium pile cap (equivalent to 49.8kN in the
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centrifuge) is plugged and fixed on the top of the pile. The separation of the pile to the edge

of the container should be 8D to avoid boundary effects for laterally loaded piles (Reddy and

Ayothiraman, 2015). However, the distance in this study is 4D. The effect has been investigated

via the finite element method and it was suggested that the effect is negligible (Elvis, 2018). In

addition, the pile head displacement is less than 6mm so the boundary effect is avoided in this

study. The pile is closed-ended with a cap attached to its bottom. Additionally, the surface

of the pile and its base are coated with sand to enhance coupling with the surrounding soil.

This approach is logical, as the pile foundation is driven into the soil, ensuring that the pile-soil

interface is rougher compared to the interaction between bare metal and soil.

Table 3.3: Properties of the model pile and corresponding prototype monopile

Property Symbol Unit Model pile Prototype
Diameter of pile D m 0.06 6
Total length L m 0.5 50
Embedded Depth Lem m 0.3 30
Wall thickness tp m 0.003 0.18
Young’s Modulus Ep GPa 70 210
Second moment area Ip m4 2.188×10−7 13.9481
Flexural stiffness Ep Ip MNm2 0.0153 2.959×106

Cross Section Area Ap m2 0.537×10−3 3.291

3.3.3 Pile installation

In terms of pile installation methods for centrifuge tests, the pile can be installed at 1-g or at

elevated g level. Klinkvort et al. (2012) performed centrifuge tests of five solid steel piles with

different diameters which were installed at both 1-g and elevated g to investigate the installation

effect. The procedure for in-flight installation was to prepare the sand and mount the package

at 1-g and then spin the centrifuge up to install the pile at elevated g. After that, the centrifuge
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was stopped and the package was replaced with lateral loading equipment. Results show that

the initial stiffness and bearing capacity of pile force-displacement are greater for piles installed

in-flight than those installed at 1-g. Kirkwood (2015) carried out centrifuge tests of open ended

aluminium hollow piles which were driven into the sand at 1-g. Klinkvort and Hededal (2012)

conducted centrifuge tests of two solid steel piles with different diameters. In the tests, the small

diameter pile was installed at 1-g and the large diameter pile was installed at elevated g. The

method of pile in-flight installation was the same as that used in Klinkvort et al. (2012). An issue

associated with the adopted in-flight installation is the uncertainty of the effects caused by soil

stress decreasing and increasing during spinning down (after installation) and then spinning

back up (after installing the lateral loading equipment). Craig (1985) pointed out that the lateral

capacity of a pile, in comparison with the prototype, would be reduced if the pile was driven

into soil at 1-g.

The ideal situation would clearly be to install the pile at elevated g and then, without spin-

ning down, apply lateral loading. Unfortunately, the technical challenges associated with this

approach were not able to be overcome within this study. As a result, in this study, the pile was

installed at 1-g. To minimise the effect of pile driving, was not driven into the sand at 1-g but

rather sand was poured around the pile. To achieve this, the pile was placed in the container

and secured by temporary supports during the sand pouring (after pouring sand to the level

of the base of the pile)(see Figure 3.4). The supports were made of small-thickness aluminium

sheet to reduce disturbance to the sand pouring. The supports were removed after completion

of sand pouring. A closed-ended hollow pile was adopted to simulate plugged driven monopile

foundations.
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(a) Pile placed in the container (b) Sand pouring completed

Figure 3.4: sand preparation and pile installation
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3.4 Monotonic test kit

Monotonic lateral loading tests of the instrumented pile were carried out to obtain backbone

curves for subsequent use in the analysis of cyclic lateral loading tests. A schematic drawing

is presented in Figure 3.5a. The loading device used for monotonic tests is shown in Figure

3.5. The device was used to apply horizontal forces under displacement control conditions. A

stepper motor and gear box drives a nut on a ball-screw toward the pile at a rate of 0.1 mm/s,

with force applied to the pile cap measured with a load cell (5 kN capacity, 200 Series In-Line,

Richmond Industries). The direction of force is kept horizontal regardless of the tilting of the

pile due to the use of spherical connector attached to the loading side of the load cell. Two laser

sensors (OADM 20I6460/S14F, Baumer) were used to measure the lateral displacement of the

pile in order to calculate the rotation of the pile. A third laser sensor was located above the pile

to measure the vertical displacement of the pile.
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(a) Schematic drawing for both pushover tests and
cyclic tests

m/mono1.PNG

(b) Front view

m/mono2.jpg

(c) Top view

Figure 3.5: Monotonic test setup
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3.5 Cyclic test kit

3.5.1 Introduction

A new load control apparatus capable of applying both one-way and two-way cyclic lateral loads

to a model pile was developed to investigate foundation response under a large number of load

cycles. Figure 3.6 shows the cyclic test kit and Figure 3.7 shows a representation of the kit. A

pile and sand are contained in a steel container. A cap is rigidly attached to the top of the pile

and connected by steel cables and pulleys to a dead weight on one side of the pile and the load-

ing system on the other side. The loading system is comprised of a mass block sitting on a

pin-supported plate equipped with a carriage system and an AKM motor in conjunction with a

21.5:1 gearbox. The movement of the mass block is controlled by the rotation of the AKM mo-

tor through a circular disc and connection rod. The AKM motor and gearbox are secured on a

gantry and a conveyance system which is controlled by a separate stepper motor and gearbox

system.

3.5.2 Loading principle

The principle of the kit is to generate a load-control cyclic loading on the pile through the peri-

odical movement of a sliding mass (M2) (Figure 3.8) through the turning of the circular disc in

Figure 3.7 via the AKM motor. The range of movement of M2 is determined by the location of

the connection point of the rod joining M2 to the circular disc . The force applied on the pile is

the load difference (∆F ) between the loads from the sliding mass side (F2, measured by load cell

2) and the counterweight side (mass M1, with F1 measured by load cell1). F2 also includes the

weight of the plate, carriage rails and the hanger; the total mass (Mtotal) of these components
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Figure 3.6: Cyclic test kit

(excluding M2) is 1.33 kg. The length of the plate is dplate, which is 160 mm. In Figure 3.8, d1

is constant (40 mm) and d2, the distance from the centre of the sliding mass M2 to the cable

(positive direction is away from the pin support), varies. The total range of d2 in this study was

40 mm (i.e. the connection point on the circular disc was 20 mm from the centre of rotation of

the AKM motor axis).

In Figure 3.7, the AKM motor and circular disc are mounted on a gantry that can be moved

towards or away from the pile with the use of a stepper motor driven actuator. By adjusting the

position of this gantry, the average value of d2 can be varied (separate to the 40 mm range of d2

controlled by the spinning the circular disc). The purpose of including this stepper motor driven

gantry is to ensure, during centrifuge spin-up, that a balance between F1 and F2 is continuously

achieved (by automatically adjusting the position of the gantry and the value of d2), thereby

ensuring the soil surrounding the pile is not disturbed by unwanted pile movements caused by
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Figure 3.7: The cyclic load control apparatus

a force imbalance during spin-up.

F1, F2, and the load difference (∆F ) can be calculated as (where Ng is the acceleration-based

scaling factor; this corresponds to the acceleration that the centrifuge was spun to in tests):

F1 =Ng M1g (3.14)

F2d1 =Ng M2g (d1 +d2)+Ng Mtotalg
dplate

2
(3.15)

F2 =Ng M2g

(
1+ d2

d1

)
+Ng Mtotalg

dplate

2d1
(3.16)

∆F =F2 −F1 (3.17)

The balanced position of mass M2 (i.e. the value of d2) can be found by equating F1 and F2:
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Figure 3.8: Sketch for load calculation

F1 =F2 (3.18)

d2,balance =
(

M1

M2
− Mtotal

M2

dplate

2d1
−1

)
d1 (3.19)

Note that, whilst these calculations allow for a pre-test evaluation of the location of the mass

M2, the control program for the stepper-motor (controlling the location of the gantry containing

the AKM motor and circular disc) automatically adjusts the gantry location (i.e. d2) to achieve a

balance between F1 and F2.

3.5.3 Control program

A ‘balance control’ Labview program was developed to automatically balance F2 and F1 during

the centrifuge spin-up stage by operating stepper motor (controlling d2) while the AKM motor

was kept stationary. This ‘balance control’ program uses a proportional integral derivative (PID)
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controller to adjust the position of the AKM motor gantry in order to balance the forces acquired

from load cells 1 and 2 on the two sides of the pile.

After reaching the targeted g-level, the ‘balance control’ program is stopped and a ‘cyclic

load control’ program is initiated. This ‘cyclic load control’ program operates the AKM motor

at a specific speed to apply a certain frequency of loading. The ‘cyclic load control’ program is

also able to control the load ratio of the loading; in other words the specification of maximum

and minimum loads applied to the pile. This load ratio control is achieved by adjusting the

position of the gantry that houses the AKM motor and circular disc and enables tests including

both balanced 2-way loading (equal magnitude maximum forces applied on both sides of the

pile), 1-way loading (where the minimum force is zero), and cases with intermediate load biases

on each side of the pile. The specifics of test parameters are provided in Table 3.4.

Test M1 (kg) M2 (kg) d2 (mm)
kc01 3.8 1.43 -6
kc02 4 1.53 -3
kc03 4.5 1.99 -2
kc04 4.8 1.43 21
kc05 5.2 1.99 12
kc06 5.2 1.72 20
kc07 5.7 1.99 22
kc08 4.9 1.72 13

Table 3.4: Cyclic test information
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3.6 Fibre Bragg Grating

3.6.1 Introduction

Fibre Bragg grating sensors (FBGs) were employed to obtain bending moment profiles along

the pile. Eight fibre Bragg cables were installed in the inside surface of the pile at four quad-

rants. Four fibre Bragg cables have three Braggs and the other four have four Braggs. long op-

posite sides of the pile, two fibre Bragg cables were installed: one with three and the other with

four Braggs. These overlapping fibre Bragg cables lead to seven evenly distributed Braggs along

length of the pile at four positions, as shown in the Figure 3.9. Figure 3.10 shows the top view of

the pile. Although the four cable positions were not at 90 degrees to each other, it does not affect

the results, as explained in the calibration section.

Figure 3.9: Fibre Bragg positions on pile

58



(a) Sketch for fibre Bragg cable locations (b) View of fibre Bragg cables installed inside pile

Figure 3.10: Top view for fibre Bragg cables

3.6.2 Installation of FBGs

Fibre Bragg cables were adhered to the surface by applying superglue. First, at one quadrant,

a three Braggs cable and a four Braggs cable were cut into correct length and the locations of

Braggs were checked. The four Braggs cable was then laid down inside the pile and temporarily

fixed at the bottom of the pile using a small drop of superglue. After that, it was lightly stretched

along the pile and fixed at the top side. The superglue was then applied over the entire length of

the fibre Braggs cable to secure it. After installing the four Braggs cable, three Braggs cable was

installed in the same way. Both cables were positioned carefully to ensure seven Braggs were in

the right locations. The processes were repeated for the other three quadrants.

3.6.3 Calibration of FBGs

The calibration of the FBGs included two parts: strain calibration and bending calibration. The

strain calibration was done to obtain calibration factors that relate fibre reading changes with
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strains. After confirming the relation between fibre reading changes with strains, the factors

relating fibre reading changes with bending moments were calculated.

3.6.3.1 Strain Calibration of FBGs

Strain calibration was carried out on a load frame in a constant temperature laboratory using

the three point bending method. In this calibration, the pile was supported by three flexible

straps at the positions shown in Figure 3.11; the straps help reduce stress concentration effects

that could occur if rigid loading supports were used. The load is increased from 500 N to 6000 N

in steps of 500 N and then back to 500 N. The pile was calibrated at four orientations and the

calibration factors then compared. Four orientations correspond to four cases where P1, P2, S1

and S2 (Figure 3.10) are rotated to the top, respectively. At a specific load, the bending moment

of the pile at different Bragg positions can be calculated, hence the strains at each Bragg. These

strains were then correlated with the change of the fibre readings at different locations to obtain

the calibration factors. Equation 3.20 can be used to relate the fibre reading wavelength change

∆λ and the strain ε with a linear function with slope (calibration factor) k (temperature effect is

neglected as the calibration tests are performed in a constant temperature room). Figure 3.12

shows the correlation between strains and the fibre reading changes for two Braggs for position

P1 in the first orientation test. From the figure, a strong linear relationship between strains and

the change of the fibre readings are observed for Braggs except at position 7. At position 7, since

it is close to the end of the tube, the strain is too small to be measured. The calibration factor

k of each Bragg in the four orientation tests are shown in Table 3.5 to 3.8; note that the unit nm

is nanometre. For the 1st and 3rd orientation, since the S1 and S2 side fibre readings are small,

only P1 and P2 side Bragg calibration factors were considered. Similarly, only S1 and S2 Bragg
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calibration factors were calculated for 2nd and 4th orientations.

ε= k ∗∆λ (3.20)
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Table 3.5: 1st orientation (P1 at the top)

P1 side Braggs 1 2 3 4 5 6 7

Calibration factors (nm−1) (10−4) 8.48 8.38 8.87 8.50 8.94 9.56 -1.93

P2 side Braggs 1 2 3 4 5 6 7

Calibration factors (nm−1) (10−4) 8.39 8.88 8.54 8.74 8.57 8.89 9.67

Table 3.6: 2nd orientation (S2 at the top)

S1 side Braggs 1 2 3 4 5 6 7

Calibration factors (nm−1) (10−4) 8.83 8.54 8.76 8.81 8.93 9.18 8.89

S2 side Braggs 1 2 3 4 5 6 7

Calibration factors (nm−1) (10−4) 8.11 8.53 8.36 8.22 8.35 8.22 8.73

Table 3.7: 3rd orientation (P2 at the top)

P1 side Braggs 1 2 3 4 5 6 7

Calibration factors (nm−1) (10−4) 8.39 8.72 8.71 8.32 8.14 7.71 4.07

P2 side Braggs 1 2 3 4 5 6 7

Calibration factors (nm−1) (10−4) 8.42 8.35 8.91 8.69 9.17 9.71 7.86

Table 3.8: 4th orientation (S1 at the top)

S1 side Braggs 1 2 3 4 5 6 7

Calibration factors (nm−1) (10−4) 8.60 8.79 8.88 8.64 8.41 8.41 6.22

S2 side Braggs 1 2 3 4 5 6 7

Calibration factors (nm−1) (10−4) 8.33 8.13 8.56 8.30 8.80 8.77 -4.51

62



(a) Front view (b) Side view

(c) Sketch of the calibration

Figure 3.11: Bending calibration setup
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Figure 3.12: Correlation between strains and fibre Bragg wavelength change
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Position 1 2 3 4 5 6 7
Calibration factor (Nm/nm) 237.6 242.9 245.2 242.7 246.9 260.2 -50

Table 3.9: Calibration factors for seven positions

In the centrifuge test, since the operation of the centrifuge leads to temperature changes

in the centrifuge room, the fibre readings will be influenced by this temperature change. To

address this issue, different calibration factors were applied to relate bending moments and the

fibre readings directly. Instead of relating the change of fibre readings with strains, the difference

between the change of fibre readings at a pile level was related to the bending moment directly

at that level. For example, at a given load, measured by the load cell frame, during the 3-point

loading test, the bending moment at Position 1, which is the theoretical bending moment based

on the loads, is F M1. The measured fibre reading changes at Position 1 for the Bragg along P2

and P1 (see Figure 3.10a) are∆λP2,1 and∆λP1,1, respectively. The difference between∆λP1,1 and

∆λP2,1 are correlated to F M1 by the bending moment factor at the Position 1 level, k1, as shown

in Equation 3.21. There are seven positions, thus seven bending moment factors. In doing so,

the temperature effect on the fibre readings is cancelled by the deduction of fibre readings at a

pile level.

F Mi = ki ∗ (∆λP1,i −∆λP2,i )(i ∈ (1,7)) (3.21)

Table 3.9 shows the calibration factors at the seven positions relating the bending moment

and the changes of fibre readings. It should be noted that these factors are averaged bending

moment factors across a range of loads (e.g., at 500N, 1000N, 1500N, etc.). It can be seen that

the factors are close for the first 6 positions. However, the factor at Position 7 is clearly an outlier.

The reason is that both the strain and bending moment at this position is extremely small since

this position is near the pile toe. Therefore, the factor at this level is replaced by the average of
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Position 1 2 3 4 5 6 7
Calibration factor (Nm/nm) 237.6 242.9 245.2 242.7 246.9 260.2 245.9

Table 3.10: Bending moment factors

the factors at the first 6 positions, as shown in Table 3.10.

During preparation, the pile will be installed such that the load direction is the same as that

during calibration. Therefore, the bending moment calibration factors can be directly applied

to obtain the bending moment profile along the pile.

3.7 Measurement and instrumentation

The two load cells (load cell 1 and 2 from Figure 3.8 were 5 kN capacity (200 Series In-Line,

Richmond Industries). Laser sensors (OADM 20I6460/S14F, Baumer) were used to measure pile

displacements. In the application here, where rotation of the pile occurs, traditional displace-

ment sensors which required a connection or contact between the sensor and the measurement

target, could cause a problem since the contact point of the displacement transducer does not

move only in one direction; this could cause bending of the sensor armature and, affecting read-

ings and potentially damaging the instrument. The laser sensors can be ‘trained’ to measure

over a specific range to improve measurement accuracy. Two lasers were used one side of the

pile at different heights above the soil surface to measure the pile head horizontal displacement

and derive pile rotation. Another laser was mounted above the pile to measure the vertical dis-

placement of the pile. The logging frequency of all tests was 250Hz.
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3.8 Test procedure and summary of tests

Table 3.11 shows the centrifuge tests carried out in this study. Two monotonic tests were per-

formed to identify backbone curves for subsequent use in the analysis of the cyclic lateral load-

ing tests. A total number of 8 cyclic tests were carried out, among which are four one-way cyclic

tests (kc01, kc02, kc03, and kc08) and four two-way cyclic tests. The minimum and maximum

force are the load difference defined in Equation 3.17. The negative sign of the minimum force

suggests that the pile is pulled towards the dead weight direction and the test is a two-way cyclic

test. The one-way cyclic tests were conducted under different cyclic maximum load to investi-

gate the effect of cyclic loading magnitude on the pile displacement development. In terms of

two-way cyclic tests, two of the tests were symmetric (kc05 and kc05) whereas the others were

not symmetric. All cyclic tests were carried out under 2Hz loading frequency. Comparison of

results from these tests will examine the effect that different loading characteristics have on the

development of pile displacement/rotation with cyclic loading.

Table 3.11: Centrifuge tests

Tests Type Diameter
(mm)

G-level Relative
density
(ID )

Minimum
force
(N)

Maximum
force (N)

Number
of cycles

km00 Monotonic 60 59 90 - - -
km01 Monotonic 60 62 92 - - -
kc01 Cyclic 60 62 90 0 530 60000
kc02 Cyclic 60 62 91 0 750 25000
kc03 Cyclic 60 62 91 0 1100 40000
kc04 Cyclic 60 62 92 -350 350 40000
kc05 Cyclic 60 62 90 -350 700 50000
kc06 Cyclic 60 62 91 -180 700 40000
kc07 Cyclic 60 62 90 -525 525 35000
kc08 Cyclic 60 62 90 0 890 26000
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Chapter 4

Monotonic Test Results

4.1 Introduction

A monotonic lateral loading test of a monopile provides essential information for predictive

models related to the cyclic lateral loading of monopiles. Pile lateral displacements plotted

against the applied load are generally referred to as a backbone curve. The monotonic back-

bone curve provides an important reference for comparison with data from cyclic tests. In ad-

dition, the bending moments along the pile in monotonic tests can be utilised to derive p-y

curves, which is useful when analysing the cyclic p-y curve. It is therefore necessary to carry out

monotonic tests with a configuration identical to that of the cyclic tests as a starting point to

understand piles under cyclic loads.

Results in this chapter are generally presented in prototype scale (where the scaling factor

Ng = 100 is used), unless otherwise indicated.
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4.2 Backbone curve

Figure 4.1 shows load versus pile head displacement of two monotonic tests, which is the mono-

tonic backbone curve. These two tests show the same pile response under lateral loads, indicat-

ing good repeatability of the tests. The data can also be represented as force versus rotation,

as shown in Figure 4.1b. In Figure 4.1b, the pile rotation is calculated using the laser displace-

ment sensors, as described in Chapter 3. According to the serviceability limit state, the pile head

rotation should not exceed 0.5 degrees (Achmus et al., 2009), therefore, the equivalent force cor-

responding to 0.5 degrees is selected as a reference force, Hr e f = 1400 N. This value will be used

in the cyclic analysis so that the maximum cyclic load applied is less than the reference load and

pile head rotation is within the serviceability limit. The backbone curve will be compared with

the pile response under cyclic loading.
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(a) Force versus displacement (b) Force versus rotation

Figure 4.1: Monotonic backbone curve
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4.3 Bending moment evolution

Figure 4.2 shows the evolution of measured bending moment points by FBGs (Fibre Bragg grat-

ing sensors) at an increasing sequence of loads in the monotonic test with one measurement

point above the sand surface. Since the bending profile above the sand surface is different from

that below the sand surface, as shown in Figure 4.3, the interpolation of bending moments for

these two sections was conducted separately. The bending moment profile above the sand sur-

face is linear and thus will be fitted by a linear function. In contrast, the moment profile below

the surface is a non-linear function, and it will be interpolated using polynomials to capture the

trend of measured moment points.
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Figure 4.2: Measured bending moments

The bending moment at the sand surface is estimated by a linear fit based on the FBGs above

the mudline and zero moments at the pile head. It is then compared with the theoretical mud-

line moment, i.e., applied force multiplied by load eccentricity. Figure 4.4 shows the fitting line
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Figure 4.3: Schematic: bending moment along the pile (prototype scale)

of the moment profile above the sand surface based on the zero bending moment at the pile

head and a measured bending moment from FBGs. The intersection of the fitting line with the

sand surface level (horizontal axis) at every load is the estimated surface moment, which is in

agreement with the theoretical moment, indicating that the FBG measurements are reliable. For

the clarity of plots, the depth is positive for depth below the sand surface and negative for the

depth above sand surface in all figures. In addition, all the bending moments at the sand surface

throughout the thesis are estimated bending moments obtained based on the method above.
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Figure 4.4: Bending moment above sand surface
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4.4 Lateral soil reaction and pile deflection

After obtaining the bending moment profile, lateral soil reaction and deflection along the pile

can be calculated. For soil reaction, it can be derived by double differentiation of the bend-

ing moment profile, see Equation 4.1. It is therefore necessary to fit a continuous function to

the discrete measured bending moment points so that the function representing the bending

moment profile can be differentiated and integrated to derive soil reaction and displacement

along the pile. Several methods have been employed to fit the bending moment profile, in-

cluding global polynomial function, cubic spline, and piece-wise polynomial (Yang and Liang,

2006). Haiderali and Madabhushi (2016) suggest cubic spline yields the best lateral soil reaction

results. However, Kirkwood (2015) points out that cubic splines are also prone to fitting errors

and do not produce better results compared to polynomial functions. Hence, a single polyno-

mial function was fitted to all of the data (as opposed to a piece-wise approach). However, it is

important to determine the optimum order of polynomial function to adopt, and hence this is

investigated here.

p = d 2M

d z2
(4.1)

where p is the soil reaction, M is the bending moment function along the pile, and z is the pile

depth. Figure 4.5 shows the bending moment BM fitted by 4th, 5th, and 6th order polynomial

functions at different loads. The left column of the figure shows the bending moment profile

for increasing loads, and the right column of the figure shows the corresponding soil reaction

profile derived from the different polynomial curves fitted to the bending moment profile. It can

be seen that both 5th and 6th-order polynomial functions provide a reasonable fit for the bend-
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ing moment profile. However, the soil reaction obtained by the 5th and 6th-order polynomials

shows an oscillatory behaviour. This behaviour was also observed by Kirkwood (2015) whereby

the higher order polynomials led to more severe oscillations in the soil reaction profiles. On

the other hand, the 4th-order polynomial provides a consistent soil reaction profile across the

range of applied head loads (300N, 600N, 900N). It would be expected that the overall shape of

the soil reaction profile would not fundamentally change as the head load increases. Therefore,

the 4th-order polynomial was selected to fit bending moments in this study. The fitting line for

bending moments is shown in Figure 4.6, which provides a good fit for the measured bending

moments. The resulting soil reaction obtained by double differentiating the fitting line of bend-

ing moments is shown in Figure 4.6. The obtained soil reaction will be used to plot p-y curves

for the monotonic test. From this figure it can be seen that across all applied head-loads the

4th-order polynomial does provide a high quality fit to the data.
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Figure 4.5: Bending moment profile for different head loads with corresponding soil reaction
profile derived from polynomial fits
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76



Pile displacement can be calculated by double integration of the bending moment curves

using Equation 4.2. Two boundary conditions are required to obtain deflection along the pile.

In this study, pile displacements at the two known positions measured by the lasers sensors can

be used as the boundary conditions. However, as the fitting lines for bending moments above

and below the sand surface are different (see Figure 4.3), it is, therefore, inappropriate to directly

apply these conditions to the bending moments below the sand surface. The reason for this is

explained later in this section. The logical way to calculate pile deflection above the sand sur-

face is by integrating the bending moment above the sand in combination with laser readings

as boundary conditions. The pile deflection and rotation at the sand surface can be obtained,

which are then used as boundary conditions for the bending moment below the sand surface.

Figure 4.7 (right column) shows pile deflection with depth obtained using this method for three

load cases. Similar to the process of deriving soil reactions, three different orders (4th, 5th, &

6th) of polynomial were employed to fit the bending moment profile to subsequently obtain

the deflection along the pile. All three polynomials resulted in the same pile deflection. This

is because, mathematically, the integration process (as compared to the differentiation process

when determining soil reactions) is less sensitive to measurement errors from the FBGs. It is

therefore rational to select any of these three fitting methods. In this study, the 4th-order poly-

nomial is selected to fit the bending moments for displacement calculation since it is also used

for the derivation of soil reactions. Figure 4.7 shows, in the left column, the measured bend-

ing moments and the polynomial fit to the bending moment data along the pile; in the right

column, the resulting pile deflection profiles derived from the polynomial curves are shown.

In Figure 4.7, the calculated pile displacement below ≈ 15m depth, for the applied head load

of 300 N, is not reasonable. Pile displacement is expected to increase monotonically from its
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base, with a rotation point (where horizontal displacement is zero) usually assumed to be about

two-thirds of the pile depth (Kirkwood, 2015). The displacement profile for the head load of

300 N appears to bend back on itself below a depth of about 15 m, with the toe moving in the

same direction as the pile head - this is not a realistic profile given the applied loading regime.

There are also reasons to question to obtained displacement profile for the 600 N load. The rota-

tion point, based on the obtained pile deflection curves, is located at a depth of approximately

13 m, i.e. 43% of the pile depth. However, the equivalent rotation point derived from the soil

reaction curves indicates it should be located at approximately 70% of the pile depth (21m). The

rotation point being located at 70% of the pile depth agrees with results published in literature

hence it is believed that the error is with the pile deflections as opposed to the soil reactions (Li

et al., 2020; Chortis et al., 2020; Kirkwood, 2015). This error in the fitting of pile displacements

is likely due to laser reading errors. These errors may be the result of the package vibration and

the inconsistent lighting condition due to the flight of the centrifuge swing cradle. The laser

readings acting as boundary conditions have a large effect on the outcome. Measurement er-

rors in the laser readings will result in incorrect pile displacements. To minimise this error, a

hybrid method to calculate pile deflection was adopted in this study, which was used in other

research (Li et al., 2020; Chortis et al., 2020; Kirkwood, 2015). One boundary condition from the

lower laser reading was used, whilst the other boundary condition was taken as the pile rota-

tion, which was assumed as 70% of the pile embedded depth. This assumption is supported

by Kirkwood (2015), in which the rotation depth was found to be about 70% of the pile embed-

ded depth. In addition, the rotation point derived from the soil reactions (Figure 4.6) supports

this assumption. Figure 4.8 shows the location at which there was zero soil reaction for a range

of head loads (extracted from the data presented in Figure 4.6). It shows that the location of
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zero lateral soil reaction (also the point of rotation) is at approximately 70% depth. Thus the

pile deflection for varying loads can be obtained by double integration of the bending moment

data below the sand surface with the two boundary conditions mentioned, with results shown

in Figure 4.9. In Figure 4.9, the pile displacement above the lower laser level is calculated by

the double integration of the linear bending moment above the sand surface with the two laser

readings as boundary conditions. The pile displacement below the lower laser level is based

on the same method but using the lower laser reading and the depth of rotation point. From

this figure, it can be seen that the gradient of the pile displacement at the lower laser level (pile

depth of -6m) is different depending on whether it is calculated from the above surface or below

surface data. However, the overall trends of the two sections (above and below the lower laser

level) are in agreement and the disparity of the gradient at the laser level is relatively small.

In an ideal situation, all data processing methods would provide the same outcome; unfortu-

nately that was not the case in this study. As a means of progressing, it was felt that the adopted

hybrid method was the best available option for obtaining reasonable pile displacements along

the pile depth given the issues discussed here.

y =
Ï

M

Ep Ip
d z (4.2)
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Figure 4.7: Pile displacement profile
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4.5 Derivation of p-y curves

As discussed in detail in Chapter 2, p-y curves are regularly used for the design of monopile

foundations. As such, ensuring accurate p-y curves is of paramount importance for safe and

efficient design. The soil reaction and displacement data, as presented above, provides an op-

portunity to obtain high quality p-y curves. The obtained experimental p-y curves will be com-

pared with the curves used in current design standards for monopile foundation design. The p-y

curves at different depths were calculated by combining soil reaction and pile displacement at

a sequence of loads, see Figure 4.10. Among these lines, depths less than 21m are above the ro-

tation point and those greater than 21m are below the rotation point. The curve for 21m depth,

i.e., rotation point, is invisible from the figure, as it has zero displacement and a negligible soil

reaction.
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Figure 4.10: p-y curves at different depths
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As can be seen from Figure 4.10, soil reaction at a certain depth increases with horizontal

pile displacement, and the rate of this increase gradually reduces. This trend applies to curves

of all depths. With increasing depths, the initial slope of each curve and the soil reaction at a

given pile displacement become greater. However, below the rotation point, the initial slopes of

p-y curves are extremely steep. The slopes of these curves are almost vertical with some points

passing the x = 0 axis, which is physically impossible because the displacement below the ro-

tation point can not have the same direction as the loading direction. This outcome is caused

by integration errors during the calculation of pile displacement. At the beginning of each p-y

curve, the load is small and the corresponding displacement is also small. Therefore, the in-

tegration for calculating pile displacement is sensitive and prone to mathematical error. As a

result, the initial slope of p-y curves is discussed with caution.

The experimental p-y curve are compared with the p-y curves recommended by API, which

are a commonly used standard for the design of offshore wind turbines, as shown in Figure 4.11

(API, 2011). At shallow depths, for example at 3m and 6m, API p-y curves are in reasonable

agreement with the obtained p-y curves. However, the discrepancy between these two sets of

p-y curves increases with depth.

The API p-y curves overestimate the soil resistance at greater depths (deeper than 6m). This

overestimation of the soil resistance was also observed in other studies (Kirkwood (2015), Chor-

tis et al. (2020), and Sørensen (2012)). There are two notable differences between the API curves

and those obtained experimentally across most depths - the initial slope of the API curves is

higher, and the ultimate soil reaction is higher. In the API method, the initial slope is given by

a constant which is a function of depth, and is also related to the soil’s relative density. From

Figure 4.11, the initial slope of the API p-y curves are larger than those of the experimental p-
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Figure 4.11: P-y curves from API and the experiment

y curves at depths larger than 3m, apart from 27m and 30m whose initial slopes are prone to

mathematical errors as discussed in Section 4.4. In terms of ultimate soil resistance, the API p-y

curves show similar ultimate soil resistance compared to experimental p-y curves at 3m and 6m

depths. For deeper locations, although the experimental p-y curves did not reach the ultimate

soil resistance, The API p-y curves overestimate ultimate soil resistance.

The difference between the API method and experimental p-y curves is likely due to the ap-

plicability of the API method. API p-y curves were initially developed for oil extraction platforms

supported by flexible piles with a relatively small diameter; the API method was later adopted for

offshore wind turbine foundations which are usually rigid piles with large diameters. Therefore,

the API p-y curves are not suitable for the design of monopile foundations. Previous researchers

(Kirkwood (2015), and Sørensen (2012)) have attempted to modify the API method such that it

can provide a more accurate prediction of monopile p-y response. However, the modifications
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have been based on empirical approaches as opposed to fundamental theory. In addition, their

research depends highly on the value of the soil stiffness which is not available in this study. As

such, the modified approaches have been fitted to specific datasets and do not provide a generic

model for p-y response.
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4.6 Summary

In this chapter, the method of obtaining soil reaction, pile displacement, and p-y curves has

been explained and experimental p-y curves presented. Comparisons between the experimen-

tal p-y curves and the API method were made and showed that the API p-y curves overestimate

the soil resistance. The trend is more pronounced at greater depths, which leads to an uncon-

servative design of rigid piles. Adopting the API method has the potential to overestimate the

horizontal capacity of the pile, thus risk the possibility that the pile will experience larger than

predicted displacements in practice. As such, offshore wind turbines risk reaching the service-

ability limit earlier than expected. Therefore, there is a need to modify the API formulation to

better capture p-y behaviour. In order to modify the API method is a general form, it is neces-

sary to have datasets covering a range of test parameters. However, it must be noted, that the

above discussion is for monotonic response. The cyclic nature of loading on monopiles further

complicates the analysis and changes in the p-y response is expected over the lifetime of the

monopile. As such, the following chapter will examine the cyclic response of the monopile.
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Chapter 5

Cyclic Test Results

5.1 Introduction

Eight tests were carried out to examine the effect of different loading scenarios on the pile be-

haviour, as shown in Table 5.1. All eight tests used the same configuration including the same

sand, relative density, and pile location and installation. Four tests applied one-way loading

with different loading magnitudes. The other four tests imposed two-way cyclic loading with

different minimum and maximum loads, resulting in symmetric and asymmetric two-way load-

ing. Among these two-way loading tests, the symmetric two-way loading tests have two different

loading magnitudes, and the asymmetric loading varied in terms of the degree of asymmetry.

The loading magnitude and the degree of asymmetry can be represented by two parameters,

known as the cyclic magnitude ratio (or magnitude ratio), ζb , and the cyclic loading ratio (or

cyclic ratio), ζc , which are defined by equations 2.40 and 2.41. The experimental control system

was programmed to maintain a certain cyclic magnitude ratio and cyclic loading ratio through-

out the test.
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ζb = Hmax

Href
(2.40)

ζc = Hmin

Hmax
(2.41)

where Href is the reference horizontal load capacity of the pile (1400N in this study, from 4.2),

and Hmax and Hmin are the maximum and minimum load of the cyclic loading, respectively. For

one-way cyclic loading, ζc is equal to 0. For two-way cyclic loading, ζc is less than 0. Notably,

ζc = −1 represents symmetrical two-way cyclic loading. A smaller ζc value between 0 and -1

means a more symmetric loading scenario and a larger ζc value means the load tend to be more

biased (similar to one-way load). The analysis was only conducted up to 20,000 cycles since it

was the minimum number of cycles completed.

Table 5.1: Cyclic tests

Tests g-level Relative
density
(ID )

Minimum
force (N)

Maximum
force (N)

ζb ζc Number
of cycles

kc01 62 90 0 530 0.39 0 60000
kc02 62 91 0 750 0.54 0 25000
kc03 62 91 0 1100 0.81 0 40000
kc04 62 92 -350 350 0.26 -1 40000
kc05 62 90 -350 700 0.52 -0.5 50000
kc06 62 91 -180 700 0.52 -0.26 40000
kc07 62 90 -525 525 0.39 -1 35000
kc08 62 90 0 890 0.66 0 26000
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5.2 Pile head displacement

Figure 5.1 shows the force and head displacement for test kc02 over the duration of the cen-

trifuge test. The plots for the remainder of the tests are provided in Appendix A,Figure A.1 and

Figure A.3. To improve readability, force against pile head displacement for key cycles (n= 1, 10,

100, 1000, 10000, and 20000) is plotted for all the tests, as shown in Figure 5.2 and 5.3.
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Figure 5.1: Force and pile head displacement for kc02

In general, the force-displacement curve for one-way tests (kc01, kc02, kc03, and kc08) is

shifting to the right and the overall slope is increasing, indicating that the head displacement

is accumulating and the soil-pile response is becoming stiffer with increasing cycle number. In

terms of two-way tests (kc04, kc05, kc06, and kc07), the force-displacement curve is relatively

symmetrical with reference to the origin for symmetric two-way loading (tests kc04 and kc07)

and the slope is growing over the number of cycles. For biased two-way loading tests (kc05 and

kc06), the overall response is similar to that of one-way loading, except the maximum pile head
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displacement is decreasing in this case in contrast to accumulation for one-way loading tests.

This reduction of pile head displacement is also observed in symmetrical two-way loading tests.

Regardless of loading characteristics, all tests demonstrate an increase in the overall slope of

the force-displacement curve, in other words, the pile-soil interaction is stiffer over time for all

loading scenarios. This phenomenon agrees with Klinkvort (2012) and LeBlanc et al. (2010a).

In addition, a common trend occurs for all the tests that the force-displacement curve tends to

stabilise after 10000 cycles; the curve at cycle 20000 resembles that at cycle 10000 cycles.
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Figure 5.2: Force against head displacement for the nth cycle
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Figure 5.3: Force against head displacement for the nth cycle (continued)
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A close comparison of the force-displacement curve at the first cycle between tests was

made, see Figure 5.4 and 5.5. It can be seen that the load-displacement path of the first cy-

cle generally follows the monotonic backbone curve. During unloading in the one-way loading

tests, the displacement reduces, however it does not return to zero, at zero load. This offset in

displacement at zero load is referred to as the ‘residual displacement’ and discussed in detail

later.
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Figure 5.4: One-way 1st cycles

In terms of two-way loading tests, it is useful to consider the magnitude of the displace-

ment reached during the forward loading and reverse loading phases of the cycle. The differ-

ence between these displacement values naturally depends on the load magnitude applied in

the forward and reversal directions. For symmetric loading (i.e. where the load magnitude in

the forward direction was intended to equal the load magnitude in the reversal direction – tests

kc04, kc07), the displacement magnitude obtained on reversal is similar to that obtained during

the forward loading. However, the magnitudes are not identical – for example, in kc04, a dis-
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Figure 5.5: Two-way 1st cycles

placement of 0.5mm was obtained in the forward direction, whereas a displacement of -0.4mm

was obtained in the reversal direction. This can be partly attributed to the bias caused by the

initial loading direction, but it should also be noted that perfect symmetric loading was not

achieved whereby in kc04 the reversal load magnitude was lower than that of the forward di-

rection. In test kc07 the reversal load magnitude was marginally larger than the forward load

magnitude and this resulted in the displacement magnitude in the reversal direction equalling

the displacement magnitude in the forward direction. As such, it may be concluded that in

perfect symmetric loading cases, the reversal displacement magnitude would not be the same

as the forward displacement magnitude. For biased two-way loading, it is interesting to note

that the magnitude of the bias for test kc06 (ξc = −0.26) was insufficient to cause the pile head

displacement to move past (in the negative direction) the zero displacement point - i.e. the dis-

placement of the pile remained on the ‘forward’ direction despite negative load being applied

to the pile. However, the increased bias loading deployed in test kc05 (ξc =−0.5) was sufficient
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to cause the pile-head to move into the negative displacement zone.

The maximum and minimum pile head displacement was extracted from every cycle and

plotted in Figure 5.6 and Figure 5.7, respectively. On the one hand, the maximum pile head

displacement is noted to accumulate for one-way tests, except for kc01 in which the load was

overshot and then returned to the target load. In addition, it is evident that the maximum head

displacement is positively connected to the magnitude of loading. These observations are in

agreement with Klinkvort (2012). On the other hand, decreasing head displacement was ob-

served for two-way tests, with the exception of kc06 where the cyclic loading ratio is the highest

among two-way tests leading to a one-way-like response. Comparing kc05 and kc06, it is rea-

sonable to suggest that there is a positive correlation between the cyclic ratio and maximum

pile head displacement. In other words, increasing the cyclic ratio or the scale of bias of the

one-direction force of the two-way loading leads to a higher pile head displacement. This leads

to a conclusion that one-way loading is more critical than two-way loading. This is supported

by the comparison between kc01 and kc07 as well as kc05, kc06, and kc02. Although maximum

pile head displacement for kc06 was higher than kc02 at a low number of cycles (less than 10

cycles), which is likely due to the sand’s relative density, kc02 quickly overtook kc06 by the time

20 cycles were imposed. Therefore, it can be concluded that one-way loading is a worse sce-

nario compared to two-way loading. This finding agrees with Klinkvort (2012) but contradicts

LeBlanc et al. (2010a), where two-way tests were found to be more damaging (in terms of accu-

mulated pile head displacement). It can also be observed that for tests in which the cyclic ratio

remained constant but where the absolute load magnitude increased (kc04 vs kc07), in line with

expectations, the corresponding pile head displacement also increased.

With respect to long-term behaviour, the pile head displacement tends to level off after a
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certain number of cycles regardless of loading characteristics. Although it took a different num-

ber of cycles to reach a stable value for different tests, they were almost stable after 104 cycles.

This disagrees with LeBlanc et al. (2010a), where exponential functions were applied to model

the maximum pile head displacement suggesting an on-going increase in head displacement at

large numbers of cycles. Since LeBlanc et al. (2010a) conducted tests at 1-g level, the results from

this study should be more reliable. From the results presented in Figure 5.6, it can be observed

that there is a complex relationship between displacement and cyclic ratio. As such, it is not

possible to develop a model to represent this behaviour. However, based on the experimental

data, it is apparent that pile head displacement does not increase indefinitely and it is necessary

to further investigate the long-term response of piles under cyclic loading.

In terms of minimum pile head displacement, as shown in Figure 5.7, the overall trend is

consistent for all tests that minimum pile head displacement increases with cycle number and

intimately reaches a plateau. The one-way tests clearly experience higher pile head displace-

ment compared to the two-way tests, as the opposing forces in two-way tests reduced the pile

head displacement – agreeing with the observations made from the maximum pile head dis-

placement results.
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Figure 5.6: Maximum displacement

Figure 5.7: Minimum displacement
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5.3 Pile secant stiffness

As shown in Figure 5.8, the pile secant stiffness is defined by the slope between the maximum

load point and the minimum load point at a cycle and is calculated by Equation 5.1. The defini-

tion of the secant stiffness is consistent with Klinkvort (2012).

Figure 5.8: Pile secant stiffness definition

KN = HN ,max −HN ,min

yN ,max − yN ,min
(5.1)

where HN ,max and HN ,min are the maximum and minimum load at the N th cycle, respectively.

yN ,max and yN ,min are the maximum and minimum displacement at the N th cycle respectively,

as also shown in Figure 5.8.
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Figure 5.9: The secant stiffness against cycles

Figure 5.9 shows the secant stiffness KN against cycle number. Overall, the stiffness increases

with the number of cycles regardless of loading characteristics. This is in agreement with the

finding from LeBlanc et al. (2010a) and Klinkvort (2012). Two mechanisms are behind this in-

crease in stiffness. The first one regarding the soil at shallow depth is proposed by Cuéllar (2011).

It is suggested that the pile pushes the sand upwards while loading and the sand falls into the

gap in front of the pile formed during unloading. When the pile is loaded again, the front sand

is compacted leading to a stiffer behaviour. The other explanation is concerned with soil at

greater depth. Kirkwood (2015) points out that dense sand around the pile, even at depth where

the confining stresses are higher, still tends to dilate and thus cause a stiffer soil-pile interac-

tion. As the pile moves forward during loading, the volume of dilating soil keeps increasing and

applies stress to the pile, which leads the stiffness to increase. However, the volume of the re-

arranged soil eventually reaches a peak after a certain number of cycles and the stiffness starts
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to stabilise, which also explains the levelling off trend of maximum pile head displacement. It is

apparent that stiffness for kc05 and kc08 show a plateau after 104 cycles, which is also observed

in Cuéllar (2011). The rest of the tests show a sign of stabilisation and are expected to level off

after more cycles.

An empirical method using the logarithm function, see Equation 5.2, to predict stiffness was

proposed by Klinkvort (2012). While the model shows a relatively plausible fit to the stiffness de-

velopment, it does not account for the fact that the stiffness is expected to level off after a certain

number of cycles. Therefore, a hyperbolic model is proposed here to fit the stiffness. The model

is given by Equation 5.3, which involves three parameters a,b, and c. This type of asymptotic

relationship has also been adopted for cyclic response of sands (Cha et al., 2023). Comparison

between these two models is demonstrated in Figure 5.10 and Figure 5.11, where the secant

stiffness is normalised with respect to the secant stiffness at the first cycle, K1. As shown in Fig-

ure 5.10 and Figure 5.11, both models yield reasonable fits to the normalised stiffness for all tests

for the given cycles, especially for test kc03 (one-way test, 1100 N). However, the discrepancy be-

tween them becomes pronounced for test kc08 (one-way test, 890 N), in which the normalised

stiffness levels off after about 104 cycles. This discrepancy between the normalised stiffness and

the logarithm model is expected to appear for the other tests after a certain number of cycles.

Although the logarithm model resembles the hyperbolic model for the cycle range, it is clear

that the difference is going to grow with the number of cycles. In this study, the total number of

cycles is 20000, which is substantially less than the total cycles of an offshore wind turbine dur-

ing its life cycle. Therefore, the logarithm model will overestimate the stiffness in the long term
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and the newly proposed hyperbolic model is recommended to predict stiffness development.

KN

K1
= 1+κ ln(N ) (5.2)

KN

K1
= a

1+exp[−b(ln(N −1)− c)]
+1 (5.3)
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Figure 5.10: Normalised stiffness against the cycle number
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Figure 5.11: Normalised stiffness against the cycle number (continued)
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Figure 5.12 shows the secant stiffness normalised by the first cycle stiffness against cycle

number for all tests in a log scale. With respect to one-way tests, the normalised stiffness is

greater for higher loading magnitude, except kc03 whose normalised stiffness is less than kc02

and kc08. This exception is likely due to its first-cycle load versus displacement curve being

higher than the monotonic backbone, leading to a higher stiffness at the first cycle, whereas

other tests present a lower or similar load versus displacement curve compared to the mono-

tonic test for the first cycle. In terms of two-way tests, the increasing load magnitude also cor-

responds to higher normalised stiffness, as the magnitude of normalised stiffness of kc05, kc07,

and kc04 (or kc06, kc07, and kc04) are in declining order.

A close look at the parameter a in the hyperbolic model (Equation 5.3), which controls the

maximum value of the normalised stiffness, shows a strong positive correlation with the cyclic

magnitude ratio – see Figure 5.13. Therefore, normalised stiffness is positively related to load

magnitude, which was also found to be the case in LeBlanc et al. (2010a) and Klinkvort (2012).

Comparing kc05, kc06, and kc02, the normalised stiffness increases with cyclic ratios, as shown

in Figure 5.13. In other words, one-way loading leads to higher normalised stiffness in relation

to two-way loading provided the maximum load is the same for both cases. Referring again

to Figure 5.12, it is observed that kc01 shows lower normalised stiffness relative to kc07 after

300 cycles, which is a result of the applied force overshooting the target load during kc01. The

force increased to 600 N and then back to 530 N, causing increased densification and as such

an increase in the stiffness recorded. Therefore, the rate of increase is reduced and the plateau

was reached earlier. Had the force been controlled properly, it would have supported the pos-

itive relation between normalised stiffness and cyclic ratio. However, this finding contradicts

Klinkvort (2012), in which the normalised stiffness is negatively affected by the cyclic ratio, but
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agrees with LeBlanc et al. (2010a), where there is a positive correlation between the normalised

stiffness and the cyclic ratio. That said, the results from LeBlanc et al. (2010a) could perhaps

be considered not as reliable as those from this testing and the testing of Klinkvort (2012), as

LeBlanc et al. (2010a) carried out the testing at 1-g. The challenge with testing at 1-g is that

the prototype stresses are not accurately replicated within the model. The dilatant behaviour

of soil depends on both relative density and the effective confining stress – with an increase in

effective confining stress or a reduction in relative density resulting in a less dilatant behaviour.

As such, in order to better replicate the dilatant behaviour of the prototype scenario, LeBlanc

et al. (2010a) used soil bodies with a low relative density to counter the impact of the low effec-

tive confining stresses experienced at 1-g. However, quantitatively this ‘correction’ to address

the issues around dilation will be absolute and as such some error in the stiffness behaviour of

the soil body is still to be expected. It is more informative to consider the contradiction in the

results obtained in this recent testing to the resulted obtained by Klinkvort (2012). In the tests

conducted as part of this thesis, the sand around the pile may have been looser compared to

the distant sand because of the method of preparing the model (the supports for the pile during

sand pouring will have impacted the pouring of the sand adjacent to the pile) (See section 3.3.3).

In addition, the force applied in this study is smaller relative to Klinkvort (2012). The combina-

tion of the lower relative density around the pile and the reduced head loads would contribute

to the lower stiffness observed in this study.

It has been discussed above how the parameter a from the hyperbolic model, which dictates

the projected maximum stiffness that will be obtained, can be correlated to cyclic loading ratio

and cyclic magnitude ratio. There are two further parameters which form the hyperbolic model:

b and c. Together, parameters b and c control the rate of change of normalised stiffness with
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Figure 5.12: Normalised stiffness

cycle number. The relationship between b and c with the cyclic loading ratio and cyclic magni-

tude ratio are given in Figure 5.14. As can be observed in the plots, there is no clearly discernible

relationship, though there could be some argument made that parameter b is negatively cor-

related with cyclic loading ratio and cyclic magnitude ratio. It is informative to consider the

relative impact of parameters b and c on the rate of change. The part of the denominator of the

hyperbolic function which involves these two parameters is: b(ln(N −1)− c). If we consider the

value at 5000 cycles (i.e. N = 5000), and a typical b = 0.6, over the range of 1 < c < 2.8, then the

factor varies from 4.5 to 3.4 ( 25% change). Whereas, if we again consider the value at 5000 cycles

(i.e. N = 5000), and a typical c = 2, over the range of 0.4 < b < 0.9, then the factor varies from

2.5 to 5.7 ( 225% change). As such, it can been observed, that over the range of values obtained,

the rate of change of normalised stiffness is more sensitive to parameter b than parameter c.

As such, it follows that a stronger correlation, if indeed one exists, would be expected between
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Figure 5.13: Coefficients with cyclic magnitude ratio and cyclic loading ratio

parameter b and the cyclic loading ratio and cyclic magnitude ratio.

However, ultimately, engineers are interested in the initial and final stiffness values and

hence the actual rate of change over cycles does not prove to be that useful in practice. Therefore

the strong correlations observed between parameter a and the cyclic loading ratio and cyclic

magnitude ratio are far more informative and provide a significant insight from this new re-

search.
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5.4 Bending moments

Bending moments along the pile can be evaluated using the strain data collected from the FBGs.

Examination of how the bending moment develops over successive cycles is informative. To il-

lustrate the development, bending moments from two representative cycles (1 and 10000) are

selected, as shown by example in Figure 5.15. For one-way tests, bending moments at all depths

increased with increasing force until reaching a maximum value and then decreased as the force

reduced within a cycle. However, the bending moment did not dissipate to zero when the load

reduced to zero except at the sand surface and at the pile toe, leaving a residual bending mo-

ment along the pile, which is often referred to as a ‘locked-in’ bending moment. In contrast, the

general profile of bending moment development for two-way tests differs greatly and is heavily

dependent on the loading symmetry. For symmetric loading, e.g. kc04 and kc07, the bending

moment is highly symmetric and only a small amount of locked-in bending moment is present

along the pile after the first cycle. With respect to biased loading, e.g. kc05 and kc06, the bend-

ing moment profile lies in between one-way tests and symmetric two-way tests: with a higher

loading bias, i.e. kc06, the profile tends to resemble the one-way loading scenario. With a higher

loading symmetry, i.e. kc05, the profile tends to become symmetric.
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Figure 5.15: BM development for cycle 1 and 10000
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Due to the method of loading the pile, the loads obtained (both the maximum and mini-

mum) are not entirely consistent between cycles. In order to permit better comparisons be-

tween cycles and between tests, the bending moments will be discussed in the context of nor-

malised bending moment profiles. This normalisation process involved taking the bending mo-

ment profile during any particular cycle and dividing it by the theoretical absolute maximum

bending moment at the mud-line during that cycle (i.e. the force applied multiplied by the

offset to the mud-line). For sake of clarity, this means, when the load applied is positive, the

bending moments are divided by the positive maximum bending moment during that cycle,

whereas when the load applied is negative, the bending moments are divided by the negative

maximum (i.e. overall minimum) bending moment during that cycle. It should be noted that

this theoretical bending moment at the mud-line may not match the bending moment at the

mud-line from the bending moment profiles – this deviation is due to errors in the bending mo-

ment computation from the FBGs as discussed in Section 4.3. A such, the normalised bending

moment at the mud-line may not always be equal to one, but should be very close.
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Figure 5.16: Max normalised BM against cycles

For one-way tests, there was only a small variation of the normalised maximum bending

moment profile over 20000 cycles at all depths. This can be seen from Figure 5.16a, where the

normalised bending moment profile along the pile for different cycle number is shown and Fig-
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ure 5.17a, where normalised maximum bending moment against the cycle number at different

depths is plotted. The normalised bending moment at all depths decreased by less than 0.2 for

kc01 (see Figure 5.17a). Similarly, the normalised maximum bending moments of two-way tests

also follow a decreasing trend but with a larger magnitude of reduction, as can be seen from

Figure 5.17b. Over 20000 cycles, the moments at 13m depth, where the largest moment change

occurs, for kc04 decreased from 1.1 to 0.5. The bending moments at the same depth for kc05

and kc06 reduced by 0.3 and 0.2 respectively (see Figure 5.17c and 5.17d).

The bending moment at zero force is commonly referred to as the ‘locked-in’ bending mo-

ment. This locked-in moment gradually increases with cycle number at all depths for one-way

tests, see Figure 5.18a. The largest increase in the moment was 0.44 for kc01, 0.56 for kc02, 0.45

for kc03 and 0.52 for kc08, respectively, and occurred at 18m depth for all four one-way tests. For

the highly biased two-way test (kc06), this locked-in moment also has a growing trend, as shown

in Figure 5.18d. For symmetric two-way tests (kc04 and kc07), the locked-in moment emerged

in the first cycle and then dissipated to less than 0.1 at higher cycle numbers, see Figure 5.18b. In

terms of kc05 (low bias, two-way loading), the locked-in moments remain relatively stable with

cycles, see Figure 5.18c. This suggests that there is a transition stage from a growing locked-in

moment to a dissipating locked-in moment, which is dependent on the cyclic ratio.
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Figure 5.18: Zero load BM against cycles
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Figure 5.19 shows the normalised maximum bending moment versus the number of cycles

at 8m depth. A depth of 8m has been chosen at that is where the largest moment developed

for all tests. To provide a better understanding of the impact of cyclic loading ratio and cyclic

magnitude ratio on the reduction in normalised maximum bending moment, the slope of the

reduction can be extracted (as shown with the best-fit lines). These slopes can then be plotted

against the cyclic loading ratio (ζc ) and cyclic magnitude ratio (ζb), as shown in Figure 5.20,

where the size of the marker circle denotes the slope of the bending moment decrease - i.e. a

larger marker circle indicates a higher rate of reduction of bending moment with cycle number.

It is evident that the moment changes for one-way tests (high ζc ) is less than that for two-way

tests (low ζc ). Moreover, the change in bending moment is negatively related to the cyclic ratio,

in which a lower cyclic ratio (ζc ) leads to a larger reduction in the normalised bending moment.

This correlation is evident from the four two-way tests. However, test kc06 with ζc = −0.26 is

similar to one-way tests with ζc = 0 in terms of the moment reduction, as shown in Figure 5.19.

It seems that two-way tests with a larger cyclic ratio tend to behave like one-way tests and have

a smaller reduction in the maximum bending moment (see Figure 5.20) as well as a gradual

accumulation of locked-in bending moment at zero force (see Figure 5.18). On the other hand,

a higher cyclic loading ratio causes a smaller reduction rate (compare kc04 and kc07). However,

this is not true for one-way tests (kc02, kc03 and kc08). There is however no discernible trend

between the cyclic loading ratio and rate of change in bending moment.
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5.5 Soil behaviour and pile displacement during cyclic tests

Soil reactions and pile displacements along the pile for cyclic tests are derived from the bend-

ing moment profile. The method used is identical to that in the monotonic test, where bending

moments are first fitted with a fourth-order polynomial function, from which double differen-

tiation gives soil reactions and double integration gives pile displacement profile. The obtained

soil reactions (p) and pile displacements (y) as well as the fitted line of bending moments (BM)

for three tests at two representative cycles (N=1 and 10000) are presented in Figure 5.21, 5.22

and 5.23 (Dark lines indicating loading and grey lines indicating unloading).

For the first cycle of kc01, as can be seen from Figure 5.21a, the bending moment fitted lines

provide a reasonable fit to the bending moment profile. The fitting lines for other tests at dif-

ferent cycles are also sensible in the following figures. In terms of soil reaction, the soil reaction

developed from zero during loading, and then dissipates as unloading along the pile. The soil

reaction did not fully dissipate as the force dropped to zero (also minimum load), leaving a

’locked-in’ stress along the pile. Although the actual value of this locked-in stress is unknown,

its existence is supported by the presence of the locked-in bending moment at near zero force.

This stress is also found in other literature and is believed to have a positive effect on soil-pile

system stability (Suzuki et al., 2018). The zero soil reaction depth for the first cycle is varying

between 20m and 24m, which is a reasonable depth range for the rotation point (Chortis et al.,

2020). With respect to pile displacement, the pile curved to the loading direction and then re-

turned partially to a position with a residual displacement at the end of the first cycle. In terms

of the other one-way tests, identical patterns were found for kc02, kc03, and kc08 as kc01, both

at the first and the other cycles.
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For the first cycle of symmetric two-way loading tests, kc07 displays a highly symmetric de-

velopment of soil reaction and pile displacement for all the cycles, as shown in Figure 5.23. On

the other hand, for test kc06 which has a load bias, the soil reaction and pile displacement de-

velopment with cycles is not symmetric (see Figure 5.22). Although the soil reaction at the end

of the first cycle and the 10000th cycle (grey line, min load) may not be entirely accurate due to

the differentiation process, there is a build-up of soil reaction in the reverse loading direction for

both kc06 (see Figure 5.22) and kc07 (see Figure 5.23). In addition, a ’locked-in’ stress along the

pile was observed at zero load (unloading, grey lines) for kc06 at the first and 10,000th cycle. In

contrast, the ’locked-in’ stress dissipated at unloading zero load for kc07 at 10,000th cycle (see

Figure 5.23b), in corresponding to bending moments at zero load (unloading, see Figure 5.18b).

For displacement, similar to one-way tests, kc06 moved only in the dominant force direction

(see Figure 5.22).
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Figure 5.21: Soil reaction and pile displacement: kc01_one+530 (Hmin = 0, Hmax = 530N)
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Figure 5.22: Soil reaction and pile displacement: kc06_two-180+700 (Hmin = −180N, Hmax =
700N)
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Figure 5.23: Soil reaction and pile displacement: kc07_two+-525 (Hmin =−525N, Hmax = 525N)
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5.6 Cyclic p-y curve

Cyclic p-y curves for tests can be plotted based on the calculated soil reaction and pile displace-

ment. Given the issues with accuracy of the calculated soil reactions and pile displacements,

the p-y curves herein, in terms of quantitative evaluation, are discussed with a level of caution;

more focus is placed on the observed trends of cyclic p-y curves in terms of large cycles and

across different tests.

Figure 5.24 shows the cyclic p-y curves of different depths at four cycles (1, 100, 10000, and

20000) for kc01. It can be seen that the curves are reasonable compared to the monotonic p-

y curve (see Figure 4.10) at shallow depths (less than 15m) at the first cycle. At greater depth,

the curve became extremely steep at all four cycles, indicating a stiffer soil response. While it is

true that p-y curves become steeper at deeper depths, such steep curves in Figure 5.24 are likely

caused by the inaccurate soil reaction and pile displacement as a small variation of these values

can significantly affect the p-y curves. As a result, p-y curves at deep depths are not discussed

in this study, and curves at a shallow depth (9m) are selected to understand the effects of cycles

and loading characteristics.
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Figure 5.24: p-y cyclic curve: kc01_one+530 (Hmin = 0, Hmax = 530N)
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To demonstrate the effects of cycles and loading characteristics on the p-y curves, p-y curves

for each test at 9m depth are presented separately in Figure 5.25 and 5.26. In addition, the

monotonic p-y curve is added to these figures to provide a reference. From these figures, the

most striking variation of the p-y curves for all tests is the reduction of the areas enclosed by

the loading and unloading curve, indicating a transition from a system dominated by plastic

soil response to one characterised by elastic behaviour. Moreover, the slope of the curves in-

creased with cycle number, indicating the stiffness of the soil-pile system increased, resulting in

the increasing secant stiffness previously observed (see Figure 5.9).

For one-way tests, the p-y curves at the first cycle are reasonably close to the monotonic

p-y curve given the errors associated with the mathematical operations. It can be seen that at

the end of the first cycle, the p-y curve does not return to zero, and locked-in stresses and dis-

placements are observed, corresponding to Figure 5.21a. The soil reaction and displacement at

end of each cycle accumulate with cycle number for kc02, kc03 and kc08, whereas for kc01 they

increased until the 1000th cycle and then dropped at the 10000th cycle. This reduction of soil

reaction and displacement in the kc01 test is due to the loading change, as the force applied on

the pile reached 600N and decreased to 500N at the 1000th cycle. The reduced loads on the pile

cause the locked-in stress and displacement to dissipate. The locked-in displacement is related

to the minimum displacement, thus explaining why the minimum pile head displacement for

kc01 reached a relatively lower plateau after 1000 cycles compared to other one-way tests (see

Figure 5.7). In terms of the top point of the p-y curve at each cycle, the pile displacement ac-

cumulated and then levelled off in all tests except kc01 (for the same reason mentioned above),

which is in-line with the observation of maximum pile head displacement (see Figure 5.6). In

contrast, the soil reaction of the top point decreased with cycle number; this declining soil re-
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action means a smaller mobilised soil reaction, which is the result of a stiffer pile-soil system

with a constant applied load. The stiffening pile-soil system is caused by soil densification with

load cycles, which is also in agreement with the increasing secant stiffness (see Section 5.3). The

soil-pile system became stiffer with cycle number, as the slope of p-y curves increases, while

the force on the pile was constant; the mobilised soil reaction therefore decreases. This phe-

nomenon is pronounced for kc01, as the force in this test reduced to a relatively large extent and

the reduction in soil reaction is also large.

For two-way tests, p-y curves of biased two-way tests (kc05 and kc06) are similar to one-way

tests with an accumulating pile displacement of the endpoint and increasing slope, which are

corresponding to their pile head displacement and secant stiffness developments (see Figure 5.7

and 5.9). The soil reaction of the top points in these p-y curves also declined over cycle number,

similar to the one-way tests. However, the pile displacement of these points shows a different

trend, where in test kc05 there is a slightly decreasing trend and for kc06, the pile displacement

at the top point fluctuated and then levelled off. These trends correspond to the maximum pile

head displacement development, as shown in Figure 5.6. For the symmetric two-way test (kc04

and kc07), the pile displacement of the top points in kc07 decreased by a relatively large amount

with cycle number, as illustrated by the maximum pile head displacement in Figure 5.6. It is

noticed that the p-y curves of kc04 are significantly different from that of kc07. The errors for

test kc04 is caused by the incorrect pile displacement profiles along the pile depth. Because

of the low magnitude of cyclic load, the pile displacement is relatively small. As a result, the

integration process did not generate reasonable pile displacements along the pile, leading to

incorrect p-y curves. Therefore, p-y curves of kc04 are not discussed further.
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Figure 5.25: p-y curves at 9m depth
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Figure 5.26: p-y curves at 9m depth (continued)
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5.7 Summary

In this chapter, eight cyclic tests were investigated to demonstrate the long-term behaviour of

piles under cyclic loading including pile head displacement, secant stiffness, soil reaction, pile

displacement along the pile depth, and cyclic p-y curves as well as the effects of loading charac-

teristics on them.

The pile displacement was found to increase with cycle number and then stabilise after

around 104 cycles in this study. Maximum pile head displacement for each cycle is positively

related to both cyclic magnitude ratio and cyclic ratio (see equations 2.40 and 2.41), i.e., a larger

load on the pile causes a greater displacement, and loading characteristics inclined to a one-way

loading scenario lead to increased displacement.

Similar to pile head displacement, secant stiffness for tests also increased with cycle number

and then eventually levelled off. A new empirical equation was proposed to capture the trend of

secant stiffness with cycle number. It was also found that the cyclic magnitude ratio and cyclic

ratio have a positive effect on secant stiffness.

The maximum bending moments of tests were observed to decrease with cycle number. In

addition, the cyclic loading ratio negatively affects the magnitude of this reduction. The maxi-

mum bending moment of the reversed direction in two-way tests also shows a decreasing trend.

The bending moments at zero force of one-way tests during cycles were not zero; in other words,

there was a locked-in moment. It was seen that the locked-in moments accumulated for one-

way tests and biased two-way tests, but dissipated for symmetric two-way tests.

In terms of soil reactions and pile displacements along the pile depth, locked-in soil reac-

tions and pile displacements were observed after each cycle. Cyclic p-y curves were obtained
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based on the calculated soil reactions and pile displacements. The overall slope of p-y curves

increased with cycles, suggesting a stiffening response. In addition, the area enclosed by a p-

y curve shrank with cycle number, indicating a shift from soil behaviour dominated by plastic

response towards a more elastic response.
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Chapter 6

Practical implications

6.1 Implications for the design

The design and performance of pile foundations in offshore wind turbines (OWTs) are critically

influenced by several factors, including pile head displacement, rotation, bending moment, and

stiffness of the pile-soil system. These factors directly affect the structural integrity, safety, and

long-term stability of OWT foundations under dynamic offshore conditions. The findings of this

study regarding pile head displacement, bending moment and the stiffness of pile-soil system

offers practical insights that can be adopted to facilitate the design of OWT foundations.

6.2 Pile head displacement

Pile head displacement and rotation are important considerations in the design of offshore wind

turbines. The serviceability limit state suggests that the maximum pile head rotation should be

less than 0.5 degree during the lifespan of the OWTs. Figure 6.1 shows the maximum pile rota-
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tion against number of cycles for all cyclic tests, which is calculated by the inverse tangent of the

maximum pile head displacement divided by the load eccentricity (200mm). As with pile head

displacement, the pile rotation of one-way tests proved to be larger than that of two-way tests.

This demonstrates that the one-way loading is the critical scenario that requires more atten-

tion during the design of foundations. Engineers should pay attention to one-way loading and

prepare foundations for extreme one-way loading conditions. Regarding long-term behaviour,

the pile rotation increases with cycles at the beginning and then reaches a plateau after about

10,000 cycles irrespective of loading characteristics. This finding is significant. The OWTs have

to undergo 107 cycles during their lifespan, while it is challenging to apply such a large number

of cycles for both experimental and numerical tests. The observation that pile head displace-

ment and rotation stabilize after 10,000 cycles provides a practical method for predicting their

maximum values. The tendency of pile head displacement and rotation makes it possible to

work out the ultimate pile head displacement and rotation, either by experimental tests or nu-

merical simulation applying 10,000 cycles. This will greatly simplify the design of offshore wind

turbine foundations while ensuring compliance with with serviceability limit state.

6.3 Bending moment

Bending moment is another crucial factor in the safety of pile foundations. In this study, the

bending moment decreased with the number of cycles for both one-way and two-way cyclic

tests, suggesting that the maximum bending moment occurs at the onset of cyclic loading. De-

signers must ensure that the maximum bending moment remains within a safe range to main-

tain structural integrity. Additionally, the reduction in bending moments is more significant for

132



10
0

10
1

10
2

10
3

10
4

Number of cycles

0.1

0.15

0.2

0.25

0.3

0.35

0.4

0.45

0.5

M
ax

 p
il

e 
h

ea
d

 r
o

ta
ti

o
n

 (
d

eg
re

e)

kc01, 
b
=0.39, 

c
=0

kc02, 
b
=0.54, 

c
=0

kc03, 
b
=0.81, 

c
=0

kc04, 
b
=0.26, 

c
=-1

kc05, 
b
=0.52, 

c
=-0.5

kc06, 
b
=0.52, 

c
=-0.26

kc07, 
b
=0.39, 

c
=-1

kc08, 
b
=0.66, 

c
=0

Figure 6.1: Pile head rotation

two-way tests than for one-way tests, as shown in Figure 5.20. This indicates that one-way tests

are more critical when considering bending moment effects.

6.4 Stiffness of the pile-soil system

The stiffness of the pile-soil system is directly linked to its natural frequency, which plays a cru-

cial role in the structural performance of offshore wind turbines (OWTs). Ensuring that the nat-

ural frequency remains within the soft-stiff range is essential to avoid resonance and potential

structural failures. However, the stiffness of the pile-soil system is not static; it evolves over time
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due to cyclic loading. Therefore, understanding how stiffness changes throughout the lifespan

of OWTs is critical for designing foundations that maintain long-term stability.

This study found that the stiffness initially increased with the number of loading cycles, re-

gardless of the specific loading characteristics. This increase was primarily attributed to the

densification of soil around the pile as cyclic loading progressed. As the soil particles rear-

ranged and compacted under repeated loading, the pile-soil interaction strengthened, leading

to a stiffer response. This behaviour was further supported by the observation of progressively

stiffer p-y curves over successive cycles. After approximately 10,000 cycles, the stiffness reached

a plateau, suggesting that the densification process had stabilized and further changes in stiff-

ness became minimal. Additionally, the final stiffness was found to be positively correlated with

the cyclic magnitude ratio, meaning that higher cyclic loads resulted in greater overall stiffness.

This implies that different loading scenarios lead to varying final stiffness values, which must be

accounted for in design considerations.

These findings provide valuable data of stiffness evolution over cycles. Based on the trend of

stiffness evolution, designers can estimate the final stiffness based on the stiffness after 10,000

cycles, which can be obtained by experimental or numerical tests. The loading characteristics

of cyclic loads, particularly cyclic magnitude ratio, have an impact on the the development of

stiffness. Designers have to understand the loading conditions to better predict final stiffness,

hence ensuring that the natural frequency remains within a safe range.
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Chapter 7

Conclusions

7.1 Introduction

Monopile foundations, which are widely adopted to support offshore wind turbines, are sub-

jected to a large number of cyclic loads originating from the effects of wind and waves. To en-

sure the safety of such structures, it is necessary to understand the behaviour of monopiles un-

der cyclic loading, especially after large numbers of cycles. While there have been a number of

studies on this topic, the number of loading cycles are typically limited to the low thousands.

In this study, centrifuge tests were carried out to apply cyclic loading with at least 20,000 cycles

to investigate the long-term behaviour of piles. In addition, cyclic loading with varying charac-

teristics, i.e. different loading ratios and different loading magnitudes, were applied to examine

their effect. Loading ratio relates to offset of the cyclic loading in terms of how much load is

applied in the positive direction compared to the negative direction. An extreme case of loading

ratio is that of one-way cyclic loading, where the force is applied in one direction only. More

commonly loading is two-way in which the cyclic force acts both in the forwards and reserve di-
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rections during each cycle. In reality, monopiles are subjected to a range of cyclic loading ratios

and hence the important of investigating the impact of this parameter on the response of the

compile. To apply cyclic loading, a novel loading system has been developed and was utilised in

the centrifuge tests. During the centrifuge tests, the development of pile head displacement was

recorded via lasers and the loading was logged through load cells. Furthermore, the pile had a

prototype diameter of 6m, representing a typical pile required for a 5MW offshore wind turbine

foundation. The pile was instrumented with Fibre Bragg sensors to obtain the bending moment

profile, from which the soil reaction and pile displacement below sand surface can be derived.

The examination of bending moment change was carried out, which can benefit the design of

such foundations. This has also allowed the calculation and examination of cyclic p-y curves

(which are used in the design of such foundations) with cycle number.

Prior to cyclic tests, monotonic tests were performed to obtain the load-displacement curve,

also referred to as the backbone curve, and static p-y curve, both of which have provided a useful

reference for cyclic tests. In addition, the static p-y curve has been compared with the API p-y

curves, which is a widely adopted design guidance for offshore wind turbine foundations. The

findings are summarised as follows.

7.2 Monotonic loading

Experimental p-y curves, extracted from a pushover test conducted in the centrifuge, were com-

pared with API p-y curves. The comparison shows that API p-y curves over-predict the soil re-

sistance, which is also supported by Kirkwood (2015) and Sørensen (2012). The reason for this

discrepancy is mainly attributed to the fact that API p-y curves are derived for flexible piles with
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a relative small diameter, whereas the majority of offshore wind turbine foundations have a

large diameter and behave like rigid piles. As a result, API p-y curves should not be applied for

the design of offshore wind turbine foundations.

7.3 Cyclic lateral loading

A programme of cyclic tests was carried out to investigate the long-term behaviour of a monopile

under a range of cyclic loading, with a focus on the pile head displacement, pile secant stiffness,

bending moment profile along the pile, and soil reaction.

Pile head displacement was observed to accumulate and then level off for one-way tests and

to decrease and then stabilise for two-way tests in this study. This indicates the one-way load-

ing scenario is more critical compared to two-way loading cases, which is in agreement with

Klinkvort (2012). In terms of pile secant stiffness, it was found to increase and then stabilise for

both one-way and two-way tests. In this study, at least 20,000 cycles were applied. The stiffness

in the first 10,000 cycles indeed increased, but then showed signs of stabilisation. Thus, a hy-

perbolic model was proposed to capture the trend of pile stiffness development and proved to

be a better fit. A close examination of the model suggests that the maximum stiffness is pos-

itively related to the cyclic magnitude ratio as well as the cyclic loading ratio. In other words,

one-way tests will have a larger secant stiffness compared to two-way tests. Bending moments

at different depths were observed to reduce over cycles by a small amount (less than 20%) for

one-way tests. The change is comparatively larger for two-way tests, with a 50% reduction. It

is concluded that the bending moment reduction is negatively associated with the cyclic load-

ing ratio. In other words, symmetric two-way tests have a larger reduction in bending moments
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than those in asymmetric two-way tests and one-way tests. Regarding soil response, cyclic p-y

curves for different cycles were derived from experiments. The energy dissipated from the cyclic

loading of the soils (as calculated from the enclosed area within the p-y curves) saw a reducing

trend over cycles, suggesting a transformation from plastic behaviour to elastic behaviour. In

addition, the slope of these p-y curves increased with cycles, indicating a stiffening of the soil-

pile system.

7.4 Implication for design

The pile displacement of one-way tests proved to be larger than that of two-way tests, which

gives engineers information to consider the one-way loading case to be the critical one. The

tests were conducted under at least 20,000 cycles and the pile head displacement was shown

to stabilise after approximately 10,000 cycles. This finding allows engineers to predict pile head

displacement of offshore wind turbine throughout its lifespan based on pile head displacement

after 10,000 cycles. Furthermore, a greater bending moment reduction compared to one-way

tests was observed for two-way tests, which also suggests one-way tests is more critical in terms

of bending moment consideration. In addition, the stiffness model provided in this study pro-

vide useful information for designers as there is a link between the stiffness and the natural fre-

quency of the system. The stiffness model suggests the stiffness increases and reaches a plateau

after about 10,000 cycles and the loading characteristics play a role on the final stiffness value.

Designers can use this finding to predict the final stiffness based on the loading conditions.

The understanding of stiffness development can help to ensure that the natural frequency of

the system lies in safe zone, hence benefiting the long-term stability of OWT foundations in dy-
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namic offshore conditions. For soil response, the p-y curves from API cannot predict the real p-y

curves, as observed by a number of researchers. Although there is no proposed model for p-y

curves in this study, the tests conducted provide valuable data concerning p-y curves for both

monotonic and cyclic tests. These data can be used to develop a better model.

7.5 Recommendation for future research

This study has provided valuable information about long-term behaviour of monopiles under

cyclic loading, with a focus on pile head displacement, pile secant stiffness and bending mo-

ment development over a large number of cycles. However, there are some limitations to this

study and further research is needed.

1. As many research, this research applied the load in a uni-direction manner. Whereas,

real offshore foundations are subjected to loads from varying directions. The effect of

changing loading directions is an important aspect to be investigated in future research.

2. The tests conducted in this study were based on a specific dimension of pile. It is neces-

sary to investigate the response of piles with varying dimensions. The relative density of

the soil is likely to have an impact on the pile behaviour. Further tests of piles in soils with

different relative densities can be beneficial for the understanding of this topic.

3. This study has applied at least 20000 cycles, more than many other similar research. How-

ever, the number of cycles that a typical offshore wind turbine foundation experiences

during its lifespan is estimated to be more than 107 cycles. Since the applied load cycle is

still extremely smaller than it, there is a possibility that the behaviour can change after a
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large number of cycles (e.g. 106 cycles). It is therefore worthy of effort to further increase

the number of applied load cycles to observe the long-term trend of pile head displace-

ment development.

4. The original aim of this study included a development of an empirical p-y curve evolution

model with load cycles. However, this aim was aborted during the study. This is because

the calculation of cyclic p-y curves are susceptible to the error of calculated soil reaction

and pile displacements. In this study, the limited number of FBGs can not produce suffi-

ciently precise soil reaction to accurately represent cyclic p-y curves. It may be beneficial

to install more FBGs to enhance the accuracy of soil reaction profile. Hence, cyclic p-y

curves over cycles can be generated and analysed quantitatively.
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Appendix A

Figures: load and pile head displacement

during tests
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Figure A.1: load during tests
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Figure A.2: load during tests (continued)
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Figure A.3: Pile head displacement during tests
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Figure A.4: Pile head displacement during tests (continued)
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