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Abstract

The engine size of modern aircraft is principally determined by take-off condi-
tions, since initial acceleration requires the maximum engine power. An Electro-
magnetic Launch (EML) system could provide some or all of the energy required
during the take-off phase of the flight so that the engine power requirement and
fuel use could be significantly reduced. EML also has the potential of reducing the
required runway length by increasing aircraft acceleration. Expensive airport ex-
tensions to face constant air traffic growth might then be avoided by allowing large
aircraft to operate from short runways at small airports. The proposed system has
positive impacts on total aircraft noise and exhaust emissions near airports and
improves overall aircraft efficiency through reducing engine design constraints.

So far, EML for aircraft has been adopted only for military applications to
replace steam catapults on the deck of aircraft carriers. This thesis considers the
feasibility of different technologies for EML systems to assist civil aircraft take-
off. The research develops, models, designs and compares three possible linear
motor topologies which may be used to propel an A320-200 sized aircraft up to
the take-off speed. The theories exploited to design the motors are thoroughly
explained while the comparison of the performance is made on results from both
analytical and finite element analysis (FEA).

The work is validated using a small experimental setup to launch a UAV
weighing 4.5 kg. The electromagnetic analysis developed for civil aircraft launch-
ers has been employed to size the scaled down motors and the methods proposed
to design all the other components of the test rig are also presented.
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Glossary of Symbols

a LIM stator half width
ae LIM active area half width
amov Average acceleration while the mover returns to its initial position
astop Average aircraft deceleration using brakes
aTO Rated acceleration during UAV take-off
a1 Average aircraft acceleration using engines
a1 Instantaneous acceleration on the runway
A Any area involved in the heat transfer across thermal insulation
ACloss Total AC losses in the superconductors
Acryo Cryostat surface
Ae Electric circuit area
Am Magnetic circuit area
Amov Area of the mover
APM Equivalent permanent magnet current sheet
AR Aircraft wing aspect ratio
As Slot area
Asc Area of the superconducting material in each wire
Ast Equivalent stator current sheet
Aν Equivalent stator current sheet for the ν th harmonic
Aw Wire cross section area
αAl Aluminium thermal diffusivity
αG Angle of attack at ground level
αLOF Angle of attack at lift-off
αm Twisting angle of superconducting cables
αph Angle between consecutive phasors
αphν

Angle between consecutive phasors of the ν th harmonic
αs Electrical angle between consecutive slots
αTO Angle of attack at UAV take-off
b Half width of a superconducting coil
bs Slot opening and slot width
bt Stator tooth width
~B Magnetic flux density vector
B Magnetic flux density
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xxii GLOSSARY OF SYMBOLS

Bα Magnetic flux density in the tilted frame of reference
Bes Peak-to-peak amplitude of the orthogonal magnetic flux density
Bg Magnetic flux density in the airgap
Bir Magnetic flux density in the stator back iron
Br Permanent magnet remnant flux density
Bt Magnetic flux density in the stator teeth
Bwν Flux density perpendicular to wire cross section of ν th harmonic
By Y-component of the magnetic flux density (orthogonal to the airgap)
ByDS Y-component of the magnetic flux density in double-sided motor
Byl Y-component of the magnetic flux density with no excitation field
By MLT Y-component of the magnetic flux density computed by MLT
BySS Y-component of the magnetic flux density in single-sided motor
βAir Expansion factor of air
βLH2 Expansion factor of liquid hydrogen
β (y) Permeance function of conformal transformation
c Mover half width including overhangs in Chapter 4
c Number of coils per phase in Chapter 5
cair Speed of sound of air
cAir Specific heat at constant pressure of dry air
cAl Aluminium thermal capacity
cCo Copper thermal capacity
cFe Stainless steel thermal capacity
cPM NdFeB permanent magnets thermal capacity
cGH2 Specific heat capacity of gaseous hydrogen
cH2 Specific heat capacity of hydrogen
cLH2 Specific heat capacity of liquid hydrogen
cosφ Power factor
cpHe Specific heat at constant pressure of helium
CD Drag coefficient
CDC Drag coefficient during cruise
CDHS High speed drag coefficient
CDi Induced drag coefficient
CDLS Low speed drag coefficient
CDTrim Rudder trim drag coefficient
CD2 Drag coefficient at V2
CL Lift coefficient
CLHS High speed lift coefficient
CLLOF Lift coefficient at VLOF

CLLS Low speed lift coefficient
CLmax Maximum lift coefficient
CL2 Lift coefficient at V2
d Thickness of an insulation layer
dAl Aluminium mover thickness



GLOSSARY OF SYMBOLS xxiii

dAl f Thickness of the aluminium sheets
dAl 1 Thickness of the outer vessel
dAl 2 Thickness of the inner vessel
deng Distance between the engine and the aircaft barycentre
dFinAC Distance between fin and wing aerodynamic centres
dH2 Thickness of the liquid hydrogen layer
di j Distance between the superconducting wires i and j
dins Thickness of the insulation layer
dg Grooves diameter
dq Denominator of slot per pole per phase
dr Distance between railgun rails
~ds Infinitesimal displacement vector
dsc Distance between consecutive cryostat sections
dv Infinitesimal volume of material
dVac1 Thickness of the first vacuum layer
dVac2 Thickness of the second vacuum layer
dw Wire diameter
D Aerodynamic drag
Dcc1 Diameter of the cooling channel 1 in Fig. 7.9
Dcc2 Diameter of the cooling channel 2 in Fig. 7.9
Dcc3 Diameter of the cooling channel 3 in Fig. 7.9
D f il Diameter of a superconducting filament
DTrim Rudder trim drag
DWML Windimilling drag
Dw Diameter of superconducting wire
D0.75kA Diameter of a 0.75-kA cable
D132kA Diameter of a 132-kA cable
D2 Aerodynamic drag at V2
D3kA Diameter of a 3-kA cable
δ Penetration depth
δAl Aluminium penetration depth
δph Number of slots between two adjacent phasors
∆p Pressure drop across heat exchangers
∆t Pilot reaction time
∆t Time step
∆s Spring displacement at full compression
∆STO Distance travelled during the pilot reaction time
∆T Temperature variation
∆Tc Temperature drop across the cold heat exchanger
∆Ti Temperature difference between intercooler inlet and outlet
∆TiHx Temperature drop across the intermediate heat exchanger
∆TiHx2 Second outlet-inlet temperature drop in parallel heat exchangers
∆TPM Temperature variation in permanent magnets



xxiv GLOSSARY OF SYMBOLS

∆TwHx Temperature drop across the hot heat exchanger
∆Tyoke Temperature variation in the LPMSM mover’s yoke
∆x, ∆y, ∆z Distances between nodes in the 3 directions of space
e Oswald efficiency number
εi Emissivity of the radiative surface i
εAl Emissivity of aluminium
εins Emissivity of thermal insulator−→
E Electromagnetic field vector
E Electromotive force
EAC AC losses while the mover returns to its initial position
EA320 Energy transferred to the aircraft and mover during the launch
Ec Induced voltage per turn
EF Energy variation due to a force
EH2 Energy absorbed by the liquid hydrogen
Ei Energy stored in the magnetic field generated by induced currents
El Induced voltage with no excitation field
EL Energy stored in an inductor
Em Sum of the magnitudes of the EMF phasors
Emov Energy required to take the mover to its initial position
Er Vectorial resultant of the EMF phasors
Es No-load voltage induced in the stator coils
Etot Maximum energy that can be absorbed by liquid hydrogen
Ev Energy stored in the magnetic field inside a solenoid
η Efficiency
ηc Compressor polytropic efficiency
ηC Carnot efficiency
ηRBC Cryocooler efficiency
ηt Turbine polytropic efficiency
f Frequency
fmax Maximum frequency
fr Mover frequency
fs Synchronous frequency
fstress Expected thrust density
fν Frequency of the ν th harmonic
f1 Primary frequency
~F Force vector
F Force
Fb Braking force
FB Fuel burnt
Fbuck Buckling load
Fe Fuel cost
FF Fuel flow
FFr Friction force acting on the prototype mover



GLOSSARY OF SYMBOLS xxv

Fi→ j Form factor between radiative surfaces i and j
Fmax Spring force at full compression
Fmov Thrust required to accelerate the mover
Fp Prototype thrust
Fx Catapult thrust requirement
Fxc Total catapult thrust
g Airgap length
ge Equivalent airgap length
gm Mechanical airgap length
gmd Geometric mean distance
G Gravitational acceleration
G Goodness factor in Section 4.2.1
Ge Equivalent goodness factor
Gr Grashof number
γ Climb out gradient in Chapter 3
γ Ratio between specific heats in Chapter 7
γAir Isentropic expansion factor of air
γh Harmonic leakage factor
γLOF Climb out gradient at VLOF

γLOF Req Requirement on the climb out gradient at VLOF

γ1,2 Roots of characteristic equations
γ1e,2e Roots of the characteristic equation in the passive zones
γ2 Climb out gradient at V2
γ2Req Requirement on the climb out gradient at V2
h Altitude or convection coefficient
hAir Convection coefficient of air
h f Fin height
hF Fuselage height
hLH2 Convection coefficient of liquid hydrogen
hm Magnet thickness
hr Height of railgun rails
hratio Square of the ratio between fin and fuselage heights
hs Slot height
hsc Cryostat height
hss Slot tip height
ht Height related to the layered structure shown in Fig. 5.13
hTO Altitude at which the take-off procedure terminates
hy Stator back iron thickness
hys Thickness of LPMSM mover’s yoke
h2 Safety screen altitude
~H Magnetic field vector
H Magnetic field
Hc1 First critical magnetic field of a superconductor



xxvi GLOSSARY OF SYMBOLS

Hc2 Second critical magnetic field of Type-II superconductors
Hp Magnetic field with full penetration
Hν External magnetic field due to the ν th harmonic
Hyentry Y-component of the magnetic field at the entry edge
Hyexit Y-component of the magnetic field at the exit edge
H0 Initial magnetic field in the airgap
Hn

2% Percentage of gaseous hydrogen at the nth time step
I Current−→
I Current vector

IA Supplied current first phase
IB Supplied current second phase
Ic Critical current in a superconducting wire
IC Supplied current third phase
Id Direct current
Im Magnetizing current
Iq Quadrature current
I1 Primary current
I2 Secondary current
I2T Maximum transport current of a superconducting wire at 2T
ℑ As operator it indicates the imaginary part of a complex number
~J Current density vector
J Current density
Jc Superconductor critical current density
Jm Amplitude of primary current sheet
J1 Primary current density
J2 Secondary current density
k Conductivity of a material
kAl Aluminium thermal conductivity
kbuck Buckling factor
kbuck Al Buckling factor of aluminium
kbuck Fe Buckling factor of iron
kc Carter coefficient
kcr Creep coefficient
kd Distribution factor
kdν Distribution factor for the ν th harmonic
kel Spring elastic constant
kes Eddy current loss constant
kFg Fringing factor
k f ill Fill factor
kgmd Geometric mean distance constant
kHxa Ratio between heats transferred from the first RBC stage
kHxb Ratio between heats transferred from the second RBC stage
kins Thermal conductivity of the electrical insulation
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kLOF Lift-off constant
kp Pitch factor
kpr Pressure ratio factor
kpν

Pitch factor for the ν th harmonic
kpar Number of wires connected in parallel per turn
kρ 2D-3D power loss ratio
kskin Skin effect coefficient
kss Saturation coefficient
ktr Transverse edge effect coefficient
kTro Troposphere coefficient
kw Winding factor
kwν Winding factor for the ν th harmonic
kyc Hysteresis loss constant
KR Resistance correction factor
KX Reactance correction factor
l Half length of a superconducting coil
le Length of the electric circuit
lcable Average length of the superconducting cables
lend End coil length
lm Length of the magnetic circuit in Section 4.2.1
lm Length of the permanent magnets
lmag Length of the area with a magnetic field
lmov Mover length
ls Stator width
lw Length of a twisted wire
λg Relative airgap permeance
λld Differential permeance
λle End winding permeance
λlh Permeance associated with the secondary harmonics
λls Slot permeance
L Inductance−→
L Inductance vector
L Lift force in Chapter 3
L′ Inductance gradient
Lc/Lro C-type armature’s root ratio
Ld Direct inductance of LSM
LH2 Hydrogen latent heat
Li Self-inductance of a superconducting wire
Ll Leakage inductance
Lld Differential leakage inductance
Lle End winding leakage inductance
Llh Leakage inductance associated with the secondary harmonics
Llong Longitudinal inductance
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Lls Slot leakage inductance
Ll tot Leakage inductance considering passive zones
Lph Inductance per turn per phase in SCLSM
Lq Quadrature inductance of LSM
Lm Magnetization inductance
Lmd Direct magnetization inductance of LSM
Lmq Quadrature magnetization inductance of LSM
Lr Railgun rail self-inductance
Ls Resultant inductance per phase of SCLSM
Lsc Length of the cryostat straight part
Lt/Lro C-type armature’s C-type ratio
L0 Spring length at rest
L1 Primary leakage inductance
L2 Secondary leakage inductance
m Number of phases
ṁ Mass flow rate
ṁa Mass flow rate across the RBC first stage
ṁa1 Mass flow rate across the first parallel-connected heat exchanger
ṁa2 Mass flow rate across the second parallel-connected heat exchanger
ma Railgun armature mass
macc Mass of the accelerometer
mAl Aluminium mover mass
mA320 Mass of the A320-200 aircraft
ṁb Mass flow rate across the RBC second stage
mCo Copper mass
mcryo Mass of the cryostat
mEng Engine mass
mFuel Fuel mass
mLH2 Mass of liquid hydrogen
mMgB2 Mass of MgB2
mmatrix Mass of the superconducting wire’s matrix
mmov Mover mass
mp Mass of the test rig
mStru Aircraft structure mass
mth Stator teeth mass
mUAV Mass of the UAV
mvess Mass of the cryostat vessel
myo Stator yoke mass
M Mach number
Mi j Mutual inductance between the wire i and j
Myaw Yaw momentum
M2 Mach number at V2
µ Friction coefficient
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µAir Dynamic viscosity of air
µA320 Friction coefficient of the A320-200 aircraft
µe Equivalent friction coefficient
µmov Friction coefficient of the prototype mover
µp Friction coefficient of the test rig against its support
µPM Permanent magnet relative permeability
µr Relative permeability of the iron core
µx Permeability of slotted structures in x-direction
µy Permeability of slotted structures in y-direction
µ0 Permeability of the void
n%g=6 Percentage variation related to g = 6 mm
nq Numerator of slot per pole per phase
nzq Minimum number of 0 after each 1 in the basic binary series
N Set of integer numbers
Nc Number of turns per coil
Nengine Number of engines
Nr Number of rail pairs
Ns Number of turns per slot in Chapter 4 and 7
Ns Number of slots in Chapter 5
Ntot Total number of turns considering passive zones
Nu Nusselt number
N1 Stator turns per phase
N132kA Number of 132-kA cable sections in the cryostat section
N21kA Number of 21-kA cable sections in the cryostat section
ω Rotational speed
ω1 Primary rotational speed
ω2 Secondary rotational speed
ωR Rotational speed at nose rotation
p Number of pole pairs
pAir Air pressure
ptot Total number of poles considering passive zones
p0 Standard atmospheric pressure at ground level
Pa Active power
Pa2 Active power of LIM secondary considering end-effects
Pc Copper losses
Pcore Total iron losses
Pcoupling Coupling losses in superconductors
Peddy Eddy current loss in superconductors
Peddyν

Eddy current loss in superconductors due to ν th harmonic
Pe2D Loss in PMs calculated by 2D simulations
Pe3D Loss in PMs calculated by 3D simulations
PHys Hysteresis power loss in all the superconducting wires
PHysi Hysteresis power loss in the superconducting wire i
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Pi Input power
Pig=6 Average input power related to g = 6 mm
Po Output power
Ponet Net output power
Pr Prandtl number
Pr Reactive power
PRBC Power required by the cryocooler
Pr2 Reactive power of LIM secondary considering end-effects
Psc Specific cryocooler input power
Pth Iron losses in the stator teeth
Pyo Iron losses in the stator yoke
Pyoke Iron losses in the LPMSM mover’s yoke
Φ Magnetic flux
Φm Magnetic flux in the airgap
Φs Flux linkage between each turn and PMs
Φ1 Magnetic flux of a single pole
Ψ Helix pitch angle
ΨPM Permanent magnet flux linkage
Ψs Flux linkage between each phase and PMs
Ψ1 Primary flux linkage
Ψ2 Secondary flux linkage
q Slot per pole per phase
qAir Dynamic air pressure
qv Heat generation per unit volume
qx,y,z Heat fluxes in the 3 directions of space
Q Heat flow
Qc RBC cooling power
Qi Internal energy
Q1 Heat flow across the first heat exchanger
Q2 Heat flow across the second heat exchanger
r Distance between two points
rq Zeros to redistribute in the basic binary series
rmp Ratio of magnet span to pole pitch
rts Ratio of tooth width to slot pitch
rw Radius of a superconducting wire
r1 First boundary of the weak penetration region
r2 Second boundary of the weak penetration region
R Resistance
Ra Rayleigh number
RCo Copper wire resistance
Rg Specific gas constant of dry air
Rm Iron loss resistance
Rr Radius of a superconducting ring
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Rtot Total winding resistance considering passive zones
R0 Initial resistance
R1 Primary resistance
R2 Secondary resistance
R2e Equivalent secondary resistance
ℜ Reluctance
ℜ As operator it indicates the real part of a complex number
ρ Resistivity
ρAir Air density
ρAl Aluminium density
ρc Copper resistivity
ρCo Copper density
ρe f Effective resistivity of a superconducting wire section
ρFe Stainless steel density
ρFuel Fuel density
ρGH2 Gaseous hydrogen density
ρH2 Hydrogen density
ρir Laminated silicon steel density
ρi Initial resistivity
ρLH2 Liquid hydrogen density
ρm Aluminium resistivity
ρM Monel resistivity
ρma Resistivity of the superconducting wire matrix
ρmag Permanent magnets resistivity
ρmag2D Equivalent 2D permanent magnets resistivity
ρMgB2 MgB2 density
ρMo Monel density
ρPM NdFeB permanent magnet density
ρ0 Standard air density at ground level and 20°C
s Distance travelled by railgun’s armature
s Slip frequency in Chapter 4
sAir Aircraft airborne distance
smax Slip frequency at maximum thrust
sRun Aircraft acceleration distance
sstop Distance travelled from an engine failure to a standstill
sx Distance between superconducting cables in x-direction
sy Distance between superconducting cables in y-direction
s1 Distance travelled before an engine failure in Chapter 3
s1 Helical arc of the first helix in Chapter 7
s2 Distance travelled from an engine failure to h2 in Chapter 3
s2 Helical arc of the second helix in Chapter 7
Seng Engine front section area
Se Fuel cost saving
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Sw Wing surface area
SwESDU ESDU wing surface area
Swire Wire external surface area
σ Ratio ρAir/ρ0 in Chapter 3
σ Electrical conductivity
σAl Aluminium electrical conductivity
σB Boltzmann constant
σc Copper electrical conductivity
σe Equivalent electrical conductivity
σs Carter coefficient constant
t Time
t Machine periodicity in Chapter 5
tAir Aircraft airborne time
tc Minimum time between two consecutive take-off
tcryo Thickness of the cryostat wall
tEF Time when the engine failure occurs
tLOF Take-off elapsed time at VLOF

tRet Time required to return to the initial position
tRun Aircraft acceleration time
tTO Time spent to reach hTO from h2
tTOF Time required by the catapult to accelerate the aircraft
tvess Thickness of all the aluminium sheets of the cryostat vessel
t1 Time the current is supplied to the primary windings
t2 Take-off elapsed time at V2
θ0 Angular offset between two helices
θ1 Helical angle of the first helix
θ2 Helical angle of the second helix
T Temperature
T Engine/s Thrust
TAir Air temperature
TC Minimum temperature in the RBC cycle
Tcr Creep temperature
Ti Initial temperature
TH Maximum temperature in the RBC cycle
TH2 Temperature of liquid hydrogen
Tm Melting temperature
Tx Coil equilibrium temperature
Tw Wall temperature
T0 Standard atmospheric temperature at ground level
T∞ Temperature of a fluid far from the wall
τ Pole pitch
τc Coil pitch
τs Slot pitch
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τw Pitch of a twisted wire
u Permeance function parameter
U Voltage−→
U Voltage vector
UA Supplied voltage first phase
UB Supplied voltage second phase
UC Supplied voltage third phase
Ud Direct voltage
Uind Induced voltage
Uq Quadrature voltage
U1 Primary voltage
U2 Secondary voltage
v Volume
vA Volume of the cryostat part A in Fig. 7.12
vB Volume of the cryostat part B in Fig. 7.12
vC Volume of the cryostat part C in Fig. 7.12
vcable Volume of the a superconducting cables
vcryo Volume of the cryostat
vLH2 Volume of liquid hydrogen
vPM Permanent magnets volume
vr LIM mover speed
−→vrel Relative speed
vs Synchronous speed
vsc Volume of the superconducting wires
vsν Synchronous speed of the ν th harmonic
vTO Catapult end-speed
vwire Volume of each wire in the primary coils
vyoke Volume of the LPMSM mover’s yoke
V Aircraft Speed
VAir Aircraft mean airborne speed
VEF Critical engine failure speed
VLOF Lift-off speed
VMC Minimum control speed
VR Nose rotation speed
Vs Stall speed
Vsp Maximum mover speed at spring location
VTO Speed at hTO

Vx General take-off speed
V1 Critical decision speed
V2 Take-off safety speed
ν Harmonic order
νAir Kinematic viscosity of air
wmag Width of the area with a magnetic field
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wmov Width of the mover
wr Width of the railgun rails
ws Number of turns per slot in Chapter 4
wsc Width of the cryostat cross section
W Aircraft weight
xα , yα , zα Tilted frame of reference axes
Xm Magnetizing reactance
Xme Equivalent magnetizing reactance
xP, yP, zP Coordinate of the integartion point
Xparameter Non-dimensional parameter of momentum intensity
X2 Secondary leakage reactance
ξ Ratio of aluminium thickness to penetration depth
yc Coordinate at which the current density changes sign
y0 Longitudinal offset between two helices
y1 Distance along the first helix axis
y2 Distance along the second helix axis
zq Difference between numerator and denominator of q
Zs Secondary impedance



Acronyms

AC Alternated Current
AEO All Engine Operative
ASTM American Society for Testing and Materials
BFL Balanced Field Length
CAA Civil Aviation Authority
CERN European Centre of Nuclear Research
DC Direct Current
dq Direct Quadrature
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Chapter 1

Introduction

This chapter outlines the topic of this research and describes the aims and objec-
tives of the work. The chapter introduces the concept of the civil aircraft applica-
tion of electromagnetic launch (EML) systems as well as the possible benefits and
drawbacks of the exploitation of such an external energy source to aid aircraft ac-
celeration during take-off. The chapter presents the rationale behind the selection
of the reference aircraft and defines the acceleration requirement of an electro-
magnetic catapult in this application. The methods and the technologies that have
been employed to address the design challenges of such a complex system are
summarized and the thesis structure is presented.

1.1 Motivations

The power required to accelerate modern civil aircraft on the airport runway dur-
ing take-off sets the engine size and thrust requirement. An EML system may
significantly reduce the engine power and fuel use by providing some or all of the
energy required at the launch stage.

Most of modern aircraft accelerate at 0.3 G since the engines thrust peak is about
30-35% of the maximum take-off weight. The thrust provided by the engines
gradually decreases with the speed gained by the aircraft while the aerodynamic
drag increases. Therefore, the acceleration profile at take-off has a negative slope.
The thrust level that can be delivered by an EML system allows for accelerations

1
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Figure 1.1: Axial acceleration limits for a healthy human being

that cannot be reached by aircraft engines alone and do not depend on aircraft
speed and aerodynamic drag. The intensity of the acceleration that the electro-
magnetic catapult delivers for the whole duration of the take-off procedure must
not jeopardize safety and comfort of the passengers of any physical condition and
age.

There are no regulations in aviation which limit the maximum axial take-off
acceleration for passengers, but the American Society for Testing and Materials
developed standards for allowable acceleration in amusement rides [1]. This doc-
ument establishes the limits of accelerations acting from different directions upon
a person without any specific physical limitations. Fig. 1.1 shows the axial accel-
eration intensity that a healthy person can withstand for a specific time span. This
chart is valid only for an axial acceleration acting perpendicularly to the chest of
a passenger seated with backrest and headrest [1]. The duration of the take-off
procedure is expected to exceed 12 seconds which allow a maximum axial accel-
eration of 2.5 G according to the curve reported in Fig. 1.1. In order to take into
account all the possible health conditions of the passengers, less than the 50% of
the maximum limit has been considered (< 1.25 G).

Besides passenger safety, passenger comfort plays an important role in the se-
lection of an appropriate acceleration level. Independently from the max accel-
eration that can be withstood, every passenger differently perceives accelerations
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according to personal and psychological factors. Since discomfort may be caused
by low accelerations as well as high accelerations, the rated acceleration consid-
ered in this work is conservatively assumed to be 0.6 G. This acceleration intensity
guarantees passengers safety and comfort while exceeding the usual engines ac-
celeration peak on civil aircraft.

The increased acceleration and the consequent reduction of the runway length
required at take-off is one of the major benefits of EML systems. Existing run-
ways could respond to the air traffic growth without the need of expensive airport
extension through the implementation of an electromagnetic catapult. Beside the
possibility of avoiding airport extensions, an EML system may, for example, al-
low the use of existing runways to serve two aircraft taking off simultaneously
from the center of the runway and accelerating in opposite directions, virtually
doubling the airport capacity.

An EML system may be a viable alternative to airport extension in city airports
like London Heathrow. For instance, the foreseen cost for the construction of a
third runway in Heathrow is £17.6 billion whereas the runway extension proposals
quote the total expense £14.4 billion [2]. The installation cost of an EML system
for civil aircraft is difficult to predict, but it may roughly reach £700 million per
launcher, considering the cost of the electrical motor, excavation work, holding
structure, power supply, power electronics and work force required to build it.
The cost of two launchers would approximately be one tenth of the cost reported
in the official proposal for the Heathrow runway extension.

The suggested technology may not have only a significant economic impact, but
it could also affect the local communities living around airport by preventing the
need of mandatory home purchase, 242 for the runway extension and 783 for the
third runway [2].

City airport extension also required additional incentives to take affective mea-
sures to mitigate the noise impact in the broader area. The electromagnetic cata-
pult is an electrical motor whose noise envelope is negligible compare to the noise
emitted by combustion engines. The electromagnetic catapult reduces the engine
usage and fuel consumption at ground level and actively contributes to the miti-
gation of the airport noise emission. The benefit of fuel consumption reduction
during take-off has a significant impact on pollution at ground level and might
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A320-200

Guidance SystemMoverMulti-stage Stator

Runway Pavement

Thrust

Figure 1.2: Schematic of an EML system for civil aircraft

push research toward the implementation of EML as a greener technology.

The fuel saving could be accentuated by the reduction of engine thrust require-
ments which may lead to the installation of smaller engines with lower weight
and lower fuel consumption. The consequent cost saving for airline operator may
encourage investors to cover the expenses for the catapult installation and for the
reconfiguration of the undercarriage framework. However, the reduction of the
engine size may be possible only on the basis of a large scale implementation of
EML systems in several airports. Indeed, an aircraft with reduced engine size may
only be able to fly routes between airports with an EML system.

The global expansion of the aviation market is expected to continue over the
next 20 years, with single-aisle airplanes commanding the largest share of new
deliveries (70%) [3]. A large number of single-aisle aircraft will be ordered to
face the local air traffic growth and to replace aircraft with obsolete technologies.
Innovations and technological improvements for this aircraft category might have
a significant impact on the worldwide aviation economy. For this reason, the EML
system proposed in this work has been designed to aid the take-off for single-
aisle aircraft rather than larger airplanes. The single-aisle aircraft category is well
represented by the Airbus A320 family, and in particular by the A320-200 model
which has a maximum take-off weight of 73.5 tons. A schematic of the EML
system that will be considered as baseline for the calculation of electromagnetic
catapult thrust and speed requirements is shown in Fig. 1.2.

In conclusion, EML may allow a sensible runway length reduction by increas-
ing the aircraft acceleration rate at take-off. This system has also the potential
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of reducing the engine fuel consumption, noise emission and exhaust emission at
ground level. For an aircraft flying to airports with an EML system, it could be
even possible to reduce the engine thrust and size while further decreasing the total
fuel consumption. Nevertheless, the installation of such a large electrical machine
needs consistent investments and the interruption of some or all of the airport ser-
vices. The aircraft operations at an airport with a shorter runway are dependant on
the correct functioning of the EML system both at take-off and landing. Further-
more, an aircraft with reduced engine thrust can take-off only from airports where
an EML system is available. The take-off procedures that guarantee passengers
safety with conventional take-off should be revised to consider the EML system.
Additionally, the technology readiness level may not be sufficient to engineer a
system capable of launching large aircraft.

1.2 Research Outline

An EML system is a complex electric machine which can be composed of a power
source, an electrical motor and power electronics for control. The power source
may be either an external power station or an energy storage system on site. In the
latter case the energy can be stored:

• electromagnetically using ultracapacitors or superconducting energy stor-
age system;

• electrochemically employing batteries;

• kinetically through several flywheels.

The power electronics takes the energy from the source and supply the electrical
motor with the required voltage and frequency to achieve the required thrust with
the maximum efficiency. The power electronics also includes the electric compo-
nents required to control the machine throughout the whole duration of the launch.
The electrical motor is responsible to provide the required thrust and acceleration
to the aircraft until the catapult end-speed is reached.

This thesis focuses only on the design and modelling of the electrical motor
considering the state of the art power electronics limitations and the impact of the
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catapult on modern aircraft take-off procedure. In this work three linear electrical
motor topologies are considered:

Linear Induction Motor This motor topology produces the thrust through the
interaction between the magnetic field produced by the primary coils and the
current induced by the same field in a conductive plate. This solution is highly
attractive for its light structure and simple control technique, but it suffers poor
electromagnetic performance;

Linear Permanent Magnet Synchronous Motor In this machine the thrust is
generated by the interaction of the field produced by the stator coils and the
excitation field sustained by rare earth permanent magnets. This system is partic-
ularly attractive for its good electromagnetic performance, even though a close-
loop control, expensive materials and high supply frequencies are needed;

Superconducting Linear Synchronous Motor This topology includes linear mo-
tors in which parts of the machine are made out of special material that cooled
down below their transition temperature show superconducting properties. In
this work, the superconducting part of the linear motor generates the excitation
field whereas the travelling magnetic wave is produced by conventional con-
ductors. Superconducting motors are particularly attractive for the exceptional
electromagnetic performance, even though they need complex cryogenic tech-
nologies and a cooling system whit high input power demand.

The electromagnetic design and the thermal-structural characterization of the ma-
chines presented in this thesis are applied to EML system in particular, but the
same techniques can be extended to any linear motor with similar configurations.

1.3 Thesis Structure

Chapter 2 explores military applications of EML, such as kinetic weapons and
electromagnetic catapults for jet aircraft. The recent developments in supercon-
ducting magnetic levitated trains are also presented. The preliminary design of a
simple railgun is carried out to assess the performance of this system during the
aircraft launch.
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Chapter 3 presents the implementation of the electromagnetic catapult in the
take-off procedure of an A320-200 aircraft. The take-off analysis is carried out
to estimate the impact of the catapult on all the take-off characteristics, in partic-
ular on runway length, fuel consumption and operational cost. On the basis of a
thorough analysis of the engines performance, the catapult requirements are de-
termined. This chapter also presents an investigation of the effects of engine size
reduction on the take-off and in-flight performance.

The topology selection and the design of a linear induction motor for EML ap-
plications is presented in Chapter 4. The theories to model the phenomena related
to the limited dimensions of the mover are explained and applied. The electro-
magnetic design is developed on the basis of the geometrical parameters selection
through the parametric optimization analysis. The transient analytical model of
the machine is validated through the comparison with the results of the finite ele-
ment analysis. The buckling analysis and thermal analysis are performed to verify
the structural stability and to evaluate the temperature rise in the conductive com-
ponents of the machine.

Chapter 5 presents the topology selection and the electromagnetic design of a
linear synchronous motor. The algorithm to determine the optimum phase se-
quence for a tooth-winding machine with a large number of slots is reported. The
parametric optimization method is exploited to determine the geometrical param-
eters which minimize the input power. The multi-layer theory for the double-sided
linear synchronous motor is presented, being essential part of the transient model
of the machine. The thermal analysis of the permanent magnets and of the mover’s
yoke was carried out to reckon possible risks of demagnetization.

The design procedures of the linear induction motor presented in Chapters 4 are
validated using experiment results in Chapter 6. The calculation of the require-
ments for the launch of an UAV with a take-off weight of 4.5 kg is presented.
The sizing procedures of the asynchronous and synchronous launchers presented
in the previous chapters are applied to determine the geometrical features of the
small prototype. The structural design of the motor housing is presented, as the
same techniques are applicable to the large scale launcher. The methods used to
size the braking system and the safety measures taken to avoid any hazard are
shown. The experimental results are compared with analytical and finite element
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analysis outcomes.
Chapter 7 introduces the definition of the geometrical properties of a supercon-

ducting linear synchronous motor for EML application, with particular attention
on the superconducting material distribution in the airgap. The magnetic flux
across the machine and its harmonic content are reconstructed using the Biot-
Savart law and the multi-layer theory. The secondary harmonics of the magnetic
field are used to estimate the AC losses in superconductors due to wires coupling,
hysteresis and eddy current. The static and transient thermal model of the insu-
lation are presented to evaluate the cooling capability of the system to prevent
quenching during the launch. The cryocooler used to remove the heat absorbed
by the coolant is modelled to estimate the input power required by the cooling
system. The performance of the motor is eventually estimated by considering the
power requirements of the cooling system as well as the machine itself.

In Chapter 8 the machines topologies proposed in this research are compared.
The points of the analyses presented in this thesis that can be further developed
are discussed. Research topics that may be of interest in the future are presented.



Chapter 2

Literature Review

This chapter presents a review of relevant literature on viable technologies for
electromagnetic launch (EML) applications to assist civil aircraft take-off. Al-
though an electromagnetic launcher for civil aircraft has never been designed be-
fore, similar technologies have been considered for military planes and transporta-
tion industries.

EML systems have been investigated for military applications as aircraft launcher
to replace the steam catapult on the deck of aircraft carriers [4]. In the transporta-
tion field superconducting linear electric motors with power requirements similar
to military EML systems have also been used to propel and levitate trains for
urban and interurban purposes [5].

Therefore this chapter considers the relevant research which has been reported
on military aircraft launchers and superconducting linear motors for magnetically
levitated trains. The main research achievements in these areas can then be ex-
ploited for the design of the civil aircraft launcher.

EML systems have been also studied as kinetic weapons to launch heavy projec-
tiles [6]. Since this technology involves a railgun with output energy comparable
with that of an EML system for military planes [7], a railgun could also represent
a viable solution for a civil aircraft launcher. Besides the vast research under-
taken on railguns, this chapter introduces an investigation on the performance of
a railgun for a civil aircraft EML system.

9
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Table 2.1: EML system requirements for aircraft carriers

Take-off speed 28 - 103 m/s
Max Aircraft Mass 25000 kg
Acceleration 2.5 - 5 G
Launch Energy 122 MJ
Runway Length < 110 m
Cycle Time 45 s

2.1 Research Background on Aircraft Launchers

Electromagnetic launch system have been studied as an alternative technology
to replace the existing steam and hydraulic catapult on the deck of aircraft car-
riers. The steam catapult has many years of operation, but the inexorable trend
towards heavier jet aircraft results in a launch energy requirements that exceeds
the catapult capability, approximately 95 MJ [8]. Moreover, the catapult operates
without a feedback control, has an efficiency of only 4-6%, requires several hours
of maintenance and occupies a large volume [4]. Modern ship configurations re-
quire a launch system that could overcome the limitations of steam catapults while
delivering more maintainability, reliability, capability and efficiency at lower cost.

All the scientific articles published in this research area proposed either an asyn-
chronous linear motor or a synchronous linear motor able to satisfy the require-
ments reported in Table 2.1.

2.1.1 Asynchronous Launcher

An electrical machine topology that can be considered for the launch of civil air-
craft is the linear induction motor (LIM). This section presents only the research
done on induction launchers for military and light aircraft, since a LIM for civil
aircraft launch has never been studied or developed.

2.1.1.1 The Electropult

In order to address the issue of launching jet-propelled aircraft and heavy bombers
from shipboard without the initial impact of steam catapult, the Westinghouse
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Figure 2.1: The single-sided induction motor called Electropult

Electric Corporation designed and built for the United States Navy a linear induc-
tion motor known as the "Electropult" [9] in 1946.

The power supply for the Electropult was a Pratt and Whitney 1100 horsepower
aircraft engine which drove a DC generator coupled to a DC motor. The DC
motor in turn drove a 24 tons flywheel which stored the amount of kinetic energy
required by the launch rotating at 1300 rpm. The energy stored in the flywheel
was used to drive an AC generator, which supplied 12 MW of electrical power to
the Electropult.

The Electropult was a single-sided motor 420 m long whose illustration is shown
in Fig. 2.1. The Electropult’s moving member hosted the primary windings and
three collector brushes sliding along the slip tracks were used to supply the power
input to the moving carriage [10]. The use of these collectors led to considerable
problems as the current per phase was approximately 7000 A. The magnetic cir-
cuit was closed by the electrical steel track with 17000 high resistance metal bars
embedded in slots [9]. The last section of the runway was used in conjunction
with a DC braking system that used 10000 A in order to bring the mover to rest.

The induction motor successfully accelerated a 4500 kg jet aircraft from rest to
52 m/s. A serious problem that occurred during tests was the force generated on
the moving part of the machine which acted perpendicularly to the motion [10].
The downward force required to keep the mover stable effectively multiplied the
weight of the aircraft by a factor of 10 reaching approximately 500 kN.

Another unattractive feature of the Electropult was the low slip frequency which
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Figure 2.2: Schematic of a multi-section double-sided LIM with constant pole pitch

at take-off was only 66% of the synchronous speed [10]. Therefore, the overall
energy efficiency of the Electropult was less than 50% and a considerable amount
of energy was consumed in heating the runway. Eventually, the Electropult project
was abandoned because of the high initial costs and the development of the steam
catapult.

2.1.1.2 The EMALS program

The Electromagnetic Aircraft Launch System (EMALS) is the latest technology
being inducted by the US Navy for assisted take-off systems on aircraft carriers.
The system is being developed by General Atomics, for the Gerald R. Ford-class
aircraft carriers which are currently being built [11].

The EMALS uses a double-sided LIM which configuration is similar to the one
shown in Fig. 2.2. This system is particularly versatile being capable of launching
light to heavy aircraft without any restrictions and independently from the wind
conditions over the flight deck. Unlike steam catapults, which instantly release the
launch energy, the linear induction motor allows for smoother acceleration while
reducing stress, wear and tear on the aircraft frames.

The induction motor of EMALS is formed by 25 sections 3.65 m long which
comprise a row of stator coils that pull an aluminium plate 6.7 m long [12]. To
minimize losses and provide maximum available power, only the sections of the
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stator that surround the vicinity of the mover are fed with current at a partic-
ular time. The coils are energized in carefully controlled succession via very-
high-power SCRs (silicon-controlled rectifiers). The applied power is controlled
through a closed loop so that the actual launch profile is matched to the require-
ments of a particular aircraft load and to overall system-performance variations.

The energy storage subsystem uses rotors of a disk alternator as a flywheel to
kinetically store the energy it draws from the ship’s power system [12]. Each rotor
stores more than 100 MJ, spinning at more than 6000 rpm. Ford-class carriers are
able to generate 13800 V of electrical power which drives the rotors to their target
rotational speed. Then the power correction subsystem uses the same coils that
drive the rotor to draw off their power as the rotor shifts from its motor mode to its
alternator mode. The rotors operate in a vacuum chamber to eliminate air drag and
increase efficiency above 90%. The power delivered from each rotor at maximum
speed is approximately 80 MW and is released through a cycloconverter, which
is a controllable source of rising frequency and voltage for the linear induction
motor.

2.1.1.3 The EMCAT Project

ALSTOM power conversion Ltd and the British Ministry of Defence developed
the Electromagnetic Catapult (EMCAT) project for light aircraft launching [13].
The double-sided LIM implemented in the EMCAT launch system delivers a
thrust of 4.4 kN and is able to reach a maximum operating velocity of 80 m/s.

Since first LIMs were connected to an AC supply with constant frequency, the
winding pitch gradually increased to speed up the load [14]. However, LIM’s
performance can be significantly increased using the same winding pitch on the
whole length of the motor, while the frequency of the power supply gradually
increases. This motor configuration can operate at very low slip frequencies with
high speed control accuracies and open loop control. As will be further explained
in Chapter 4, low slip frequencies are associated with efficient electrical machines
whereas an open loop is a simple control method that requires less electronics to
operate.

Therefore, a LIM with constant winding pitch was also adopted for the EMCAT
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Figure 2.3: Double-sided tubolar LIM for EML systems

project and open loop control was implemented with only two critical data as in-
puts: speed and aircraft mass [13]. If there was to be an error on the data measure-
ments the system automatically adjusted according to the particular thrust/frequency
dependency of LIM. The reported experiments proved the feasibility and the tech-
nology readiness of linear induction motors with high power requirements for this
very demanding application.

2.1.1.4 Tubular LIM

A double-sided tubular LIM similar to the one shown in Fig. 2.3 was proposed
for EML system and modelled with a quasi-analytical method and numerical sim-
ulations to satisfy the requirements reported in Table 2.1 [15]. Even though the
quasi-analytical results presented a good agreement with the numeric outcomes,
the double-sided tubular LIM performance were not compared with those of either
the single-sided counterpart or the conventional flat double-sided LIM with sim-
ilar specifications. Therefore it cannot be asserted with certainty which topology
performs better than the others.

For manufacturing reasons a linear tubular launcher is usually comprised of sets
of separate stator units each one fed separately as the mover’s motion progresses.
Recent work proposed a dimensioning methodology to determine the optimum
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number of LIM sections to reduce the impact of the reactive power by diminishing
the leakage inductance of the inactive areas of the machine [16]. The selection of
the number of sections also aimed to achieve the maximum efficiency accounting
for mechanical loads, thermal stresses and voltage limits.

Besides aircraft launching applications, single-sided linear asynchronous mo-
tors with a tubular structure have also been proposed to accelerate heavy cylindri-
cal masses such as torpedoes [17]. The high thrust density can also be exploited
during breaking after the load detaches. At the same time, the kinetic energy of
the mover without the load can be partially recovered: a numerical test on a single-
sided tubular LIM showed that a recovery of about 46.5% is possible. However
this amount of energy is negligible in practice as it represents only the 3% of the
overall acceleration energy.

2.1.1.5 Modelling Methods for LIMs

The design of LIMs for EML applications must take into account the phenomena
associated with the finite dimensions of the mover. The finite dimensions of the
primary cause the so called end-effects that have enormous influence on the thrust
and performance of the linear motor [18]. End-effects include transverse end-
effect and longitudinal end-effect which are characterized by strong non-linearity
and time dependency. The theory used to model linear induction machines can be
still derived from the equivalent circuit often used for modelling rotary induction
motor, using revised magnetizing inductance and secondary resistance to compen-
sate for these effects [19].

Transverse end-effects cause an uneven distribution of the magnetic flux along
the direction perpendicular to the motion and a thrust reduction [20]. In or-
der to evaluate their impact on the equivalent circuit parameters a simplified bi-
dimensional theory can be applied to the transversal section of a linear induction
motor. The performance was shown to depend from three non-dimensional pa-
rameters, which are functions of the design data and of the slip frequency.

Longitudinal end-effects can cause a reduction of the rated thrust, efficiency
and power factor especially at high speed [18]. The performance reduction due
to longitudinal end-effects can be analysed assuming the existance of different



16 2.1. RESEARCH BACKGROUND ON AIRCRAFT LAUNCHERS

travelling magnetic flux waves, one representing the fundamental wave and the
others the end-effects. The ratio between the magnetomotive force of these addi-
tional waves to the fundamental magnetomotive force return the end-effect factor
which can be used to calculate the proper value of the equivalent circuit parame-
ters. In particular, an additional impedance in parallel to the secondary resistance
and magnetizing inductance should be added to the equivalent circuit to take into
account longitudinal end-effect [21].

Longitudinal end-effects are particularly significant at high speed in LIMs with
a moving short primary and a stationary secondary [18]. Conversely, in long-
primary LIMs the secondary moves while the primary itself is stationary. In this
case the correction factor for the end-effect reduces with the slip frequency and
can be neglected at high speed [22].

2.1.1.6 Control Techniques for LIMs

In order to successfully construct and test a LIM for EML applications, the control
system must take into account the performance reduction due to end-effects. The
end-effects of LIM cause attenuation of the airgap flux that, in general, becomes
more severe as the speed increases [23]. In order to reduce the impact of flux vari-
ations on LIM performance, special vector control strategies have been applied to
the dq model of LIMs. The validity of the LIM model was checked by comparing
currents from an experiment of a LIM acting upon a rotating disk. The problem
of flux attenuation caused by speed increase was not observed with the proposed
control scheme [23].

Similar control techniques were also implemented in a subscale integration test
rig which was developed for the US Navy EMALS program [24]. This scaled LIM
was 10 m long and capable of producing 8 kN of thrust operating at 100 kW. Tests
were performed to compare various aspects of the system model with the hardware
response before the final implementation of the launcher on board aircraft carriers.
The control scheme based on the dq model of LIMs was successfully validated by
comparing the simulation results with the test data.

Since any electromagnetic launch system requires high reliability, the mover
could be driven by multiple separately excited stators [25]. Redundant stators
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were considered in literature for synchronous machines, since the motor are es-
sentially identical and uncoupled. In LIMs multiple stators acting on the same
secondary are coupled by the common path of the induced current in the conduc-
tive plate. Since the motor mover is driven by multiple stators, an indirect vector
control algorithm that accommodates the intense cross-coupling between stators
and allows for independent control of flux in each stator and total motor force has
been derived [25]. Since one of the purposes of the multiple stator geometry is
fault tolerance, several methods for tolerating failed stator have been presented
and tested on the EMALS PDRR (Program Defintion and Risk Reduction) built
by General Atomics. This machine has the same section of the full scale launcher,
but half the length.

2.1.1.7 Methods to Improve LIMs Power Factor

The main drawback of LIMs is the low power factor that they can achieve in
comparison with other linear machines [18]. The low power factor increases the
design difficulty, particularly the size and the mass of the power inverter. The low
power factor is not only a consequence of the large airgap, but it also depends on
the edge transients that occur in linear machines. In particular the rotor current
tends to oppose the stator magnetomotive force at the entry edge reducing the flux
density across the airgap.

A technique known as the asynchronous condenser has been used to effectively
reduce the edge effects [26]. In this method the two undesirable transients at the
LIM edges can be attenuated by having a space-transient magnetic wave travelling
at rotor speed artificially created by two distinct windings of different pole pitch.

Another method that led to power factor improvements is based on a gradual
shrinking of the pole pitch so that a primary section has a pole pitch which is 1−s

times the pole pitch of the previous section (where s is the slip frequency) [27].
In this way the oscillating currents in the rotor would appear as continuous, but a
phase step is required between the coils of different sections. From the evaluation
of the experimental results it turned out that the phase steps clearly improved the
power factor and allowed the demonstration motor to achieve a power factor of
80% compared to the more usual value of 30-40%.
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2.1.1.8 LIMs as Kinetic Weapons

Linear induction launchers have also been proposed to accelerate light projectiles
at end speeds of 150-1500 m/s [28]. The advantage of using an induction machine
as railgun is that there is no wear of the projectile and no sliding contact, allowing
repeated firings without maintenance of any sort. However, at such a speed the
exit edge effect will cause a magnetic drag and a loss of magnetic flux that would
make any solution very impracticable. In order to attenuate the end-effects the
asynchronous condenser technique was used with dual pole-pitches operating at
the same time. The launcher was built and tested by NASA Dryden and Embry
Riddle Aeronautical University, and reached a speed of 180 m/s [28].

2.1.2 Synchronous Launcher

Synchronous motors and especially Linear Permanent Magnets Synchronous Mo-
tors (LPMSMs) have attracted the interest of many researchers for their capability
of achieving high electromagnetic performance when compared with other linear
motor topologies [29]. Since LPMSMs allow greater power factors than LIMs,
they need an energy storage system with reduced capacity and a power condi-
tioning system with less demanding requirements. However, LPMSMs operate
at higher frequencies and their heavier movers absorb a larger amount of energy
to accelerate at the same rate. Additionally, the expensive rare earth permanent
magnets which are often adopted in synchronous EML system further increase the
cost of the launcher.

2.1.2.1 The Kaman Launcher

Before implementing a LIM in Ford-class aircraft carriers, the U.S. Navy in part-
nership with Kaman Electromagnetics developed an Electromagnetic Aircraft Launch
System (EMALS) to satisfy the requirements listed in Table 2.1 [8]. This EMALS
consisted in a LPMSM that accelerated the aircraft while providing closed loop
control. The machine layout is similar to the EMALS shown in Fig. 2.2 where the
aluminium plate is replaced by an array of permanent magnets.

The launch starts when the electric power at 4160 V from the carrier (old Nimtz-
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class carriers [12]) is rectified and fed to inverters. The power is then sent to the
four disk alternators where it is used to spin up the rotors that kinetically store
the energy required by the launcher. The disk alternators are six-phase permanent
magnet machines with a dual stator and axial field [8]. Each stator has two sep-
arate windings: one for power generation and the other for motoring. Each rotor
operates at a maximum rotational speed of 6400 rpm and stores a total energy of
121 MJ which gives an output power of 81.6 MW into a matched load.

The machine excitation field comes from 35 neodymium iron boron (NdFeB)
permanent magnets that are housed in the rotor. These magnets create an average
working air gap flux density of 0.976 T. The stator is a radially slotted laminated
core with 240 slots and develops a maximum back EMF of 1122 V. The maximum
output voltage is 1700 V peak while the maximum current per phase is 6400 A
peak. The overall efficiency of each disk alternator is 89.3% with a total loss of
127 kW. These heat losses are transferred out of the disk alternator through a cold
plate on the outside of the stators [8].

The LPMSM is energized through a cycloconverter which increases the voltage
and frequency according to the speed of the aircraft. The output of a cyclocon-
verter can vary from 0-644 Hz and from 0-1520 V. The cycloconverter must be
cooled with liquid cooled plates to dissipate the 528 kW loss [8].

The LPMSM has a dual vertical stator configuration with the active area facing
outwards. The stator consists of 298 segments, 149 per side which are actively
cooled down to allow a cycle time of 45 seconds. Each segment is 640 mm long,
686 mm high and 76 mm wide. The segment is wound as a three-phase winding
with 24 slots and 6 turns per slot resulting into 8 poles per segment and a pole
pitch of 8 cm. These coils are epoxied on a slot-less stator structure which keeps
the phase inductance as low as 18 µH with a phase resistance of 41 mΩ and bus
resistance of 0.67 mΩ.

The mover contains 160 NdFeB magnets, is restrained in two axes by rollers and
is passively cooled by air convection, since eddy currents losses cause negligible
heat dissipation. These rollers help to maintain a consistent air gap of 6.35 mm
with a magnetic flux density of 0.896 T.

The launcher has a projected efficiency of 70% and peak losses of 13.3 MW
[8]. With this power loss intensity, active cooling is necessary. The launcher uses
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an aluminium cold plate to remove the heat from the attached stator windings and
back iron.

Unfortunately, the EMALS proposed by Kaman Electromagnetics has a few
drawbacks [10]. One of the drawbacks is that high power electromagnetic mo-
tors create electromagnetic interference with electronic equipment. This presents
a problem because the aircraft that is launched has a large amount of sensitive
electronic equipment. Another drawback of this EMALS design is the disk alter-
nators. These highspeed pieces of rotating machinery are spinning at about 6400
rpm storing a total of 484 MJ. While these disk alternators work in a laboratory
setting, the jarring and motion of an aircraft carrier could cause the disk alternators
to be less effective and possibly even malfunction.

2.1.2.2 Patterson Launcher Model

Later studies were carried out on the components of the EMALS proposed by
Kaman Electromagnetics and US Navy, starting from the requirements reported
in Table 2.1 [30]. A synchronous motor with NdFeB permanent magnets sup-
ported in a composite structure was proposed. The particularly challenging and
ambitious aspects of this design are the required current intensity (18 kA), the
shear stress of 220 kN/m2 and the 60% fill factor especially considering the high
applied voltage (4.8 kV).

The authors asserted that the proposed LPMSM layout could operate without a
cooling system, despite the likely temperature rise that should occur in the stator
coils due to 30 A/mm2 current density and multiple launches with a cycle time
of only 45 seconds. High current densities are usually applied to the primary
windings to get the desired magnetic flux density in airgap. The current density
increases the copper temperature and might cause serious damages to motor espe-
cially after several launches.

The thermal behaviour of a LPMSM with short primary has been analysed by
solving the heat transfer problem for the stator coils [31]. The research proposed
a bi-dimensional thermal model that can establish the need of particular cooling
system in the most critic area. In a single launch the temperature rise does not
threaten the coil insulation, but a limited number of launches is allowed without
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an active cooling system that absorbs part of the heat produced during the accel-
erations. Similar techniques and conclusions can be extended to a section of a
synchronous launcher with a long primary as well.

Some researchers attempted to improve the performance of the model presented
by Patterson [30] by using different machine structures, coil arrangements and
permanent magnets arrays [32]. In particular, the stators with active areas fac-
ing inward (blade structure) and outward (inverted-U structure) were compared.
Three stator winding strategies were adopted: distributed windings, juxtaposed
windings with a reduced step (q = 1/2) and juxtaposed winding with a polar step
(q= 1). Their performances were evaluated implementing the conventional north-
south magnets array and the Halbach array. The research results show that the
configuration based on the Halbach array, distributed windings and blade struc-
ture achieves the highest thrust density. Nevertheless, the slot-pole combinations
selected by the author of the paper for the LPMSM with concentrated windings
are well known for their low performance with respect to the distributed windings
configuration. The performance can be significantly improved with the optimum
selection of number of slots and poles.

2.1.2.3 Modelling and Control Methods for LPMSM

As for LIMs, LPMSMs for EML applications are usually built in sections to re-
duce the leakage flux that would occur feeding the full track continuosly while
only a part of the stator interacts with the mover. In order to model the sectioned
LPMSM not only self and the mutual phase inductances of a single section should
be considered, but also the mutual inductance between two phases in two different
sections should be taken into account [33].

When the motor is divided into sections the problem to control the mover at
the section transitions arises [34]. In order to reduce the thrust ripple and the
potential damage of the launcher that may occur during transition, a fuzzy PI
regulator was implemented to adjust the mover velocity and prevent magnetic
flux overshoots using the measurements taken by current trackers. The current
trackers were employed in the adjacent windings of two primary sections allowing
the magnetic field at the transition to smoothly move forward.



22 2.1. RESEARCH BACKGROUND ON AIRCRAFT LAUNCHERS

2.1.2.4 Other Synchronous Motor Topologies

The traditional LPMSM has a laminated iron structure which may suffer large iron
losses and low efficiency at high frequency and high speed. To solve this issue a
decentralized coreless linear motor was proposed [35]. Experiment and numer-
ical transient simulation showed that the proposed coreless machine had higher
efficiency than the respective iron-core LPMSMs at very high speed whereas the
iron-core machine is more efficient at lower speed. Since the iron-core LPMSM
efficiency is larger than coreless machine for the speed range in which EML sys-
tems operate, the former configuration is usually adopted. However, to reduce the
iron losses that may occur at high speed, the yoke thickness can be increased while
diminishing the intensity of the average flux density in the laminated structure.

The synchronous machines proposed in literature usually employ expensive per-
manent magnets to produce the excitation field. Under the severe conditions of
electromagnetic launch system the magnetic material may suffer demagnetization
and decrease of the magnetic performance due to temperature variations and large
adverse magnetic fields. For these reasons, some researchers proposed a linear re-
luctance synchronous motor (LRSM) as the one shown in Fig. 2.4 which does not
have any permanent magnet on the mover, but exploits the different permeance of
a ferromagnetic structure [36].

The design of the LRSM for electromagnetic launch applications was devel-
oped using the Patterson model and the requirements in Table 2.1 as reference.
This system needs grain-oriented silicon steel to avoid excessive saturation losses
in the ferromagnetic material of the mover. Indeed, when the crystals of the fer-
romagnetic material assume the direction of the magnetic flux higher magnetic
flux densities are allowed before saturation. However, due to the large airgap,
extremely high current densities are needed to assure the required magnetic flux
density to produce the thrust.

2.1.2.5 LPMSM Disadvantages at System Level

One of the disadvantages of the conventional AC-fed long primary is that the
whole launch path should be equipped with power electronics circuit. In order to
reduce the power electronic costs and to increase the reliability of the system a
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Figure 2.4: Double-sided linear reluctance synchronous motor for EML systems

linear PM DC machines was proposed [37]. However, DC machines can operate
only at low voltage (<1000 V) and carbon dust is generated by the mechanical
brush wear. To reduce commutation problems the voltage induced in a single coil
should be shared among several commutator bar separators. This study showed
that a DC machine for EML applications required higher current density and more
poles than the Patterson model [30] to achieve the same thrust.

2.1.2.6 Comparison between LIM and LPMSM for EML systems

Several studies on electromagnetic launch applications compared the performance
of LIMs and LPMSMs with the same geometrical features and they indicate syn-
chrnous machines as the best motor topology for EML systems [22]. However,
a good comparison cannot be made on the same stator geometry without signif-
icantly penalizing one of the topologies under investigation. For instance, the
performance of LIMs tends to increase with longer pole pitches while the syn-
chronous motor performance is improved by shorter pole pitches.

Similar studies proposed a comparison between synchronous and asynchronous
motors with concentrated windings and same stator geometry [38]. In this case,
LIMs are further penalized by the high harmonic content that characterizes the
concentrated winding layout. Indeed strong secondary harmonics may induce
intense currents in the moving conducting material which in turns may produce
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significant disturbances or even arresting forces.

2.1.3 MAGLEV and Superconducting Launcher

Since the discovery of the superconductivity three main issues have prevented the
widespread use of superconducting machines and technologies [39]:

• the continued developments of the technologies that use normal conductors;

• the loss of superconductivity when a superconductor is crossed by a current
intensity above a specific limit;

• the very low operating temperatures at which superconductivity takes place
which requires an expensive refrigeration system and an efficient insulation
system.

However, the recent advances in the performance of superconducting materials
and the improvements on the reliability and efficiency of refrigeration systems
have led to a gradual replacement of the conventional components with their su-
perconductive equivalent in some applications [39]. In particular, the discovery of
high temperature superconductors (HTSs) that present transitional temperatures
above 30 K and can operate with high magnetic fields up to 40 K allowed appli-
cations that required less energy to cool down the system [40].

2.1.3.1 The Yamanashi MAGLEV Train

To date, proposed superconducting linear motors have included both synchronous
and asynchronous machines [5]. However, synchronous motors with supercon-
ducting coils (magnets) or bulk HTS materials in place of PMs have gained inter-
est due to their high power density and good electromagnetic performance.

As an example, a superconducting synchronous motor has been adopted in
trasportation industry to develop a MAGLEV train capable to reach speeds above
500 km/h [41]. The train was tested on the Yamanashi MAGLEV test line and
reached the top speed of 581.7 km/h exceeding the maximum design speed. The
power conversion substation of the MAGLEV system shown in Fig. 2.5 receives
power from two lines at 154 kV and transforms the voltage to 66 kV [42]. A 24
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Figure 2.5: Diagram of the Yamanashi MAGLEV system

phase thyristor converter with a capcity of 69 MW changes the utility power into
direct current. Three 38 MVA PWM inverter units deliver a current amplitude
among 0-960 A with a max frequency of 56.6 Hz and an applied voltage between
0 and 12.7 kV according to the position and the acceleration required by the ve-
hicle. The existing superconducting MAGLEV vehicle adopts niobium titanium
(NbTi) wires cooled by liquid helium at 4 K, via pool cooling method and their
radiation shield is kept at 77 K by liquid nitrogen [43]. The magnets are energized
at the train depot and operate in persistent current mode.

2.1.3.2 Superconducting Motors for EML Applications

The feasibility of superconducting machines for electromagnetic launch systems
has been investigated exploiting the latest HTS developments with practical mag-
netic fields at high current density [44]. Successful operation of HTS were verified
in the temperature range from 20 K to 30 K with a liquid hydrogen environment
being ideal. The research has also investigated the motor performance with liquid
nitrogen as main coolant due to reduced cost of the refrigeration system. Oberly
in [44] asserted that with the current performance of superconductors it would be
very difficult to extend the operations of superconducting magnets to 77 K.

A superconducting linear synchronous motor (SCLSM) with bulk HTS magnets
has been proposed for electromagnetic aircraft launch systems [45]. The HTS
magnets were made out of Yttrium Boron Carbon Oxygen (YBCO) material that
can trap a magnetic field of 3.7 T at 77 K. Since the cooled block of YBCO
can produce flux densities above 2 T, an iron-core stator could not be used to
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avoid saturation. The permanent magnets were embedded into the rotor frame that
consisted of a non-magnetic and non-conductive material. The results presented
in this research have also been compared with those of the LPMSM and LIM
designed in [38] and show that the power factor of SCLSM is far superior with
respect to the other topologies. However, the performance obtained at 77 K were
not so attractive due to the heavy mover and to the relatively limited flux density
of the magnets. Conversely, when the temperature is reduced to 40 K a much
smaller mover can be used and almost unity power factor was achieved.

It is worth mentioning that the work presented in [45] does not consider the
energy required to cool down the motor; this work also neglects any insulation
system in the definition of the geometrical features of the motor and does not
mention any additional losses due to the alternating currents induced in the super-
conductors especially when implementing concentrated stator windings.

Other researchers have proposed a SCLSM with bulk HTS magnets in the mover
and Bi2Sr2Ca2Cu3O10+x HTS tapes (Bi-2223) in place of the conventional stator
windings [46]. In this case all the machine is cooled down to 77 K and the stator
coils are supplied with an alternating current. In this work the authors were not
concerned about thermal insulation and alternating current losses in the supercon-
ducting magnets and tapes which may significantly change the geometry and the
configuration of the proposed motor layout.

2.2 Research Background on Railguns

When two parallel metals (rails) connected to a power supply are short circuited
by third conductor (armature) free to slide along them, an electromagnetic force
acts on the armature accelerating it to the desire speed. The force is due to the
electromagnetic interaction between the current that crosses the armature and the
magnetic field generated by the current that flows in the rails, as shown in Fig.
2.6.

The railgun’s capability to accelerate a projectile at a hypersonic velocity (>2000
m/s) has attracted the interest of US Navy and US Army to electromagnetic launch
systems used as kinetic weapons with long-range, precision and high energy im-
pact shots [47]. General Atomics successfully, developed, built and tested a 32
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Figure 2.6: Schematic and working principle of a railgun

MJ railgun which may be used to fire a projectiles of a few kilos up to a speed of
2.5 km/s [7].

NASA has also proposed this technology as a possible solution for the next
generation of space launchers. The idea is to accelerate a spacecraft horizontally
on an electrified track on ground and then use wings and scramjet to reach the
outer atmosphere [48].

Despite its simplicity, a railgun system requires a very high controlled current
to get acceptable performance, usually from several hundreds of kA to several
MA [49]. This section presents the ways many researchers have attempted to
reduce the magnitude of the driving current without reducing the electromotive
force generated on the armature by modifying the rail topology or the projectile
shape.

This section also presents the studies on the behaviour of the material under
high contact pressures and current densities to enhance the understanding of the
phenomena that cause the rail wear in an EML system. Indeed, high current inten-
sity and the harsh conditions at the rail-armature interface can also cause serious
damages to the rails after just a few firings.

2.2.1 Railgun Performance Improvement

Research on electromagnetic launch systems based on the railguns principle has
investigated the possible ways to improve the total thrust for a given magnitude
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of current. The thrust ~F from a railgun is determined by the calculation of the
Lorentz’s force on the armature as

~F =
∫∫∫

v
~J×~Bdv =~I×

∫
~Bdl (2.1)

where v is the volume of the armature, ~J is the rated current density,~I is the driving
current, integral of the current density over the armature cross section, and ~B is
the magnetic flux density generated by the conductive rails as shown in Fig. 2.6.

Another expression of the railgun thrust is based on energy stored by the induc-
tance L of the system:

EL = L
I2

2
(2.2)

Since the interaction between the current and the magnetic field produces a force
that causes a displacement of the armature, the energy variation of the system can
be expressed as

EF =
∫

~F · ~ds (2.3)

Since EL = EF based on the principle of conservation of energy, an expression of
the thrust can be derived:

F =
1
2

L′I2 (2.4)

where L′ is the inductance gradient. As it will be shown in this section, past re-
searches have considered effects of armature and rail geometry on the current dis-
tribution to maximize the inductance gradient which is proportional to the thrust
according to eq. 2.4.

One of the main geometrical parameters that has an impact on the value of the
inductance gradient is the shape of the rail cross section [50]. Two commonly
used rail cross sections have rectangular and circular shapes. The performance of
the two rail cross sections were simulated by FEM assuming equal surface. Due to
the different current distribution and magnetic field a circular section has a smaller
inductance gradient and lower efficiency with respect to rectangular rails.

The inductance gradient is also affected by the rail aspect ratios wr/dr and hr/dr,
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Figure 2.7: Schematic of the monolithic C-type armature

being dr the distance between the rails and the wr, hr the width and the height of
the rectangular cross section respectively [51]. The effect of different aspect ratios
was tested on the railgun inductance gradient, magnetic field and total thrust. 2D
finite element analysis of the copper rails with one MA of driving current showed
that the lower is the rail aspect ratio wr/dr the higher are the rail performances.
The analysis of the performance of the rails with different height demonstrated
that and optimum condition was reached when hr/dr = 0.5.

As well as the rail geometry affecting the EML performance, the type of arma-
ture plays an important role [52]. The right type of armature is often selected to
reduce the armature resistance and achieve high system efficiency. The armature
layout can be either block-type armature shown in Fig. 2.6 or monolithic C-type
armature shown in Fig. 2.7. The block-type armature is considered the simplest
configuration while the C-type armature achieves the best performance and is re-
tained to be more practical to maintain good sliding contact and reduce the rail
wear over the acceleration.

Researchers at The University of Texas have investigated how the C-type arma-
ture geometry affects the current density distribution and the gradient inductance
of the railgun system [53]. In particular the effects of the rail overhang, the root
ratio (Lc/Lro in Fig. 2.7) and the C-type ratio (Lt/Lro in Fig. 2.7) were observed.
It was found that the current density distribution over the rail/armature interface
significantly changed with some of the geometrical parameters. As the overhang
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ratio increased the current distribution moved to the front and the sides of the ar-
mature causing the inductance gradient L′ to decrease. The inductance gradient
also seemed to have no dependence on the root ratio and C-type ratio that charac-
terized the armature shape.

The independence of the gradient inductance of the projectile geometry was
analytically proven and numerically validated by the 3D finite-element analysis
presented in [54].

The inductance gradient is not only affected by the geometry of the railgun, but
also by the magnetic permeability and electrical conductivity of the rail material
[55]. 2D FEA showed that high values of the magnetic permeability and low val-
ues of the electric conductivity cause an increment of the flux density between
the rails. Consequently, to increase the gradient inductance the conductivity must
be decreased while the permeability must be increased. However a material with
high conductivity allows for significant ohmic loss reduction, whereas high mag-
netic permeabilities mean that the current flows across a narrower area resulting
in increased losses.

As seen so far, L′ has been increased by either adjusting the geometrical features
of the railgun or adopting a rail material with the best compromise between elec-
trical conductivity and magnetic permeability. Much more significant improve-
ments were achieved replacing the conventional railgun configuration in Fig. 2.6
with different railgun architectures. These new railgun topologies were first intro-
duced by McNab in [56] and are known under the names augmented railgun and
multi-turn railguns, as shown in Fig. 2.8. The Institute for Advanced Technol-
ogy of the University of Texas has tested these machines proving their improved
performance [6].

An augmented railgun increases L′ by adding one or more pairs of rails close to
the main one. With the same current flowing in Nr rail pairs, the force acting on
the projectile is proportional to (2Nr− 1)I2 [57]. A series-connected augmented
railgun has the advantage of reducing the current through the main rails and ar-
mature to achieve the same thrust, thereby reducing the wear of the rails. At the
same time, an augmented railgun with Nr = 2 delivers three times the thrust of a
conventional railgun when it is supplied with the same current. These advantages
are offset by the added mechanical and electrical complexity and by the increased
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Figure 2.8: Schematic of augmented railgun (A) and of the multi-turn railgun (B)

resistive losses.

A multi-turn railgun increases the gradient inductance adding rails pairs to the
system, each pair with its own armature. In this case, the propulsive force is
proportional to N2

r I2 [57]. The multi-turn railguns have the advantage to effec-
tively reduce the current density at the interface for the same driving force. The
multi-turn has also the advantage of dividing the driving force between more rails
[49]. Beside the several advantages, this architecture suffers a degradation of the
efficiency due to longer current paths and higher resistive losses.

Augmented and multi-turn railguns require an insulation between rails to pre-
vent arcing due to the voltage difference between rails [6]. Since the multi-turn
railgun has two armatures with different voltages, the moving conductors must be
insulated from each other for the same reason. Conversely, augmented railguns
use a single armature that does not need extra insulation.

The crossovers of augmented and multi-turn railguns shown in Fig. 2.8 are
components which carry the driving current across two parallel rails. Since the
crossovers transfer the same current of the armature, they experience a repulsive
force equal to roughly the 75% of the railgun thrust [57]. The repulsive force must
be handled by a containment structure which must be cable of absorbing the im-
pulsive load. The crossovers may also represent an obstacle that makes the reload
procedure more difficult.
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2.2.2 Sliding Interface Phenomena in Railguns

The rail/armature interface is the place of many physical phenomena that impact
the system performance and cause severe damage to the gun after few firings
[47]. This section illustrates the research that has been developed to describe
the underling physics and nature of the interface phenomena with the purpose of
reducing the wear of the railgun during operation.

The rail and armature interaction cannot be characterized without the definition
of their materials [58]. Copper is the ideal candidate as rails and armature material
for its low resistivity, high melting temperature and high thermal conductivity.
Nevertheless, aluminium alloys are the preferred as armature material for their
low density and relatively good electrical properties. Aluminium can be also used
as lubricant since at the rail/armature interface liquid metal forms as a result of
frictional and Joule heating.

In order to satisfy the requirement of a good electrical couple, the behaviour
of copper and aluminium was studied under high current densities and contact
pressures [58]. The aim was to determine a model of the additional electric resis-
tance across the sliding surface. The contact resistance decreases with increasing
current density, but a little difference was found between two different contact
pressure.

Since direct observation of the active interface is very difficult, the liquid alu-
minium flow from the armature has been characterized from post-launch metal
deposit studies to describe the melting process, the involved chemical reactions
and the heat load along the rails [59]. These analysis allowed the understanding
of the rail damage mechanism which is strictly related with the metal deposit for-
mation process. When the deposit solidifies and stays attached to the copper, the
rail surface remains smooth. However, periodically the thickest parts of the metal
layer detach from the copper surface, causing rail damage.

When a metallic conductor is subject to current density of approximately 104

A/mm2 a significant atomic flux is set up by the electron flow and matter is
transferred across the conductive region by diffusional transport [60]. This phe-
nomenon, known as electro-migration (EM), causes the debris on the negative rail
to become progressively thicker than those on the positive rail. Thus, EM en-
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hances the damage of the negative rail. In order to reduce any potential adverse
impact of EM during the railgun operations, it was proposed to regularly switch
the polarity between consecutive shots.

The current distribution on the cross section of both rails and armature is not
uniform due to the combination of skin effect and velocity skin effect [61]. Skin
effect occurs in railguns used as kinetic weapons since the current is applied as an
impulse that lasts for few milliseconds. Due to the high frequency of the impulse
the current tends to flow on the outer surfaces of the conductors. The velocity skin
effect is a type of diffusion time phenomenon that occurs when there is relative
motion between two conductive materials. Because of the high velocity of the
armature relative to the rails, the current tends to flow through a narrow constric-
tion at the corner of the rail/armature interface. The current and magnetic field
distribution due to velocity skin effect were modelled in steady state in [62] and
in [63].

The current crowding due to skin effect and velocity skin effect is the first cause
of melting the material at the contact surface [64]. The peak armature tempera-
ture is associated with the location of the peak current density according to the
experimental results.

The effect of the current crowding was also investigated to determine the fun-
damental velocity limits based upon Joule heating for different rail/armature con-
figurations and materials [65]. According to this model, the maximum speed of
the projectile is reached when the whole rail/armature interface warms up to the
melting temperature of the armature material.

The real contact between rail and armature is accomplished by microscopic
asperities on the conductor surfaces [66]. The presence of current conduction
through the continuous making and unmaking of contact gives rise to magnetic
forces that tend to separate the armature from the rails. Metal armature con-
tacts often transit from low voltage to a high voltage with arcing and consid-
erable rail damage. The transition take place when the entire contact surface
reaches the vaporization temperature which can be predicted using the model of
the rail/armature contact presented in [66].

The heat load on the interface surface is exacerbated by the friction between
armature and rails [67]. In presence of high current densities, local melting, metal
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vapour and arcing the prediction of the friction coefficient can be very difficult.
The coefficient of friction in the presence of high current density was measured
using a modified mesoscale friction tester. When similar contact pressure are
applied and current is flowing, the friction coefficient was found to be lower than
the case whit no supplied current.

Materials subject to heat pulses of short duration and high intensity are exposed
to large mechanical forces that can leads to plastic deformations of the material
[68]. The mechanical properties measured under thermal equilibrium are likely
to be very conservative in railgun applications. Experimental tests were use to
characterize the mechanical response under short duration heating.

A similar investigation was carried out to quantify the effects of thermal loading
on the life cycle of the cladding material on the rail surface [69].

2.3 Railgun for Civil EML Applications

This section introduces a simplified one-dimensional model of a railgun to in-
vestigate whether is possible to employ this technology to efficiently launch an
heavy object like an aircraft A320-200 to a speed much lower than that reached
by kinetic weapons.

The model that aims to estimate the railgun performance during the launch is
based on the following assumptions:

• The simple railgun configuration in Fig. 2.6 is considered;

• The rails are made out of copper and have a rectangular section 20 cm high
(hr) and 10 cm wide (wr);

• The armature has the same geometry of the rails, has a length dr of 2 m and
is made out of copper as well. The block-type armature is considered for
simplicity;

• The current is uniformly distributed in the rails and armature cross section.
Current crowding caused by skin effect and velocity skin effect is not con-
sidered;
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• The rail/armature interface is characterized by an ideal electric contact with
no resistance;

• The friction between armature and rails is neglected;

• The magnetic field is assumed to be perpendicular to the armature and to the
current direction at any point within the volume occupied by the armature
itself.

The required thrust Fx reported in Table 3.8 is considered to define the launcher
thrust requirement. The thrust that the railgun has to deliver also includes the
force required to accelerate the armature and the framework that connects it to the
aircraft undercarriage. The total thrust can be computed as:

Fxc = Fx +3ma ·0.6G (2.5)

where the number 3 is introduced to consider the weight of the structure connect-
ing the armature to the aircraft, 0.6G is the required acceleration and ma is the
mass of the armature that can be calculated as

ma = ρCodrhrwr (2.6)

where ρCo is the copper density.

The one-dimensional model of railgun is based on an iterative algorithm that at
each time steps calculates the electromagnetic parameters and the performance of
the launcher. The algorithm within each iteration proceeds as follow:

1. The mutual inductance of the rails depends on the shape of their cross section
and on the distance between them. Since the sizes hr and wr are much smaller
than the distance dr, the formula for the mutual inductance of two parallel
conductive filaments with negligible thickness [70] can be safely applied to get
an acceptable approximation of the rails mutual inductance as

Mr =
µ0

2π

[
s ln

(
s+
√

s2 +d2
r

dr

)
−
√

s2 +d2
r +dr

]
(2.7)

where s is the distance travelled by the armature during the motion.
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2. The self inductance of a single rail Lr can be computed using eq. 2.7 by replac-
ing the armature length dr with the geometric mean distance of the rectangular
cross section. The calculation of the geometric mean distance of a rectangle is
not simple, but the exact expression is known as

gmd = kgmd(hr +wr) (2.8)

where the value of the constant kgmd depends on the aspect ratio of the rectan-
gle. For the aspect ratio of rail cross section under investigation the constant is
kgmd = 0.2236 [71].

3. The self inductance of the railgun can be computed from the self inductance of
the single rail and the mutual inductance of the rails in eq. 2.7 as [70]

L = 2(Lr−Mr) (2.9)

4. The inductance gradient can be computed from the definition of spatial deriva-
tive as

L′ =
∂L
∂x

=
Ln−Ln−1

sn− sn−1 (2.10)

where n represents the current time step and n−1 represents the previous time
step.

5. The current required to produce the rated thrust can be determine from eq. 2.4
as

I =

√
2Fxc

L′
(2.11)

6. The average magnetic field over the armature can be computed from the ex-
pression of the Lorentz force in eq. 2.1 as

B =
Fxc

I dr
(2.12)

7. When a conductor moves in a magnetic field a voltage appears at its terminals
and a current flows as to generate a magnetic field in opposite direction of the
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external magnetic field. The results is a braking affect that tends to slow down
the conductor. In railguns the voltage provided by the power supply has to
overcome the induced voltage to prevent any breaking effect and to allow the
rated current to flow for the whole duration of the launch. The induced voltage
can be computed as

Uind =V Bdr (2.13)

where V is the speed of the armature and of the connected aircraft.

8. The electric resistance of the system changes during the acceleration for the
longer path that the rated current has to travel to close the electric circuit. The
value of the resistance at each time step is computed as

R = R0 +
1
σc

2s+dr

hrwr
(2.14)

where σc is the copper conductivity and R0 is the resistance of the power supply
terminals.

9. The voltage applied to the rails that allows the rated current I to flow is

U = R · I +Uind (2.15)

10. The input power is Pi =U · I

11. The output power is Po = FxcV

12. The efficiency of the railgun is η = Po/Pi

This procedure is repeated iteratively until the electromagnetic launcher end-speed
is reached.

The time variation of the current that flows into rails and armature is reported
in Fig. 2.9a. The peak current intensity is reached at the end of the launch and
correspond to a current density of about 43 A/mm2 in the hypothesis of homoge-
neous current distribution over the rail cross section. Since the current is applied
continuously for 15 seconds and cannot be represented by an impulse as in ki-
netic weapons, the skin effect should not affect the current distribution over the
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(a) Current (b) Efficiency

Figure 2.9: Time variation of current and efficiency of a conventional railgun

rail cross section. On the contrary, the velocity skin effect compels the current
flow across a narrower area increasing the current density, the electric resistance
and the related Joule losses especially in proximity of the armature trailing edge.
However, the end-speed of the launcher is two order of magnitude slower than the
projectile ejection speed of kinetic weapons, and the current crowding due to the
velocity skin effect is expected to be less relevant.

The efficiency of the electromagnetic launcher is reported in Fig. 2.9b and
reaches a peak of 0.284 after approximately 1.0 seconds. The decrease of the
efficiency is mainly due to the increase of the resistance with the length of current
path. The efficiency of the system is so low that almost 680 MW are required
to the power supply at the end of the launch. Even neglecting contact resistance,
friction, velocity skin effect and the degradation of the electrical properties with
the Joule heating at rail/armature interface, satisfactory electric performance are
not achieved.

It may be argued that the implementation of augmented or multi-turns railguns
might lead to an increase of the efficiency for the reduced current required to
achive the same thrust. Indeed, even considering that the resistance doubles, the
augmented and multi-turns railguns can achieve an efficiency 1.5 and 2 times
greater than the one shown in Fig. 2.9b respectively. However, after the initial
peak, the efficiency would inexorably decrease as for the simple railgun configu-
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ration. Another possible alternative to improve the performance is the distributed

energy storage arrangement in which multiple terminals are located along the rails
so that the proper current amplituted can be provided at the right time and place to
maximize the efficiency [56]. This configuration might be capable of performing
with a constant efficiency up to 40% for the whole duration of the launch, but the
losses will always largely exceeds the output power requiring a supply with an
enormous capacity.

2.4 Conclusion

The research on asynchronous and synchronous linear motors for military aircraft
launch systems presented in Section 2.1 suggests that these technologies could
also be viable solutions for civil aircraft launch applications. The installation of
an electromagnetic catapult on board contemporary Ford-class aircraft carriers
bolsters the research on linear induction and synchronous motors for a launcher
with similar power requirements and for civil applications.

In a similar way the results achieved in the design, construction and tests of
the Yamanashi MAGLEV train indicates another possible technology that could
be adopted for a civil aircraft launcher. Additionally, the research carried out
on superconducting linear motors for EML systems is rather poor, inconclusive
and often limited to the evaluation of the motor electromagnetic performance.
Therefore, the work presented in this thesis is particularly concerned with the
thermal management of the superconducting launcher and the additional energy
required by the refrigeration system.

The simplified model of a railgun for civil EML application presented in Section
2.3 proves that, despite its simplicity, this technology achieves very low efficiency
and cannot be used for the launching of civil aircraft unless very large power
sources are available. Since more efficient EML systems can be built, the research
on railguns to assist civil aircraft take-off was not further developed.

Since the application of an EML system to civil aircraft launching is completely
new, before proceeding with the design of the possible linear motor topologies,
a methodology to define the catapult requirements and to quantify the possible
benefits of assisted civil aircraft take-off is introduced in the next chapter.





Chapter 3

Take-off Segment Analysis

This chapter presents the take-off analysis of an Airbus A320-200 aircraft and
the impact of electromagnetic catapult on the take-off performance. Initially, the
definition of the take-off distances and speeds is presented together with the de-
scription of the take-off procedure. One of the main objective of this chapter is to
determine the requirements of the electromagnetic catapult which will be used to
size synchronous and asynchronous launchers in the next chapters.

The take-off analysis algorithm is reported in order to show the potential of
reducing runaway length using the electromagnetic catapult. The take-off analysis
outcomes for an A320-200 aircraft accelerating with and without the launcher
assistance are also compared to determined the fuel saved during take-off and the
exhaust emission reduction at ground level. In this contest, the possible annual
cost saving, noise emission and pollutant emission reduction are estimated in a
busy city airport like Heathrow.

Since actual engines are sized to allow the aircraft to take-off, electromagnetic
launch systems allow the installation of engines with a reduced cross section and
a lower rated thrust. The engine thrust reduction does not imply a sensible exten-
sion of the required runway length since the catapult is responsible to provide the
aircraft with the proper speed. The consequent aircraft weight and fuel consump-
tion reductions bring significant saving for airlines in terms of annual operational
cost.

The principles of take-off field length determination reported in this chapter ap-

41
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Initial position

Engine Failure (VEF)

Decision Speed (V1)

Rotation Speed (VR)

Lift-Off Speed (VLOF) Safety Speed (V2) Flap Retraction

35 ft

400 ft

1500 ft

Take-Off Run Required

Airborne Distance
Second Climb Segment at V2

Acceleration

Final Take-Off Climb

Take-Off Field Length Take-Off Flight Path

Figure 3.1: Take-off procedure and parameters for a twin-engine civil transport aircraft

ply to civil transport aircraft whose maximum take-off weight (MTOW) is bigger
than 5760 kg, but the methods of analysis may well be used for other aircraft
categories, e.g. light aircraft.

3.1 Definition of Take-Off Speeds and Distances

The lift-off and the initial climb are two of the most critical safety phases of a
civil aircraft flight. The combined analysis of both phases can be referred to as the
aircraft take-off performance analysis. This analysis allows an estimation of take-
off distances and take-off speeds as defined by the Federal Aviation Regulation
(FAR) [72]. The speeds and distances associated with the take-off analysis are
shown in Fig. 3.1.

In order to determine the impact of the catapult on the take-off performance and
on the fuel consumption it is important to define the take-off characteristics of the
reference aircraft, the Airbus A320-200.

The take-off phase starts when the aircraft is in standstill position at the begin-
ning of the runway and terminates when the aircraft reaches the altitude of 1500
ft. The Take-Off Distance (TOD) is the distance needed to accelerate the aircraft
to the lift-off speed VLOF with all the engines operative, plus a portion of the air-
borne distance until the height of 35 ft (screen altitude). VLOF is the airspeed
at which the aircraft first becomes airborne. TOD must not exceed the take-off
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ground available.

The Take-Off Field Length (TOFL) in Fig. 3.1 is the greatest distance between
the TOD and the Balanced Field Length (BFL). BFL is the Emergency Accelerate-
Stop Distance (EASD) covered when the engine failure occurs at the critical en-
gine failure speed VEF . In general, the EASD is the distance covered by the air-
craft until any speed Vx ≤VEF when an engine critical failure occurs and the pilot
decides to abort the take-off, plus the distance to come to a standstill by means of
braking. The speed VEF is determined considering the situation where the EASD
coincides with the TOD with an engine failure. EASD must not exceed the length
of the take-off ground plus the clearway (if present).

The maximum speed at which the pilot can abort the take-off is usually called
the decision speed V1 [72]. This speed is determined by the aircraft manufacturer
considering VEF and the speed gained in One-Engine-Inoperative (OEI) condition
during the time interval between the critical engine failure and the reaction of the
pilot. When the aircraft speed exceeds V1 the pilot must proceed with the lift-off
phase even if one engine is inoperative.

In establishing take-off performance the operational flight speeds must have a
specified safety margin relative to the stalling speed Vs. Stall is an aerodynamic
phenomenon associated to downstream flow separation over the aircraft wing.
Stall does not depend on the air speed, but on the angle of attack which is the
angle between the chord line of the airfoil and the vector representing the rela-
tive motion between the aircraft and the air through which the airplane is moving.
When the angle of attack exceeds its critical value the flow separates, the lift force
decreases and the aircraft loses altitude.

In order to understand the reason why a stall speed and not a stall angle is
considered, the expression of lift force L generated over the A320’s wings and the
dependency of the lift coefficient CL on the angle of attack become useful. The
lift force is defined as

L =
1
2

ρAirSwCLV 2 (3.1)

where ρAir is the air density, Sw is the reference wing surface and V is the speed of
the aircraft with respect the surrounding air. The dependency of the lift coefficient
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Figure 3.2: Low speed lift polar of an A320-200 aircraft for several flap deflections [73]

CL of the A320 aircaft on the angle of attack for several flap deflections is shown in
Fig. 3.2 [73]. The critical angle of attack for each flap deflection is represented by
the last point of the respective curve in Fig. 3.2 where the lift coefficient reaches
its maximum.

When a flying aircraft loses speed at constant altitude (constant ρAir), the same
lift force can be achieved increasing the lift coefficient as it can be deduced from
eq. 3.1. Fig. 3.2 shows that the lift coefficient for a given flap deflection can
increase only whit higher angles of attack. When the aircraft speed decreases
to the point that the angle of attack reaches its critical value, stall occurs. The
speed that generates a lift force equal to the aircraft weight with the maximum lift
coefficient at the critical angle of attack is called stall speed Vs.

Using eq. 3.1 and the maximum lift coefficient CLmax in Fig. 3.2, the stall speed
for each flap deflection can be determined as

Vs =

√
2L

ρAirSwCLmax
(3.2)

Other useful reference speeds that are needed to study the impact of the catapult
on the take-off phase can be defined as:

• Minimum Control Speed VMC: the lowest airspeed at which the aircraft
manufacturer has proved it to be possible to control the aircraft with one en-
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gine inoperative using the rudder control alone with the maximum available
power from the remaining engines. This speed will not be considered in
the evaluation of the take-off performance, but it is mentioned here because
it represents a requirements for the take-off safety speed and the rotation
speed;

• Take-off Safety Speed V2: the aircraft speed over the screen height of 35
ft. V2 must be greater than the minimum take-off safety speed V2min which
must not be less than

V2min = 1.2 ·Vs (3.3)

for safe operations above the stall speed Vs. This limitation provides the
pilot with some measure of freedom to manoeuvre avoiding stalling due
to vertical wind gusts. In order to grant enough controllability V2 must be
greater than 110% of VMC [72]. Since V2min is always considered in take-
off performance analyses, it is commonly identified using the more generic
symbol V2.

• Rotation Speed VR: the reference speed for the pilot to raise the nose landing
gear. The nose is rotated when the pilot decides to proceed with take-off
even in case of engine failure. Thus VR must be greater than V1 and greater
than 105% VMC to guarantee aircraft controllability.

The rotation speed VR represents the end-speed requirement for the electromag-
netic catapult and when it is reached the aircraft detaches to continue the take-off
procedure. The mover of the launcher can be connected to the nose landing gear,
as is done with steam catapults for military applications. When VR is reached the
aircraft detaches and completes the nose rotation before taking off. It may be
argued that the catapult should be connected to the main landing gear to acceler-
ate the aircraft even further, to lift-off speed VLOF and gain the maximum benefit
from the catapult installation. The main landing gears are connected to the central
spar, which is the strongest point of the aircraft structure. If the catapult would
be connected to the main landing gear the aircraft framework would not have to
undergo significant modifications to sustain the additional load from the catapult.
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The nose landing gear is designed to sustain only landing and push-back loads and
would have to be reconfigured to withstand the catapult force. However, the main
landing gears are positioned behind the aircraft’s center of gravity and therefore a
pulling force on this point is intrinsically unstable.

For safety reasons the catapult is assumed to be engaged with the nose landing
gear until VR is reached. It is accepted that this system will require some essential
changes to the aircraft’s front undercarriage framework.

3.2 Take-off Performance Analysis

3.2.1 Climb Out Gradient

To ensure a sufficient level of safety the take-off procedure is investigated consid-
ering a possible engine failure occurring at any stage. The take-off requirements
with one-engine-inoperative (OEI) are so demanding, that the analysis of the air-
craft performance in all-engine-operative (AEO) condition is not necessarily re-
quired.

The first step in estimating the take-off performance is to establish the climb out
gradient at 35 ft γ2 and the respective flap deflection during the initial acceleration
with OEI. The minimum climb out gradient requirement considered during the
take-off design procedure ensures that the aircraft crosses the 35 feet obstacle at
the end of the runway with enough clearance and with a sufficient thrust excess
to allow safe operation even with an engine failure. The flap deflection affects the
performance of the wing and is proportional to the aerodynamic lift and drag. The
rated flap deflection assures enough lift force and minimum drag to allow a safe
flight even with OEI.

The minimum climb out gradient requirement γ2Req at speed V2 with retracted
landing gear can be computed as [72]:

γ2Req = 0.018+0.003 ·Nengine (3.4)

where Nengine is the total number of engines. A second climb out gradient re-
quirement is defined in eq. 3.5 for lift-off when extended landing gears cause an
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additional drag force.

γLOF Req = 0.002 · (Nengine−2)+0.001 (3.5)

The coefficients in eqs. 3.4 and 3.5 are determined on a statistical basis by con-
sidering a deviation from the nominal flight path of 0.8%, 0.9% or 1.0% for air-
craft with 2, 3 or 4 engines respectively. Normally the requirement with landing
gear retracted in eq. 3.4 is considered for take-off distances and speeds estimation
since it is more demanding than the climb out gradient requirement with landing
gear extended in eq. 3.5. Nonetheless, the climb gradient requirement at lift-off
γLOF Req is later verified by take-off analysis procedure.

A useful general term for specifying the climb performance is the Specific Ex-
cess Power, SEP:

SEP =
T −D

W
V =

V
G

∂V
∂ t

+
∂h
∂ t

(3.6)

where T is the overall thrust, D is the aerodynamic drag, W is the aircraft weight,
G is the gravitational acceleration and h is the aircraft altitude. The specific excess
power represents the amount of available power per unit of weight. For horizontal
flight and a load factor n = L/W ∼ 1, the SEP is equivalent to the rate of increase
of kinetic energy and is a measure of the time required to accelerate from one
speed to another. In case of a specified climb rate for n = 1 and steady flight (no
acceleration), the climb gradient is

γ =
1
V

∂h
∂ t

=
SEP

V
(3.7)

Since the aircraft does not accelerate from the screen altitude to 400 ft as shown
in Fig. 3.1, the derivative ∂V/∂ t in eq. 3.6 is zero during this phase and the climb
out gradient γ2 can be expressed using eq. 3.7 as

γ2 =
SEP

V
=

T −D
W

(3.8)

Eq. 3.8 shows that to calculate the climb out gradient at screen altitude it is nec-
essary to determine the thrust and the drag force in OEI conditions at V2. The
procedure to accurate estimate these quantities is discussed in Sections 3.2.1.1
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and 3.2.1.2.

3.2.1.1 Engine Thrust

The engine thrust figures provided by engine manufacturers are usually measured
in a controlled environment with a standard atmosphere and anchoring of the en-
gine on the ground. Under these conditions the engine performance in terms of
thrust are maximized. During a flight, pressure, temperature and air speed change
continuously and the thrust of the engines may be sensibly reduced. This section
aims to show the methodology that can be applied to get an accurate estimation of
the thrust available at any flight condition.

When the aircraft speed and altitude change, the engines deliver different lev-
els of thrust according to the rating the pilot can select for each particular flight
conditions. The most important engine ratings are:

• Maximum Take-Off rating (MTO): this is the maximum thrust the engine
can deliver for 5 minutes during the take-off phase. The peak thrust is
achieved in static conditions at sea level and is usually reported in engine’s
public datasheet;

• Maximum Continuous Thrust rating (MCT): outside the take-off phase MCT
defines the maximum thrust the engine can deliver continuously within spe-
cific limits in terms of engine speed and temperature;

• Maximum Climb rating (MCL): the manufacturers often recommend the
use of this specific rating during the climb phase. It may be the same or
very similar to the MCT;

• Maximum Cruise rating (MCR): this is the rating that should be ideally
used during cruise, but a pilot actually uses the thrust required to maintain
altitude and speed to meet the air traffic control requirements.

• Flight Idle rating (FID): the idle rating is the minimum thrust that can be
used when the aircraft is in flight. This rating is also used to defined the fuel
consumption during the airport ground movements when the engine runs
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Figure 3.3: MTO thrust rating for several Mach number in ISA+0K conditions for the two
CFM56-5-A1 engines installed on A320-200 aircraft [73]

to supply the secondary utilities, for example hydraulic and electric power
systems.

The engine rating that is involved in take-off envolope is the MTO rating. The
A320-200 aircraft has two CFM56-5-A1 turbofan engines from CFM Interna-
tional whose maximum certified thrust at sea level is 111.2 kN [74]. The MTO
rating of the two CFM56-5-A1 engines is shown in Fig. 3.3. The curves indicate
the variation of the thrust with the altitude and the Mach number M which is the
ratio between the aircraft velocity and the speed of sound cair.

The thrust profiles in Fig. 3.3 were evaluated from experimental tests in a Inter-
national Standard Atmosphere (ISA): atmospheric pressure 101325 Pa, air density
1.225 kg/m3 and air temperature 20 °C [75]. Though the atmospheric conditions
during take-off may differ from the ISA depending on altitude and latitude of the
airport and on the weather conditions. The deviation from the standard conditions
is expressed as a temperature delta, either in Kelvin or in degree Celsius. Engine
manufacturers usually provide several sets of curves like the one in Fig. 3.3 for
each engine rating and specific atmospheric conditions. The impact of the tem-
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Figure 3.4: Comparison between thrust profiles of CFM56-5-A1 MTO rating at ISA+0K
and ISA+20K [73]

perature on the MTO thrust performance of the CFM56-5-A1 at ISA+0K and at
ISA+20K can be seen in Fig. 3.4. In particular Fig. 3.4 shows that the engines
thrust does not just decrease only with the airport altitude (air density), but with
the environmental temperature as well. Despite the thrust reduction under adverse
environmental conditions, the take-off performance analysis is always performed
considering standard atmospheric conditions (ISA+0K) whilst the effects of alti-
tude and temperature are later evaluated.

In order to determined the engine thrust at the screen altitude from the data in
Fig. 3.3 the respective Mach number has to be calculated. The Mach number at
speed V2 is by definition

M2 =
V2

cair
(3.9)

where the speed of sound can be computed treating air as an ideal gas like in the
most of the applications:

cair =

√
γAir pAir

ρAir
(3.10)
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where pAir is the atmospheric pressure and γAir is the isentropic expansion factor,
i.e. the ratio of specific heats of a gas at constant pressure and of a gas a constant
volume. Even though eq. 3.9 will be used to defined the Mach number at several
key points along the take-off path, at this design stage the speed V2 is not available
and the definitions of dynamic pressure qAir can be used in place of eq. 3.9 to
calculate the Mach number.

qAir =
γAir

2
pAirM2 qAir =

1
2

ρAirV 2 (3.11)

Combining eq. 3.1 with the second expression of the dynamic pressure in eq. 3.11
and inserting the result in the first expression of the dynamic pressure in eq. 3.11
yields

M2 =
2L

CL2SwρAirγAir pAir
(3.12)

where CL2 is the lift coefficient at V2.

The computation of the lift coefficient CL2 and of the respective Mach number
requires the assumption of the initial value of flap deflection. The combination
of the low speed drag polar curves with retracted landing gear in Fig. 3.2 and
the selected flap deflection allows the calculation of the maximum lift coefficient
CLmax. For the A320-200 the initial flap deflection can be assumed 15° and from
Fig. 3.2 the respective CLmax is 2.22.

At this point the requirement on the speed V2 with respect to the stall speed Vs

in eq. 3.3 can be exploited to calculate the lift coefficient CL2. Since the lift force
must be equal to aircraft weight at V2, combining eqs. 3.1 and 3.2 with eq. 3.3
yields

L =
1
2

ρAirSwCL2V 2
2 =

1
2

ρAirSwCL2(1.2 ·Vs)
2 =

=
1
2

ρAirSwCL2

(
1.2 ·

√
2L

ρAirSwCLmax

)2

⇒ CL2 =
CLmax

1.22 (3.13)

Once the Mach number M2 is known, the interpolation of the engine MTO rating
dataset in Fig. 3.3 with airport altitude and no ISA deviations allows the calcula-
tion of the engine thrust T at V2 in OEI or AEO condition.
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Figure 3.5: Low speed drag polar with landing gear retracted for an A320-200 aircraft
[73]

3.2.1.2 Aerodynamic Drag

Once lift coefficient CL2 and flap deflection are known, it is possible to determine
the drag coefficient using the low speed drag polars reported in Fig. 3.5 [73].
The aerodynamic efficiency E in the y-axis of Fig. 3.5 is the ratio between the
aerodynamic lift and drag coefficients. Thus, the drag coefficient CD2 at V2 is
given by the ratio CL2/E2. As an example, Fig. 3.5 also shows the lift coefficient
and the respective aerodynamic efficiency of an A320-200 flying at V2 with a flap
deflection of 15°.

The aerodynamic drag D2 at the screen altitude can be computed as

D2 = qAirCD2Sw (3.14)

In a OEI condition D2 does not represent the total drag of the aircraft and addi-
tional contributions should be considered.

When an engine fails the pressure losses in the air flow across the engine due
to the movements of the fan, compressor and turbine blades are associated with
a drag increment called the windmilling drag. The windimilling drag DWML can
be computed with an expression similar to eq. 3.14 where the drag coefficient of
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Figure 3.6: Experimental data for trim drag estimation [77]

moving blades inside subsonic turbofan engines is assumed to be about 0.3.

DWML = 0.3qAirSeng (3.15)

where Seng is the area of the engine front section, a circle with a diameter which
is often assumed to be 80% of the nacelle diameter [76].

When an engine fails the asymmetric thrust generates a momentum Myaw around
the yaw axis of the aircraft (vertical axis) that tends to destabilize the aircraft
motion.

Myaw = deng(T +DWML) (3.16)

where deng is the distance between the engine and the aircraft’s centre of gravity
and T , in this case, is the total thrust in OEI condition. The A320-200 has only
two engines so T in eq. 3.16 is equal to the thrust of a single engine. Myaw is com-
pensated by a rudder deflection that generates a counteracting force that allows
the aircraft to continue the take-off maintaining the desired direction.

Any rudder deflection causes an additional drag force called trim drag that can
be estimated using the method proposed by the Engineering Science Data Unit
(ESDU) [77]. This procedure is based on the interpolation of experimental data
like those shown in Fig. 3.6 to compute the drag coefficient increment CDTrim.
ESDU performed a series of wind tunnel tests on aircraft’s tail with different ra-
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tios between the fin height h f and the fuselage height hF applying different yaw
momentum and rudder deflection. The curves in Fig. 3.6 express the CDTrim as a
function of a non-dimensional parameter which represents the momentum inten-
sity and the geometrical characteristics of the aircraft:

Xparameter =
π

2
Myaw

2

qAir
2dFinAC

2h f
2SwESDU

(3.17)

where dFinAC is the distance between the fin and the wing aerodynamic centres and
SwESDU is the wing area of a fully trapezoidal wing [77]. The A320-200’s SwESDU

is not equal to the wing surface Sw, since the part of the A320’s wing close to the
fuselage is more rectangular than trapezoidal. The curves shown in Fig. 3.6 are
plotted for several value of Xparameter keeping constant the value of the ratio:

hratio =
h f

2

hF
2 (3.18)

From the geometrical features of the aircraft and the momentum intensity the
coefficient CDTrim can be derived and the trim drag DTrim can be computed as

DTrim = qAirCDTrimSwESDU (3.19)

At this point all the parameters required to calculate the climb out gradient at V2

in OEI condition are known. Substituting the thrust and all the drag contributions
in eq. 3.8 yields

γ2 =
T − (D2 +DWML +DTrim)

W
(3.20)

In case that the result of eq. 3.20 is smaller than γ2Req calculated using eq. 3.4,
the procedure to determine thrust and drag at V2 has to be iterated by reducing the
flap deflection until the safety requirement γ2 ≥ γ2Req is satisfied. Indeed, a lower
flap angle sensibly reduces the aerodynamic drag while the engine thrust slightly
decrease for an higher Mach number at the screen altitude is required to generate
the same lift force. The overall effect of the flap deflection angle reduction is an
increase of climb out gradient γ2.
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3.2.2 Take-off Speeds and Distances

Once the flap deflection and climb out gradient γ2 are known, the take-off speeds
and distances can be estimated. This data can then be used to evaluate the impact
of the electromagnetic catapult on the take-off phase and flight.

The stall speed Vs and the take-off safety speed V2 are calculated using eqs. 3.2
and 3.3 respectively, using the flap deflection obtained from the iterative procedure
described in Section 3.2.1. The lift-off speed VLOF can be calculated as shown in
eqs. 3.21 and 3.22 [76].

kLOF =
1
2
(
V2

Vs
+1) (3.21)

VLOF = kLOFVs (3.22)

Since at lift-off the lift force is equal to the aircraft weight, the lift coefficient
CLLOF can be computed as done for the lift coefficient at the screen altitude CL2 in
eq. 3.13.

CLLOF =
CLmax

kLOF
2 (3.23)

The requirement of the climb out gradient at lift-off expressed by eq. 3.5 can
be now verified. The available climb gradient at lift-off γLOF can be calculated by
adopting the procedure used to determine γ2 in Section 3.2.1 and considering the
drag polar with extended landing gear shown in Fig. 3.7 [73] in place of the drag
polar with retracted landing gear shown in Fig. 3.5. The drag polar with extended
landing gear considers the contribution of the undercarriage to the aerodynamic
drag. Since the landing gear has no impact on the generation of the lift force
the aerodynamic efficiency decreases as can be seen by comparing Figs. 3.5 and
3.7. Fig. 3.7 also shows the aerodynamic efficiency that corresponds to the lift
coefficient CLLOF with a flap deflection of 15° in ISA conditions at sea level. In
case the requirement in eq. 3.5 is not satisfied, the procedure in Section 3.2.1
needs to be reiterated with a reduced flap deflection.

Once the lift-off speed and the respective climb out gradient are known, it is
possible to calculate the aircraft rotation speed VR. The aircraft rotation occurs
just before the aircraft reaches the lift-off speed. The rotation speed is usually
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Figure 3.7: Low speed drag polar with landing gear extended for an A320-200 aircraft
[73]

estimated assuming uniform acceleration between the time the rotation starts and
the instant the aircraft leaves the ground. It has already been mentioned how the
climb out gradient for a straight path with unity load factor can be envisioned
as an non-dimensional acceleration between one speed and another. Therefore,
the aircraft acceleration during the rotation can be assumed to be approximately
G · γLOF . Assuming the mean rate of rotation about the lateral axis equal to ωR,
the rotation speed VR can be estimated as

VR =VLOF −G · γLOF
αLOF −αG

ωR
(3.24)

where αG is the angle of attack at ground level and αLOF is the angle of attack at
lift-off. During the initial acceleration on the runway, the angle of attack coincides
with the wing incidence which is 0° for the A320-200. The lift polars in Fig.
3.2 can be used to determine the angle of attack at lift-off αLOF by finding the
intesection between the curve for the current flap deflection and CLLOF . Typical
values of the rate of rotation ωR are: 3 to 4 degrees/s for large transport aircraft
and 4 to 5 degrees/s for small transport aircraft [78].

The methodology described so far to determine the take-off characteristics is not
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affected by the presence of the electromagnetic catapult. For instance, the take-off
speeds depend on the safety requirement at V2, engine performance, aerodynamic
characteristics of the aircraft and environmental conditions. Since the electro-
magnetic catapult affects the rate the aircraft accelerates to the required speeds,
an EML system has a significant impact on the take-off distances.

Therefore the take-off field length (TOFL) in Fig. 3.1, which comes from a
comparison between the take-off distance (TOD) and the maximum emergency
accelerate-stop distance (BFL), is expected to be reduced by the implementation
of an EML system. Sections 3.2.2.1 and 3.2.2.2 explain the methodology applied
to calculate TOD with all the engines operative and BFL in case of engine failure.

3.2.2.1 Take-Off Distance

Section 3.1 has introduced the take-off distance TOD as the distance covered by
the aircraft in the AEO condition until the screen height of 35 ft. The TOD is
the sum of the distance sRun travelled by the aircraft until the lift-off point and
the distance sAir covered during the first airborne phase until the height of 35
ft is reached. In order to consider the errors due to the approximations and to
the possible deviations of real aircraft paths from the statistical mean trajectory a
common practice is to consider a safety margin of 15% [78].

TOD = 1.15 · (sRun + sAir) (3.25)

The distance initially travelled on ground by the aircraft propelled by the en-
gines can be calculated as

sRun =
∫ VLOF

0

V
a1

dV =
1
2

∫ VLOF

0

dV 2

a1
(3.26)

where the instantaneous value of the acceleration a1 is

a1 =
T −D−µ(W −L)

mA320
(3.27)

where the thrust T , in this case, is the one provided by both the engines, W is the
weight of the aircraft, µ is the friction coefficient, (W −L) is the instantaneous
value of the force perpendicular to the ground and mA320 is the mass of the aircraft.
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Table 3.1: Average friction coefficients for different runway pavements [78]

hard runways (concrete, tarmac) µ = 0.02
hard turf or gravel µ = 0.04
short dry grass µ = 0.05
long grass µ = 0.10
soft ground µ = 0.10→ 0.30

Substituting the acceleration expressed by eq. 3.27 and the expressions of lift and
drag defined in eqs. 3.1 and 3.14 respectively into eq. 3.26 yields

sRun =
1

2G

∫ VLOF

0

dV 2

T
W −µ− (CD−µCL)

1
2

ρAirV 2Sw
W

(3.28)

Engine thrust, drag coefficient, lift coefficient and aircraft weight are not constant
during the acceleration so an approximated formula can be derived assuming the
aircraft weight equal to the Maximum Take-off Weight (MTOW) as [78]

sRun =
VRun

2

G
(

T
MTOW −µe

) (3.29)

where the mean thrust T is evaluated at speed VRun = VLOF/
√

2 using the engine
MTO rating dataset shown in Fig. 3.4 and the equivalent friction coefficient µe

can be calculated as [78]

µe = µ +0.01 ·CLmax (3.30)

Typical value of rolling friction coefficient µ are listed in Table 3.1. The time
required to reach the lift-off speed can be simply approximated as

tRun = sRun/VRun (3.31)

The electromagnetic catapult has the capability to drastically reduce the take-
off run, increasing the aircraft acceleration. Most of civil aircraft accelerate at
0.3 G since the maximum engines thrust is about 30-35% of the MTOW. In order
to shorten the TOD, an acceleration of 0.6 G was chosen as this will ramp the
velocity up at increased rate without the experience being uncomfortable to the
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passengers (see Section 1.1). The controllability that can be achieved with an
electromagnetic launch allows the assumption of an uniform accelerated motion
until the rotation speed VR. Therefore, the take-off run can be calculated as

sRun =
VR

2

2 ·0.6G
(3.32)

The time required by the electromagnetic catapult to reach the rotation speed can
be simply calculated

tRun =VR/(0.6G) (3.33)

While the catapult effects both the intensity of the acceleration on the ground
and the length of take-off run sRun, it has no impact on the airborne phase. The
length of the airborne segment does not change with the catapult installation since
the aircraft detaches at VR, just before lifting off. In order to determine the airborne
distance the duration of the airborne phase should be first estimated integrating by
variable separation the definition of the Specific Excess Power in eq. 3.6 as∫ t2

tLOF

T −D
W

V dt =
∫ V2

VLOF

V
G

dV +
∫ h2

0
dh⇒

tAir =

(
V2

2−VLOF
2

2G
+h2

)
1

γLOFVLOF
(3.34)

where h2 is the altitude of the safety screen. The integration of the SEP is equiva-
lent to the application of the energy conservation principle to an accelerating body
that is gaining potential energy changing altitude. The average speed VAir between
VLOF and V2 and the respective distance travelled during the airborne phase can be
estimated as

VAir =VLOF +
V2−VLOF√

2
(3.35)

sAir = tAirVAir (3.36)

3.2.2.2 Balanced Field Length

By definition BFL is equal to the TOD in OEI condition when the engine failures
occurs at VEF . The subdivision of the aircraft path adopted to determine the max-
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imum emergency accelerate-stop distance considers a first phase s1 starting from
standstill until the engine failure at VEF and a second phase s2 after the engine
failure up to the moment of attaining the screen height at speed V2. The distance
travelled by the aircraft during the first phase is

s1 =
V 2

EF
2a1

(3.37)

where a1 is the initial acceleration with all engines operative. Eq. 3.6 can be
integrated to determine the distance covered after the engine failure as∫ t2

tEF

T −D
W

V dt =
∫ V2

VEF

V
G

dV +
∫ h2

0
dh⇒ s2 =

1
γ

(
V 2

2 −V 2
EF

2G
+h2

)
(3.38)

where the mean climb gradient γ is defined as follow

γ =
1
s2

∫ s2

s1

T −D
W

ds (3.39)

The distance to come to a standstill aborting take-off after engine failure can be
written as

sstop =
V 2

EF
2astop

+VEF∆t (3.40)

where ∆t is the average pilot reaction time to an engine failure and astop is the
average braking deceleration. The balanced field length is determined imposing
the total accelerate-stop distance sstop equal to the take-off distance in one-engine-
inoperative condition s2. This condition of balancing the field length can be ex-
pressed as a ratio between the critical decision speed V1 and the safety screen
speed V2 [78].

V1

V2
=

√(
1+

2Gh2

V2
2

)/(
1+

γ

astop/G

)
− γG(∆t−1)

V2
(3.41)

The combination of eqs. 3.37 through 3.41 yields the expression

BFL =
V2

2

2G
(

1+ γ

astop/G

) ( 1
a1/G

+
1

astop/G

)(
1+

2Gh2

V2
2

)
+

∆STO√
σ

(3.42)
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where

• the mean climb gradient can be approximated as γ = 0.06+ γ2− γ2Req on
the basis of several assumptions regarding undercarriage drag and ground
effect;

• astop is the average aircraft deceleration that can be assumed 0.37 G even
though with optimum brake pressure on dry concrete 0.45 G→ 0.55 G can
be achieved;

• a1 is the medium acceleration until the critical decision speed V1 which can
be approximated as T/MTOW −µe;

• ∆STO is a distance that the aircraft travel without changing speed before the
pilot react to the engine failure. The reaction time ∆t and distance ∆STO

may be assumed to be approximately 4.5 seconds and 200 m respectively;

• σ is the ratio between the air density ρAir and the average atmospheric den-
sity ρ0 which is ' 1 for most of the cases.

Introducing these approximations into eq. 3.42 the BFL becomes

BFL =
0.863

1+2.3(γ2− γ2Req)

(
MTOW

ρGSwCL2
h2

)(
1

T
MTOW −µe

+2.7

)
+200 (3.43)

The method proposed for engine-boosted aircraft cannot be applied to calculate
the BFL required by an aircraft taking off with the electromagnetic catapult. In
the case of an engine failure the catapult power supply can be interrupted allowing
the aircraft to slow down using its braking system. In the case where the engine
failure occurs at an early stage of the launch the catapult could be even used in
generation mode as a brake, partially recovering the energy transmitted during the
acceleration. In order to be conservative, the BFL is calculated in the hypothesis
the launcher accelerates the aircraft until VR rather than V1. This event may occur
in the case of miss detachment and with the catapult propelling the aircraft until
the speed VR. Then an aircraft decelerating at astop = 0.37 G would cover the
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distance sstop:

sstop =
VR

2

2astop
+VR∆t (3.44)

The balanced field length with an electromagnetic launch system is

BFL = sstop + sRun (3.45)

3.2.3 Take-off Time and Fuel Consumption

The fuel that is burnt during take-off changes across the several take-off phases
shown in Table 3.3 according to the required thrust, aircraft speed, altitude and
environmental conditions of each phase. The mass of fuel burnt FB depends on the
elapsed time of each phase and the respective fuel flow FF that the engines require
to produce the thrust. The fuel flow that is injected into the engines changes with
the thrust according to the curves reported in Fig. 3.8. With the altitude, thrust
and Mach number obtained from the take-off analysis presented in the previous
sections, the fuel flow can be estimated interpolating the data in Fig. 3.8.

The fuel flow and the elapsed time of each take-off phase allow the calculation
of the fuel burnt:

FB = FF · t (3.46)

To accurately estimate the variation of variables involved in the take-off analysis,
the total mass of the plane is updated after each phase subtracting the amount of
fuel burnt FB calculated using eq. 3.46 to the initial mass of the aircraft. This is
allowed by the computation of the time required to complete each take-off phase.

The time required by the engine-boosted aircraft to accelerate on the runway and
to complete the airborne phase until the safety screen altitude were computed in
Section 3.2.2 with eqs. 3.31, and 3.34 respectively. When the aircraft accelerates
with the aid of the electromagnetic catapult the engines do not need to provide
any thrust and could work under an idle condition. Since the engines usually
take approximately 4 seconds to pass from the idle to the full-throttle condition,
the changing of the engine rating could happen a few seconds before the lift-off.
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Figure 3.8: Fuel flow across CFM56-A1 engines for several Mach and ISA conditions
[73]

This particular operating mode is taken into account to correctly estimate the fuel
consumption during the aircraft run in the case where the electromagnetic catapult
is implemented.

The take-off terminates at the height hTO = 1500 ft where the aircraft begins
to climb up to the cruise altitude. In general, the airline operators opt for a fast
climb between h2 and hTO to reduce the fuel consumption as much as they can in
the limits allowed by air traffic control. The time required to fly to hTO from the
screen altitude h2 can be determined by integrating the partial differential equation
shown in eq. 3.6 using the variables separation method.∫ tTO

0
dt =

W
T −D

(∫ VTO

V2

dV
G

+
1
V

∫ hTO

h2

dh
)

(3.47)

where VTO is the speed at hTO which is assumed 250 kts (131.4 m/s) and the
average speed V is calculated as (VTO +V2)/2. The solution of the integrals gives

tTO =
W

T −D

[
VTO−V2

G
+

2(hTO−h2)

VTO +V2

]
(3.48)



64 3.2. TAKE-OFF PERFORMANCE ANALYSIS

In order to solve eq. 3.48, the average weight W , the average thrust T and the
average aerodynamic drag D need to be estimated.

During take-off the aircraft burns an amount of fuel that is equal to approxi-
mately 0.4% of its initial weight. Thus the average weight can be assumed equal
to the 99.8% of the maximum take-off weight. The average thrust T is com-
puted from the MTO engine rating dataset in Fig. 3.4 using the average altitude
h = (hTO +h2)/2 and the average Mach number M. M is calculated at V consid-
ering the speed of sound at altitude h.

The average aerodynamic drag can be computed from the average air density
ρAir, the average drag coefficient CD and the average speed V as

D =
1
2

ρAirCDSwV 2 (3.49)

The air density changes with altitude and atmospheric conditions and the mean
value between two different heights can be found using

ρAir =
1

hTO−h2

∫ hTO

h2

pAir

RgTair
dh (3.50)

where Rg = 287.05 kJ/kg/K is the specific gas constant of dry air, pAir is the air
pressure and Tair is the air temperature. The atmospheric pressure pAir in the
troposphere (below 11000 ft) can be expressed as [75]

pAir = p0

(
Tair

T0

) G
RgkTro

(3.51)

where the standard atmospheric pressure p0 is 101325 Pa, the standard atmo-
spheric temperature T0 is 288.15 K and the troposphere coefficient kTro is 0.0065.
The temperature in the troposphere varies with the altitude h according to the
expression [75]

Tair = T0− kTroh (3.52)

Substituting eqs. 3.52 and 3.51 into eq. 3.50 and integrating, the average value of
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the air density between the screen altitude and hTO becomes

ρAir =
p0

G(hTO−h2)

[(
1− kTroh2

T0

) G
RgkTro −

(
1− kTrohTO

T0

) G
RgkTro

]
(3.53)

The mean drag coefficient CD in eq. 3.49 takes into consideration the flap re-
traction at 400 ft as indicated in Fig. 3.1, and that the low speed drag polar can
no longer be considered at high speed above 400 ft. Indeed, the low speed drag
polar lacks in accuracy near or above of Mach 0.3 due to the air compressibility
effect on the aerodynamic drag. The high speed drag polar considers the air com-
pression of the flow above the airfoil and the changing of the pressure distribution
over the wings. The drag increase is particularly significant above Mach 0.7 where
the acceleration of the upstream can cause shock waves [79]. The airfoil of the
A320-200 is designed to operate at high Mach number (' 0.73) and to delay the
formation of shock waves. However, when an airfoil shape is optimized for cruise
the low speed aerodynamic is usually described by different drag polars.

The average drag coefficient is estimated under the hypothesis that the aircraft
spends the same time between 35 ft and 400 ft, at 400 ft and between 400 ft and
1500 ft. This assumption is made to simplify the calculation and causes negligible
errors on the estimation of the average drag coefficient although it is not necessar-
ily respected during real flight. Under this assumption the average drag coefficient
can be calculated

CD =
CD2 +CDLS +CDHS

3
(3.54)

Since the flap setting of the wings does not change during the climb segment
between the screen height and the altitude of 400 ft, the drag coefficient remains
equal to the drag coefficient CD2 obtained in Section 3.2.1.2. The drag coefficient
at 400 ft CDLS is calculated using the low speed drag polar with landing gear
retracted in Fig. 3.5 with no flap deflection and considering the low-speed lift
coefficient

CLLS =
2W

SwρAirV
(3.55)

The drag coefficient between 400 ft and 1500 ft CDHS can be determined using
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Figure 3.9: High speed drag polar for an A320 aircraft flying at 950 ft [73]

the high speed drag polar in Fig. 3.9 [73] with the Mach number M and assuming
the high-speed lift coefficient CLHS =CLLS. Even though the variation of the high-
speed drag and lift coefficients with the altitude is negligible within few hundreds
feet, the curves in Fig. 3.9 are plotted for mean altitude between 400 ft and hTO to
get higher accuracy.

Once the time tRun, tAir and tTO are known, they can be substituted in eq. 3.46 to
estimate the respective amount of fuel burnt.

3.3 Take-off Analysis Outcomes

3.3.1 Flight Performance and Fuel Consumption Reduction

The take-off analysis presented above can be used to investigate the take-off per-
formance of an A320-200 with CFM56-5-A1 engines with and without the aid of
an electromagnetic catapult.

The equations described in the previous sections were implemented in a soft-
ware for civil aircraft design called PACE [73]. In particular the C# scripts of
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Table 3.2: Take-off analysis outcomes for two possible mission scenarios

Aircraft mission
Parameter A320 certification EML constant MTOW EML constant Range
MTOW 73500 kg 73500 kg 73447 kg
Payload 14058 kg 14058 kg 14058 kg
Fuel 18273 kg 18273 kg 18221 kg
Range 2450 NM 2460 NM 2450 NM

the software main repository were edited to take into account the electromagnetic
catapult impacts on the take-off phases. The data presented in this section are
computed by PACE activating or deactivating the electromagnetic launch option
from the modified software interface.

When the aircraft takes off with maximum weight, the fuel saved exploiting the
electromagnetic catapult can be used to fly longer distances. On the other hand,
the aircraft that takes off with the catapult can travel the same distance consuming
less fuel and with a reduced take-off weight. Therefore, two possible mission
scenarios can be envisaged:

• constant take-off weight and different mission range;

• mission with a predetermined range and a reduced take-off weight.

The range and the take-off weight calculated under these two circumstances are
given in Table 3.2.

The analyses whose results are shown in Table 3.2 have been carried out for
aircraft transporting the same payload. The payload mass of the A320-200 corre-
sponds to the weight of 138 passengers travelling in economy class and 12 pas-
sengers travelling in business class. Including the luggage, the passenger average
weight is 93 kg for economy class and 102 kg for the business class.

Considering the case of a flight with constant range shown in the third column
of Table 3.2, the aircraft that takes off using the electromagnetic catapult accom-
plishes the mission consuming less fuel. In this situation the maximum take-off
weight reduces and the launcher thrust required to achieve the take-off speed is
less demanding. For this reason, the mission of the aircraft with an initial weight
equal to the A320-200 certified MTOW has been considered to determine the
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Table 3.3: A320-200 take-off history comparison between engine-boosted take-off and
electromagnetic launch

Take-off history of existing A320-200
Start Full throttle Safety Screen Climb

Altitude [ft] 0.0 0.0 35 1500
Time [s] 0.0 23.4 29.6 96.0
Weight [kg] 73500 73439 73422 73252
Fuel Burnt [kg] 0.0 61.4 77.72 248.37
Mach Number 0.0 0.215 0.234 0.388
Speed [m/s] 0.0 72.99 79.66 131.4
Fuel Flow [kg/s] 2.584 2.622 2.630 2.619
Thrust [kN] 222.4 181.1 177.74 163.04

Take-off history with EML
Start Idle Mode Full throttle Safety Screen Climb

Altitude [ft] 0.0 0.0 0.0 35 1500
Time [s] 0.0 7.6 11.6 17.8 84.0
Weight [kg] 73500 73498 73487 73471 73300
Fuel Burnt [kg] 0.0 2.14 12.63 28.95 199.8
Mach Number 0.0 0.132 0.215 0.234 0.388
Speed [m/s] 0.0 44.81 72.99 79.66 131.4
Fuel Flow [kg/s] 2.584 0.281 2.622 2.630 2.619
Thrust [kN] 222.4 0.0 181.1 177.74 163.04

catapult requirements. All the results in this section are calculated under this as-
sumption unless otherwise specified.

Table 3.3 shows a comparison between the conventional and assisted take-off
history in order to further describe the impact of the catapult across the take-off
phases. When the aircraft is propelled by the electromagnetic catapult, the engines
do not need to provide any thrust and they initially work in idle condition. Since
the engines usually take approximately 4 seconds to pass from idle to full throttle,
the fuel consumption increases only few seconds before the aircraft leaves the
ground. This particular operating mode is highlighted in the second part of Table
3.3 where an extra column is used to distinguish the two engine ratings adopted
during the take-off run. The engines in idle condition requires a reduced fuel flow
which has a positive impact on the amount of fuel burnt during take-off.

Table 3.3 also shows the elapsed time and the cumulative amount of fuel burnt
across the take-off segments. The acceleration increase due to the electromagnetic
catapult allows the completion of the take-off operation in a shorter time. Addi-
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Table 3.4: A320-200 flight data comparison between engine-boosted take-off and electro-
magnetic launch

Flight Profile with conventional take-off
Parameter Fuel [kg] Time [min] Mass [kg] Distance [NM]
Taxi out 74.6 6.0 73575 0.0
Take-off 248.4 1.6 73500 0.0
Climb 1488.1 15.0 73252 84.9
Cruise 12521.8 319.2 71763 2233.4
Descent 265.1 20.6 59242 123.1
Landing 85.0 5.0 58977 0.0
Taxi-in 74.6 6.0 58892 0.0

Flight Profile with EML
Parameter Fuel [kg] Time [min] Mass [kg] Distance [NM]
Taxi out 74.6 6.0 73575 0.0
Take-off 199.8 1.4 73500 0.0
Climb 1489.6 15.1 73300 95.0
Cruise 12569.0 320.3 71811 2241.2
Descent 265.1 20.6 59242 123.1
Landing 85.0 5.0 58977 0.0
Taxi-in 74.6 6.0 58892 0.0

tionally, shorter is the time spent under MTO engine rating at high fuel flows.
A comparison of the total amount of fuel burnt after the take-off shows that the
electromagnetic catapult allows a fuel saving of 48.5 kg.

In order to quantify the benefit of an EML system across the whole flight, the
analysis of the aircraft performance was not limited only to take-off, but it was
extended to the other flight phases: taxiing, climb, cruise, descent and landing.
The techniques needed to estimate the quantities shown in Table 3.4 are beyond
the scope of this work. A way to obtained these results may be found in several
aircraft design manuals [78, 76, 79]. The analysis of the full flight is useful to
estimate the effect of radical aircraft configuration changes such as the installation
of new engines proposed in Section 3.3.5.

The analysis of the whole flight allows the visualization of the fuel burnt in each
flight segment. For example, the flight analyses in Table 3.4 show that the A320-
200 takes off and lands with the same weight and the same amount of propellant
in the tanks, but different quantities of fuel are burnt across the several flight seg-
ments. The fuel saved with assisted take-off is redistributed among cruise and
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Table 3.5: A320-200 fuel consumption comparison between engine-boosted take-off and
electromagnetic launch

Fuel details for a 2450 NM mission
Parameter Engine Take-off EML take-off
Trip 14758 kg 14708 kg
Flight 14608 kg 14559 kg
Reserves 3590 kg 3588 kg
Total 18273 kg 18221 kg

climb to enable the aircraft to travel longer distances.
The summation of the fuel consumed during the several flight segments in Table

3.4 does not correspond to the total amount of fuel in the tanks reported in Table
3.2. The extra fuel has to be carried to cope with unforeseen events such as:

• air traffic control preventing the aircraft flying at its optimum altitude. The
thrust required to withstand a fiercer aerodynamic drag increases and the
fuel consumption rises;

• the head wind might be stronger than forecast;

• thunderstorms might force the aircraft to depart from the planned flight path
and follow longer routes to reach the final destination;

• the destination airfield may have traffic problem and the aircraft may have
to fly in holding position until cleared to land;

• the flight may be diverted due to sudden closure of the destination airport
for weather conditions, accidents or other operational reasons;

Table 3.5 shows the amount of fuel burnt to complete a mission of 2450 NM
including the reserves and reports the fuel required to reach the destination for an
aircraft starting with conventional take-off and assisted take-off. The meaning of
each variable is explained as follow:

• "Trip" is the summation of the fuel consumed from the moment the aircraft
exit the departure gate to the instant it reaches the destination gate. It may
be calculated summing the fuel burnt during the several flight segments re-
ported in Table 3.4;
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• "Flight" represents the fuel consumed when the aircraft flies, takes off and
lands. It is calculated subtracting from "Trip" the fuel consumed during
taxiing operations;

• "Reserves" represents the amount of fuel that is loaded into the aircraft for
safety reasons and is required to cope with the aferementioned events. The
fuel reserve calculation must include [80]:

1. the fuel required to cover 200 NM on top of the mission range in cruise
condition in case of diversion to another airport;

2. 30 min of extra landing operations at 1500 ft in case the destination
runway is momentarily inaccessible;

3. 5% of the fuel consumed during the flight ("Flight" in Table 3.5), for
any other possible contingency.

The fuel reserve generally includes the fuel required for the Taxi-Out oper-
ations;

• "Total" is the amount of fuel that is loaded into the aircraft and is computed
summing to "Trip" the fuel reserves and subtracting the fuel required during
Taxi-Out operations.

3.3.2 Runway Length Reduction

The comparison between the outcomes of conventional take-off analysis and as-
sisted take-off analysis is presented in Table 3.6. The electromagnetic catapult
does not affect the flap deflection required during the initial acceleration and
the climb gradient γ2 attained at screen altitude. Consequently, the characteris-
tic speeds Vs, V2, VLOF and VR in Table 3.6 do not change with the implementation
of the launcher. The catapult increases the average acceleration during the take-
off run reducing the time and the distance required to reach the rotation speed as
shown in Table 3.6.

Since the aircraft detaches before the lift-off, the catapult has no effect on the
time and on the distance required to complete the airborne phase. Assisted take-off
allows significant Take-Off Distance and Balanced Field Length reduction with
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Table 3.6: A320-200 take-off performance comparison between engine-boosted take-off
and electromagnetic launch

Take-off performance
Parameter Engine Take-off EML take-off
Climb gradient 2.471% 2.471%
Max lift coefficient 2.181 2.181
Aerodynamic Efficiency 11.89 11.89
Flap deflection 14° 14°
Stall Speed 66.35 m/s 66.35 m/s
Rotation speed 68.35 m/s 68.35 m/s
Lift-off speed 72.99 m/s 72.99 m/s
Screen Speed 79.62 m/s 79.62 m/s
Run time 23.41 s 11.62 s
Airborne time 6.21 s 6.21 s
Run distance 1208 m 397 m
Airborne distance 482 m 482 m
TOD 1944 m 1011 m
BFL 2256 m 1348 m
TOFL 2256 m 1348 m

respect to a conventional take-off achieving a runway length reduction (TOFL in
Table 3.6) of the 40%.

EML systems have the potential of reducing runway length even further consid-
ering that the data shown in Table 3.6 for assisted take-off was computed using the
same technique adopted for conventional take-off. In particular, the distance sstop

in eq. 3.44 depends on the deceleration due to the action of a conventional braking
system whose performance depends on the pavement condition. The EML system
may be used as electromagnetic brake that can decelerate the aircraft at higher
rates and independently from external and environmental factors in case of engine
failure. For, instance with a deceleration equal to the aircraft acceleration during
assisted take-off, a runway length reduction of 51% can be estimated. Section
3.3.3 will also show in Table 3.7 that the TOFL reduction using an electromag-
netic catapult in adverse environmental conditions can reach 52% of the runway
length required by engine-boosted aircraft in the same atmospheric conditions.

The reduction of the runway length required at take-off is one of the major ben-
efits of EML systems. Actual runways could respond to the air traffic growth
without the need of expensive airport extension through the implementation of an
electromagnetic catapult. Beside the possibility of avoiding airport extensions,
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Table 3.6 shows that the EML system implementation may allow the use of ac-
tual runways to serve two aircraft taking off simultaneously from the center of
the runway and accelerating in opposite directions, thereby doubling airport ca-
pacity. For this reason, EML launch systems may be a viable alternative either to
Heathrow third runway or to the Heathrow runway extension proposals of £17.6
billion and £14.4 billion respectively [2].

3.3.3 Catapult Requirements

The take-off analysis outcomes in Section 3.3.1 were calculated under the hypoth-
esis of an aircraft operating in ISA condition at sea level. However, the rotation
speed VR, which represents the end-speed requirements of the electromagnetic
catapult, may sensibly vary in different environments. Since the catapult has to
cope with all the weather conditions, this section aims to find the worst case com-
bination of environmental factors that allow the right selection of the end-speed
requirement to size the launcher.

What mainly affects the rotation speed is the engine thrust decrease with low air
density and high environmental temperature. These conditions may be encoun-
tered at airport located above sea level and at low latitude. In order to determine
the catapult end-speed requirement under adverse environemental conditions, the
take-off analysis was carried out at 35 °C (ISA+20 K [79]) and at an altitude of
3000 ft (approximately 915 m). The results of the take-off analysis under these
conditions are shown in Table 3.7, and conventional and assisted take-off are com-
pared.

Table 3.7 shows a rotation speed which is 6 m/s faster than the rotation speed
calculated at ISA conditions at sea level, shown in Table 3.6. As expected, the
value of VR at ISA+20K shows that the end-speed requirement of the electro-
magnetic catapult should consider the variation of the engine performance with
environmental conditions in order to attain a speed that allows the aircraft to pro-
ceed with the climbing phase. If only the ISA+0K conditions are considered, in
adverse environmental conditions engines will be used to accelerate the aircraft to
VR after the catapult detaches.

A successful design of an electrical motor imposes the selection of a safety
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Table 3.7: Take-off performance comparison in ISA+20 K condition at 3000 ft

Parameter Engine Take-off EML take-off
Climb gradient 2.427% 2.427%

Max lift coefficient 1.881 1.881
Lift-Drag Ratio 13.92 13.92
Flap deflection 5° 5°

Stall Speed 71.44 m/s 71.44 m/s
Rotation speed 74.32 m/s 74.32 m/s
Lift-off speed 78.58 m/s 78.58 m/s
Screen Speed 85.73 m/s 85.73 m/s

Run time 33.41 s 12.63 s
Airborne time 7.52 s 7.52 s
Run distance 1857 m 469.4 m

Airborne distance 629.1 m 629.1 m
TOD 2779 m 1263 m
BFL 3208 m 1565 m

TOFL 3208 m 1565 m

margin with respect to the desired end-speed requirement. The safety screen speed
V2 is approximately 15% greater than the rotational speed VR and this margin is
considered adequate for EML design purposes. With such an achievable speed
excess the EML system will be capable of coping with any take-off condition.
Therefore, the sizing technique presented in Chapters 4, 5 and 7 will consider the
speed V2 shown in Table 3.7 as end-speed requirement even though the speed to
attain remains VR.

The electromagnetic catapult has to provide the same acceleration rate during
the whole take-off procedure overcoming the aerodynamic drag and the friction
with the runway pavement. In order to be conservative on the thrust requirement
calculation, the weight of the aircraft will be considered constant over the ac-
celeration phase and the aerodynamic drag coefficient estimated at V2 using the
air density at sea level will be applied during the whole acceleration. Therefore
instantaneous required thrust can be estimated as

Fx = 0.6GmA320 +D+µA320(mA320 G−L) (3.56)

where µA320 is the friction coefficient with the ground (0.02 for a paved runway),
and D and L are the aerodynamic drag and lift that can be respectively computed
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Figure 3.10: Required thrust during aircraft acceleration and respective thrust components

as

D =
1
2

ρAirSwCD2V 2 (3.57)

L =
1
2

ρAirSwCL2V 2 (3.58)

The thrust profile needed to accelerate a fully loaded A320-200 aircraft until
the required end-speed and the respective thrust components are shown in Fig.
3.10. Since the aerodynamic drag grows with the square of the aircraft velocity,
the maximum thrust is delivered when the aircraft reaches the end-speed.

The main catapult requirements are summarized in Table 3.8. The minimum
time between two consecutive launches is defined as cycle time in Table 3.8.
A minimum cycle time must be imposed between aircraft taking off, to ensures
safety both at take-off and in-flight. Since wake vortices are left behind aircraft
wings, they might affect following aircraft if they take-off too soon. The selected
cycle time allows the vortices to viscously dissipate their energy and prevents any
deterioration of the aerodynamic performance of next aircraft. This time separa-
tion between take-off should be at least one minute [81], but it is considered to
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Table 3.8: Requirements of the EML system for civil aircraft

Catapult end-speed 85.73 m/s
Max Thrust 502.9 kN
Acceleration 0.6 G
Cycle time 90 s

be 90 seconds to enlarge the safety margin. The minimum separation between
launches corresponds to the time the machine spends at rest and it is a useful data
for the thermal design of the electrical catapult.

The take-off performance analysis in adverse environmental conditions pre-
sented in this section does not consider the common practice of reducing the thrust
losses at high atmospheric temperatures through water-methanol injection. A mix-
ture of water and methanol is usually sprayed into the compressor inlet or injected
in the combustion chamber and, as the liquid evaporates, it cools and thickens the
air and with the same air speed the mass flow through the engine increases. How-
ever, since high temperature is needed after the combustion chamber, the turbine
entry temperature is restored by the combustion of methanol which normally re-
leases more energy than the aircraft propellant. With the use of water-methanol
injection the rated thrust can be maintained up to a deviation of 20 K from the
standard atmosphere and if required it can be increased by about 3% to 7% in ISA
conditions [78].

3.3.4 Noise and Exhaust Emission Reduction

The comparison between take-off histories and performances in Tables 3.3 and
3.6 has shown that the catapult impacts the take-off distances and times leading to
lower fuel consumption. The 48.5 kg of fuel that can be saved during each A320-
200 aircraft take-off can be used to extend flight distances or can be removed
to fly with a lighter aircraft. Even though the propellant saved in a single flight
is just a small portion of the total amount of fuel on board the aircraft at the
departure, considering an airport like Heathrow with approximately 650 flights
per day and assuming the same fuel saving for each take-off, about 31525 kg of
fuel can be saved on a daily basis. Although there are many kinds of airplanes
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Table 3.9: CFM56-5A1 engine exhaust emission data

Mode Power Setting Emission Indices [g/kg]
HC CO NOx

Take-off 100% 0.23 0.9 24.6
Climb out 85% 0.23 0.9 19.6
Approach 30% 0.40 2.5 8
Idle 7% 1.4 17.6 4
Emission reduction at Heathrow [g/day] 7251 28373 775515
Exhaust emission for passenger cars [g/day] 35.4 309.0 22.78
Equivalent number cars 205 92 34044

with different fuel consumptions, maximum thrusts and take-off times that depart
from Heathrow every day, the A320-200’s class of aircraft can be considered as
an average in terms of fuel consumption. The fuel that would not be burnt in
Heathrow with an EML system leads to a cost saving Se that can be estimated as

Se =
mFuel

ρFuel
Fe (3.59)

where mFuel is the mass of fuel saved, ρFuel is the fuel density (approximately
0.803 kg/l) and Fe is the fuel price per litre (which is approximately 0.603 e/l in
this study, but it may significantly change). Applying eq. 3.59 to Heathrow airport
yields a daily saving of 23670e/day and an annual saving of 8.64 Me/year in fuel
investment. This fuel saving is not particularly relevant with respect to the total
annual fuel investment in Heathrow (which is roughly estimated 6200 Me), but it
may significantly impact pollution at ground level.

The engine emission indices per kilo of fuel burnt given in Table 3.9 [82] allow
an estimation of the daily exhaust emission reduction. For every type of pollutant,
the daily emission reduction at ground level is 19.6%. In order to understand
the impact of EML systems the emissions of each pollutant in Table 3.9 were
compared with the respective car daily emission [83]. For instance, the NOx
emission reduction at the airport is equivalent to the average daily emissions of
34044 cars.

As already mentioned in this thesis, aircraft engines usually take 4 seconds to
pass from idle condition to maximum power. Comparing the time that the engines
spend at full power during conventional take-off and during EML take-off (29.6
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and 10.2 seconds respectively from Table 3.3), approximately 66% noise emission
reduction at ground level may be expected. This noise emission will occur only
near the take-off point, since during most of the acceleration the engine will be
kept in idle condition.

3.3.5 Engine Size Reduction

Sections 3.3.1 to 3.3.4 have shown how the electromagnetic launcher brings sig-
nificant benefits to city airports in terms of take-off field length, fuel consumption,
noise emission and exhaust emission reduction. However it does not seem to im-
ply drastic cost reduction for airline operators which do not experience consistent
annual saving on aircraft operational costs. Indeed, considering that a civil trans-
port aircraft completes approximately 750 flight every year, eq. 3.59 computes an
annual saving of 27315 e/year which is negligible compared to the total annual
expense of 8.227 Me/year.

The take-off analysis presented in Section 3.2 can be applied to estimate whether
it is possible to reduce the engine thrust when implementing an EML system and
respecting the minimum climb out gradient requirement γ2 > γ2Req. When the
installed thrust reduces, size and cross section of the engines decrease propor-
tionally. This section investigates the effect of different rated thrust on the flight
performances of aircraft which have to accomplish the same mission: reach a des-
tination 2450 NM distant carrying a payload of 14058 kg in ISA condition at sea
level. In particular, this analysis aims to quantify the possible fuel and cost saving
that can be achieved by the installation of smaller engines.

Table 3.10 shows the results of the investigation across a thrust range that spans
from the CFM56-5-A1 rated thrust to the minimum thrust level that satisfies the
requirement γ2 > γ2Req.

Assuming constant flap deflection, the reduced engine cross section can only
have a beneficial impact on the aerodynamic drag of the aircraft at take-off for
the reduce nacelle cross section and wet area. The thrust reduction has also a
secondary effect on the aerodynamic drag at take-off: since lighter engines are in-
stalled, the aircraft weight decreases and the lift force required to take-off dimin-
ishes along with it; lower lift means lower take-off speed and lower aerodynamic
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Table 3.10: Take-off and flight performance with reduce engine size and thrust

Thrust
[kN]

γ2% Flap
[deg]

CDC V2
[m/s]

VR
[m/s]

TOFL
[m]

MTOW
[kg]

mFuel
[kg]

mEng
[kg]

mStru
[kg]

A320 engine-boosted take-off
111.2 2.471 14 .03231 79.62 68.35 2256 73500 18273 5921 20929

A320 EML take-off
111.2 2.471 14 .03231 79.59 68.32 1347 73447 18273 5921 20929
110.0 2.525 13 .03229 80.21 68.91 1368 73291 18159 5856 20906
107.5 2.472 12 .03224 80.74 69.51 1389 72988 18054 5719 20860
105.0 2.417 11 .03219 81.26 70.12 1411 72674 17936 5583 20814
102.5 2.486 9 .03214 82.45 71.24 1451 72357 17816 5447 20767
100.0 2.421 8 .03209 82.95 71.79 1471 72061 17715 5312 20721
97.5 2.449 6 .03204 84.08 72.84 1510 71751 17602 5176 20675
95.0 2.434 4 .03199 85.12 73.84 1547 71448 17493 5042 20629
92.5 2.415 1 .03194 86.58 75.09 1594 71157 17397 4907 20583
90.0 2.974 0 .03189 102.5 90.85 2247 70832 17267 4773 20536
87.5 2.793 0 .03184 102.3 90.78 2245 70538 17167 4639 20490
85.0 2.606 0 .03179 102.1 90.74 2243 70270 17092 4506 20445
82.5 2.418 0 .03174 101.9 90.70 2241 69997 17008 4373 20402

drag.

The decrease of the nacelle cross section and wet area causes an additional
drag reduction not only during take-off, but across all the flight phases as well.
For instance, Table 3.10 shows the value of the drag coefficient CDC at 35000
ft and Mach 0.75 to demonstrate the impact of the nacelle size reduction on the
aerodynamic drag during cruise. The aerodynamic drag reduction across the flight
phases causes a fuel consumption reduction that sensibly decreases the amount of
fuel that needs to be carried on board.

The engine thrust and size reductions cause a decrease in the engine mass mEng.
In turn, the reduced engine mass has a positive impact on the mass of the aircraft
structure mStru, for the decrement of the mass of the nacelle and of the engine
structural supports. Aerodynamic drag, engine mass and structure mass reductions
significantly decrease the mass of fuel mFuel needed to reach the final destination
and the maximum take-off weight MTOW as shown in Table 3.10.

Even though the engine size reduction has a such a positive impact on the overall
flight performance and aircraft mass, the installed thrust cannot be indefinitely
decreased. Despite the drag and weight reductions, a lower thrust has such a
strong effect on the take-off characteristics in one engine inoperative condition
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that the flap deflection must decrease to guarantee the passenger safety (condition
represented by the requirement γ2 > γ2Req). Eq. 3.8 used to calculate γ2 shows that
a thrust decrease implies a climb out gradient reduction unless the aerodynamic
drag diminishes as well. The aerodynamic drag reduction at take-off due to the
aforementioned effects is not enough to achieve the required climb out gradient.
As in normal take-off operations the aerodynamic drag must then be reduced by
retracting the flaps.

The effect of the flap deflection reduction prevails on the other positive effects
and the impact of the reduced nacelle cross section on the aerodynamic drag can
be only seen in Table 3.10 looking at the characteristic speeds V2 and VR and at
the TOFL when the flaps are fully retracted and when the thrust is lower than 92.5
kN. For thrusts equal or greater than 92.5 kN, the reduced flap deflection causes
a increment of the speed required to generate the same lift force across the whole
take-off phase. In particular, Table 3.10 shows the increment of the safety-screen
speed V2 and of the rotation speed VR until the flaps are not deflected any more.

Since the catapult is responsible for the aircraft acceleration, the distance sRun

required to propel the aircraft until the catapult’s end-speed is proportional to the
square of VR. When the nose rotation speed rises for the lower flap deflection re-
quired at take-off, the acceleration distance exponentially increases. The airborne
distance sAir increases as well for the lower thrust available between the lift-off
point and the screen altitude. These effects cause a gradual increase of the TOFL
until the thrust reaches 92.5 kN and the flaps have a minimum deflection. When
the flaps are fully retracted, the TOFL reported in Table 3.10 sharply increases and
becomes comparable with the distance required by conventional A320-200 take-
off. With such a low installed thrust the advantage of reducing the runway length
through the EML system implementation is lost. For this reason, it is not practical
to reduce the installed thrust below 92.5 kN. Nevertheless, even this value of the
installed thrust cannot be selected as other important factors need to be taken into
account.

Indeed, the data shown in Table 3.10 was obtained from analyses performed
in standard atmospheric condition at sea level, but the aircraft also needs to op-
erate in several weather conditions. The engine performance decrease with the
altitude and the environmental temperature imposes a limit on the thrust reduction
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and on the respective minimum value of flap deflection at take-off. A maximum
flap deflection reduction of 5° with respect to the rated value can be considered
acceptable in ISA conditions to guarantee successful aircraft operations also in
adverse environments. For this reason, the minimum acceptable installed thrust
highlighted in Table 3.10 is not 92.5 kN, but 102.5 kN which corresponds to 9°
flap deflection. Water-methanol injection can be always used to increase the take-
off thrust if needed.

Therefore, accounting for all the benefits and drawbacks that the engine size re-
duction brings, the installation of an EML launch system may allow future A320-
200 aircraft with an installed thrust of about 102.5 kN to operate. With this total
thrust the aircraft would save 457 kg of fuel each flight if travelling a distance of
2450 NM.

Eq. 3.59 can be applied to estimate the annual cost saving of airline operators
that will own the A320-200 with reduced installed thrust. Considering 750 flights
per year, 257380 e/year can be saved, approximately 3.10% of the total amount
that the airline operator spends to fuel existing aircraft. This cost saving extended
to the full fleet might push airline operators to invest in the installation of multiple
EML systems at several airports.

3.4 Contribution to Knowledge

For the very first time the take-off performance analysis of aircraft including the
effects of an electromagnetic catapult has been carried out in compliance with the
requirements established by Federal Aviation Regulation (FAR). Indeed, the re-
searchers who have investigated EML systems for military applications have been
more concern with the launcher design than with the study of the take-off perfor-
mance of aircraft. In this work, the safety requirements in the case of an engine
failure have received particular attention while research on military technology is
not usually limited by strict safety regulations.

The key findings presented for the first time in this chapter (runway length, fuel
consumption, noise emission and exhaust emission reductions) are an important
added value that may push future research on EML systems for civil applications.
For a very first time a method that can significantly reduce the installed thrust on
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board aircraft without compromising passenger safety and aircraft performance
in case of engine failure was proposed. To achieve these results a software for
civil aircraft design has been edited and improved to simulate the electromagnetic
catapult at take-off.



Chapter 4

Linear Induction Motor

This chapter deals with the design of a Linear Induction Motor (LIM) accounting
for special phenomena like transverse and longitudinal edge effects, which do not
occur or have a negligible impact on rotary machines. An accurate description of
the electromagnetic design procedure of a LIM for a civil aircraft Electromagnetic
Launch (EML) system is proposed, together with an explanation of the methods
that were used to structurally and thermally characterize the moving plate. The
analytical theories are compared with Finite Element Analysis (FEA) results to
validate the adopted design procedures.

4.1 Introduction to LIM for EML

Linear induction machines are particularly attractive for EML application since
they have a cheaper and simpler mover structure than other launcher topologies
which either involve expensive materials like rare earth permanent magnets and
superconducting ceramics or require very precise closed loop position feedback.
Induced current is generated into the LIM’s armature which can be a simple alu-
minium or copper plate. With a low mass mover, LIMs can achieve the maximum
kinetic energy transfer to the aircraft with respect to other motor topologies that
employ heavy materials on the moving part of the machine.

Nevertheless LIMs are characterized by low electromagnetic performances when
compared with other linear electrical machines and the cost increase due to the

83
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power conditioning requirements might sensibly affect the decision on the most
suitable technology for EML applications. The large mechanical airgaps com-
monly required in practical EML systems are augmented by the thickness of the
armature causing significant flux fringing and requiring large magnetising cur-
rents, which in turn increase drive output rating and reduce system power factor.
The limited length of the machine both in parallel and perpendicular direction to
the motion causes phenomena that tend to further reduce the machine power factor
increasing the size, mass and design difficulty of the power inverter.

Despite the expected low electromagnetic performance, the simplicity of the
machine and the possibility of open loop operation make LIM a valid candidate
to investigate for electromagnetic launch applications.

4.1.1 LIM Topology Selection

A linear induction motor can be described as a conventional rotary machine which
has been cut along an axial plane and unrolled to form a flat structure as shown in
Fig. 4.1. This ’unrolling’ routine to generate the single-sided linear machine from
the rotary counterpart can be applied to the primary winding arrangement as well.

Distributed windings are associated with a low harmonic content and are usu-
ally preferred to concentrated windings for the primary of induction machines. In
order to improve the thrust generation capability of the electromagnetic launcher,
the slots of LIM will host distributed winding disposed in a double-layer configu-
ration. Nevertheless, double-layer distributed windings demand additional instal-
lation costs when compare with the simpler tooth winding configuration that can
be implemented in synchronous machines.

In linear motors a normal force acts between rotor and stator, while in rotary
induction machines the normal force cancels due to its symmetrical distribution.
The single-sided configuration can be exploited for active magnetic suspension
taking advantage of the normal force. In single-sided stator configuration the
tooth-slot structure of the flat cage secondary can also be replaced by a conductive
sheet with a ferromagnetic backing plate. The slotted cage secondary allows for a
lower magnetic airgap than the conductive sheet on iron secondary and produces
higher normal forces which can be an advantage when suspension is required [18].
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Figure 4.1: Derivation of LIM from rotary counterpart

To get a net zero normal force a second stator may be added on the other side of
a mover consisting only of a conductive sheet without the ferromagnetic backing
plate, leading to a double-sided LIM configuration as shown in Fig. 4.1. In double-
sided LIMs the ferromagnetic backing plate is not required since the complete flux
path passes through both stators and across both airgaps, with symmetry along the
center line of the secondary. Thus, the conductive sheet can be used alone leading
to a particularly light and simple mover structure.

The double-sided motor does not produce normal force when the mover is sym-
metrically placed between the stators. In this case the slotted secondary topology
could still be used to reduce the magnetic airgap, but the normal force would no
longer be stable. Since electromagnetic launch systems do not require magnetic
suspension and they benefit from having light and simple movers in equilibrium
within the airgap, the double-sided topology has been considered as the most suit-
able for LIM launchers.

LIMs can be classified as passive guideway LIMs or active guideway LIMs as
shown in Fig. 4.2. Two single-sided motors are shown in place of the respec-
tive double-sided version for clarity. In the former case, the conductive plate is
stationary and the full power is either transferred to or generated on the mover.
This topology has been commonly adopted in transportation for MAGLEV trains,
where the cost of an active guideway can be considerable. The on board gen-
eration of tens of MW required by the electromagnetic launch would drastically
increase the weight of the mover and a considerable portion of the input energy
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Figure 4.2: Linear induction motor topologies

would be wasted to accelerate the heavy power supply. In LIMs with passive
guideways power can be also transferred on board through moving electric con-
tact. The transfer of the full power on the mover would require an on board power
conversion system with consequent additional weight, energy waste, and non neg-
ligible engineering challenges. Alternatively, a LIM with an active guideway has a
moving conductive plate and stationary stators fed by external power systems and
no power supply or power conditioning systems are required on board the vehicle.

The conductive sheet is often made out of aluminium for its low density, high
electrical conductivity and good structural properties while copper may be se-
lected to take advantage of its higher electrical conductivity and melting point.
Aluminium is preferred for EML applications to reduce the active power needed
from the catapult and transfer the most of the kinetic energy to the aircraft. Never-
theless, an accurate estimation of the temperature increase on the conductive plate
is required to prevent structural failures or melting. Therefore a double-sided LIM
with an active guideway and an aluminium secondary has been selected for EML
to improve the energy transfer to the aircraft while reducing the weight and com-
plexity of the mover.

It is worth mentioning another possible classification of LIMs: long primary
LIM (with short secondary) and long secondary LIM (with short primary). The
former option coincides with the active guideway LIM in Fig. 4.2A. The latter
topologies is similar to the motor B in Fig. 4.2 where the conductive sheet be-
comes the moving part and the short mover becomes stationary. This option is not
suitable for EML since it would entail a moving plate with the runway length.
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4.2 Circuit Theory, Field Theory and Goodness Cri-
terion

A simple model of electromagnetic forces produced between conductors carrying
currents is necessary if any progress is to be made in designing linear induction
motor. In rotating machine studies the equivalent circuit model is extensively used
for it enables the designer to consider the machine as a network of resistors and
inductors, temporally forgetting that he is dealing with moving objects.

Every electrical machine may be considered as an electric circuit and a magnetic
circuit which interact together to convert electrical power into mechanical power
or vice versa. Any other form of energy conversion can be considered as losses
in the machine. For instance, the heat dissipated in conductors while current is
flowing is modelled as a resistance in series with an otherwise perfect electric
circuit. The heat losses in the primary electric circuit are modelled as a resistance
R1, while the rotor losses are represented by the resistance R2 as shown in Fig. 4.3.
Part of the energy of the magnetic circuit is used to link the primary and secondary
and this effect is modelled through an inductance Lm in parallel with the rotor
resistance R2. Unlike the electric losses, the magnetic energy in the inductances is
not dissipated under the form of heat, but it is stored in the magnetic field without
contributing to the generation of mechanical power. The electric circuit losses are
connected in series while magnetic circuit inductances are connected in parallel.
This means the more efficient the electric circuit the lower R1 and R2, whereas
the more efficient the magnetic circuit the larger Lm. Since not all the magnetic
flux is routed exactly across the airgap, the portion that does not link both primary
and secondary circuits can be regarded as a series leakage inductances L1 and L2

respectively.

The magnetic circuit has a second kind of loss due to eddy currents and hystere-
sis loop of ferromagnetic materials. Eddy currents can be treated as a third electric
circuit with an electromotive force induced by the same flux and therefore to be
regarded as an impedance in parallel with the magnetizing reactance Xm = ωLm.
The eddy currents effect is proportional to the magnetic flux Φ2

m and can be rep-
resented as a fictitious resistance connected across a voltage proportional to Φm,
i.e. in parallel with Xm. The same parallel-connected resistor is used to repre-
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Figure 4.3: Equivalent circuit of induction machines

sent hysteresis losses, even though they do not behave as eddy currents. As first
approximation hysteresis losses are considered proportional to B2.

Linear and rotary induction machines can be sized by the mean of the steady
state equivalent circuit shown in Fig. 4.3. Since the force F produced on the
mover by the magnetic field wave which travels at synchronous speed vs is equal
to the force produced by the mover on the load at speed vr, the mover power
equation may be written as

Fvs−Fvr = P2 (4.1)

where P2 is the power lost in the secondary. Each side of eq. 4.1 for the linear case
can be divided by Fvs leading to eq. 4.2.

vs− vr

vs
=

P2

Fvs
=

P2

Pi
= s (4.2)

where s is also called slip frequency. Since all the mover losses can be attributed
to an equivalent resistance R2 and having defined the mover efficiency as

Pi−P2

Pi
= 1− P2

Pi
= 1− s (4.3)

the mover power input may be represented as a fictitious resistance R2/s. The
resistance R2/s is often subdivided into R2 to represent the mover losses R2I2

2 and
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the reminder R2(1− s)/s for the mover power output as shown in Fig. 4.3.

Any required information on induction machines can be extracted from the
equivalent circuit, but the complexity of the computation to determine the mo-
tor performance may need some approximations. The most common assumption
is that the iron loss resistance Rm is much larger than any other components. This
assumption introduces larger and larger errors as the mover speed approaches to
synchronism, but if the full-load force occurs at sufficient large slip the approxi-
mate equivalent circuit will give results of the required accuracy for most of the
values of slip frequency. It is a common practice to reconsider the iron loss on the
computation of the total active power and efficiency.

Based on the electromagnetic power definition, the force generated along the
direction of the motion by three phase secondary current may be computed as

F = 3
R2

s
I2
2

vs
(4.4)

The Kirchoff laws applied to the equivalent circuit in Fig. 4.3 allow to express
the secondary current as a function of the primary current.

I2
2 =

X2
m

(R2/s)2 +(X2 +Xm)2
I2
1 (4.5)

where X2 = ωL2 is the secondary leakage reactance. Substituting the secondary
current (eq. 4.5) in eq. 4.4 the synchronous thrust may be expressed as a function
of the primary current as

F =
3(R2/s)X2

m

vs

[
(R2/s)2 +(X2 +Xm)2

]I2
1 (4.6)

having a maximum where

smax =
R2

X2 +Xm
(4.7)

The general relation between thrust and slip frequency of an induction motor is
shown in Fig. 4.4.
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Figure 4.4: Variation of the force of induction motor with the slip frequency

4.2.1 The Goodness Factor G

The circuit model can be easily used to compute fundamental machine properties
like efficiency with reasonable accuracy. The value of efficiency of an induction
machine indicates the portion of real power that is converted to useful mechanical
power and is not dissipated under the form of heat. However, the quality of a
machine cannot be only determined by the calculation of its efficiency, because
other factors such as power factor, power density, etc also have a significant effect
on the overall system. The quality of an induction machine has to be evaluated
on the basis of its capability to convert the input power into the desired form of
power.

The goodness factor of an induction machine has been introduced to express
the ability to convert power from one form to another as mentioned in [84] page
23. The mechanical power is the product of force and speed while the force in an
electrical machine is proportional to the product of current and flux. The goodness
factor is therefore concerned with the ability of the electric circuit to produce a
current I from a given electromotive force E and the ability of the magnetic circuit
to produce a flux Φ from a given current. Consequently,

G ∝
I
E
· Φ

I′
(4.8)

The ratio I/E in eq. 4.8 is equal to the reciprocal of the resistance R from the
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Ohm’s law while Φ/I′ is proportional to the inductance L. Eq. 4.8 can be rewritten
as

G ∝
L
R

(4.9)

The goodness factor in eq. 4.8 has the dimension of time, but it should be dimen-
sionless. Since the product Φ · I is the work done by the force, while the goodness
factor is more concerned about machine power conversion, the final expression of
G should contain the angular frequency ω which dimension is the reciprocal of
time.

G =
ωL
R

(4.10)

To understand which is the correct value of L and R to considered in eq. 4.10, it
is important to note that the series of impedance of the primary circuit (R1 and
ωL1 in Fig. 4.3) is independent of the electromagnetic action. The circuit which
really matters for power conversion purposes is the rotor one, whence in absence
of secondary leakage reactance the value of G is simply given by

G =
ωLm

R2
=

Xm

R2
(4.11)

It is now important to correlate the expression of G with the physical dimensions
of the induction machine. Equations 4.8 and 4.10 have shown how the goodness
factor is proportional to the product of the following quantities

G ∝
1
R
· 1

ℜ
· f (4.12)

where ℜ is the reluctance of the machine and the reciprocal of the inductance L.
Calling Ae and le the area and the length of the electric circuit and Am and lm the
area and the length of the magnetic circuit eq. 4.12 can be rewritten as

G ∝
Ae

ρle
· µ0Am

lm
· f (4.13)

where ρ is the resistivity of the material and µ0 the permeability of the void. Con-
sidering the dimensions illustrated in Fig. 4.5 the length of the magnetic circuit
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Figure 4.5: Section of a single-sided linear induction motor

may be taken, in the first instance, to be the length of the airgap, while the length
of the electric circuit is the stator width 2a. The area of the electric circuit is given
by the product between the pole pitch τ and the mover thickness dAl , while that
of the magnetic circuit is the product between the pole pitch and the stack width.
Eq. 4.13 can be rewritten as

G ∝
τdAl

ρ2a
· µ0τ2a

g
· f ∝

µ0τ2 f dAl

ρg
(4.14)

The constant of proportionality needed to write eq. 4.14 as an equality is 2/π

[84]. This constant takes into account the sinusoidal distribution of flux and cur-
rent and relates the inductance to the inverse of reluctance on any given system of
units. The goodness factor becomes

G =
µ0τ2ωσdAl

π2g
(4.15)

where ω = 2π f and σ = 1/ρ .

In application like electromagnetic launch system the value of G is necessary
to evaluate the performance of the machine. Thermal and structural requirements
of EML systems fix the aluminium plate thickness and the airgap length so that
the goodness factor is proportional to τ2ω . The launch end-speed vTO = τω/π

depends on the aircraft take-off performances and the product ωτ is given. The
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goodness factor of LIM for EML application is therefore proportional to the pole
pitch τ . To increase the power output for a given stator loss, large pole pitch and
low frequency are needed to get high goodness factors.

4.2.2 Field Theory and Special LIM Phenomena

Both linear and rotary induction machines can be modelled through the equivalent
circuit in Fig. 4.3. However, linear machines present some specific phenomena
that either do not exist, do not have the same extent or are negligible in the rotary
case. Linear induction machines suffer larger airgap fringing and skin effect than
their rotary counterparts, while the finite length and width of the mover cause so
called end-effect and edge-effect respectively. An accurate model of LIMs needs
to consider these phenomena to correctly estimate the machine performance.

The impact of airgap fringing, skin effect, edge-effect and end-effect on the per-
formance can be modelled by the mean of factors which multiply either the airgap
length g or the rotor electric conductivity σ . In turns, both electric conductiv-
ity and airgap length are parameters involved in the calculation of the machine
goodness factor as shown in eq. 4.15. Therefore, the sizing techniques for rotary
induction machines can be employed in the linear case once the factors related to
special LIM phenomena are estimated.

4.2.2.1 Airgap Fringing

When the magnetic airgap becomes rather large a portion of primary flux does not
cross the airgap following a straight path, but it tends to bulge following a longer
path as shown in Fig. 4.6. This phenomenon causes an increase of the affective
area of the airgap and a decrease of the magnetic field density within it. This effect
is often indicated as airgap fringing and this section introduces the field theory to
model it.

The total magnetic airgap of a double-sided LIM gm is larger than the mechani-
cal airgap g and depends on the reaction plate thickness as shown in eq. 4.16.

gm = K×g+dAl (4.16)
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Figure 4.6: Airgap fringing in a double-sided induction motor

where K = 1 for single-sided LIM while K = 2 for double-sided LIM. The reac-
tion plate is likely to be thick to withstand the mechanical and thermal stresses,
especially for applications like EML systems where high traction forces and high
current densities are involved.

The fringing effect due to the mechanical airgap gm can be described by consid-
ering a fictitious machine with a larger airgap where the flux is assumed to cross
normally at all points. A fringing factor kFg is introduced to represent the ratio
between the mechanical airgap of the fictitious motor and the mechanical airgap
of real induction machine. The equivalent circuit can be applied to the machine
with larger airgap where no fringing is imposed considering an airgap length equal
to kFg ·gm.

The fringing factor depends on the flux distribution between stators which can
be determined assuming that [85]:

• the excitation field is supposed to exit on an infinitely thin sheet of a per-
fectly conducting material according to the law ~J2 = J2 sin(πx/τ) where x

is the direction of the motion;

• the stator is considered to be one meter wide, but part of an infinitely large
system to neglect edge effect;

• the stator is also considered to be infinitely long to ignore end effects.
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Under these assumptions, the vector potential A due to a filament of current
positioned between the stators can be computed using the method of images de-
rived by Moullin [86]. When the current filament ~J2dl is located on one boundary
surface of the mover the vector potential becomes

A =
~J2dl
2π

log
[

cosh
(

πx
gm

)
− cos

(
πy
gm

)]
(4.17)

The magnetic field along x direction due to the current filament is given by

Hx =
∂A
∂y

=
~J2dl
2gm

sin
(

πy
gm

)
cosh

(
πx
gm

)
− cos

(
πy
gm

) (4.18)

Integrating eq. 4.18 with respect to dl from −∞ to ∞ on one side of the gap yields

Hx = J2 sin
(

πx
τ

) sinh
(

π(gm−y)
τ

)
sinh

(
πgm

τ

) (4.19)

Since ∇×H = 0 then ∂Hx/∂y = ∂Hy/∂x and the magnetic field along y axis can
be expressed as

Hy = J2 cos
(

πx
τ

) cosh
(

π(gm−y)
τ

)
sinh

(
πgm

τ

) (4.20)

When a double-sided stator is considered the excitation filaments ~J2dl are lo-
cated on both the boundary surfaces of the mover. By superposition of the effects
of the current filaments eqs. 4.19 and 4.20 for the double-excited system become

Hx = J2 sin
(

πx
τ

) sinh
(

π(gm−y)
τ

)
− sinh

(
πy
τ

)
sinh

(
πgm

τ

) (4.21)

Hy = J2 cos
(

πx
τ

) cosh
(

π(gm−y)
τ

)
− cosh

(
πy
τ

)
sinh

(
πgm

τ

) (4.22)

When the flux is assumed to cross the airgap normally at all points, the magnetic
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flux density can be calculated as

Bg =
µ0τJ2

πgm
cos
(

πx
τ

)
(4.23)

For the single-sided case, the magnetic flux density BySS = µ0Hy along the excita-
tion plane (y = 0) can be derived from eq. 4.18 as

(BySS)y=0 = µ0J2 cos
(

πx
τ

)
coth

(
πgm

τ

)
(4.24)

The ratio of the magnetic field densities in eqs. 4.23 and 4.24 yields an expression
of the fringing factor for a single-sided LIM.

kFg =
(BySS)y=0

Bg
=

πgm

τ
coth

(
πgm

τ

)
(4.25)

In a similar way the the magnetic field density ByDS of a double-sided LIM can be
computed from eq. 4.22 as

(ByDS)y=0 = µ0J2 cos
(

πx
τ

)
tanh

(
πgm

2τ

)
(4.26)

and the fringing factor becomes

kFg =
(ByDS)y=0

2Bg
=

πgm

2τ
tanh

(
πgm

2τ

)
(4.27)

4.2.2.2 Slot Opening Effect

The ideal magnetic flux density distribution in the airgap is represented by a sinu-
soidal wave. The slot openings modulate this shape reducing the performance of
the machine. These disturbances can be represented by a larger mechanical airgap
gme where the magnetic flux density is supposed to vary sinusoidally. The ratio
gme/gm is also called Carter coefficient kc and it is also used for rotary induction
machines design. Carter introduced this coefficient proposing eqs. 4.28 and 4.29
to compute it [87].

kc =
τs

τs−σsbs
(4.28)
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σs =
2
π

arctan
(

bs

2gm

)
− 2gm

πbs
log
(

1+
b2

s
2gm

)
(4.29)

where bs and τs are slot width and slot pitch respectively as shown in Fig. 4.7.

Many other formulas have been proposed to calculate either the Carter coef-
ficient kc or the tooth width reduction factor σs. For instance, when the airgap
length is rather large the Carter coefficient can be estimated as

kc = 1+
τs

2πgm

[(
1+

bs

τs

)
log
(

1+
bs

τs

)
+

(
1− bs

τs

)
log
(

1− bs

τs

)]
(4.30)

Matagne [88] established regions where eqs. 4.28 and 4.30 should be used alter-
natively to get higher precision. In combination with the Carter coefficient in eq.
4.28 he proposed the tooth width reduction factor

σs =
2
π

arctan
(

bs

2gm

)
− 2gm

bs
log

√
1+
(

bs

2gm

)2
 (4.31)

In particular, to correctly calculate the Carter coefficient of LIM for EML appli-
cation eq. 4.30 should be used.

Lower Carter coefficient can be obtained reducing the slot opening implement-
ing semi-closed slots with wider tooth tips. Since the tooth tip reactance is lower
than the one of the airgap, magnetic flux tends to concentrate inside the ferro-
magnetic material. This phenomenon may cause saturation, especially in those
application where the magnetic flux density in the airgap is rather large. Linear
induction machines for electromagnetic launch systems require strong magneto-
motive forces to produce the required thrust and the rated magnetic flux density
in the stator is close to the saturation point of the material. For this reason teeth
with the shape shown in Fig. 4.7 were adopted for the induction launcher despite
the increase of the Carter coefficient.

Carter coefficient and the fringing factor kFg can be combined together to ex-
press the equivalent airgap ge as

ge = gm · kFg · kc (4.32)

The equivalent airgap is used in place of the real airgap to estimate the perfor-
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Figure 4.7: Primary key dimensions of a single-sided LIM

mance of the machine, and in particular it replaces g in the calculation of the
goodness factor using eq. 4.15.

4.2.2.3 Skin Effect

The synchronous speed vs of an induction machine is the speed of the travel-
ling magnetic wave in the airgap. The induced currents in the conducting plate
generate a magnetic field which interacts with the existing synchronous field pro-
ducing a force. This force tends to align the two fields till an ideal synchronism
is reached. In reality the secondary wave never reaches synchronization with the
primary field, but travels at a lower speed that is calculated as

vr = (1− s) · vs (4.33)

where vr is also the mover speed. The difference in speed between the travelling
magnetic wave and the mover induces a current with a frequency

fr = s · fs (4.34)

where the primary frequency fs is related to the synchronous speed by the formula
vs = 2τ fs.

In general the rated slip frequency s of LIMs is rather large with respect to
rotary IMs and, according to eq. 4.34, the secondary frequency s fs is large as well.
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Alternating current has the tendency to flow close to the surface of a conductor
within a layer of material whose thickness is inversely proportional to the current
frequency. This phenomenon is called skin effect and the penetration depth of the
alternating current δ in the material of conductivity σAl is

δ =

√
2

2πs fsµ0σAl
(4.35)

The penetration depth represents the distance form the surface where the current
density reaches 63% of its rated value. For higher precisions, the penetration depth
may be corrected by considering the travelling field variation along the motion
direction in a simplified bidimensional airgap field model, rather than using the
AC characteristic of rotary IMs, leading to eq. 4.36 [18].

δ = ℜ

(√
1

(τ/π)2 + js fs2πµ0σc

)
(4.36)

The thickness of the conductive plate of the launcher is constrained by struc-
tural and thermal requirements and can be longer than the penetration depth of the
induced currents. Therefore, skin effect causes the effective resistance of the alu-
minium plate to increase for the reduced effective cross section of the conductor.

Skin effect may be modelled by reducing the conductivity of a factor kskin. Hav-
ing defined ξ = dAl/δAl , the skin effect coefficient kskin can be computed as [18]

kskin = ξ
sinh(2ξ )+ sin(2ξ )

cosh(2ξ )− cos(2ξ )
(4.37)

In the case of double-sided LIM, dAl has to be replaced by dAl/2 in the calculation
of ξ because the field penetrates from both the sides of the conducting plate. The
skin effect coefficient is always grater than one, but if the penetration depth is
larger than the plate thickness its impact can be neglected.

4.2.2.4 Transverse Edge Effect

The conductive plate which has been employed for LIM launchers presents elec-
trical isotropy to the induce electromotive force in all the directions. To portray
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Figure 4.8: Current density and field distribution on a secondary plate

the distribution of the induced current density through the thickness and along
the mover length, a three-dimensional analysis should be carried out. In this sec-
tion, the transverse edge effect will be modelled by a simplified bi-dimensional
theory [20]. This field theory will be applied to a double-sided linear induction
motor as the electromagnetic catapult, but it can be generalized for single-sided
configuration as well.

The machine secondary can be subdivided in an active zone between the stators
and a passive zone which corresponds to the lateral regions overhanging the pri-
mary. These regions are illustrated in Fig. 4.8 where part of the top stator has been
removed to show the instantaneous flux distribution and current loops in the sec-
ondary. In a cage rotor the high resistivity of the bars confined the current paths,
but in a sheet rotor the plate overhangs and the presence of the stator restrict the
current to follow patterns like those in Fig. 4.8. The transverse component J2z

of the secondary current density J2 produces the thrust in the active region. The
presence of the longitudinal component J2x represents an additional loss both in
active and passive zones.



4. LINEAR INDUCTION MOTOR 101

Figure 4.9: Representation of the flux wave in the airgap

When the airgap is small J2x in the active region is minimized by the large im-
peding flux which is set up by any current in x-direction in the passive region. The
resultant currents in the active region flow mainly in transverse direction. With a
large airgap more longitudinal current can flow in proximity or inside the active
region. In this case the flux lines generated by J2x close inside the active zone and
modify the flux density distribution. An example of the resultant flux travelling
wave formed by the summation of the effect of J2z and J2x for large airgaps is
shown in Fig. 4.9 [20]. The net flux alternatively decreases and increases in den-
sity and advances in phase from the middle to the sides of the plate. The overall
effect is a decrease in sheet equivalent electrical conductivity and an increment of
the secondary rotor resistance represented by the coefficient ktr.

The inhomogeneous distribution of magnetic flux density also affects the mag-
netization reactance, but the decrement may be neglected in most practical cases.
Therefore, the variation of the magnetization reactance due to edge effect will
be only shown in this section for completeness of the analysis, but it will not be
reconsidered in the launcher model.

In order to determine the field equations to describe the edge effect and define
an analytical expression of the coefficient ktr some assumptions have to be made.

• The equivalent magnetic airgap ge in eq. 4.32, will be considered in place of
the mechanical airgap gm to account for slotting effect and airgap fringing;
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Figure 4.10: Double-sided LIM cross section

• All the electromagnetic quantities vary sinusoidally in the airgap. In par-
ticular the magnetomotive force (MMF) is represented by its fundamental
travelling wave in secondary coordinates

MMF(x, t) =
3
√

2N1I1kw

π p
e− j(sω1t− π

τ
x) (4.38)

where N1, I1,kw, p and sω1 are turns per phase in series, primary current,
winding factor, number of pole pairs and secondary frequency of induced
currents respectively. This assumption allows the removal of time depen-
dency, hence the theory is applied only to the wave magnitude;

• Outside the boundaries of the active region the field is assumed to be zero,
so that the Laplace’s equation holds for either component of the current
density;

∂ 2J2z

∂ z2 +
∂ 2J2z

∂x2 = 0
∂ 2J2x

∂ z2 +
∂ 2J2x

∂x2 = 0 (4.39)

• The motor length is so large along the motion direction that longitudinal
end effect can be neglected.

The active zone of the double-sided LIM in Fig. 4.10 is the area having z-coordinate
respecting the inequality |z| ≤ ae. The coordinate of the margins of active zone ae
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can be computed as

ae ≈ a+g (4.40)

where a is half of the stack width. Outside the active zone ∇ ·J2 = 0 which means

∂J2x

∂x
+

∂J2z

∂ z
= 0 (4.41)

The general form of Ampere’s law is given by eqs. 4.42 and 4.43 in implicit and
explicit form respectively.

∇× ~H = ~J (4.42)(
∂Hz

∂y
−

∂Hy

∂ z

)
~i+
(

∂Hx

∂ z
− ∂Hz

∂x

)
~j+
(

∂Hy

∂x
− ∂Hx

∂y

)
~k = ~J (4.43)

The transverse edge effect is due to a non-uniform distribution of y-component of
the magnetic field Hy in the airgap while Hx and Hz are normally negligible in the
active region. Therefore, the curl product reduces to

∇× ~H =−
∂Hy

∂ z
~i+

∂Hy

∂x
~k (4.44)

The Ampere’s law is applied to the contour Γ1 and Γ2 shown in Fig. 4.10.

−ge
∂Hy

∂ z
= J2xdAl (4.45)

ge
∂ (Hy +H0)

∂x
= Jm + J2zdAl (4.46)

where the H0 is the initial field in the airgap in the absence of secondary currents
and Jm expressed in A/m is the primary current sheet

Jm =
∂ [MMF(x, t)]

∂x
= j

3
√

2N1I1kw

τ p
(4.47)

where the time dependency of the magnetomotive force has not been considered.
H0 can be obtained from eq. 4.46 imposing J2z = 0 and Hy = 0.

H0 =− j
Jmτ

πge
(4.48)
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A further equation can be derived applying the Faraday’s law shown in eq. 4.49
to the active zone yielding eq. 4.50.

∇×~E =
∂~B
∂ t
⇒ ∇×

~J
σ

= µ0
∂ ~H
∂ t

(4.49)

∂J2x

∂ z
− ∂J2z

∂x
=− jsω1µ0σe(Hy +H0) (4.50)

Eq. 4.50 considers only the component of the curl product along y-direction. The
equivalent conductivity in eq. 4.50 accounts for skin effect and is calculated as
σe = σAl/kskin. Substituting eqs. 4.45, 4.46 and 4.48 into eq. 4.50 yields

∂ 2Hy

∂ z2 +
∂ 2Hy

∂x2 − jsω1µ0σe
dAl

ge
Hy = jsω1µ0σe

dAl

ge
H0 (4.51)

The solution of eq. 4.51 is

Hy = H0
jsω1µ0σe

dAl
ge(

π

τ

)2
+ jsω1µ0σe

dAl
ge

[Acosh(αz)+Bsinh(αz)] (4.52)

with α
2 =

(
π

τ

)2
+ jsω1µ0σe

dAl

ge

where A and B are integration constants. The magnetic field Hy in eq. 4.52 can be
expressed as a function of the equivalent goodness factor Ge as

Hy = H0
jsGe

1+ jsGe
[Acosh(αz)+Bsinh(αz)] (4.53)

with α
2 =

(
π

τ

)2
(1+ jsGe)

Eq. 4.53 can be inserted into eqs. 4.45 and 4.46 to obtain an expression for the
current densities J2x and J2z as

J2x =
Jm

dAl

jsGe

1+ jsGe

π

τ
α [Asinh(αz)+Bcosh(αz)] (4.54)

J2z =−
Jm

dAl

jsGe

1+ jsGe

(
π

τ
α

)2
[Acosh(αz)+Bsinh(αz)] (4.55)

In order to determine the final expression of magnetic field and secondary cur-
rent density some extra equation are needed to compute the integration constants
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in eqs. 4.53, 4.54 and 4.55. On the conductive sheet overhangs the Laplace’s law
expressed by eq. 4.39 can be solved for one current density components whereas
the condition ∇ · J2 = 0 can be applied to the other one leading to

J2z =−C sinh
[

π

τ
(c− z)

]
,

J2x = jC cosh
[

π

τ
(c− z)

]
,

J2z =−Dsinh
[

π

τ
(c+ z)

]
,

J2x = jDcosh
[

π

τ
(c+ z)

]
.

for

for

ae < z≤ c

−c≤ z <−ae

(4.56)

where C and D are integrations constants. For the current density continuity the
integration constants can be calculated equating eqs. 4.54, 4.55 and 4.56 in z =

±ae.

Once constants A and B are computed they can be replaced in eq. 4.53 and
using the relation By = µ0Hy the expression of the magnetic field density across
the airgap can be derived as

By =− j
µ0Jmτ

geπ(1+ jsGe)

[
1− jsGe

1+ jsGe
λ

cosh(αz)
cosh(αae)

]
, (4.57)

where λ =
1

1+
√

1+ jsGe tanh(αae) tanh[π

τ
(c−ae)]

The impact of the edge-effect on the value of R2 and Xm of the induction motor
equivalent circuit can be found by calculating the net voltage induced by the flux
wave in one phase of an ideal stator winding having sinusoidal distribution of the
coil turns. The induced voltage in any turn Ec can be computed integrating the
product between wave velocity and magnetic field density along the z-coordinate.

Ec =
τ

π

ω√
2

∫ ae

−ae

Bydy =

=− j

√
2aeµ0ωτ2Jm

geπ2(1+ jsGe)

[
1− jsGe

1+ jsGe

λ

αae
tanh(αae)

]
(4.58)

The phase winding induced voltage under a single pole can be computed integrat-
ing the product between the induced voltage in a single conductor and the ideal
full pitched coil distribution which varies sinusoidally along x. To get the entire
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induce voltage E it is necessary to consider all the 2p poles of the machine.

E = 2p
∫

τ

0
Ec

N1

2p
kwℜ

(
e− j π

τ
x
)

dx

=− j
2
√

2πaeJmN1kwGe

σedAl(1+ jsGe)

[
1+ j

sGeλ

αae
tanh(αae)

] (4.59)

Eq. 4.47 can be inserted in eq. 4.59 to compute the secondary impedance Zs =

−E/I

Zs =
12ae(N1kw)

2

σedAlτ p
s+ j/Ge

s2 +1/G2
e

[
1+ j

sGeλ

αae
tanh(αae)

]
(4.60)

Considering that the secondary resistance can be expressed as

R2 =
12ae(N1kw)

2

σedAlτ p
(4.61)

the secondary impedance can be rewritten as

Zs = R2
1

s2 +1/G2
e

(
sKR + j

1
Ge

KX)

)
(4.62)

where the correction factors KR and KX are given by

KR = 1−ℜ

[
(1− jsGe)

λ

αae
tanh(αae)

]
(4.63)

KX = 1+ℜ

[
(sGe + j)sGe

λ

αae
tanh(αae)

]
(4.64)

By equating real and imaginary parts, the equivalent parallel connected resistance
and reactance are found to be

R2e

s
=

R2

s
K2

X
KR

1+(sGeKR/KX)
2

1+(sGe)2 (4.65)

Xme = XmKX
1+(sGeKR/KX)

2

1+(sGe)2 (4.66)

The ratio between the equivalent secondary resistance R2e/s in eq. 4.65 and the
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real secondary resistance R2/s is

ktr =
K2

X
KR

1+(sGeKR/KX)
2

1+(sGe)2 (4.67)

which can be used to express the impact of the edge-effect on the machine perfor-
mance.

The equivalent conductivity σe considers both skin effect and transversal edge
effect and can be calculated as

σe =
σAl

kskinktr
(4.68)

The equivalent conductivity σe replaces the real aluminium conductivity σ in the
expression of the goodness factor in eq. 4.15.

4.2.2.5 Longitudinal End Effect

When the conductive plate of an induction machine moves along the primary, it
experiences flux transients at its entry and exit edge. The reaction of the mover
is to generate an induced current in such a direction as to oppose the change of
flux. This additional current affects the flux distribution along the airgap so that
non-uniform propulsive forces and normal forces are generated. The end-effect
force at the rated slip frequency that acts along the direction of the motion may
be propulsive or braking, whereas the net normal force might not be zero. Fur-
thermore, higher current density in the conductive plate increases Joule losses and
absorbed reactive power, reducing the motor efficiency and power factor respec-
tively. This phenomenon particularly compromises the performance of induction
motors travelling at such a speed that the distance covered by induced current be-
fore it decays is comparable or grater than the mover length. Indeed, longitudinal
end-effect mainly affects LIMs with short primary and long secondary, but it can
also involve LIMs with long primary and short secondary.

As for the edge-effect in Section 4.2.2.4, longitudinal end-effect may be anal-
ysed with a simplified two-dimensional theory assuming that

• the permeability of the core is infinite, so the reluctance of the stator core
can be neglected;
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• the current flows only along z direction in the active region;

• only the effect of the fundamental harmonic is considered while the sec-
ondary harmonics are neglected;

• there is no magnetic field outside the stator.

The active region under investigation is the area of the mover whose x-coordinate
satisfies the inequality 0 < x < 2pτ . The Ampere’s law in eq. 4.42 can be applied
along the contour Γ2 in Fig. 4.10 as done during the edge-effect analysis yielding
a similar equation.

ge
∂Hy

∂x
= J1 + J2dAl (4.69)

where the sinusoidal space and time variation of the primary current sheet J1 can
be expressed as

J1 = Jme j(ω1t− π

τ
x) (4.70)

and the magnetizing current sheet Jm can be expressed as

Jm =
3
√

2N1I1kw

τ p
(4.71)

Faraday’s law applied to a body moving in a magnetic field is

∇×−→E =−∂
−→
B

∂ t
+∇× (−→vrel×

−→
B ) (4.72)

where the relative speed vrel is given by the difference between the synchronous
speed vs and the mover speed vr. The theory proposed to investigate longitudinal
end-effect considers the magnetic field component Hy across the airgap. The other
components Hx and Hz are negligible in the active zone. Under these assumptions
the vectors in the in eq. 4.72 assume the form

−→
E = {0,0,J2/σe}

−→
B = µ0

{
0,Hy,0

} −→vrel = {vrel,0,0} (4.73)

Assuming that the field Hy varies sinusoidally in time eq. 4.72 may be rewritten
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as

∂J2

∂x
= jµ0σeω1|Hy|e jω1t +µ0σevrel

∂ |Hy|
∂x

e jω1t (4.74)

Substituting eq. 4.74 in eq. 4.69 and simplifying the time dependency yields

∂ 2Hy

∂x2 −µ0σevrel
dAl

ge

∂Hy

∂x
− jµ0σeω1

dAl

ge
Hy =− j

π

τ

Jm

ge
e− j π

τ
x (4.75)

The characteristic equation of the differential equation in eq. 4.75 is

γ
2−µ0σevrel

dAl

ge
γ−µ0σeω1

dAl

ge
= 0 (4.76)

whose roots are

γ1,2 =
µ0σevreldAl

2ge

(
1±
√

1+ j
4ω1

µ0σev2
reldAl/ge

)
(4.77)

that written in the complex form γ = γℜ + jγℑ become

γ1,2 =
µ0σevreldAl

2ge

1±


√√√√√

1+
16ω2

1
µ2

0 σ2e v4
reld2

Al
+1

2 + j

√√√√√
1+

16ω2
1

µ2
0 σ2e v4

reld2
Al
−1

2


 (4.78)

Substituting the expression of the equivalent goodness factor Ge (which is eq. 4.15
with equivalent conductivity σe defined by eq. 4.68 and equivalent airgap length
ge defined by eq. 4.32), in eq. 4.78 yields

γ1,2 =
Ge
2

π

τ
(1− s)

1±


√√

1+ 16
G2e (1−s)4

+1

2 + j

√√
1+ 16

G2e (1−s)4
−1

2


 (4.79)

The final solution of the differential equation in eq. 4.75 is a function of the
roots of the characteristic equation plus a particular root as shown in eq. 4.80.

Hy =C1eγ1x +C2eγ2x + j
τJm

πge(1+ jsGe)
e− j π

τ
x (4.80)

Inserting eq. 4.80 in the Ampere’s law shown in eq. 4.69, an expression of the



110 4.2. CIRCUIT THEORY, FIELD THEORY AND GOODNESS CRITERION

secondary current may be derived as

J2 =C1
γ1ge

dAl
eγ1x +C2

γ2ge

dAl
eγ2x− j

sGeJm

dAl(1+ jsGe)
e− j π

τ
x (4.81)

The magnetic field in the passive zones where x < 0 and x > 2pτ is not the same
for LIMs with short primary and long secondary and LIMs with long primary and
short secondary. Both these topologies need to be investigated because, as far as
end-effects are concerned, the electromagnetic catapult represents an intermediate
case.

The runway length for an aircraft gaining speed at the rated acceleration exceeds
several hundreds of meters, consequently the launcher’s stator cannot be built as
a single, but it is composed by a large number of stages each one with a length
that can be easily manufactured. Depending on stator and system design, the
sections may be grouped together forming a continuous magnetic path or may
have significant gaps among them. Half filled end slots of double-layer distributed
windings also produce discontinuities between consecutive stator segments. The
length of the mover may go beyond the length of a single section depending on
the thrust requirement to launch aircraft of different size and the number of active
poles required to produce the propulsive force.

In the case the length of the mover exceeds the length of the active section
considering the discontinuites, the longitudinal end-effect would be better repre-
sented by the case of LIMs with short primary a long secondary. The longitudinal
end-effect of LIMs with short primary and long secondary has been proved to in-
crease with the frequency and mainly affect the perfromance at high speed [21].
When the length of the active area is comparable with the length of the mover, the
end-effect of LIMs with long primary and short secondary should be considered.
Junyong in [89] proved that the influence of this longitudinal end-effect reduces
with increasing frequency and can be neglected at high speed.

In LIMs with a short primary and long secondary, there is no primary current
in the passive zones and the equivalent airgap ge may be approximated as τ/π

which corresponds to an average flux line in air with a periodicity of τ [90]. The
magnetic field generated by the secondary currents outside the primary can be
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expressed as

Hy exit =C3eγ1ex for x≤ 0,

Hy entry =C4eγ2e(x−2pτ) for x≥ 2pτ, (4.82)

γ1e = (γ1)ge=τ/π γ2e = (γ2)ge=τ/π

The integration constants can be found imposing the continuity of the field and
secondary current at the mover boundaries.

(Hy exit)x=0 = (Hy)x=0 (Hy)x=2pτ
= (Hy entry)x=2pτ(

∂Hy exit

∂x

)
x=0

= (J2)x=0

(
∂Hy exit

∂x

)
x=2pτ

= (J2)x=2pτ

(4.83)

In order to get more realistic results the fourth boundary condition in eq. 4.83 may
be replaced by ∫

∞

−∞

Hydx = 0 (4.84)

Imposing these boundary conditions the integration constants become

C1 =
C2

(
1
γ2
− 1

γ1e
− e2pτγ2

γ2
+ e2pτγ2

γ2e

)
− j τJm

πge(1+ jsGe)

(
1

γ1e
− 1

γ2e

)
1

γ1e
+ e2pτγ1

γ1
− 1

γ1
− e2pτγ1

γ2e

C2 =

j τJm
πge(1+ jsGe)

[
1

γ1e
− 1

γ2e
1

γ1e
+ e2pτγ1

γ1
− 1

γ1
− e2pτγ1

γ2e

(
γ1e− γ1

ge
dAl

)
− γ1e

]
− j sGeJm

πdAl(1+ jsGe)

1
γ2
− 1

γ1e
− e2pτγ2

γ2
+ e2pτγ2

γ2e
1

γ1e
+ e2pτγ1

γ1
− 1

γ1
− e2pτγ1

γ2e

(
γ1e− γ1

ge
dAl

)
+ γ1e− γ2

ge
dAl

(4.85)

C3 =C1 +C2 + j
τJm

πge(1+ jsGe)

C4 =C1e2pτγ1 +C2e2pτγ2 + j
τJm

πge(1+ jsGe)

As done in most of literature [18], eq. 4.86 can be simplified using γ1 instead of
γ1e in the exit zone and γ2 instead of γ2e in the entry zone introducing small errors
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in the system. Under this assumption the integration constants become

C1 = j
Jm

1+ jsGe

(
sGe +

τ

π
γ2
)

e−2pτγ1

γ1dAl− γ1dAle−2pτγ1 + γ1gee−2pτγ1− γ2ge

C2 =− j
Jm

1+ jsGe

sGe +
τ

π
γ1

γ1dAl− γ1dAle−2pτγ1 + γ1gee−2pτγ1− γ2ge
(4.86)

C3 =C1
(
1− e2pτγ1

)
C4 =C2

(
e2pτγ2−1

)
In case of LIMs with long primary and short secondary, the equations to express

the field in the passive zones has to consider the presence of primary current. In
this case the airgap of the passive zones is the same of the one considered for the
active area.

Hy exit = j
τJm

πge
e− j π

τ
x for x≤ 0 (4.87)

Hy entry = j
τJm

πge
e− j π

τ
(x−2pτ) for x≥ 2pτ (4.88)

Since only two integration constants have to be determined the continuity can be
imposed using only the first two boundary conditions in eq. 4.83 obtaining

C1 =−
τJm

πge

sGe

1+ jsGe

e2pτγ2−1
e2pτγ2− e2pτγ1

(4.89)

C2 =−
τJm

πge

sGe

1+ jsGe

1− e2pτγ1

e2pτγ2− e2pτγ1
(4.90)

The magnetic field density in the airgap By = µ0Hy can be written for both the
LIM topologies as

By = µ0C1eγ1x +µ0C2eγ2x + j
µ0τJm

πge(1+ jsGe)
e− j π

τ
x (4.91)

The third term of eq. 4.91 represents the conventional magnetic field density dis-
tribution that is generated by the primary current in the active zone. The other two
terms represent two end-effect magnetic waves which travel in different directions
according to the sign of γ1ℜ and γ2ℜ. Since | γ1ℜ |6=| γ2ℜ |, the magnetic waves
decay differently along the direction of the motion for different decay times τ/γ1ℜ
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and τ/γ2ℜ. Since γ1ℑ = γ2ℑ = γℑ, both waves are characterized by the same pitch
τe = 1/γℑ.

The main consequences of the end-effect are

• Thrust reduction;

• Secondary Joule losses increase and efficiency reduction due to higher sec-
ondary current density;

• Reactive power increase and power factor reduction;

• Non-uniform magnetic flux and normal force distribution which becomes
particularly important for double-sided LIMs where the nominal normal
force is zero

For a practical investigation of the end-effect impact on thrust, active power and
reactive power the current density and the magnetic field density may be assumed
constant along the mover thickness and along the stack width. This assumption
is consistent with the present two-dimensional analysis on the longitudinal end-
effect, since the lateral edge effects have been considered separately.

The propulsive force is produced by the interaction of the currents induced into
the mover and the magnetic field in the airgap. By definition, the thrust can be cal-
culated integrating the product between magnetic field density and current density
over the mover’s volume according to eq. 4.92.

F = ℜ

(∫∫∫
v
J1 ·B

∗ dxdydz
)

(4.92)

where the symbol B∗ indicates the complex conjugate of B. The conventional
thrust without longitudinal end-effects can be computed as

Fx = 2aeµ0ℜ

(∫ 2pτ

0
Jme− j π

τ
x ·
(

j
τJm

πge(1+ jsGe)
e− j π

τ
x
)∗

dx
)

(4.93)

Combining eqs. 4.91 and 4.70 in eq. 4.92 leads to the expression of the total
propulsive force that takes into account the disturbances due to end-effects.

Fxe = 2aedAlℜ

(∫ 2pτ

0
J1 ·By

∗ dx
)

(4.94)
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Table 4.1: Winding arrangement of consecutive stators to limit longitudinal end-effects

Arrangement of the primary windings
Distance between stators

First stator Second stator

... a, -c, b c, -b, a, ... 1/3τ

... a, -c, b -b, a, -c, ... 2/3τ

... a, -c, b a, -c, b, ... τ

... a, -c, b -c, b, -a, ... 4/3τ

... a, -c, b b, -a, c, ... 5/3τ

... a, -c, b -a, c, -b, ... 2τ

The secondary active power loss can be calculated from the general expression
of the Joule Losses as

Pa2 =RI2
2 = ρAl

2ae

l dAl
(l dAl)

2 1
l

∫ l

0
J2

2 dx ⇒

⇒ Pa2 =
2aedAl

σe
ℜ

(∫ 2pτ

0
J2 · J2

∗ dx
)

(4.95)

where the length l is the equal to the mover length 2pτ . The secondary reactive
power losses can be calculated by integration of the specific energy density in the
airgap multiplied by the primary frequency as

Pr2 =
ω1

2µ0

∫∫∫
V

B ·B∗ dV ⇒

⇒ Pr2 =
ω1aege

2µ0
ℜ

(∫ 2pτ

0
By ·By

∗ dx
)

(4.96)

Eqs. 4.93 to 4.96 are valid for both LIMs whit long primary and short secondary
and LIMs with short primary and long secondary.

The end-effect impact on the performance may be drastically reduced by an
accurate positioning of the stages, so that at the rated speed the exit magnetic
field wave reaches the next stator in phase with the fundamental magnetic wave
[91]. In order to align the end-effect wave and the fundamental wave the stages
should be placed according to Table 4.1. The distance between consecutive stator
sections depends on the winding sequence at their edges. In order to reduce the
length of the magnetic path discontinuities, the shortest distance allowed by the
implemented winding configuration should be selected.
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4.3 LIM Electromagnetic Design

The electromagnetic design methodology for the induction launcher aims to de-
termine the geometrical features, the current rating and voltage rating to achieve
the desired thrust with the minimum input power. The input power Pi is defined as
the vectorial summation of active power Pa and reactive power Pr and is modulus
can be computed as

Pi =
√

P2
a +P2

r (4.97)

The input power can also be expressed as a function of the output power Po as
indicated by eq. 4.98.

Pi =
Po

η cosφ
(4.98)

where η and cosφ are the motor efficiency and power factor respectively. For a
given output power Po = Fxc vTO, the minimization of the input power coincides
with the maximization of the product η cosφ .

4.3.1 Parametric Optimization Algorithm for LIM

The complexity of the induction machine requires a numerical algorithm which
can estimate the efficiency and power factor considering requirements, constraints
and special LIM phenomena as described in Section 4.2. The numerical approach
that was adopted is based on the parametric optimization of the system which
determines the impact of the design variables on the model outcomes. The para-
metric analysis allows for a deeper understanding of the relationships between
inputs and outputs finding regions in the space of the design variables where the
design objectives meet an optimum criterion (including maximization and mini-
mization problems). Parametric optimization algorithm is particularly suitable to
identify the way a model with a large number of parameters "senses" the variations
of some design inputs.

This numerical method is performed by running a mathematical model a large
number of times for each combination of the design variables. The number of
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Table 4.2: Parametric optimization inputs and design variables for LIM

Design variables
Description Sym Value
Aluminium plate thickness dAl ?
Pole pitch τ ?
Rated slip frequency s ?
Half stator width a ?
Expected thrust density fstress ?
Turns per slot per phase Ns ?
Airgap length g ?
Primary current density J1 ?
Slot opening on slot pitch ratio bs/τs ?

Input variables
End-speed requirement vTO 85.73 m/s
Aluminium conductivity σAl 3.5 ·10−7 Ω−1m−1

Vacuum permeability µ0 4π ·10−7 H/m
Copper conductivity σc 5.8 ·10−7 Ω−1m−1

Number of phases m 3
Slot per pole per phase q 4
Required peak thrust Fx 502.9 kN
Coil to pole pitch ratio τc/τ 9/12
Stator maximum B Bir 1.7 T
Saturation coefficient kss 0.21
Fill factor k f ill 0.45
Aluminium density ρAl 2700 kg/m3

Silicon steel density ρir 7750 kg/m3

Tooth tip height hss 1.0 mm
Grooves Diameter dg 2.0 mm

iterations grows exponentially when the effect of many variables is explored. In
particular, the algorithm can take a significant amount of time if a single iteration
is rather complex and requires considerable computational efforts. Although the
number of variables for the induction motor design is rather large, the time needed
to complete a single iteration is short and tens of thousand of steps require a few
seconds to be executed. In fact, the mathematical model for LIM design is a
sequence of analytical equations that were obtained from simplified field theories
as those described in Section 4.2.

Parametric optimization was employed to size the induction launcher selecting
the optimum combination of design variables to implement in finite element and
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transient analysis of LIM. The design variables of the parametric optimization
algorithm for LIM are shown in Table 4.2. Before running the algorithm their
value is still unknown. A combination of the design variables is not the only input
of the parametric optimization algorithm: properties of the materials, catapult
requirements and the other input variables shown in Table 4.2 are known as well.
These inputs are assumed constant and do not vary across all iterations of the
parametric optimization algorithm.

The selection process starts from the design variables that have structural and
thermal constraints and proceeds with the choice of all other parameters in or-
der to minimize the input power. Once the desired value of a design variable is
selected, the parametric optimization algorithm has to be run again to verify the
impact of the other variables on the system. The steps that allow the algorithm to
compute the input power and the electromagnetic performance of the system are
now explained.

The algorithm first calculates synchronous speed vs, frequency f1 and angular
frequency ω1 from the catapult end-speed requirement vTO.

vs =
vTO

1− s
f1 =

vs

2τ
ω1 = 2π f1 (4.99)

Substituting the equivalent conductivity σe (see eq. 4.68) and the equivalent airgap
length ge (see eq. 4.32) in eq. 4.15 it is possible to determine the expression of the
equivalent goodness factor Ge as

Ge =
µ0τ2ω1σedAl

π2ge(1+ kss)
(4.100)

The stator magnetic saturation coefficient kss accounts for the primary teeth and
back iron contribution to the magnetization current and it is usually assumed be-
tween 0.2 - 0.6 [18].

The number of pole pairs is calculated rounding up to the nearest integer the
ratio between the required thrust Fx and the thrust expected from a single pole
pair as

p =

⌈
0.5

Fx

2aτ fstress

⌉
(4.101)
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Figure 4.11: Structure of the LIM mover

The mass of the mover is given by the sum of the mass of the aluminium plate
and the mass of all the other components that are used to connect the plate to the
aircraft or are part of the guidance system. The mass of the structure connected
to the aircraft undercarriage and the mass of the carriages that slide over the rails
underneath the mover (see Fig. 1.2) are difficult to estimate. None of the design
procedures for the electrical machines presented in this thesis consider the mass
of the connection to the landing gear since it cannot be easily estimated and is not
expected to significantly change the machine performance. Instead, the prelimi-
nary sizing of LIM takes into account the weight of the carriages adding an extra
10% to the mass of the system shown in Fig. 4.11.

mAl = ρAl(2p+1+
τc

τ
)τ [2c ·dAl +4(c−a)dAl] ·1.1 (4.102)

where ρAl is the aluminium density and c = a+τ/π is the plate half width includ-
ing overhangs.

The thrust required to propel the A320-200 aircraft has to be corrected to take
into account the additional mass of the mover mAl .

Fxc = Fx +0.6G ·mAl (4.103)
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where Fx and 0.6G are the required thrust and acceleration shown in Section 3.3.3.

The number of series-connected turns per phase N1 can be computed consider-
ing the number of turns per slot per phase Ns, the number of active poles in case
of double-layer distributed windings and the number of slots per pole per phase q

as

N1 = 2Ns(2p+1)q (4.104)

where 2 is added for the double-sided stator configuration. The number of turns
per slot Ns is selected to stay within a preset voltage limit. The number of slots
per pole per phase q and coil pitch τc are selected in order to have a magnetic
wave shape in the airgap as close as possible to a sinusoidal shape and are given
in Table 4.2.

In order to investigate the induction motor using the equivalent electric circuit
shown in Fig. 4.3, it is necessary to determine its components. The equivalent
circuit of double-sided LIM may undergo further simplifications. The secondary
leakage inductance L2 is generally due to the flux generated by the secondary cur-
rent that does not cross the airgap and returns to the mover without producing any
thrust. The secondary leakage inductance may become rather large with strong
variation of the current density along the mover thickness. L2 can become sig-
nificant in single-sided LIMs with a poor penetration depth in the secondary back
iron. In double-sided machines the primary field is on both sides of the aluminium
plate and it guarantees an uniform current density distribution across the conduc-
tor unless the machine rated frequency widely exceeds the point where the pene-
tration depth equals half of the mover thickness. High performance double-sided
LIMs tend to have long pole pitches, low frequencies and high penetration depths.
Furthermore, in EML systems the input frequency ramps up so that its maximum
value appears only for a short time at the end of the launch. The contribution
of current density variations to the secondary leakage inductance in double-sided
LIMs is expected to be very small. Eddy current induced in the conductive sheet
by the secondary harmonics contributes to the leakage inductances as well. How-
ever, the winding sequence has been selected to have a low harmonic content in
order to maintain eddy current intensity at such a low level that L2 has not a great
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impact even at high speed. Therefore, in double-sided LIMs for EML application
the secondary leakage inductance can be neglected without introducing significant
errors.

The amplitude of the magnetic flux density in the airgap may be written as a
function of the amplitude of the travelling magnetomotive force in eq. 4.38 as

Bg =
µ0 |MMF(x, t) |

ge(1+ kss)
=

3
√

2µ0N1kwI1

πge(1+ kss)p
(4.105)

The primary flux linkage Ψ1 can be computed from the flux of a single pole Φ1

that in turns is a function of the magnetic flux density Bg as

Ψ1 = Φ1N1kw =
2
π

Bg2aeτ ·N1kw (4.106)

where ae is half the width of the active zone and is calculated using eq. 4.40.
Combining eqs. 4.105 and 4.106 the magnetizing inductance Lm for a three phase
distributed windings can be calculated as

Lm =
Ψ1√
2I1

=
6µ0(N1kw)

22aeτ

π2 pge(1+ kss)
(4.107)

The winding factor of the fundamental magnetic wave kw is the product of the
respective pitch factor kp and distribution factor kd . Pitch factor kpν , distribution
factor kdν and winding factor kwν of distributed windings for the ν th harmonic can
be computed as

kpν = sin
(

ν
π

2
τc

τ

)
ν = 6k±1 with k = 1,2,3, ... (4.108)

kdν =
sin
(

νπ

2m

)
qsin

(
νπ

2qm

) ν = 6k±1 with k = 1,2,3, ... (4.109)

kwν = kpνkdν ν = 6k±1 with k = 1,2,3, ... (4.110)

The expression of the motor thrust as a function of the electric circuit parameters
in eq. 4.6 can be rewritten as a function of the goodness factor as

Fxc =
3(R2/s)X2

m

vs

[
(R2/s)2 +X2

m

]I2
1 ⇒ Fxc =

3πsGeLm

τ (1+ s2G2
e)

I2
1 (4.111)
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Eq. 4.111 can be rearranged to compute the primary current required to produce
the thrust to propel the aircraft as

I1 =

√
τ (1+ s2G2

e)

3πsGeLm
Fxc (4.112)

The primary current allows for the calculation of the slot area As, slot height hs

and wire diameter dw as

As =
NsI1

J1k f ill
(4.113)

hs = As/bs (4.114)

dw =

√
I1

J1

4
π

(4.115)

where k f ill is the filling factor and bs is the slot width.

The filling factor of high packed coils may be up to 55% of the slot area or
more, depending on construction technique, applied voltage and insulation mate-
rial properties. To be conservative, the launcher preliminary design considers a
filling factor k f ill of 45%. In order to fit the conductors in a slot layer parallel con-
nections of multiple wires can be considered in place of a single series-connected
wire. Selecting the number of parallel connections kpar, the copper wire diameter
can be calculated as dw/

√
kpar. This relation assures that the bundle of parallel-

connected wires has same electric resistance of the single series-connected con-
ductor of diameter dw.

The primary leakage inductance L1 is the sum of slot leakage inductance Lls, end
winding leakage inductance Lle, differential leakage inductance Lld and leakage
inductance due to high order harmonics Llh. Each inductance can be expressed as
a function of the respective specific permeance λ as

L1 = Lls +Lle +Lld +Llh = 2µ0
2aeN2

1
pq

(λs +λe +λd +λh) (4.116)

The slot leakage permeance λs for double layer windings is

λs =

(
hs

3bs
+

hss +dg

bs

)
3τc/τ +1

4
(4.117)
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Figure 4.12: End coil schematic

where hss is the height of the tooth tip and dg is the grooves diameter as shown in
Fig. 4.7. The grooves are used during the manufacturing process to block the coils
inside the slots with a solid insulting material. The specific end-turn permeance
λe is estimated on the basis of experiments and for double layer high voltage
windings it can be expressed as [29]

λe = 0.42
qlend

2ae

(
1− 2

π

τc

leend

)
k2

w (4.118)

where the length lend of a generic end-coil can be approximately calculated as the
105% of the length of hypotenuse B of triangle in Fig. 4.12 which sides are the
slot height hs and the sum of the hypotenuses A. The expressions to calculate the
length of the sides of the triangles A are reported in Fig. 4.12 whereas the end-coil
length can be calculated as

lend = 1.05

√√√√√2

√(c−a− bs

2

)2

+

(
τc +bs

2

)2
2

+h2
s (4.119)

The differential specific permeance λd is [18]

λd =
5kcg/bs

5+4kcg/bs
(4.120)

The specific leakage permeance λh due to high order harmonics for three phase



4. LINEAR INDUCTION MOTOR 123

windings can be computed as [29]

λh = 3
qτk2

w
π2ge(1+ kss)

γh (4.121)

where the harmonics leakage factor γh is

γh =
1
k2

w
∑

ν>1

(
kwν

ν

)2

(4.122)

The last elements of the induction motor equivalent circuit that the parametric
optimization algorithm calculates are the primary resistance R1 and the secondary
resistance R2. The primary resistance can be directly calculated from the resis-
tance definition as

R1 = ρc
l
A
=

1
σc

N1(2a+ le)
I1/J1

(4.123)

where ρc is the resistivity of copper, σc is the conductivity of copper, N1(2a+ le)

is the length of all the conductors connected in series for each phase considering
both the stator sides, and A= I1/J1 is the area of a single conductor. The secondary
resistance can be determined by the definition of goodness factor in eq. 4.11.

R2 =
ωLm

Ge
=

12aek2
wN2

1
pτσedAl

(4.124)

The secondary current that flows across the secondary resistance can be com-
puted applying the Kirchoff law to the induction motor equivalent circuit yielding

I2 = I1
sGe√

1+ s2G2
e

(4.125)

In a similar way the magnetization current Im can be computed as

Im = I1
1√

1+ s2G2
e

(4.126)

Once all the equivalent circuit parameters have been defined, it is possible to
proceed with the calculation of the last features of LIM. The magnetic flux density
in the stator teeth Bt can be obtained from the magnetic flux density in the airgap
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Bg calculated using eq. 4.105, assuming that the most of the magnetic flux does not
cross the slots, but it is channelled through the stator teeth themselves. Equating
the magnetic flux across the airgap and the teeth, the magnetic flux density Bt can
be computed as

2
π

Bgτs2a = Bt(τs−bs)2a ⇒ Bt =
2
π

Bg
τs

τs−bs
(4.127)

In a similar way, equating the flux across the slots over a single pole and the
flux across the stator yoke, it is possible to determine the yoke thickness hy that
maintains the flux density in the iron below the max threshold Bir. The maximum
admissible magnetic flux density in the stator depends on the properties of the
ferromagnetic material. The material that has been selected for the launcher stator
is a non-oriented electrical silicon steel grade M-47, with 0.47 mm lamination
thickness. To be conservative the peak magnetic field density Bir is 1.7 T even
though some stator materials allow magnetic field densities up to 2.2 T. The flux
across a single pole is shared between two neighbour poles so that hy can be
computed as

qmBt(τs−bs)2a = 2Birhy2a ⇒ hy =
1
2

qm
Bt

Bir
(τs−bs) (4.128)

where m is the number of phases.

The Steinmetz’s equation for the M-47 steel can be applied to calculate the iron
loss per mass unit in the teeth and in the stator core [92]. The total iron losses
in the stator teeth Pth and in the stator yoke Pyo can be obtained multiplying the
Steinmetz equation by the respective mass as shown in eqs. 4.129 and 4.130.

Pth =
(

5.61999 ·10−3 f 1.33629
1 B1.91523

t +7.62268 ·10−5 f 2
1 B2

t

)
mth (4.129)

where mth = 2ahs(τs−bs)
[
m
(

2p+1+
τc

τ

)
q+1

]
ρir

Pyo =
(

5.61999 ·10−3 f 1.33629
1 B1.91523

ir +7.62268 ·10−5 f 2
1 B2

ir

)
myo (4.130)

where myo = 2a
[(

2p+1+
τc

τ

)
τ + τs−bs

]
hyρir

where mth is the mass of the teeth, myo is the mass of the stator yoke and ρir = 7750
kg/m3 is the density of the stator material. The overall iron loss in the stator of the
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double-sided LIM is calculated as

Pcore = 2(Pyo +Pth) (4.131)

Once all the geometrical and electromagnetic features of the launcher are deter-
mined, the parametric optimization algorithm calculates the performance of the
catapult:

Net Output Power: Po net = Fxvto (4.132)

Output Power: Po = Fxcvto (4.133)

Active Power: Pa = Po +Pcore +3R1I2
1 +3R2I2

2 (4.134)

Reactive Power: Pr = 3ω1
[
L1I2

1 +Lm(I2
1 − I2

2 )
]

(4.135)

Input Power: Pi =
√

P2
a +P2

r (4.136)

Efficiency: η = Po/Pa (4.137)

Power Factor: cosφ = Pa/Pi (4.138)

The input voltage of the primary windings can be computed from the machine
performance as

U1 =
Pa

3I1 cosφ
(4.139)

4.3.2 Parametric Optimization Results

The parametric optimization algorithm explained in Section 4.3.1 is iterated for
each combination of the design variables listed in Table 4.3. The design variables
are assumed to vary across the respective range in Table 4.3 where the optimal
combination which minimizes the input power and satisfies thermal and structural
constraints should be found.

The main outcome of the parametric analysis are charts like those shown in Fig.
4.13 which present in the y-axis the percent variation of an output with respect
to its mean value. The x-axis presents the percent variation of each design vari-
able with respect to the mean value of the respective range in Table 4.3. Each
marked points in Figs. 4.13a, 4.13b and 4.13c correspond to the medium effect of
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Table 4.3: Design variables ranges for the parametric optimization of LIM

Variable description Sym Range Iterations
Rated slip frequency at vTO s [0.01⇒ 0.05] 9
Aluminium mover thickness dAl [0.015⇒ 0.030] m 4
Airgap length g [0.006⇒ 0.010] m 5
Pole pitch τ [0.51⇒ 0.69] m 7
Stator half width a [0.6⇒ 1.2] m 4
Slot width and slot pitch ratio bs/τs [0.4⇒ 0.8] 5
Primary slot current density J1 [30⇒ 90] MA/m2 4
Axial stress on the mover fstress [80⇒ 120] kN/m2 3
Number of turns per slot Ns [4⇒ 8] 3
Total Iterations 907200

a specific value of a design parameter on the output variable under examination.
Hence, each point is calculated averaging all the combinations where an input has
the same value. The slope of the curves represents the sensitivity of the system to
the respective design parameter variation.

The rationale behind the selection of each parameter is presented listing the
variable in the order they were chosen:

1. The thickness of the aluminium plate dAl is the result of a multi-physics op-
timization that takes into account structural and thermal limitations. The alu-
minium thickness is a key parameter to determine the structural resilience and
the thermal capacity of the mover. These aspects will be addressed in Sections
4.4 and 4.5 in more details, but in general the thicker is the plate the better
are its structural and thermal properties, but the worse are its electromagnetic
properties as shown in Figs. 4.13b and 4.13c. From the electromagnetic point
of view, large dAl and large equivalent airgap ge cause a rapid decrease of all
the equivalent circuit parameters. Despite the inductances and resistances re-
duction, the active and reactive power rapidly increase due to the primary and
secondary current increments needed to produce the required thrust. Conse-
quently the input power sharply increase with dAl as shown in Fig. 4.13a.

2. The number of turns per slot Ns does not affect the total input power, but it
impacts the voltage and current ratings of the machine: the higher the number
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(a) Input Power

(b) Efficiency

(c) Power Factor

Figure 4.13: Parametric optimization results
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Figure 4.14: Peak DC Voltage at the end of the launch

of turns, the lower the current rating and the higher the voltage rating. Since
double-layer windings are considered the number of turns per slot must be
an even integer number. Since one major limitation of EML systems is the
voltage required at the end of the launch, the number of turns in series needs to
be appropriately selected to minimize it. The way the peak voltage varies with
Ns is shown in Fig. 4.14.

3. The thrust density fstress is proportional to the number of active poles and to the
length of the mover as shown in eqs. 4.101. The impact of the thrust density on
the electromagnetic performance is not significant with respect to other input
parameters, but high values of fstress are preferable since small and light movers
can be implemented. Since load distribution and plate dimensions depend on
thrust density, the value of fstress is linked to the structural characteristics of
the plate as will be shown in Section 4.4.

4. High values of current densities J1 can be exploited since the primary windings
are fed for a very short time. The current density is limited by the properties
of the electrical insulation. The temperature increase of copper wires subject
to intense current density will be further investigated in Section 4.5. From the
electromagnetic point of view, an intense current density affects the slot geom-
etry reducing the slot height hs and the slot permeance λs. The consequent de-
crease of the primary leakage inductance L1 reduces the reactive power needed



4. LINEAR INDUCTION MOTOR 129

by the machine. Nevertheless, high current densities increase the Joule losses
in the primary circuit for the reduction of the wire cross section leading to a
lower motor efficiency. These counteracting effects cause an input power min-
imum as can be seen in Fig. 4.13a.

5. The airgap length g represents the distance between the coil surface and the
aluminium plate. The length of g includes the tooth tip height hss and the
grooves diameter dg. From the electromagnetic point of view, the airgap length
g affects the length of the equivalent airgap ge. With short airgap, the power
factor increases as shown in Fig. 4.13c for the reduction of inductances Lm and
L1 while the primary current I1 remains approximately the same. Since active
power and efficiency are not affected by g, the input power decreases with short
airgap. However, the airgap length needs to be large enough to prevent any
contact between aluminium plate and the stators during operations. Possible
lateral displacements are due to vibrations and structural deformations.

6. The variable with a greater impact on the input power Pi is the rated slip fre-
quency s as shown in Fig. 4.13a. Reactances and reactive power are mainly
affected by s and they tend to increase as the rated slip frequency grows. The
inductances do not depend directly on s, but they are affected by the varia-
tion of the slot geometry with the primary current. At the same time, Joule
losses in the mover and active power increase with the slip frequency causing
a decrement of the motor efficiency. The slip frequency curve in Fig. 4.13a
presents a minimum at 0.015, but such a low value cannot be selected for FEA
simulation which are run at constant current. Indeed, the rated current for
the slip frequency is optimized to produce the required thrust only during the
last part of the launch. High goodness factors are expected at the end of the
runway since the supplied frequency and the magnetizing reactance Xm along
with it, linearly increase during the launch. The curve in Fig. 4.4 at the end
of the acceleration will be very steep for s < smax, being the peak thrust slip
frequency smax which satisfy the relation smax Ge = 1, very close to zero. At
low speed, low frequency and low goodness factor the peak of the thrust-speed
curve in Fig. 4.4 moves backward so that high slip frequencies intersect the
thrust curve at points where the propulsive force is not sufficient to accelerate
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the aircraft leading to de-synchronization. In real EML application, the control
system would try to keep the slip frequency constant slightly changing current
amplitude to deliver the rated thrust with the minimum loss according to the
instantaneous value of the system parameters. The FEA of LIM does not con-
sider any control system and the current amplitude is set constant while the
frequency given in input varies continuously during the launch starting from
zero to reach the rated value at the end of the acceleration. To simplify the
analysis high values of the slip frequency were selected to increase the rated
primary current and grant sufficient thrust for the whole duration of the launch.
According to these considerations, the final slip frequency computed by FEA
is expected to be lower that the value selected by the parametric optimization.

7. The bs/τs ratio is related with the slot width bs. When the slot width is large,
the Carter coefficient kc increases while the magnetization inductance Lm de-
creases as can be seen in eqs. 4.30 and 4.107 respectively. Large slot widths
have a significant impact on the slot specific permeance λs calculated using eq.
4.117 and on the differential specific permeance λd calculated using eq. 4.120
causing a sensible decrement of the primary leakage inductance L1. The reduc-
tion of all the inductances causes a significant decrement of the reactive power
which in turns gives an input power reduction. Despite the reactive power re-
duction, the bs/τs ratio augments the magnetic field density in the stator teeth
causing saturation. Considering the non-linearity of the magnetic permeability,
the magnetic field density in the stator teeth varies as shown in Fig. 4.15. The
stator teeth are expected to be saturated, but their mass in eq. 4.129 is so small
compare to the rest of the stator that the hysteresis losses remains negligible
even with high bs/τs ratios.

8. Since the stator length is fixed by the speed and acceleration requirements,
the bulk of the stator entirely depends on its width 2a. The installation and
material costs depend on the stator dimensions, but from the electromagnetic
point view the stack width is not subject to any particular limitations. The stack
width, and consequently the mover width, affects the structural response of the
aluminium plate to the electromagnetic force density which will be investigated
in Section 4.4. Since the thrust density fstress was previously selected, when
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Figure 4.15: Magnetic field density in the stator teeth in the hypothesis of non-linear
permeability

Table 4.4: Optimum values of the design variables after optimization

dAl 20 mm
ws 4

fstress 100 kN/m2

J 50 A/mm2

g 7.0 mm
s 0.035

bs/τs 0.75
a 1000 mm
τ 600 mm

wide machines are considered the number of poles required to produce the
rated thrust reduces. Even though the length of a single coil 2a+ lend varies
with the stack width, the number of turns N1 decrease with the number of poles
and the length of the wires in series of a single phase does not change. Thus,
the primary resistance and the efficiency of the motor do not vary with the
stack width. The magnetization inductance Lm in eq. 4.107 is proportional to
the stack width so that the primary current I1 decreases according to 4.112. The
sum of the inductances does not substantially change, thus the reactive power
follows the tendency of the primary current. The overall effect is a power factor
increase and an input power reduction with large stack widths.
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Table 4.5: Geometrical features, circuit parameters and performances of LIM for EML

Geometrical features Circuit Parameter LIM Performance
Slot width 37.5 mm Peak frequency 74.0 Hz Field Bg 1.383 T
Slot height 5.1 mm Sync. speed 88.84 m/s Field Bt 3.522 T
Wire diameter 1.3 mm End speed 85.73 m/s Mover thrust 5115 N
Wires in parallel 16 I1 (RMS) 1086.0 A Total thrust 508010 N
Airgap gm 34.0 mm I2 (RMS) 1080.6 A Thrust density 70.56 kN/m2

Airgap ge 36.4 mm Im (RMS) 107.8 A Carter coeff. 1.0643
Plate width 2382 mm Voltage U1 16635 V Fringing factor 1.0005
Yoke height 311 mm Winding factor 0.8848 Skin-effect fac. 1.0017
Mover length 4650 mm Poles 6 Edge-effect fac. 1.1818
Mover mass 868.9 kg Number of turns 224 Iron loss 0.366 MW
Teeth mass 93.8 kg Resistance R1 0.4631 Ω Active Power 49.716 MW
Yoke mass 17353 kg Resistance R2 0.4506 Ω Reactive Power 23.751 MW
Coil pitch 450 mm Inductance L1 11.7 mH Input Power 54.197 MW
End coil length 626.8 mm Inductance Lm 277.6 mH Peak Efficiency 0.894
Mover width 2382 mm Goodness factor 286.4 Power factor 0.899

9. The pole pitch τ is a key design parameter and its minimum length is limited
by the maximum frequency that semiconductor switching devices can safely
handle. Nevertheless the goodness factor G and therefore the capability of the
machine to convert electrical power in mechanical power, is proportional to the
pole pitch τ as discussed in Section 4.2.1. Therefore the optimum pole pitch
is usually longer that the limit imposed by the switching technology. Also the
current I1 calculated using eq. 4.112 increases with τ to deliver the same thrust.
Since the current density is given, an current increase enlarges the conductor
cross section reducing the primary resistance. A longer pole pitch also entails a
heavier mover and a greater output power. Therefore the Joule losses increase
while the efficiency slightly reduces as shown in Fig. 4.13b. Since magneti-
zation and leakage inductances decrease, the power factor increment results
sharper than the efficiency decrement causing an overall reduction of the input
power.

Table 4.4 lists the values of the design variables that were selected and used
in FEA simulation and transient LIM analysis whose results will be compared
in Section 4.3.3. The machine geometrical features and performances that were
calculated through the parametric analysis with the optimal combination of design
variables are reported in Table 4.5.
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4.3.3 Transient Equivalent Circuit Model, FEM Analysis

When transients of motor speed are accounted for, differential equations are intro-
duced to characterize the response of the machine and the analytical method pro-
posed in Section 4.3.1 to size the electromagnetic launcher becomes inaccurate.
The equivalent circuit model for transient problems needs to take into account the
changes of the primary and secondary flux linkage over time as indicated in Fig.
4.16.

The direct-quadrature (d-q) equivalent circuit model of the motor provides a
convenient way of modelling the machine and it is most suitable for induction
machine transient analysis. This method describes the motor parameters in terms
of complex variables with respect to a frame of reference which may be station-
ary or in motion. According to the linear induction motor model in Fig. 4.16
the voltage equations expressed with respect to a frame of reference moving at
synchronous speed are

U1 = R1I1 +
∂Ψ1

∂ t
+ jω1Ψ1 (4.140)

U2 = 0 = R2I2 +
∂Ψ2

∂ t
+ j(ω1−ω2)Ψ2 (4.141)

Im = I1 + I2 (4.142)

where the primary flux linkage Ψ1 and secondary flux linkage Ψ2 are defined as

Ψ1 = LmIm +L1lI1 (4.143)

Ψ2 = LmIm (4.144)

The complex currents and voltage used by eqs. 4.140 to 4.144 can be expressed
as function of their d-q axis components as

I1 = I1d + jI1q (4.145)

I2 = I2d + jI2q (4.146)

Im = Imd + jImq (4.147)

U1 =U1d + jU1q (4.148)
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Figure 4.16: Induction motor equivalent circuit for transient analysis

In order to solve the system of differential equations that includes eqs. 4.140 to
4.142, the Root Mean Square (RMS) value of primary current I1 reported in Table
4.5 was considered. This current represents the known variable in input for both
finite element analysis and transient LIM model. Indeed, the three phase current
supplied to the system has an amplitude

√
2I1 which remains constant during the

whole launch. In electromagnetic launch systems the frequency linearly increases
over time and the instantaneous frequency can be expressed as

f (t) = kt =
0.6G
2τ

t =
vs

2τ
(4.149)

The angular velocity of any oscillating signal is 2π times the integral of the fre-
quency over time. For the frequency shown in eq. 4.149 the angular velocity
becomes

ω =
2π

t
k
2

t2 = 2π
0.6G
4τ

t =
π

τ

vs

2
(4.150)

The quantity πvs/(2τ) is called chirp frequency where a chirp is a signal in which
the frequency varies with time. Thus, each current phase supplied to the stator
coils at increasing frequency varies in time according to the relations

IA =
√

2I1 cos
(

π

τ

vs

2
t
)
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IB =
√

2I1 cos
(

π

τ

vs

2
t− 2

3
π

)
(4.151)

IC =
√

2I1 cos
(

π

τ

vs

2
t +

2
3

π

)
The three phases IA, IB and IC can be expressed with respect to the direct-quadrature
frame of reference using Park’s mathematical transformation [93].I1d

I1q

I0
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2
3

sin
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2 t
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(
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(
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(
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 (4.152)

Since the primary current oscillates at synchronous frequency, eq. 4.152 yields
I1d = 0 and I1q =

√
2I1.

The magnetization current can be defined as Im =Ψ2/Lm according to eq. 4.144.
Inserting eqs. 4.144 and 4.142 to replace the secondary current I2 in eq. 4.141
yields

∂Ψ2

∂ t
+

[
R2

Lm
+ j(ω1−ω2)

]
Ψ2 = R2I1 (4.153)

Eq. 4.153 can be integrated to calculate the variation of the secondary flux linkage
Ψ2 over time. Once the secondary flux is known, the currents in the circuit (I1,
I2 and Im), the primary voltage U1 and the primary flux linkage Ψ1 can be deter-
mined. The thrust that the machine delivers during its transient can be obtained
from

Fx =−
3
2

π

τ
ℑ(Ψ1 · I1

∗
) (4.154)

where I1
∗ is the complex conjugate of I1. Solving the imaginary part of the product

in eq. 4.154 and considering that I1d = 0 and Imd = I2d yields

Fx =
3
2

π

τ
LmI2dI1q (4.155)

The thrust calculated by d-q equivalent circuit model using eq. 4.154 is compared
with thrust computed by finite element and parametric analysis in Fig. 4.17.

The software that performs electromagnetic finite element simulations uses the
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Figure 4.17: Comparison between thrusts calculated by FEA, transient model and para-
metric analysis of LIM

geometry of LIM determined through parametric optimization. Therefore the geo-
metrical parameters of the induction motor shown in Tables 4.4 and 4.5 are loaded
into the software to draw the machine. The finite element simulations are per-
formed on a 2D section of the machine while transverse edge effect is simulated
modifying the aluminium conductivity with the factor ktr. In order to reduce the
computational time, FEA is executed on half the stator geometry taking advan-
tage of the longitudinal symmetry. Since the flux is assumed to cross the sym-
metry plane perpendicularly, orthogonal boundary conditions are imposed along
the symmetry line. Additionally, electromagnetic simulations are carried out only
on a single stage which has 2p active poles (see Table 4.5). The full length of
the launcher is simulated imposing even periodic boundary conditions on planes
beside the stator which are located to reproduce the exact distance between stages.
The machine is wound following the distributed winding method for double-layer
configurations and considering the coil pitch and the slot per pole per phase shown
in Table 4.2. The magnitude of the primary current supplied to the stator wind-
ings remains constant for the whole duration of the launch. On the contrary, the
frequency linearly change according to eq. 4.151.

The thrust computed by FEA shown in Fig. 4.17 becomes negative at the be-
ginning of the launch when the mover exceeds the synchronous speed for a short
time. The oscillations of the FEA thrust profile are due to the transition effect
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between one stage and the next one. The transient analytical model of LIM does
not consider transition effects between consecutive stator sections and the wide
oscillations that can be observed when the mover starts to accelerate are due to
numerical instabilities during the integration of the differential equations. How-
ever, the amplitude of the oscillations gradually damps until the system delivers
exactly the required thrust which is represented by the curve computed using the
parametric optimization method and shown in Fig. 4.17.

The thrust profiles calculated by the FEA software is generally greater that the
thrust computed with the analytical model because the 2D simulation does not
account for Joule losses and leakage inductance associated with the end windings
which on the contrary were considered by d-q model and parametric optimization
algorithm.

The effect of resistance and leakage inductance due to the end windings were
later considered in the calculation of efficiency and power factor after the data
extraction from the finite element software. With this method the efficiency and
power factor profiles computed using the FEA data are very similar to those cal-
culated by the d-q equivalent circuit model of LIM as shown in Figs. 4.18a and
4.18b.

The oscillations of efficiency and power factor profiles computed by the tran-
sient model are not only due to the numerical integration instabilities, but fluc-
tuations are exacerbated by the difficulty of extracting the data from alternating
currents and voltages with variable frequency and magnitude. However, both FEA
and transient model compute efficiency and power factor profiles that at the end
of the launch tend towards the respective value calculated by the parametric opti-
mization algorithm (see Table 4.5).

The d-q equivalent circuit model was proved to provide machine performances
which are comparable with FEA and parametric optimization results. This tool
can be used to predict the transient behaviour of LIM in place of time expensive
FEA during the preliminary design phase of electromagnetic launch system even
though some inaccuracies appear at the beginning of the launch. Indeed, the solu-
tion of the differential equations requires 27 seconds whereas the full launch FEA
simulation lasts approximately 72 hours.
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(a) Efficiency

(b) Power factor

Figure 4.18: Comparison between electromagnetic performances of LIM computed by
FEA, transient model and parametric analysis

4.4 LIM’s Mover Structural Analysis

Slender objects like the aluminium plate of the induction launcher may undergo
a structural instability phenomenon called buckling. Buckling is characterized
by sudden failure of a structure subject to a compressive stress that occurs at a
load lower than the ultimate compressive load of the material. The LIM mover is
subject to a distributed load acting in the direction of the motion that with the reac-
tion force due to the aircraft inertia and aerodynamic drag generates compressive
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stresses that could cause undesirable buckling deformations.

The propulsive force stretches the plate along the direction of the motion, but
the displacement does not affect the electromagnetic performance of the machine.
On the contrary, buckling typically provokes ripples on the material surface with
strong deviation from the original shape of the loaded object. From the struc-
tural point of view, the buckled plate can continue to carry the propulsive load
without braking if the deformation is not catastrophic. However any transverse
deformation due to the buckling of the plate is associated with an uneven airgap
distribution and a generation of a normal force Fn proportional to the plate dis-
placement. Normal forces exerted by two opposite stators would counteract the
plate deformation, trying to re-establish the equilibrium condition Fn = 0. Despite
the balancing action of the double-sided motor, the buckling condition should
never be reached to avoid unpredictable reactions of the machine.

The structural and buckling analyses have been carried out to define range of
values that the geometrical design parameters can assume granting the structural
integrity of the plate. The structural analysis defines the maximum displacement
and the stress distribution while the buckling analysis allows the calculation of
the buckling factor kbuck under the operative load. The buckling factor may be
interpreted as the distance between operative condition and instability and it is
computed as

kbuck =
Fbuck

Fxc
(4.156)

where Fbuck is the buckling load and Fxc is the corrected thrust calculated using
eq. 4.103.

In the aerospace field the load factor for high stressed structural components is
set up to 3.8 by the international Federal Aviation Regulation [94]. This means
that the aircraft structure is capable of withstanding 3.8 times the maximum nom-
inal load for safety reason. Due to the uncertainty of the final structural layout,
this study considers acceptable a structure that has a buckling factor greater than
10.

The structural and buckling analyses have been carried out considering a fixed
constraint on the top edge of the plate where the aircraft is connected and a guide
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on the bottom edge that impedes transversal displacements. The load is applied
as a distributed force in x-direction to all the nodes of the active area of the plate
as shown in Fig. 4.11. The same load is considered throughout all the structural
investigations and its value is reported in Table 4.5. Since the applied load is
constant the buckling factor in eq. 4.156 proportionally varies with the buckling
load.

The plate’s material considered in the structural and buckling analyses is isotropic
aluminium with invariant physical properties all over the volume. In order to
fully characterize the structural response of an isotropic material two mechanical
properties must be employed. The mechanical property that is equal to the ra-
tio between stress (force per unit area) and strain in a material is called Young’s
modulus. The Young’s modulus is a measure of the stiffness of a material and is
proportional to the force needed to stretch or compress a material sample. The
Young’s modulus remains constant until the load reaches the yield point of the
material when it loses its elastic behaviour, i.e. the capability of returning to the
initial shape after the load is removed, and undergoes permanent plastic deforma-
tion. The second parameter used to describe the structural behaviour of the plate
is the Poisson’s ratio which is the quotient between axial extension and transverse
contraction when the material is stretched in one direction. The 1050A H14 alu-
minium alloy considered for the LIM’s mover for its high electrical conductivity
has a Young’s modulus of 71 GPa, a yield strength of 105-145 MPa and a Pos-
sion’s ratio of 0.334.

The structural analysis has to be solved before the buckling analysis to find
the strain and stress distribution over the plate. Even for simple geometries the
buckling analysis of structures reaches such a level of complexity that the aid of
specialized FEA software is required. Implementing the material properties and
the constraint conditions previously described in the FEA software, the structural
analysis determines the strain and the stress fields reported in Figs. 4.19 and 4.20
respectively. The mover’s thickness, width and length considered during the anal-
yses are those reported in Table 4.5. Both the figures show an exaggerated plate
deformation to visualize the stretching of the material under the applied load. Fig.
4.19 shows that the maximum displacement is only about 0.4 mm and is expected
on the corners opposite to the connection with the aircraft and in proximity of



4. LINEAR INDUCTION MOTOR 141

the guidance system. The deformation of the plate under load should be taken
into account in the design of the supporting structure, but it does not affect the
electromagnetic performance of the motor. In particular, the displacement along
z-direction affects the total load used to size the linear bearings of the guidance
system.

Considering the yield strength of aluminium 1050 (105-145 MPa), the stress
distribution shown in Fig. 4.20 proves that the material elastically deforms under
load without incurring in any permanent deformation. The plate undergoes the
greater stress in proximity of the aircraft connection while the tension gradually
decreases toward the guidance system. The maximum stress reaches 34.5 MPa
and is located in small areas on the top corners of the plate in Fig. 4.20, but
it rapidly dwindles in the surrounding area. The average stress in proximity of
the aircraft connection may be assumed approximately 15 MPa which is sensibly
smaller than the yield strength of the material.

Once the structural analysis is completed the FEA software can use the solutions
to perform the buckling analysis of the plate. The geometrical parameter which
has the strongest effect on the instability load is the thickness of the plate. In
order to study the impact of this geometrical feature on the buckling factor the
analysis was carried out varying the plate thickness while all the other geometrical
parameters were kept constant. The variation of the buckling factor with respect to
the aluminium thickness is shown in Fig. 4.21 where the plate thickness presented
by the parametric optimization in Section 4.3.2 and the relative buckling factor
are highlighted.

Fig. 4.21 shows that an high thickness not only increments the load-carrying ca-
pability of the plate, but also delays the occurrence of the instability phenomenon.
Indeed, the buckling load is proportional to the second moment of inertia of the
rectangular cross section of sides dAl and 2c in Fig. 4.11 which in turns varies with
the cube of the thickness. However, a thick plate has a greater mass and it nega-
tively affects the electromagnetic performance of the induction machine as shown
in Fig. 4.13. Therefore, the plate thickness was selected in order to minimize
the deterioration of the electromagnetic performance and to satisfy the structural
requirement kbuck > 10. The combination of electromagnetic, structural and buck-
ling analyses allow the implementation of a plate 20 mm thick with a buckling
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Figure 4.19: Deformation and strain field of the aluminium plate under load

Figure 4.20: Stress distribution on the aluminium plate under rated load
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Figure 4.21: Buckling factor variation with the plate thickness

factor of 10.4. The value of the plate thickness will be further validated by the
thermal analysis presented in Section 4.5.

The aluminium thickness is not the only LIM’s design variable that affects the
structural performance of the aluminium plate. Indeed, the pole pitch of the motor
τ and the width of the active area 2a influence the other two dimensions of the
plate. The pole pitch is directly proportional to the length of the mover lmov as
shown in eq. 4.157. The pole pitch also affects the mover width 2c since it is
involved in the calculation of the plate overhangs length as shown in eq. 4.158.

lmov =
(

2p+1+
τc

τ

)
τ (4.157)

2c = 2
(

a+
τ

π

)
(4.158)

Eq. 4.158 shows that the mover width is also affected by the width of the active
area 2a. The dependencies of the buckling factor on the pole pitch and on the
width of the active area are reported in Figs. 4.22 and 4.23 respectively. The
buckling analysis outcomes reported in Figs. 4.22 and 4.23 were achieved varying
the respective variable while maintaining constant the other design parameters
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which affect the plate dimensions.

In order to understand the behaviour of the buckling factor with respect to the
variation of the mover’s length and width, it should be mentioned that the more a
structure is constrained the greater the instability load becomes. When the mover
length extends, the percentage of the plate perimeter under constraints increases
as well as the buckling load. This effect can be observed on the tendency of the
buckling factor in Fig. 4.22 which varies proportionally to the pole pitch and to
the length of the mover. Furthermore, a longer pole pitch broadens the active
surface of the plate and since the applied load remains the same, the thrust density
becomes weaker. The decrease of the thrust density intensifies the load required
to buckle the aluminium plate even considering the impact of the pole pitch on
the width of the plate overhangs. Fig. 4.22 allows to compare the value of the
buckling factor with both the mover width and the mover length and it highlights
the selected value of the plate dimensions as shown in Section 4.3.2.

The mover width does not have any impact on the length of the constrained part
of the perimeter and the instability appears at lower loads. As the width increases
the buckling factor reduces as shown in Fig. 4.23. As the plate thickness, the plate
width is a dimension perpendicular to the direction of the load and it is directly
affected by the instability phenomenon. For this reason, the the buckling factor
dependency on the mover width is cubic rather than linear.

The buckling analysis allows the calculation of the deformation under the buck-
ling load as shown in Fig. 4.24. The ripples of the material are located on the far
edge of the plate with respect to the direction of the motion and of the applied
force. In this area the compressive stress reaches its maximum intensity and here
is where the material first becomes unstable. According to the minimum require-
ment for the buckling factor this deformation appears with a load 10 times greater
than the rated one. Considering the stress distribution in Fig. 4.20, the buckling
load would generate an average stress of 150 MPa and would reach 345 MPa in
small areas near the aircraft connection. In this case, the stress would exceed the
yield strength of the material causing a plastic deformation. Above the yield point
the buckling analysis loses linearity and the method applied in this section can no
longer be used to describe structural instability. Therefore, the buckling deforma-
tion shown in Fig. 4.24 might not happen at the same load predicted by the linear
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Figure 4.22: Buckling factor variation with the LIM’s pole pitch and the respective mover
length and width

Figure 4.23: Buckling factor variation with the width of the LIM’s active area and the
respective mover width
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Figure 4.24: Plate deformation under the buckling load

analysis. However, the selected geometry safely copes with the operative load and
the structure would rather yield than buckle as the load increases.

4.5 LIM Thermal Analysis

The thermal management of electrical machinery is an issue that has to be care-
fully addressed, especially in high performance applications where high forces
and power densities are needed. Since the electromagnetic induction launcher is
formed by a high number of stages fed for a very short time, the machine can ex-
ploit higher current densities than any motor designed for continuous operations.
The thermal analysis is concerned with LIM’s components where intense current
flows: the stator windings and the conductive plate.

In general high current densities in the stator windings are desired since primary
leakage inductance and reactive power exponentially decrease for the reduction
of the slot depth. Since the area of the conductors crossed by the rated current
shrinks when the current densities augments, the primary resistance and the active
power linearly grow as shown in Fig. 4.25. Since high current densities cause an
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Figure 4.25: Effect of current density on active and reactive power

increase of the Joule losses into the conductive components of the machine, the
thermal analysis aims to verify whether the machine is able to passively extract
the excess heat without the aid of an active cooling system.

Two different approaches were used to solve the heat transfer problem for stator
windings and moving plate. In both the cases the heat transfer problem cannot
be solved looking at the static thermal equilibrium, but the transient evolution of
temperature has to be considered.

4.5.1 Thermal Analysis of the Primary Windings

This section aims to determine the maximum current density J1 that can flow
through the primary coils without thermally damaging the insulation. The class
of insulating material that is considered in this section can operate under the max-
imum temperature of 180 °C. Other classes of insulating material can resist to
temperature above 220 °C, but at this design stage it is preferred to adopt conser-
vative insulation properties.

Since the electrical insulation has a low thermal conductivity all the wires inside
the slots can be considered thermally isolated from one another and the thermal
analysis of the stator windings may be reduced to the study of the short-time
current carrying capacity of a single copper conductor. Since the temperature
drops in the insulation matrix between wires, the insulation cannot be damaged if



148 4.5. LIM THERMAL ANALYSIS

the temperature rise in each single wire remains within the limits.

The Onderdonk’s law was first introduce to study the short-term current required
to bring the temperature of copper conductors to the melting point [95]. The
Onderdonk’s law can be also applied in its more general form to determine the
temperature increase ∆T in a single wire [96].

33.5
(

I1

Aw

)2

t1 = log
(

∆T
234+Ti

+1
)

(4.159)

where I1 is the rated primary current, Aw is the wire area in circular mils (1 circular
mils = 5.067 ·10−10 m2), t1 is the time in seconds and Ti is the initial temperature
in °C. Eq. 4.159 represents the balance over time between the heating due to the
electrical energy and the thermal energy gained by the wire material. It can be
calculate by integrating the energy balance equation:

cComCo∂T = RCoI2
1 ∂ t (4.160)

where cCo, mCo and RCo are the thermal capacity, the mass and the resistance of
the copper wire respectively.

The Onderdonk’s law can be rewritten to express the temperature increment as
a function of current and time as

∆T = (234+Ti)
[
1033.5(I1/Aw)

2t1−1
]

(4.161)

Since the wire section, the primary current and the initial temperature are known,
eq. 4.161 can be used to determine the temperature increase of the a copper wire
once the time t1 is calculated.

Each stage of the induction launcher is connected to the power source for the
time required by the mover to cross the stage itself. Since the mover accelerates
the time needed to pass each stage is gradually shorter as the motion progresses.
Therefore, the primary windings of the first stage will be connected to the power
supply for the longest period and will experience the strongest temperature rise.

The time spent to build up the magnetic flux in each stage of the machine must
also be considered to estimate the total time the power source needs to be con-
nected. Current and magnetic flux reach their rated value after a time that cor-
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Figure 4.26: Temperature rise in the stator windings after the time t1 with several current
densities

responds to five times the time constants of the machine. In a similar way the
current takes other five time constants to return to zero once the power source is
disconnected. Since the current profiles during charging and discharging are com-
plementary, the thermal analysis considers the rated primary current flowing for
only 5 time constants. For an inductive/resistive electric circuit like the equivalent
circuit of the induction motor the time constant is given by the ratio between the
primary inductance and the primary resistance.

The sum of time spent to charge and discharge the motor and the time to cross
the first stage can be calculated as

t1 =

√
2(2p+1+ τc/τ)τ

0.6G
+5

Lm +L1

R1
(4.162)

where (2p+1+τc/τ)τ is the length of the stages. Eq. 4.162 can be used together
with eq. 4.161 to calculate the temperature variation of the copper wires.

Fig. 4.26 shows the variation of the temperature increase ∆T with the current
density. The ∆T profile was calculated using eq. 4.161 considering the initial
temperature of the copper wire Ti = 25 °C. The parametric optimization in Sec-
tion 4.3.1 proposes a rated current density J1 = 50 A/mm2 considering all the
design constraints. The current density J1 causes the copper wire to increase their
temperature of only 62.3 K after a time t1 of 4.35 seconds as shown in Fig. 4.26.
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The current density required to take the wire to the maximum temperature allowed
by the insulation in a time t1 is 86 A/mm2. The maximum temperature increase
shown in Fig. 4.26 is calculated ∆Tmax = 180−Ti.

Even though the rated current density of the induction launcher is greater than
the current densities of induction machines for continuous operations, the thermal
analysis has shown that the temperature increase of the copper wire is below the
insulation limits. The launcher can operate without any active cooling of the stator
windings. Special precaution must be taken when a stator stage is fed for more
than 9.5 s which is the time required to reach the insulation temperature limit
with the rated current density J1, although this should not occur during normal
operations.

Even though the temperature rise during a single launch can be handled by the
thermal insulation, the launcher has to performed multiple launches to cope with
the air traffic of an airport. Busy airports like Heathrow reach an average number
of movements (take-off and landing) of about 1300 flights per day [97], so that
the time between two consecutive launches may reduce to as little as 90 seconds
during peak times. Within this time the initial coil temperature of 25 °C should be
passively or actively re-established.

In order to model the temperature profile of a coil of the first stage after the
current ceases to flow a simple mono-dimensional thermal model is introduced:

∂T
∂ t

=
kinsSwire

bs/2 ·ρCocCovwire
(T −Ti) (4.163)

where kins is the thermal conductivity of the insulation (Mica 0.528 W/m/K), Swire

is the external surface of the wire, ρCo is the copper density, cCo is the copper heat
capacity and vwire is the volume of the wire. The analysis is restricted to a single
wire since all the turns of a coil behave in a similar fashion. Moreover, the heat
transfer model studies the temperature evolution of the part of the wire inside a
single slot, since the heat flow along the wire length is neglected. The slowest
passive cooling occurs when the wire is located in the middle of the slot with an
insulation thickness equal to bs/2 as shown in eq. 4.163. The integration of eq.
4.163 for a time span of ten minutes yields the result reported in Fig. 4.27.

The temperature profile in Fig. 4.27 shows that after 90 seconds the temperature
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Figure 4.27: Temperature evolution of the first stage coils after the power supply is dis-
connected

of the coil reaches 60.5 °C and that a time longer than 10 minutes is required
to return to the initial temperature Ti. After 90 s another launch would heat the
stator windings up to a temperature of approximately 123 °C. However, the hotter
is the motor with respect to its environment the faster it exchanges heat with the
surrounding. The temperature of the coil Tx at which the heat absorbed during the
launch is equal to the heat dissipated through the insulation in 90 seconds can be
computed as

Tx =
∆T +Tie90·A

1− e90·A

where A =
kinsSwire

bs/2 ·ρCocCovwire

(4.164)

Solving eq. 4.164 with the geometrical data of the linear induction motor yields
an equilibrium temperature of 169.6 °C. Even though the temperature Tx can be
handled by high class insulations, the presence of hot spot due to material defects
might locally compromise the electrical insulation. Furthermore the presented
method assumes that each launch causes the same ∆T . The variation of the coil
resistivity can easily increase the equilibrium temperature computed by eq. 4.164
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above the insulation limit leading to the need of an active cooling system. The
extra heat could be removed with the aid of fans located along the track or using
a cold plate behind the stators. Since the stator sections at the end of the track are
fed for a time shorter than t1, an active cooling system will be probably required
only in the first part of the launch track.

4.5.2 Heat Transfer Problem Solution for the Moving Plate

This section illustrates the thermal model employed to analyse the heat transfer
across the aluminium plate. The thermal heat transfer problem is solved to esti-
mate the temperature evolution of the mover to prevent the creep of the aluminium
plate. Creep is the tendency of a material to deform permanently under high me-
chanical stresses and heat loads especially when they are applied for a long time.
The rate of deformation depends on the temperature, applied structural load and
exposure time. Creep is observed in all metals, provided that the operating tem-
perature exceeds kcr ·Tm, where Tm is the absolute melting temperature and kcr is
a coefficient that depends on the material. The melting temperature of aluminium
is 933.3 K and the creep coefficient is 0.54 [98]. Under the temperature Tcr of 504
K (231 °C) creep can be neglected.

The temperature of the solid aluminium changes during the launch because of
the heat generation due to the induced current. The current density J2 induced in
the secondary was extracted from the two-dimensional FEA software and imple-
mented in the three-dimensional thermal model. The current density distribution
computed by FEA is defined along the thickness and the length of the aluminium
plate. The current density distribution along the third dimension is assumed to be
constant in the active area of the mover and edge-effects are neglected.

The current density profiles over the aluminium plate section after 1.0 second
and after 14.0 seconds are shown in Figs. 4.28a and 4.28b respectively. As can
be seen in Fig. 4.28, the skin effect cause the current density to gather close to
the aluminium boundary as the frequency increases during the launch. Therefore,
the external layer of the aluminium plate is subject to the most severe thermal
conditions.

The thermal heat transfer problem is solved using the Finite Difference Method
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(a) 1.0 second (b) 14.0 seconds

Figure 4.28: Current density profile computed by FEA at different time step during the
launch

(FDM) which approximates the derivatives of a solving equation with finite differ-
ences. The algorithm produces a set of discrete numerical equations after dividing
the domain into a uniform orthogonal grid. FDM is mainly applied to simple
geometries like the aluminium plate when the grid is not distorted by any irreg-
ularities. Like all the numerical methods, FDM produces a discretization error
which can be limited by the correct selection of the step size.

When the solving equation involves time derivatives it can be discretized adopt-
ing either an explicit or an implicit technique. The explicit method finds the state
of the system at each node of the grid at the time step n+1 from the state of the
system at the time step n. The results is a series of algebraic equations that can
be solved in sequence and that converges to the solution only when the time and
space stepping respects certain criteria. The implicit method solves the system of
equations at the time step n+1 considering the state of the system in all the nodes
of the grid at the time step n+1. The implicit method does not have strict conver-
gence criteria, but it requires more computational efforts since it solves a system
of algebraic equations with one equation for every node of the grid. The implicit
method was selected to solve the heat transfer problem of the moving plate since
it always converges and is more stable than the explicit method.

The transient heat transfer model of the aluminium plate is based on the solution
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Figure 4.29: Thermal equilibrium of an infinitesimal volume of aluminium

of the first law of thermodynamics with no heat radiation. The change of the
internal energy Qi of the infinitesimal volume of material dv in Fig. 4.29 can be
expressed as

Qi =

(
qx+dx−qx

dx
+

qy+dy−qy

dy
+

qz+dz−qz

dz

)
dv

⇒
(

∂qx

∂x
+

∂qy

∂y
+

∂qz

∂ z

)
dv (4.165)

where the heat fluxes qx, qy and qz are reported in Fig. 4.29. Substituting the
Fourier’s law of thermal conduction~q = kAl∇T in eq. 4.165 yields

Qi =

[
∂

∂x

(
kAl

∂T
∂x

)
+

∂

∂y

(
kAl

∂T
∂y

)
+

∂

∂ z

(
kAl

∂T
∂ z

)]
dv (4.166)

where kAl is the aluminium conductivity. The change of the internal energy can
be also expressed in terms of the temperature variation of a mass of volume dV

over time as

Qi = ρAlcAl
∂T
∂ t

dv−qvdv (4.167)

where ρAl is the aluminium density, cAl is the aluminium thermal capacity and
qv is the heat generation per unit volume. The general form of the heat transfer
equation with heat generation can be derived by comparing eqs. 4.166 and 4.167
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as

ρAlcAl
∂T
∂ t
−qv = ∇ · (kAl∇T ) (4.168)

Since the plate is made out of an isotropic material the thermal conductivity is
constant in space and it can be moved outside the scalar product of eq. 4.168.

When a current flows inside a conductive material it generates a volumetric heat
flux qv = J2

2/σ where σ is the electrical conductivity of the material. After few
algebraic operations eq. 4.168 may be rewritten as

1
αAl

∂T
∂ t

=
∂ 2T
∂x2 +

∂ 2T
∂y2 +

∂ 2T
∂ z2 +

J2
2

σAlkAl
(4.169)

where αAl = kAl/(ρAlcAl) is the thermal diffusivity of the material. Eq. 4.169 was
solved using FDM imposing convective boundary conditions upon all the plate
surfaces. The discretized implicit form of eq. 4.169 is

1
α

T n+1
i, j,k −T n

i, j,k

tn+1− tn =
T n+1

i+1, j,k−2T n+1
i, j,k +T n+1

i−1, j,k

∆x2 +

T n+1
i, j+1,k−2T n+1

i, j,k +T n+1
i, j−1,k

∆y2 +
T n+1

i, j,k+1−2T n+1
i, j,k +T n+1

i, j,k−1

∆z2 +
J2

n
i, j,k

2

σn
Alkc

(4.170)

where i, j, k are the indexes of the node along x, y, z directions respectively, ∆x,
∆y, ∆z are the distances between nodes along x, y, z directions respectively and
n is the time step index. The distances between nodes are considered constant
along the grids, but the same equation can still be used with inhomogeneous node
distribution replacing ∆x2 with ∆xi+1∆xi−1, ∆y2 with ∆y j+1∆y j−1 and ∆z2 with
∆zk+1∆zk−1. Eq. 4.170 can be rearranged separating the unknown from the known
terms yielding(

1
αAl∆tn +

2
∆x2 +

2
∆y2 +

2
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2
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(4.171)

where the time step is ∆tn = tn+1− tn.

Eq. 4.171 was implemented to calculate the temperature evolution on the in-
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ternal nodes of the grid. However, this equation cannot be used to calculate the
temperature evolution on the boundary nodes. The plate external boundary ex-
changes heat with the surrounding air through convection and different equations
have to be implemented. When the volume of material in Fig. 4.29 is located on
the boundary the variation of the internal energy along the direction where con-
vection occurs can be expressed as

Qi =
kAl

∆x
∂T
∂x

dv+h
∂T
∂x

dv (4.172)

where h is the convective heat transfer coefficient. The heat transfer equation for
the boundary nodes can be derived equating eqs. 4.172 and 4.167 yielding

ρAlcAl
∂T
∂ t

dv−qvdv = (kAl ·dA+hAir ·dV )∇T (4.173)

where dA is the area of the surfaces of volume dv where the convective heat trans-
fer occurs.

The discretized form of eq. 4.173 changes depending on the location of the
nodes. As can be seen in Fig. 4.30, three cases can be identified: A) surface node,
B) edge node and C) corner node. The discretized form of eq. 4.173 for a node
located on the surface which is represented by the case A in Fig. 4.30 becomes:
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The terms of eq. 4.174 can be rearranged to separate the unknowns from the
known terms as(
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Figure 4.30: Possible node configurations on the mover boundary
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When a node is located on the plate edge B in Fig. 4.30 the discretized form of
eq. 4.173 becomes
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The discretized form of the heat transfer equation for the node on the corner C in
Fig. 4.30 may be written as

ρAlcAl
T n+1

i, j,k −T n
i, j,k

tn+1− tn
dxdydz

8
−

J2
n
i, j,k

2

σn
Al

dxdydz
8

= hn
Air

dxdy
4

(
TAir−T n+1

i, j,k

)
+



158 4.5. LIM THERMAL ANALYSIS

hn
Air

dxdz
4

(
TAir−T n+1

i, j,k

)
+hn

Air
dydz

4

(
TAir−T n+1

i, j,k

)
+ (4.178)

kAl

[
dydz
dx

(
T n+1

i+1, j,k−T n+1
i, j,k

)
+

dxdz
dy

(
T n+1

i, j+1,k−T n+1
i, j,k

)
+

dxdy
dz

(
T n+1

i, j,k+1−T n+1
i, j,k

)]
and rearranging the terms(

hn
Air

dxdy
4

+hn
Air

dxdz
4

+hn
Air

dydz
4

+
kAl

dx
dydz+

kAl

dy
dxdz+

kAl

dz
dxdy

)
T n+1

i, j,k +

ρAlcAldxdydz
8∆tn T n+1

i, j,k −
kAl

dx
dydzT n+1

i+1, j,k−
kAl

dy
dxdzT n+1

i, j+1,k−
kAl

dz
dxdyT n+1

i, j,k+1 =(
hn

Air
dxdy

4
+hn

Air
dxdz

4
+hn

Air
dydz

4

)
TAir +

J2
n
i, j,k

2

σn
Al

dxdydz
8

+
ρAlcAldxdydz

8∆tn T n
i, j,k

(4.179)

The boundary conditions expressed in eqs. 4.175, 4.177 and 4.179 were written
for surface, edge and corner with the geometrical features shown in Fig. 4.30,
but the same procedure can be applied to determine the descretized form of the
heat transfer equation for all the other boundary nodes. The boundary conditions
shown in eqs. 4.175, 4.177 and 4.179 and the discrete equation for the internal
nodes expressed by eq. 4.171 complete the system of the equations that computes
the transient evolution of the temperature in the aluminium plate.

The convective coefficient expresses the heat transfer between a solid surface
and a fluid. The amount of heat that crosses the boundary depends on the relative
speed between the solid surface and the surrounding fluid. The temperature of the
solid material and the fluid physical properties affect the convective heat transfer
as well. In an electromagnetic launch system the mover changes speed and its
temperature varies because of the Joule losses in the system. In order to correctly
describe the instantaneous state of the moving plate the value of the convective
coefficient has to be updated according to the changing of the system parameters.

The convective heat transfer coefficient is often computed by means of non-
dimensional numbers as

hAir =
kAl

L
Nu (4.180)

where Nu is the Nusselt number and L represents the ratio between the volume of
fluid and the surface area where the convection occurs. For the induction motor, L

is the length of the mover lmov. The Nusselt number is a non-dimensional quantity
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that expresses the ratio between the convective and conductive heat transfer that
occurs in the mean flow. When the mover is at rest before the launch the relative
speed with respect to the surrounding air is zero and natural convection occurs.
The Nusselt number for natural convection is a function of the Prandtl number
Pr in eq. 4.181 and of the Rayleigh number Ra in eq. 4.183 which in turn is a
function of the Grashof number Gr in eq. 4.182.

Pr =
cAirµAir

kAl
(4.181)

Gr =
GβAir|Tw−TAir|l3

mov

ν2
Air

(4.182)

Ra = Gr ·Pr (4.183)

where cAir is the specific heat at constant pressure of air, µAir is its dynamic vis-
cosity, G is the gravitational acceleration, βAir is the expansion factor of air, Tw is
the wall temperature, TAir is the air temperature and νAir is its kinematic viscosity.
The Prandtl number is a non-dimensional number that represents the ratio of the
momentum diffusivity in the fluid to thermal diffusivity in the solid material. The
Grashof number is an non-dimensional number that represents the ratio of the up-
ward force exerted by the fluid on a submerged solid object against its weight to
the viscous force acting on the fluid.

The relations used to express the Nusselt number as a function of the Rayleigh
number are empirical formulas that depend on both the type of fluid and the value
of Rayleigh number itself. The Nusselt number for gaseous air is calculated using
eq. 4.184 [99].
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Figure 4.31: Variation of the convective heat transfer coefficient with the mover speed
until the take-off point

When the mover starts to accelerate the convective coefficient hAir changes with
the speed. The convective coefficient can be still computed using eq. 4.180, but the
formulas for force convection should be used in place of those for natural convec-
tion to compute Nu. The Nusselt number of force convection is a function of the
Prandtl number and of the Reynolds number Re = ρAirV lmov/µAir. The Reynolds
number represents the ratio between the momentum forces and the viscous forces
inside a fluid in motion and it is used to characterize flow regime.
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The variation of the convective coefficient hAir expressed by eq. 4.180 with Nus-
selt number Nu expressed by eqs. 4.184 and 4.185 is shown in Fig. 4.31. The
correct value of the convective coefficient is selected during the solution of the
heat transfer problem of the aluminium plate by interpolation of the data in Fig.
4.31 as the speed increases.

The resistance of a conductor to a current flow is the result of the collision
between the current electrons and crystallographic structure of the conductor. The
temperature of a solid material represents the amplitude of the oscillation of the
atoms around their average position in the inner structure. When the oscillations
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Figure 4.32: Variation of the secondary Joule losses during the launch

amplitude augments the chances of collision with the electrons of a current flow
increases. The results is a increment of the conductor resistivity ρm as

ρm = ρi [1+αc(T −Ti)] (4.186)

where αc is the temperature coefficient of resistance and ρi is the resistivity at
the temperature Ti. Therefore, the conductivity of the aluminium plate σAl of the
induction motor changes during the launch due to temperature variation as

σAl =
1

ρi [1+αc(T −Ti)]
(4.187)

The reduction of the conductivity and the respective Joule losses increase is taken
into account during the solution of the heat transfer problem. Fig. 4.32 compares
the Joule losses computed by the thermal analysis software with variable conduc-
tivity with those computed by the FEA software with constant conductivity. Fig.
4.32 reports the total heat exchanged at the boundary through convection as well.

The decrement of the aluminium conductivity with temperature was not con-
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sidered during the electromagnetic design in Section 4.3.1 even though the con-
ductivity at the end of the launch is 56% of the initial σAl . A reduced aluminium
conductivity increases the heat generation when the same current flows in the con-
ductor. However, a decrease of the aluminium conductivity entails a reduction of
the induced current intensity which in turns implies less heat generation. The
analysis of the electromagnetic performance variation with temperature would re-
quired a combined thermal and electromagnetic finite element analysis which is
beyond traditional computational resources. Indeed no advantage can be taken
from parallel calculation of multi-processor computer being the electromagnetic
time iterations performed in series. For preliminary catapult sizing, it is accepted
to undertake the electromagnetic and thermal analysis separately.

It may be argued that the additional heat losses might be removed by an active
cooling system during the acceleration to keep constant the value of the conductiv-
ity. However, a cooling system that acts on the mover along the track is impractical
and difficult to implement. In case an active cooling system would be required, a
pre-cooled plate at liquid nitrogen temperature may represent a viable and cheap
solution to maintain the conductivity around the desired value.

The solution of the heat transfer problem yields the time evolution of the tem-
perature over the aluminium plate volume. The most severe temperature increase
occurs over the lateral surface of the moving plate which is subject to skin effect.
Fig. 4.33 shows the temperature profile on the nodes located on the lateral sur-
face at several time steps. In particular Fig. 4.33d shows the temperature profile
at the end of the launch. It can be seen that the creep temperature of 504 K is
never reached as 499.7 K is the maximum temperature of plate. Even though the
maximum temperature is close to the creep point, the average temperature of the
lateral surface at the end of the launch is 447.4 K while the average temperature
of the whole plate is 442.9 K.

These results demonstrate that the thermal requirement for the aluminium plate
is satisfied and that the launcher can operate safely without deforming the mover
permanently under the combination of thermal and structural load. The alu-
minium thickness dAl that was selected during LIM electromagnetic design is
large enough to guarantee the necessary thermal capacity to avoid large tempera-
ture rise. Shorter dAl would increase the electromagnetic performances, but would
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(a) Temperature profile after 1.00 second (b) Temperature profile after 7.00 seconds

(c) Temperature profile after 12.00 seconds (d) Temperature profile after 14.57 seconds

Figure 4.33: Temperature profile over the mover lateral surface at different time steps

rise the temperature above the creep limit.

When the effect of multiple launches is considered, the temperature on the
mover would gradually build up unless the aluminium plate has enough time to
passively cool down to the initial temperature or unless it reaches the equilibrium
between the heat absorbed during the launch and the heat dissipated through con-
vection. Since the peak temperature computed by the 3D thermal analysis is very
close to the creep point (504 K), any additional launch would cause creep to occur
before reaching any heat equilibrium. An active cooling system might be required
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to bring the plate to its initial temperature before the next launch. Unlike the
primary coils, the aluminium plate can be replaced by other movers for the next
launches until the temperature is passively restored.

4.6 Contribution to Knowledge

This chapter proposed a sizing methodology for LIM which unifies field theories
developed by several researchers in literature. The partial differential equations
that are usually solved to characterize the behaviour of LIMs including edge-
effects were replaced by coefficients calculated using algebraic equations. For
the first time these theories were applied to size a LIM for civil aircraft launch
applications. Due to the high forces and current densities involved in an EML
system of such a size, the structural and thermal analysis of the launcher were car-
ried out. Very little work has been published on thermal and structural analyses of
the aluminium plate especially when the temperature behaviour is investigated to
prevent creep of the conductive material and when the structural response to the
load is studied to avoid buckling.



Chapter 5

Linear Permanent Magnet
Synchronous Motor

This chapter presents the sizing procedure of a Linear Permanent Magnet Syn-
chronous Motor (LPMSM) for an electromagnetic launch (EML) system to assist
civil aircraft take-off. The rationale behind the choice of the motor topology is
introduced together with the algorithm to select the winding sequence that gen-
erates a travelling magnetic field wave shape as close as possible to a sinusoidal
shape. The parametric optimization introduced in Chapter 4 has been employed
to size the synchronous machine as well. An analytical algorithm that is solved
iteratively to find the combination of the design parameters that minimizes the
required input power is presented. The selected geometrical and electric features
were implemented in both Finite Element Analysis (FEA) and a transient model
of the machine. The field theory used to reconstruct the magnetic flux in the syn-
chronous motor and to determine the forces involved in the motion is accurately
described and the results are verified using FEA. Heat generation due to eddy
current losses is analysed to determine the transient temperature of the mover’s
components and prevent any risk of demagnetization.

165
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5.1 Introduction to LPMSM for EML

A linear synchronous motor (LSM) is an electrical machine where the mechanical
motion is synchronized with a travelling magnetic field wave. This means that
the motor’s moving part and the magnetic field in the airgap travel at same speed.
The thrust is produced by the interaction of the multi-phase field produced by the
alternating current in the motor’s winding and either a variable reluctance ferro-
magnetic structure, a magnetic field produced by dc electromagnets or a magnetic
field generated by an array of magnets. The part producing the travelling mag-
netic field is called armature while the part that provides the continuous flux is
called excitation system. The terms primary and secondary used in Chapter 4 for
LIM are usually abandoned, as they are justified for linear induction motors and
transformers where the secondary field exists only in relation with the primary
field [29].

Linear synchronous machines generally operate with heavy and complex movers,
independently from the moving part of the machine being used to either host the
armature winding, provide the variable ferromagnetic reluctance or produce field
excitation through dc or permanent magnets. Indeed, most mover components are
made out of high density ferromagnetic materials which increase the total mass
that has to be accelerated. This implies that a significant part of the energy pro-
duced by the launcher is converted into the kinetic energy of the mover and is
not transferred to the aircraft. Synchronous machines also need to operate with a
closed loop control to provide position/speed feedback and so supply the correct
voltage, frequency and load angle to produce the required thrust.

An additional drawback of synchronous machines with permanent magnets is
the possible deterioration of the performance due to demagnetization. In electro-
magnetic launch applications, the main factors that may cause magnets to lose
their strength are: magnet temperature rise (potentially over multiple launches)
and adverse field produced by the stator’s current carrying conductors. Tempera-
ture will cause irreversible loss of magnetization if the magnet is driven past the
knee point of the material demagnetization curve. Considering the same demag-
netization curve, it is also possible to understand whether the stator field is strong
enough to cause demagnetization in conjunction with temperature loss.
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Despite these disadvantages, LSMs are particularly attractive in many applica-
tions for their high efficiency, high power factor and so reduced cost of the power
conditioning system with respect to LIMs. Moreover, the possibility to use the
concentrated winding layout almost eliminates the transition effect between con-
secutive stator sections and further reduces the cost of the machine. Unlike the
induction motor, synchronous motors suffer negligible performance reduction due
to the limited length and width of the machine. Indeed, the excitation field gen-
eration and distribution are almost independent from these geometrical features.
These characteristics make LSMs a viable solution for EML applications.

5.1.1 Topology Selection for the Synchronous Motor

As for LIMs, linear synchronous machines can be classified as double-sided or
single-sided electrical motors. The force perpendicular to the motion which is
normally generated by single-sided machine is not required by EML systems.
A double-sided linear synchronous motor generates a zero nominal force on the
mover and is adopted for EML applications where only the propulsive force is
required. A short mover - long stator configuration is more suitable for EML
systems than the respective long mover - short stator layout, since in the latter
case the moving part of the machine would have the same length of the runway.

Moving electrical connections to transfer several MWs of power between the
supply and the mover represent a significant engineering challenge. Therefore, in
the case of moving armature, the power conditioning system should be installed
on board the mover. The mass of the additional components would add such
a significant amount of weight that a large amount of energy produced by the
motor would be used to accelerate the mover rather than the aircraft. Therefore, a
double-sided synchronous motor with a short mover that generates the excitation
field and with a long static armature is the machine topology that is selected for
the synchronous launcher.

The choice of the mover and track topologies themselves requires an investi-
gation of the possible benefits and drawbacks of the several solutions that can be
adopted for EML systems.
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5.1.1.1 Mover Topology

The LSM’s mover topology depends on the way the excitation field is generated.
The excitation field of synchronous motors can be produced by dc current flowing
in coils wrapped around iron cores which compel the magnetic flux in a direc-
tion perpendicular to the airgap. In a mover with no sliding electrical connection,
the direct current should be generated on board by an exciter. Especially in ap-
plications like EML systems where there is no need to control the excitation field
intensity and where on board storage and generation systems would add undesired
extra weight to the mover, the excitation field is developed by permanent magnets
(PMs). Linear synchronous motor whose excitation field is produced by PMs are
called Linear Permanent Magnet Synchronous Motors (LPMSMs).

Synchronous thrust can be also generated by exploiting the variable reluctance
of special ferromagnetic features of the mover. In particular, Linear Reluctance
Synchronous Motors (LRSMs) generate a thrust proportional to the difference be-
tween the reluctances in the d-axis and q-axis of the machine. When fed with
comparable current intensity the electromagnetic performance of a LRSM is usu-
ally low due to the low ratio between the d-axis and the q-axis reluctances [29].
Better performance can be obtained when using special steel lamination in the
reaction plate or flux barriers made out of any non-ferromagnetic material. How-
ever, LRSMs would deliver the thrust required by EML with such a high current
density [36] that the stator coils would need an active cooling system to maintain
the temperature within the range allowed by the insulation. Additionally, LRSM’s
movers are quite thick to prevent saturation of the laminated ferromagnetic ma-
terial. The additional thickness increases the mechanical airgap and the mover’s
weight further reducing the machine’s performance and increasing losses.

After these considerations, LRSMs were discarded in favour of LPMSMs that
are considered the most suitable synchronous motor topology for the civil aircraft
launcher.

LPMSMs can be further classified according to the magnets arrangement on the
moving plate. Fig. 5.1A shows a double-sided surface-mounted LPMSM whereas
Fig. 5.1B shows a double-sided interior magnet LPMSM. Interior magnets are
normally magnetized in the direction of the motion and the yoke should be non-
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Figure 5.1: Double-sided LPMSM with conventional PMs array (A), with conventional
buried PMs array (B) and with Halbach array (C)

ferromagnetic otherwise the majority of the flux would tend to stay in the mover
and return to the magnet without crossing the airgap. Interior permanents mag-
nets are difficult to cool down while heat can be removed more easily through
convection from surface-mounted PMs. Moreover, the surface-mounted structure
gives the highest force density when compared with the equivalent interior PM
congurations [100].

On the other hand, a machine with interior PMs experiences less force ripple
with respect to a machine with surface-mounted PMs. Force ripple in machines
with surface-mounted PMs can be reduced by the selection of proper winding ar-
rangement and slot/pole combinations. Moreover, force ripples below a certain
amplitude do not represent an issue for EML systems since special dampers in the
structure of the mover-aircraft connection can stop the propagation of the vibra-
tions to the aircraft. Therefore, surface-mounted PMs are preferred to buried PMs
for EML systems.

Surfaced-mounted PMs may be arranged to form an Halbach array as shown in
Fig. 5.1C in order to produce a stronger magnetic field density and thrust while
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Figure 5.2: Double-sided LPMSM with slot-less armature (A), and double-sided air core
LPMSM with slot-less internal armature (B)

reducing the mover weight and size. An Halbach array generates a magnetic flux
wave shape closer to a sinusoid than a conventional south-north PMs arrangement
[101]. Halbach arrays can improve the performance of LPMSMs, but in this work
a conventional array of surface mounted PMs was implemented leaving space for
future research to investigate possible improvements.

5.1.1.2 Armature Topology

Synchronous machines can also be classified depending on the armature topolo-
gies and in particular slotted and slot-less structures can be distinguished. In the
slot-less motors in Fig. 5.2 the primary windings are uniformly distributed on a
flat armature core and the motor provides propulsive forces with low force rip-
ple. On the other hand, the large airgap of a slot-less armature requires thick PMs
to produce an acceptable value of magnetic flux and high current densities are
needed to produce the required thrust. Due to the increased volume of the active
region, the thrust density is lower than that of slotted motors.

Armatures can be also classified according to the type of core, in particular iron
core and air core can be implemented. Air core machines like the one in Fig. 5.2
B are particularly useful to reduce the iron losses that would occur at high speeds,
frequencies and magnetic field densities. Air core linear machines are often used
in automation because they minimize the cogging force [18].

Since EML systems require high thrust densities the slotted configuration is
preferred and cogging force will be reduced by an adequate winding arrangement
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and an accurate selection of the geometrical features. The field density in the
EML system is high, but does not generate significant enough eddy current and
hysteresis losses (W/m3) to require an air cored machine. Indeed, saturation is
expected only on the stator teeth which have a low volume compare to the full
stator.

5.2 Winding Selection

The operating principle of the electrical machine is based on the interaction be-
tween the magnetic fields and the current flowing in the windings of the machine.
The windings construction and connections together with the currents and volt-
ages fed into the windings determine the operating mode of the machine. The
armature windings are copper conductors with rectangular or circular cross sec-
tion that can be arranged in different ways to improve the electromagnetic per-
formance of synchronous machines. Indeed, the shape of the travelling magnetic
wave and the thrust profile strongly depend on the current-carrying conductor dis-
tribution inside the machine. This section reports the rationale behind the choice
of the final winding layout and presents a detailed description of the distribution
algorithm for an optimized winding sequence that achieves low cogging force and
an almost sinusoidal magnetic wave shape.

5.2.1 Stator Winding Layout

In general, electrical machines have at least three common winding constructions:

1. single-layer winding;

2. double-layer winding with coils horizontally separated inside the slot;

3. double-layer winding with coils vertically separated inside the slot.

The two parts of a slot of double-layer winding may belong to different phases,
so that the windings can be distributed along the direction of the motion to repro-
duce a magnetic wave shape as close as possible to the sinusoidal shape. Double-
layer vertically separated windings minimize the end coil length since they are
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positioned closer to each other with respect other winding constructions [100].
This solution better satisfies the EML requirements than single-layer winding and
double-layer winding with horizontally separated slot, since it produces less Joule
losses.

Electrical machines can be wound adopting two main different techniques which
are often identified with the name distributed windings and concentrated windings

(also called tooth windings). The former method consists in distributing homoge-
neously the conductors along the direction of the travelling magnetic wave so that
each phase is hosted in an integer number of slots below each pole. The distance
between slots that host conductors carrying the same phase is constant along the
whole length of the machine. On the contrary, concentrated windings are wound
around a single tooth and the distance between slots with the same phase might
not be constant. With this winding configuration, the number of slots with coils
carrying the same phase under a single pole is not an integer number. For this
reason, motors with tooth windings are also called fractional-slot winding motors
[102]. Both winding configurations present advantages and drawbacks.

One of the main advantages of distributed windings is their ability to produce a
magnetic wave with lower harmonic contents with respect to the concentrated dis-
tribution. Indeed, the travelling wave shape of distributed windings is closer to the
sinusoidal shape than the magnetic wave of tooth winding machines. Since sec-
ondary harmonics travel at different speeds with respect to the mover, they induce
current in the moving conductors of the shuttle causing additional losses. The
induced current associated with secondary harmonics of a concentrated winding
may be reduced by employing materials with low conductivity. For this reason,
concentrated windings are not usually adopted for induction motors with high
conductivity material in the secondary. On the contrary, the mover of a PM syn-
chronous machine is usually made out of low conductivity stainless steel while
Neodymium Iron Boron (NdFeB) PMs are relatively poor conductors.

The minimization of the end-winding length is one the objective of an electrical
motor design that aims to achieve a high performance machine. Indeed, the part of
the coil outside the active region of the machine does not contribute to the thrust
production and generates additional Joule losses and leakage flux. Since concen-
trated windings do not overlap, they can be wound without crossovers reducing
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end-winding length.

Synchronous motors are affected by force oscillations which may represent an
excessive structural stress or may transfer unwanted vibrations to the load. The
force oscillations are commonly distinguished as cogging forces and force ripple.
Cogging forces are caused by the tendency of the mover to line up with the stator
where the permeance of the magnetic circuit is maximized. This happens in cor-
respondence to the stator teeth even when no current is flowing in the armature.
When the motor is running, there are some additional oscillatory force compo-
nents resulting from the interaction between the magnets and the space harmonics
in the airgap. These alternating forces are generally referred to as force ripple.

Cogging force amplitude is often reduced by increasing the cogging force fre-
quency. Since the number of cogging force oscillations is proportional to the least
common multiple (LCM) between number of slots and number of poles [103],
fractional-slot machines can achieve a higher LCM than synchronous motors with
distributed windings. Force ripple depends on many geometrical parameters and
is usually lower for machines with minimum slot openings, skewed permanent
magnets, chamfered magnets, chamfered stator teeth, concentrated windings with
high number of slots per pole per phase and fractional-slot machines. [100].

Fractional-slot synchronous machines are characterized by lower cogging force
and are particularly attractive for EML application for their short end-windings
and low Joule losses. Concentrated windings are also cheaper to manufacture and
can be easily installed with respect to distributed windings. Additionally, con-
centrated winding configuration are more efficient for a segmented stator since
the stages can be positioned next to each other so that transition effects between
segments can be neglected. For these significant advantages concentrated wind-
ings were selected for the synchronous electromagnetic launcher for civil aircraft
assisted take-off.

Nevertheless, as a consequence of the presence of secondary harmonics, a cor-
rect choice of the number of slots and poles together with the winding arrange-
ment is imperative. The choice of the number of slots and poles is also important
to determine the winding factor and the harmonic content of the machine.



174 5.2. WINDING SELECTION

5.2.2 Winding Factor

The winding factor kw for a specific winding distribution expresses the ratio of the
flux linked by that winding and the total flux that would be linked by a full-pitch
distributed winding. The flux linked by the winding depends on the distribution
of the coils in the slots and on coil pitch, so that the winding factor of the ν th

harmonic is

kwν = kdν · kpν (5.1)

where kdν and kpν are the distribution factor and the pitch factor of the ν th har-
monic respectively. Since the linked flux is proportional to the thrust delivered by
the motor, the winding factor should be maximized during the preliminary design
selecting the appropriate number of slots and poles. In the following sections the
method to calculate distribution and pitch factor for fundamental and secondary
harmonics is shown.

5.2.2.1 Distribution Factor

When the mover is synchronized with the magnetic field speed, the magnetic flux
Φ induces in the ws turns in each slot a voltage called electromotive force (EMF).
Since the flux is sinusoidally distributed, the electromotive force is sinusoidal and
its peak value E is

E = 2π f wsΦ (5.2)

where f is the frequency of the supplied voltage. The ws conductors inside a slot
lie close to each other and they are linked by the same flux at any instant of time.
Conversely, the EMF induced in individual coils of a phase group of concentrated
windings machine is out of phase. The EMF of each coil can be represented by
phasors which are tilted with respect to one another by the electrical angle

αph =
2πt
Ns

(5.3)

where Ns is the number of slots and t is the periodicity of the machine. The
angle between two phasors coincides with the electrical angle between two slots



5. LINEAR PERMANENT MAGNET SYNCHRONOUS MOTOR 175

αs = 2π p/Ns only when the number of slots per pole per phase is an integer
number, that is with distributed windings. For fractional-slot windings the ratio
between the two angles is

dq =
αs

αph
=

p
t

(5.4)

where dq is also the denominator of the number of slots per pole per phase (q =

nq/dq).

The machine periodicity t represents the number of identical parts in which the
machine can be split and corresponds to the maximum number of parallel circuits
allowable by a specific combination of slots and poles. The machine periodicity
can be computed as the greatest common divisor (GCD) between slots and pole
pairs p, that is

t = GCD(Ns, p) (5.5)

Considering a machine with m phases the number of slots that belongs to the
same phase is Ns/m and the same amount of phasors should be considered to
evaluate the total EMF. The vectorial resultant Er of these phasors represents the
total EMF induced in a coil group. Since all the phasors are shifted with respect to
one another of an angle αph, the magnitude of the resultant EMF Er is smaller than
the sum of the magnitudes of the phasors Em. The distribution factor expresses
the reduction of the resultant EMF of a coil distribution with respect to the sum of
the EMFs induced in the machine coils and it is computed as

kd =
Er

Em
(5.6)

In order for the winding to be feasible, the number of coil per phase must be
an integer number and each phase must have the same amount of slots. These
conditions are satisfied when

Ns

m · t
∈ N (5.7)

where N is the set of integer number. First grade windings are identified by even
number of the ratio Ns/mt and both single-layer and double-layer windings are



176 5.2. WINDING SELECTION

possible. Odd value of the ratio Ns/mt are associated with second grade windings
that allow the existence of the double-layer configuration only [104]. The distri-
bution factor of the fundamental harmonic of first grade double-layer windings
can be computed as [102]

kd =
sin
(

π

2m

)
Ns

2mt sin
(

αph
2

) (5.8)

In a similar way the distribution factor of the fundamental harmonic of second
grade windings can be computed as

kd =
sin
(

π

2m

)
Ns
mt sin

(
αph

4

) (5.9)

Equations 5.8 and 5.9 for the fundamental harmonic can be still used to calculate
the distribution factor for the ν th harmonic using an appropriate value of the elec-
trical angle between two consecutive phasors. The angle between two adjacent
phasors for the ν th harmonic can be expressed as [102]

αphν = αph

(
1+δph

ν− p
t

)
(5.10)

αphν = αph only when ν = p which is the condition that corresponds to the fun-
damental harmonic. δph is an integer number that is equal to the number of slots
between two adjacent phasors. Since the (i+1)th phasor is obtained from the ith

phasor by a rotation of an angle αph+2kπ with k ∈N, in fractional-slot machines
the slot angle αs is related to the phasor angle αph by the expression

δphαs = αph +2kπ (5.11)

Substituting the eq. 5.3 and the expression αs = 2π p/Ns in eq. 5.11 yields

δph =
kNs/t +1

p/t
(5.12)

where k is the minimum integer number that makes δph an integer number.

Not all the harmonic orders ν are produced by the winding sequence imple-
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mented in the fractional-slot machine. For instance, the harmonic contents of
the winding distribution when Ns/t is even includes only harmonics of odd order
multiplied by the periodicity t. There are no harmonics of even order because
the effects of two opposite coils always cancel out. Thus, when Ns/t is even the
harmonic order can be calculated as

ν = kν · t where kν = 1, 3, 5, 7, 9, 11 ... (5.13)

For the synchronous harmonic ν = p and therefore kν = dq according to eq. 5.4.
The number of subharmonics is (dq−1)/2 [105].

Conversely, when Ns/t is odd the winding distribution includes harmonics of
both even and odd order multiplied by the periodicity t, since no opposite phasors
reciprocally null their effects. The harmonic orders to consider when Ns/t is odd
become

ν = kν · t where kν = 1, 2, 3, 4, 5, 6 ... (5.14)

In this case the synchronous harmonic corresponds to kν = dq/2 whereas the num-
ber of subharmonics is (dq−2)/2. For both even and odd value of the ratio Ns/t

the harmonics which are multiple of the number of phases do not exist.

5.2.2.2 Pitch Factor

In order to reduce the turn length and the harmonic contents, the coil pitch τc

can be smaller than the pole pitch τ of the machine. In short pitched coil, the
phase angle between the EMFs induced in two opposite coil sides is less than π

(electrical angle), whereas in full pitched coil the phase angle between the EMFs
induced in two coil sides is exactly π . Hence, the pitch factor is the measure
of resultant EMF of short pitched coil in comparison with resultant EMF of full
pitched coil. The magnitude of the pitch factor kp depends upon the ratio of coil
pitch τc and pole pitch. The pitch factor of the fundamental harmonic can be
written as

kp = sin
(

π

2
τc

τ

)
= sin

(
π

p
Ns

)
(5.15)
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since the coil pitch is equal to the slot pitch τs and the slot pitch can be expressed
as τs = 2p/Ns. The pitch factor for the ν th can be computed using

kpν = sin
(

π
ν

Ns

)
(5.16)

where the number of pole pairs p was substituted with the harmonic order. Eq.
5.16 can be still used for the fundamental harmonic since in this case ν = p.

5.2.2.3 Selection of Number of Slots and Poles

The selection of the number of poles 2p and number of slots Ns is correlated with
the thrust density (shear stress) of the machine and the dimensions of the active
area of the mover. In particular the number of poles can be expressed as a function
of the mover length lmov as

2p =
lmov

τ
(5.17)

In general, synchronous motor with short pole pitches have increased electromag-
netic performance. However, the minimum length of the pole pitch for high volt-
age application is limited by the maximum frequency allowed by state of the art
silicon carbide switches (a few kHz with a maximum admissible output frequency
of approximately 300 Hz). With a required end-speed of approximately 85.7 m/s
(as shown in Section 3.3.3), the minimum pole pitch is about 15 cm. According
to eq. 5.17, the number of poles is proportional to the length of the mover when
the pole pitch τ is given. Hence, it is sufficient to define a range of values for the
mover length to know the number of poles that LPMSM may implement.

The mover length can be determined form the other dimension of the mover’s
active area and from the rated thrust density of the electrical motor. The shear
stress on the moving plate of synchronous machines designed for continuous op-
erations for aerospace applications ranges between 45-75 kN/m2 [106]. The thrust
density can reach higher values, but complex cooling systems are often required.
Since the peak thrust needed to launch an A320-200 is approximately 500 kN, the
area of the mover is expected to vary between 7-11 m2.

The width of the LPMSM’s mover can be determined from structural consid-
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Table 5.1: Fundamental harmonic winding factors for different combination of number of
pole pairs and number of slots for a three phase machine [107]

Ns\p 2 3 4 5 6 7 8 9 10 11 12 13 14 15 16 17 18 19 20
6 .866 X .866 X .866 X .866 X .866 X .866 X .866
9 .866 .945 .945 .866 X .866 .945 .945 .866 X

12 1 X .866 .933 X .933 .866 X X X .866 .933 X .933 .866
15 X .866 X .951 .951 X .866 X X X .866
18 1 .866 .902 .945 X .945 .902 .866 X
21 X .866 .890 X .953 .953 X .890 .866 X X
24 1 X .866 X .933 .950 X .950 .933 X .866 X
27 .866 .877 .915 .945 .954 .954 .945 .915 .877 .866
30 1 X X .866 .874 X .936 .951 X .951 .936 X .874 .866

Ns\p 11 12 13 14 15 16 17 18 19 20 21 22 23 24 25 26 27 28 29
33 .866 X .903 .928 X .954 .954 X .928 .903 X .866 X X
36 .866 .867 .902 .933 .945 .953 X .953 .945 .933 .902 .867 .866 X
39 X .866 X .918 .936 X .954 .954 X .936 .918 X .866 X
42 X .866 X .890 .913 X .945 .953 X .953 .945 X .913 .890 X .866
45 .866 .866 X .927 .945 .951 .955 .955 .951 .945 .927 X .866
48 X X .866 X .905 .933 X .950 .954 X .954 .950 X .933 .905
51 X X .866 X .880 .901 X .933 .944 X .955 .955 X .944 .933
54 .866 .877 .902 .915 .930 .945 .949 .954 X .954 .949
57 X X X .866 X .932 .912 X .937 .946 X .955 .955

erations on the plate thickness and material. Since the shuttle is made out high
density stainless steel, in order to reduce the weight of the LPMSM’s mover the
yoke thickness should be reduced as much as possible. As can be seen in Fig.
4.21 a thickness reduction must be compensated either by the enhanced structural
characteristics of the yoke material or by a decrease of the mover width (Fig. 4.23)
to guarantee a buckling factor greater than 10. As it will be later shown in Sec-
tion 5.3.1, the thickness is reduced to get a mover width comparable with that
of the LIM’s aluminium plate found in Section 4.4 accounting for the structural
properties of steel. Therefore the mover width of the LPMSM is expected to vary
between 1.5-3.0 m.

From the values that have just been established for the active area and the
mover’s width, the mover length ranges between 2.3-7.3 m. Inserting the val-
ues of mover length in eq. 5.17 together with the minimum pole pitch length, the
number of poles of the synchronous launcher varies between 16 and 48 (8 to 24
pole pairs).

Within the 8-24 pole pairs range, a large number of slot-pole combinations with
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Table 5.2: Properties of pole-slot combinations for Ns = 36

p 12 13 14 15 16 17 19 20 21 22 23 24
kw .866 .867 .902 .933 .945 .953 .953 .945 .933 .902 .867 .866

LCM 72 468 252 180 288 612 684 360 252 396 828 144
t 12 1 2 3 4 1 1 4 3 2 1 12

Ns/t 3 36 18 12 9 36 36 9 12 18 36 3
X X

√
X

√
X X X X X X X

different winding factors can be found. Table 5.1 reports the winding factors of
the fundamental harmonic of several combinations of slots and pole pairs [107].
Only winding factors greater than 0.866 are reported as they are more interesting
from the design point of view. Cells with winding factor lower than 0.866 are left
blank. The combinations of slots and pole pairs marked with a red cross in Table
5.1 are not allowed.

Table 5.1 shows that dozens of combinations are possible within the the 8-24
pole pairs range. The technique proposed to select the pole-slot combination for
the LPMSM does not follow any optimization criteria, but it is based on consider-
ations that lead to satisfactory results. Indeed, in case an optimal solution exists, it
would require the comparison of the electromagnetic performance of all the pos-
sible pole-slot combinations. It is accepted to consider a pole-slot combination
with winding factor greater than 0.9, low force ripple and low content of magnetic
material.

The number of slots that presents the largest number of combinations with a
winding factor greater than 0.9 in the 8-24 pole pairs range is 36. The properties
of all the possible pole-slot combinations with Ns = 36 are reported in Table 5.2.
The cells of Table 5.2 are coloured either in green or red depending on whether the
value of the respective parameters is satisfactory or not according to the selection
criteria.

In order to limit the cost and the length of the active area, solutions with maxi-
mum 34 poles (17 pole pairs) were considered in Table 5.2. Indeed, high number
of poles are associated with long movers with large quantities of magnetic mate-
rial. Least Common Multiple (LCM in Table 5.2) greater than 200 are demanded
to reduce the cogging force due to the interaction between magnets and stator
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(a) 30 poles, q =2/5 (b) 34 poles, q =6/17

Figure 5.3: MMF intensity of the first 50 harmonics for a 36 slot machine with 30 and 34
poles respectively

teeth. Low values of the periodicity t were neglected since they are often as-
sociated with high harmonic content. This can be verified comparing the MMF
intensity of the harmonics of different pole combinations. The normalized MMF
intensity is computed as

MMFν =
kwν

ν
p (5.18)

The harmonic content of the 30-poles and 34-poles machine in Table 5.2 are com-
pared in Fig. 5.3. In particular, Fig. 5.3b shows that the first 50 harmonics of the
34-poles have lower orders than those of the 30-poles machine. At the same time,
the 34-pole solution presents an high intensity secondary harmonic very close to
the fundamental which may cause significant force ripple during operation.

Another reason why the solutions in Table 5.2 with unitary periodicity were
discarded is that t corresponds to the number of parallel circuit that can be imple-
mented in a single stage of the synchronous motor. In high voltage application,
high periodicities provide a way of reducing the applied voltage by increasing the
number of parallel circuits despite increasing both the current and the complexity
of the machine winding.

Even though the harmonics order is mainly related with the value of the period-
icity t also the ratio Ns/t affects the harmonic distribution as explained in Section
5.2.2.1. In particular, odd values of Ns/t are associated with a higher harmonic
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(a) 28 poles, q =3/7 (b) 32 poles, q =3/8

Figure 5.4: MMF intensity of the first 50 harmonics for a 36 slot machine with 28 and 32
poles respectively

content than pole-slot combinations with even Ns/t and same periodicity. Odd
values of Ns/t are still acceptable, but they are indicated in yellow in Table 5.2.

After these considerations, only two combinations remain in Table 5.2 to be se-
lected. The MMFs of the 28-poles and of the 32-poles machines are compared in
Fig. 5.4. The 32-poles solution presents winding factor and LCM slightly larger
than the 28-poles solution, but the mover hosts four more poles and is expected
to be at least 60 cm longer. In this work higher importance was given to the
minimization of the magnetic material on board the mover rather than to other pa-
rameters. Additionally, the sub-harmonics of the 32-poles are more intense than
the 28 poles solution and they are expected to absorb more flux during operations.
The sub-harmonic flux may cause saturation of the magnetic circuit leading to se-
vere drop of the fundamental thrust and consequently the motor speed. Therefore,
the LPMSM considered for EML application mounts 28 poles on both the sides of
the mover while the travelling magnetic field is produced by the current flowing
in 36 slots. Hence, each stage of the LPMSM is formed by two opposite stators
each one with 36 slots.

5.2.3 Winding Sequence

A major difficulty in the design of concentrated winding machines lies in the deter-
mination of the distribution of the phases under each pole in order to achieve high
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electromagnetic performance. This section proposes a systematic method that can
be used to position the phase windings in the slots not only for the number of slots
and poles selected in Section 5.2.2.3, but for all the possible combinations. The
method applied to locate the conductors of each phase in the slots is similar to the
one proposed for large rotary synchronous generators [108]. This method that was
accurately described in [107] is adapted to the linear motion and it is modified to
allow for software implementation.

The method is based on the decomposition of the number of slots per pole per
phase q which is defined as

q =
Ns

2p ·m
=

nq

dq
(5.19)

where nq, dq are integer number. The denominator dq represents the number of
poles of the basic unit of the fractional-slot winding sequence, whereas the nom-
inator nq represents the number of slots per phase within dq poles. Therefore,
the total number of slots within dq poles is m · nq. The difference between the
denominator and the numerator of q is

zq = dq−nq (5.20)

The winding layout of fractional-slot machines is determined through the com-
parison between the distributed winding sequence A-C’-B-A’-C-B’ and a sequence
of 1 and 0 which is determined from q. The conductors of the distributed wind-
ing sequence having the same position of the ones in the binary series are kept
to form the optimum winding sequence of the fractional-slot machine. It can be
deduced that the optimum binary sequence contains Ns/t ones and that the asso-
ciated winding layout is repeated t times to fill all the slots.

The basic binary series instead contains dq digits and is formed by nq ones and
zq zeros. In order to find the optimum distribution of 1 and 0 in the basic binary
series some additional variable must be defined. The minimum number of zeros
after each 1 in the basic binary series is defined as

nzq =

⌊
zq

nq

⌋
where nzq ∈ N (5.21)
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Table 5.3: Basic binary series for several number of slots per pole per phase

q Binary Series
1/2 1 0
3/8 1 0 0 1 0 0 1 0
3/10 1 0 0 1 0 0 1 0 0 0
2/5 1 0 0 1 0
2/7 1 0 0 1 0 0 0
3/7 1 0 1 0 1 0 0

3/11 1 0 0 0 1 0 0 0 1 0 0
7/22 1 0 0 1 0 0 1 0 0 1 0 0 1 0 0 1 0 0 1 0 0 0
9/26 1 0 0 1 0 0 1 0 0 1 0 0 1 0 0 1 0 0 1 0 0 1 0 0 1 0

The remainder of the ratio zq/nq corresponds to the number of zeros rq to redis-
tribute in the basic binary series.

In order to facilitate the software implementation the basic binary sequence is
initialized as a vector of dq zeros while the position indexes i of the "1" are com-
puted according to

i+(nzq +1) · (i−1) for i = 1, 2, ...rq

i+nzq · (i−1)+ rq for i = rq +1, rq +2, ...nq (5.22)

i+nzq · (i−1) only if rq = 1 and dq 6= 5

The indexes distributions law in eq. 5.22 were determined in order to have the first
phase A at the beginning of the winding sequence. This has to be done for linear
machines whereas in rotary machines it is not necessary. Indeed, no matter the
phase the sequence starts, the slots of rotary machines are filled correctly since
the edges of the sequence coincide. The basic binary series for several numbers of
slots per pole per phase are shown in Table 5.3. In particular, the binary sequence
for the slot-pole combinations selected in Section 5.2.2.3 is highlighted.

The obtained sequence is subsequently repeated a number of times equal to the
number of phases in order to represent the total number of slots nq ·m within dq

poles. This binary sequence is than compared with the sequence of distributed
windings as shown in Table 5.4 for the selected slot-pole combination with q =

3/7.

In case dq is odd the repeatable winding sequence is antiperiodic and the trans-



5. LINEAR PERMANENT MAGNET SYNCHRONOUS MOTOR 185

Table 5.4: Repeatable winding sequence

1 0 1 0 1 0 0 1 0 1 0 1 0 0 1 0 1 0 1 0 0
A C’ B A’ C B’ A C’ B A’ C B’ A C’ B A’ C B’ A C’ B

Repeatable winding sequence for q = 3/7 A B C C’ A’ B’ B C A

Table 5.5: Double-layer winding sequence for a 36 slots 28 pole fractional-slot LPMSM

A B C C’A’B’B C A A’B’C’C A B B’C’A’A B C C’A’B’B C A A’B’C’C A B B’C’A’
A’B’C’C A B B’C’A’A B C C’A’B’B C A A’B’C’C A B B’C’A’A B C C’A’B’B C A

posed sequence must be added to the sequence shown in Table 5.4. The obtained
winding sequence is then repeated a number of times equal to the machine peri-
odicity t to cover all the active slots. In case of double layer windings, the phase
sequence that covers the second layer of the slot is the transposed sequence as
shown in Table 5.5 for a 36 slots 28 poles machine. The sequence in Table 5.5
will be implemented to fill the slots of every stage of the LPMSM for EML appli-
cations.

5.3 LPMSM Electromagnetic Design

The electromagnetic design of the linear synchronous motor has the same objec-
tives of the sizing procedure of the linear induction motor introduced in Section
4.3. In particular the methods described in this chapter aim to minimize the re-
quired input power which is calculated as

Pi =
Po

η cosφ
(5.23)

where Po is the output power (the product between thrust and synchronous speed),
and η , cosφ are the efficiency and power factor respectively. Therefore, the input
power minimization problem coincides with the maximization of the product of
efficiency and power factor.

The input power minimization problem is solved adopting the parametric op-
timization method which was described in Section 4.3.1. In order to efficiently
implement a parametric optimization to find the optimum combination of design
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variables, a simple analytical algorithm has to be introduced. The simplicity of
the algorithm allows the calculation of the desired data in a short time, but the ac-
curacy of the sizing procedure must not be compromised. The following section
introduces the sizing algorithm that the parametric optimization iterates a large
number of times for all the combinations of the design parameters. The outcome
of the parametric optimization will be used to define the geometrical features of
the machine that will be implemented in FEA software and in the analytical tran-
sient model based on the multi-layer theory.

5.3.1 Parametric Optimization Algorithm for LPMSM

The parametric optimization algorithm for LPMSM considers the design variables
shown in Table 5.6. Before running the algorithm the value of the design variables
is still unknown, but they are assumed to vary within specific ranges as will be
later shown in Table 5.7. A combination of these parameters and the list of input
variables shown in Table 5.6 are all the parametric optimization algorithm inputs.
The input variables are assumed before running the algorithm and do not vary
across all iterations. As can be seen in Table 5.6 the slot-pole combination selected
in Section 5.2 is an input of the LPMSM sizing procedure.

The thickness of the mover’s yoke hys in Table 5.6 is determined before running
the parametric optimization algorithm from structural considerations. To prevent
structural instability during operations, the buckling factor kbuck Fe of the stainless
steel plate must be greater than 10. The dependency of the buckling factor of the
stainless steel yoke on the plate thickness is similar to that of the aluminium plate
of LIM shown in Fig. 4.21 in Section 4.4. Thus the buckling factor is expected
to vary with the cube of the yoke thickness. Since stainless steel has a Young’s
modulus of 210 GPa, whereas aluminium has a Young’s modulus of 70 GPa, the
buckling factor of a plate made out of steel is expected to be approximately three
times greater than that of an aluminium plate with the same dimensions. Assum-
ing that the steel plate has the same width and length of the aluminium plate and
that it withstands the same load (hypotheses that are approximately true), an initial
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Table 5.6: Parametric optimization inputs and design variables for LPMSM

Design variables
Description Sym Value
Airgap length g ?
Slot pitch τs ?
Peak magnetic field density in the airgap Bg ?
Number of turns per coil Nc ?
Stator width ls ?
Ratio of the tooth width to the slot pitch rts ?
Ratio of the magnet span to the pole pitch rmp ?

Input variables
End-speed requirement vTO 85.73 m/s
Vacuum permeability µ0 4π ·10−7 H/m
Magnets relative permeability µPM 1.033
Copper conductivity σc 5.8 ·10−7 Ω−1m−1

Number of phases m 3
Number of pole pairs p 14
Number of slots Ns 36
Required peak thrust Fx 502.9 kN
Stator maximum flux density Bir 1.7 T
Magnets remnant flux density Br 1.39 T
Fill factor k f ill 0.45
NdFeB magnets density ρPM 7400 kg/m3

Silicon steel density ρir 7750 kg/m3

Stator windings current density J 50 A/m2

Tooth tip height hss 1.0 mm
Grooves Diameter dg 2.0 mm

value of the yoke thickness can be estimated as

kbuck Fe = kbuck Al ⇒

kbuck Al = a ·d3
Al

kbuck Fe = 3a ·h3
ys

⇒ hys =
dAl
3
√

3
(5.24)

where a is a generic constant. The buckling factors were imposed equal in eq. 5.24
since they have to satisfy the same requirement and the kbuck Al is already greater
than 10. Inserting the thickness of the aluminium plate in eq. 5.24 (dAl = 20 mm)
yields a yoke thickness of approximately 14 mm. This length is initially con-
sidered although a lower thickness could be selected for the different structural
features of the LPMSM’s mover with respect to the LIM’s. Indeed, the LPMSM’s
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Figure 5.5: Mover of LPMSMs for electromagnetic launch application

yoke is not an isolated plate but its structural properties are enforced by the pres-
ence of extra stainless steel sheets which are used to keep the magnets in place.
These plates are glued on both the sides of the yoke as shown in Fig. 5.5. The
magnets themselves may offer an increased structural resilience.

A complete structural analysis of the mover in Fig. 5.5 would be required to
fully characterize the response to the load and the minimum value of hys to avoid
instability. The structural response should be validated with a model that includes
yoke, magnets and lateral plates as shown in Fig. 5.5. This analysis would also al-
low the calculation of the stress tensor over the volume of the magnets and would
verify whether the intensity of the load will crack the brittle magnetic material or
not. However, the difficulty of simulating the action of the glue between the inter-
faces and the complexity of the structure limit the selection of the yoke thickness
to the aforementioned considerations on the buckling factor.

The parametric optimization algorithm starts with the definition of the mover
geometrical features. The slot pitch length of concentrated windings machines for
a given combination of number of slots and poles is related to the pole pitch length
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by the equation

τ =
Ns

2p
τs (5.25)

The span of the permanent magnet is simply given by the product

lm = rmp · τ (5.26)

The airgap magnetic field density Bg given in input is analytically related with the
thickness of the PMs hm through the balance of the magnetic voltage drops in the
magnetic circuit [29]:

Br

µPMµ0
hm =

BgkFg

µPMµ0
hm +

BgkFg

µ0
g (5.27)

where Br is the PMs remnant flux density, µPM is the relative magnetic perme-
ability of the magnet’s material and kFg is the fringing factor. The fringing factor
measures the increase of the effective airgap length due to tendency of the mag-
netic flux to cross the airgap following a curved pattern. This effect is stronger
for machines with large airgaps. The fringing factor is a coefficient always greater
than one that can be computed as

kFg =
sinh

(
π

τ
g
)

π

τ
g

(5.28)

After few algebraic operations, eq. 5.27 can be used to express the thickness of
the magnets as a function of known terms as

hm =
µPM

Br
BgkFg

−1
g (5.29)

The length of the mover lmov in Fig. 5.5 can be calculated as

lmov = (2p−1)τ + lm +2hys (5.30)

Considering that the lateral plates are assumed to have a thickness equal to hys/2
and that the length of the flanges plus that of the plate overhangs is considered
to be the 40% of the width of the active area ls, the mass of the mover can be
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calculated as

mmov = 1.1 · [2ρPMlmlshm2p+ρFe(1.4 · lslmov2hys−2plslmhys)] (5.31)

where ρPM is the NdFeB PMs density, ρFe is the stainless steel yoke density and
the coefficient 1.1 is added to consider the weight of the guidance system. In order
to accelerate the mover at the required rate, the motor has to deliver an additional
force of

Fmov = mmov ·0.6G (5.32)

The thrust needed to propel the aircraft and the mover at constant acceleration is

Fxc = Fx +Fmov (5.33)

The respective thrust density which expresses the shear stress in the airgap is

fx =
Fxc

2pτls
(5.34)

Once the dimensions of the mover are established and the corrected thrust Fxc is
determined, the algorithm proceeds with the calculation of the rated stator current
and the armature geometrical features. A parameter that can be simply determined
from the data given in input is the tooth width

bt = rts · τs (5.35)

whereas the slot width bs is given by

bs = τs−bt (5.36)

Since the slots are rectangular, the slot opening coincides with the slot width. As
in the LIM, the teeth of the synchronous motor present grooves of height dg to
hold the coils in place during the manufacturing process and tips of height hss.
The magnetic flux density Bt in the stator teeth can be calculated assuming that
the flux that crosses a slot pitch is redirected through the respective tooth to follow
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the pattern with lower reluctance. It can be approximated as

Bt =
2
π

Bg
τs

bt
(5.37)

Equating the flux across the slot teeth and the stator back iron, the back iron
thickness can be computed assuming a maximum flux density Bir = 1.7 T as

hy = 2
Btbt

Bir
(5.38)

where the number 2 is inserted to consider the contribution of two adjacent slots.
The slot height hs can be determined from the slot area As as

hs =
As

bs
(5.39)

The slot area must be enough wide to host the conductors and the insulating ma-
terial among them. It is computed as

As = 2
NcI

J · k f ill
(5.40)

where the fill factor k f ill is assumed to be 45% of the total slot area whereas the
current density J has the same value of the rated current density of the induction
launcher, since the respective temperature rise in the stator coils has been proven
within the insulation limit in Section 4.5. Since the machine is a double-layer
concentrated windings LPMSM, the number 2 in eq. 5.40 takes into account that
every slot hosts two coils, one for each layer. The variable I in eq. 5.40 represents
the current per turn that is required to produce the synchronous thrust.

At every instant of time the mechanical output power Po must be equal to the
product between the thrust and the synchronous speed vs which in turn is

Fxc · vs = m ·EsI (5.41)

where m is the number of phases and Es is the no-load voltage induced in the
stator coils by the excitation field of the PMs. The no-load induced voltage is also
called back electromotive force and it may be explained as the voltage needed
from the power supply to allow the rated current I to flow and interact with the
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excitation field to produce the required thrust. However, the total voltage that the
power supply provides is greater than Es since the losses of the machine have to
be considered as well.

An expression of the current per turn can be derived from eq. 5.41 for a three
phase machine as

I =
τ

π
ω

Fxc

3Es
(5.42)

where the synchronous speed was substituted with the expression

vs =
τ

π
ω (5.43)

The angular velocity ω is related with the instantaneous frequency f as

ω = 2π f (5.44)

The maximum frequency is provided at the end of the launch when the syn-
chronous speed reaches the end-speed vTO required at take-off.

fmax =
vTO

2τ
(5.45)

The back electromotive force in eq. 5.41 is related to the flux linkage Φs between
the permanent magnets and the stator windings as

Es = ωNcckwΦs (5.46)

where c is the number of coil per phase which is

c = 2
Ns

m
(5.47)

where the number 2 is used to consider both the sides of the stator. The magnetic
flux Φs is defined as the integral over the slot surface of the magnetic flux density
in the airgap B(x). It is computed as

Φs = ls
∫

τ

0
B(x) dx =

2
π

Bgτls (5.48)

where the second equality comes from the integration of the sinusoidal function
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B(x) that represents the magnetic flux density in the airgap. Substituting eqs. 5.46
and 5.48 in eq. 5.42 yields

I =
τ

π

Fxc

3 2
π

BgτlsNcckw
(5.49)

Once the algorithm determines all the geometrical features of the LPMSM and
the current required to produce the thrust, the parametric optimization proceeds
with the calculation of the electromagnetic properties of the synchronous motor.
The resistance of the current carrying conductors in the stator can be simply com-
puted from the definition as

R = ρc
lc
Ac

=
ls + lend

σc

J
I

N1 (5.50)

where N1 = Nc · c is the number of turns per phase, ρc is the resistivity of the
conductive material and the reciprocal of the conductivity σc, lc = ls + lend is the
length of the conductors, lend is the end-coil length and Ac = I/J the area of the
conductive region in the slot.

The magnetization inductance can be determined from the total flux across the
machine as

Lm =
ψs√
2I

=
N1kwΦs√

2I
(5.51)

The expression of the magnetization inductance can be rewritten considering that
the magnetic flux density in the airgap can be expresses as

Bg =
µ0 |MMF |

ge
=

3
√

2µ0N1kwI
πge p

(5.52)

where equivalent airgap ge can be computed as

ge = gkc +hm (5.53)

The factor kc is the Carter coefficient that represents the increase in effective mag-
netic path length due to slotting. The stator slotted structure deviates the magnetic
wave shape from the ideal sinusoidal shape reducing the machine performance.
This effect is quantified by the Carter’s coefficient which can be computed using
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the formula [87]

kc =
τs

τs−σsbs
(5.54)

In literature there are many possible modifications of the Carter factor σs and often
the calculation is done using the finite element method to improve the accuracy.
The expression of the Carter factor that minimizes the discrepancies between the
FEA and the analytical formulas for a surface-mounted PM synchronous motor
with concentrated windings is [109]

σs =
τs

g

[
bs

τs
− 4g

πτs
ln
(

1+
πbs

4g

)]
(5.55)

The final expression of the magnetization inductance can be obtained by substi-
tuting eqs. 5.48 and 5.52 in eq. 5.51 which yields

Lm =
6µ0(N1kw)

2τls
π2ge p

(5.56)

The armature leakage inductance Ll represents the magnetic flux that does not
link the armature and the mover, but returns to the stator without crossing the
airgap and producing the thrust. In a PM machine there are several sources of flux
leakage: the slot geometry, the end windings and the secondary harmonics. Every
contribution to the total leakage inductance can be expressed as a function of the
respective permeance as

Llx = 2µ0
lsN2

1
pq

λx (5.57)

The magnetic flux that circles around the coils and crosses the slot without reach-
ing the tooth tips and the airgap is represented by the slot leakage inductance Lls.
The respective permeance of double-layer windings is a function of the dimen-
sions of the slots that can be written as

λs =

(
hs

3bs
+

hss +dg

bs

)
3τc/τ +1

4
(5.58)

Another part of the magnetic flux that does not contribute to the thrust generation
is the flux associated with the end windings. The end winding leakage inductance
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Figure 5.6: Schematic of concentrated windings end-coil

Lle is generated by all the conductors outside the active area of the machine. The
end winding permeance for high voltage double layer windings is

λe = 0.42
qlend

2a

(
1− 2

π

τc

lend

)
k2

w (5.59)

where the length lend of a generic end-coil can be approximately computed as
the 105% of the length of hypotenuse B of triangle in Fig. 5.6 which sides are
half of the slot height hs/2 and the semicircumference A in Fig. 5.6. Thus, the
expressions to calculate the end-coil length is

lend = 1.05

√
π2

4
(bs +bt)2 +

h2
s

4
(5.60)

Especially with large airgaps and narrow slot openings, part of the magnetic flux
that reaches the tooth tip follows low reluctance patterns to the neighbour tooth
tips rather than crossing the airgap. The associated flux leakage is represented by
the differential leakage inductance Lld whose permeance can be computed as

λd =
5kcg/bs

5+4kcg/bs
(5.61)

The leakage inductance Llh associated with the secondary harmonics is the sum
of their magnetization inductances. Since the amplitude of the magnetomotive
force of each harmonic is related with the fundamental MMF by the eq. 5.18, the
magnetization inductance of any secondary harmonic can be calculated as

Lmν =
Lm

k2
w

(
kwν

ν
p
)2

(5.62)
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Combining eqs. 5.57, 5.51 and 5.62, an expression for the specific leakage perme-
ance λh due to high order harmonics can be derived as

λh = 3
qτk2

w
π2ge

γh (5.63)

where the harmonics leakage factor γh is the sum of all the ratios of the magnetiza-
tion inductances of high order harmonics to the fundamental MMF. The harmonic
leakage factor is computed as

γh =
1
k2

w
∑

ν>1

(
kwν

ν

)2

(5.64)

In conclusion, the total leakage inductance gathers all the possible leakage flux
contributions and it is computed as

Ll = Lls +Lle +Lld +Llh = 2µ0
lsN2

1
pq

(λs +
lend

ls
λe +λd +λh) (5.65)

Eventually, the parametric analysis estimates the electromagnetic performance
of the synchronous motor and the input power required by the machine. The
power that is dissipated as heat in the stator coils can be computed as

Pc = 3RI2 (5.66)

where the number 3 corresponds to the number of phases. The active power Pa of
the machine is the sum of the mechanical power and the heat losses:

Pa = Fxcvs +Pc (5.67)

The hysteresis losses and the eddy current losses are not considered during para-
metric optimization because they are negligible compare to the Joule losses Pc

assuming proper lamination and high quality magnetic material. The machine ef-
ficiency expresses the amount of active power that is converted into mechanical
power:

η =
Po

Pa
=

Fxcvs

Fxcvs +Pc
(5.68)
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Table 5.7: Design variable ranges for the parametric optimization of LPMSM

Variable description Sym Range Iterations
Airgap length [mm] g [4→ 11] 8
Slot pitch [mm] τs [100→ 220] 7
Airgap flux density [T] Bg [1.12→ 1.27] 6
Mover width [m] ls [1.5→ 3.5] 5
Magnet span ratio lm/τ [0.65→ 0.95] 7
Tooth width ratio bt/τs [0.3→ 0.8] 6
Turns per coil Nc [2→ 6] 3
Total iterations 211680

The reactive power Pr of the LPMSM is a measure of the energy stored in the
magnetic field which is not used to produce the thrust.

Pr = 3ω(Lm +Ll)I2 (5.69)

Since the reactive power is in quadrature with respect to the active power the total
input power can be computed as the modulus of their vectorial sum as

Pi =
√

P2
a +P2

r (5.70)

The power factor defines the percentage of the input power which is converted in
active power and it is computed as

cosφ =
Pa

Pi
=

Pa√
P2

a +P2
r

(5.71)

The phase voltage applied to the motor terminals is

U =
Pi

3I
(5.72)

5.3.2 Parametric Optimization Outcomes

The parametric optimization iterates the sizing algorithm for LPMSM presented
in Section 5.3.1 for every possible combination of the design variables reported
in Table 5.7. Table 5.7 also reports the range where the design variables vary and
the number of discretizations within each range. The total number of iterations
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Figure 5.7: Percentage variation of the input power with respect to its mean value

of the parametric optimization algorithm corresponds to the product between the
discretizations of all the variables.

The main objective of the parametric analysis is to determine the impact of the
design variables on the input power. In order to determine the effect of every single
value of the design variables on the power required, the power Pi computed by the
algorithm in Section 5.3.1 is averaged for all the possible combinations where
that value is constant. The average input power for every value of the variables is
than compared with the average input power of all the possible combinations to
determine the percentage variation with respect to the Pi mean value. For instance,
considering the the airgap length g = 6 mm, the percentage variation n%g=6 for
this variable is

n%g=6 =
Pig=6

Pi
(5.73)

where Pig=6 is composed by 26460 while Pi considers all the 211680 combina-
tions. Repeating the averaging procedure for every variable and plotting the re-
sults lead to the chart in Fig. 5.7.

In order to obtain the minimum input power with a set of variable that satisfies
the design constraints, the parametric optimization algorithm has to be run every
time a parameter is chosen. The parameters selection order might affect the final
outcome and it is suggested to proceed either from the variable with the lowest
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Figure 5.8: Amplitude of the supplied voltage at the end of the launch

impact on the input power or from the variable which value is constrained by other
factors. Indeed, in the case a variable is constrained by any design requirement,
its value is selected before the other parameters. The impact of each variable on
the system is measured by the slope of the curves in Fig. 5.7. The rationale behind
the choice of the parameters is presented enumerating the variables in the order
they were selected.

1. The number of turns per coil Nc corresponds to the number of conductive wire
connected in series in each coil. Even though the input power is not affected by
number of turns per coil as shown in Fig. 5.7, the input voltage is proportional
to the number of turns per phase N1 which in turns proportionally grows with
Nc. High voltage levels are difficult to handle by the power management system
that supplies and controls the electromagnetic launcher. Even with the state of
the art technology available today the maximum voltage should be reduced as
much as possible. During the launch the voltage increases until the aircraft
detaches. The peak voltage at the end of the launch for every design variable
combinations is shown in Fig. 5.8. The parametric optimization shows that
only low number of turns per coil are admissible. The voltage was computed
considering the two sides of the stator connected in series. The applied voltage
can be further reduced by considering the periodicity of concentrated windings
machines and connecting all the equal parts of the motor in parallel.
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Figure 5.9: Variation of the magnetic field density in the stator teeth for several combina-
tions of the design variables

2. The ratio bt/τs is a parameter that describes the proportion between the tooth
width and the slot opening. When the tooth is thin, the slot opening tends to
be large and the slot tends to be short. Therefore, according to eq. 5.58 nar-
row teeth positively affect the slot permeance reducing the slot leakage flux.
Indeed, when bs becomes rather large the magnetic reluctance of the pattern
across the slot increases and the magnetic flux tends to remain in the ferro-
magnetic material. At the same time, low values of the ratio bt/τs increase
the magnetic flux density in the stator teeth as can be seen in Fig. 5.9 where
the permeability of the ferromagnetic material is supposed to have a linear be-
haviour. The maximum magnetic flux density in stator steel before saturation
of the ferromagnetic material is assumed to be 1.7 T. Below this limit the min-
imum value of the ratio bt/τs should be selected. However the mass of the
stator teeth is so small compare to the iron yoke that a limited saturation level
is acceptable.

3. The input power presents a minimum for intermediate value of the airgap
length g since active and reactive powers differently behave with its varia-
tions. When g increases, the same magnetic field density in the airgap can
be achieved only by thicker magnets as shown in eq. 5.29. The effective airgap
length ge sensibly increases causing a reduction of the magnetization and leak-
age inductances and a consequent decrease of the reactive power. Conversely,
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Figure 5.10: Percentage variation of the input power as a function of the last design
variables

the active power increases for the higher thrust required to propel a heavier
mover with larger magnets and a greater current intensity is needed to generate
the thrust. In general one of these effects prevails, but in the point where they
counterbalance the input power presents a minimum. The minimum of Pi ap-
pears for an airgap length of 7 mm which respects the mechanical constraints
of the mover and prevents possible impacts due to vibrations. After the se-
lection of the previous parameters the parametric optimization curves slightly
change their appearance as shown in Fig. 5.10. In order to correctly select the
value of the next variables these updated curves should be considered.

4. The slot pitch curve shown in Fig. 5.10 is related to the variation of the pole
pitch according to eq. 5.25. The pole pitch length is limited by the max fre-
quency that can be achieved by the state of the art switching technology com-
mercially available today. Research is moving towards the design and testing
of high voltage semiconductor switches that connected in series may be capa-
ble of handling up to 10-20 kV at 300 Hz [110]. Series connected SiC p-IGBTs
with 12kV stopping voltage presented in [111] may be suitable for EML appli-
cations. Considering 300 Hz as peak frequency and an end-speed of 85.73 m/s,
the minimum pole pitch is approximately 150 mm. The respective slot pitch
can be computed from eq. 5.25 and is approximately 117 mm. The input power
curve associated with the slot pitch in Fig. 5.10 presents a minimum because
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active and reactive power differently behave with the variation of the pole pitch.
When the pole pitch increases, the length and the mass of the mover grow and
a thrust progressively more intense is needed. The armature current increases
as well intensifying the Joule losses in stator winding causing a decrease of
the efficiency. Even though the magnetizing inductance and the leakage in-
ductance of the stator harmonics increase with the pole pitch as shown in eqs.
5.56 and 5.62 respectively, the power factor increases for the sharp decrement
of the supplied frequency. In general one of these effects prevails, but when
they counterbalance the input power presents a minimum. It is recommended
to select of value of the slot pitch close to the minimum input power.

5. In order to correctly explain the rationale behind the selection of the stator
width, the chart with updated parametric optimization curves shown in Fig.
5.10 is considered. The input power presents a minimum in correspondence to
a stator width of approximately 3 m. With a larger stator the active surface of
the machine increases and the current required to produce the thrust reduces.
Both efficiency and power factor benefit from having a synchronous machine
with a larger ls and a lower rated current. However this effect is counteracted
by an always increasing mover weight that requires more active power to accel-
erate it at the same rate and by the increase of the motor inductances which are
proportional to ls. In general one of the two tendencies prevails on the other, but
in the point where they counterbalance the input power presents a minimum.
The selection of the value of the stator width requires further structural con-
siderations similar to those made for the linear induction motor in Section 4.4.
When the yoke thickness is selected on the basis of the stainless steel struc-
tural properties as shown in eq. 5.24 and comparing the width that achieves
the minimum output power and the length of the active area of the LPMSM’s
mover (approximately 3.0 m and 4.3 m respectively) with the curves shown in
Figs. 4.23 and 4.22 a buckling factor of 4 is expected. Although the structural
reinforcement provided by lateral plates and magnets should attain a buckling
factor larger than 4, at this design stage is preferable to reach higher buck-
ling factor with narrower movers. A narrow mover also entails less magnetic
material and a reduction of weight and costs.
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Figure 5.11: Variation of the magnet thickness with respect to the magnetic flux density
in the airgap

6. According to the parametric analysis results the best performance is achieved
when the ratio lm/τ = 1 as shown in Fig. 5.10. However, the algorithm does
not consider the leakage that is associated with the magnetic flux that is com-
pelled to travel to the neighbouring poles when the distance between magnets
is shorter than the airgap. In order to take into account this effect the selected
value of lm/τ is such that τ− lm is greater than g.

7. High magnetic field densities in the airgap allow the generation of the required
thrust with a reduced stator current. Therefore the motors that achieves high
Bg usually have higher efficiencies and power factors. However, according to
eq. 5.29 the closer the required magnetic field density in the airgap is to the
remnant field density of the magnets, the thicker the magnets have to be. The
variation of the magnet thickness with respect to the magnetic flux density in
the airgap is shown in Fig. 5.11 considering a remnant flux of 1.39 T of NdFeB
magnets of grade N48 Chinese standard. The augmented magnet thickness
causes an increase of the mover mass and of the thrust required to propel it.
As for the previous variables the effects counterbalanced a present a minimum
that also corresponds to acceptable value of hm.

The design variables that satisfy the design constraints and achieve the minimum
input power are reported in Table 5.8. The motor geometrical characteristics, the
electric parameters and the electromagnetic performance that were calculated by
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Table 5.8: Design variables selected through parametric optimization

g 7.0 mm
τs 120 mm
Bg 1.21 T
ls 2000 mm

lm/τ 0.90
bt/τs 0.4
Nc 2

Table 5.9: Linear permanent magnet synchronous motor data

Geometrical Features Electric Parameters Performance
Tooth width 48 mm Frequency 277.8 Hz Mover mass 8286 kg
Slot Opening 72 mm Number of coils 48 Mover thrust 48.77 kN
Slot height 2.8 mm Carter coefficient 1.774 Required thrust 551.67 kN
Back Iron 106 mm Turns per phase 96 Thrust density 63.85 kN/m2

Yoke thickness 14 mm Voltage Peak 17.09 kV Joule losses 559.2 kW
Pole pitch 154.3 mm Current (RMS) 1128 A Active power 47.89 MW
End-coil length 198 mm Tooth field 2.42 T Reactive power 32.47 MW
Magnet span 139 mm Ll 2.8 mH Input Power 57.86 MW
Magnet thick. 49.9 mm Lm 2.0 mH Efficiency 0.988
Mover length 4333 mm Resistance 0.157 Ω Power Factor 0.828

the parametric optimization algorithm with the input variables in Table 5.8 are
listed in Table 5.9. This data will be implemented in the FEA software and in
transient model based on the multi-layer theory.

5.4 Multi-Layer Theory

The evaluation of the magnetic field distribution across linear synchronous ma-
chines is fundamental to determine the forces acting upon the mover. The method
that is proposed to model the magnetic field in the double-sided LPMSM was only
used to represent the field distribution in single-sided linear machines [112]. This
method is based on the solution of the Maxwell equations on a continuous struc-
ture organized in layers of material with different electromagnetic properties. The
action of the stator currents and of the permanent magnets is simulated by current
sheets opportunely located inside the machine. Due to the stratified nature of the
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Figure 5.12: Structural simplification of the MLT applied to a double-sided LPMSM

model, the method is named Multi-Layer Theory (MLT).

The MLT is a linear 2D model that replaces the slotted structure of the stator
and the permanent magnets with a continuous medium. A schematic of the layered
structure that is implemented in MLT is shown in Fig. 5.12. The continuous region
that replaces the stator slots is characterized by different permeabilities along the
x-axis and the y-axis which are respectively

µx =
µ0µr

1+ bs
τs
(µr−1)

(5.74)

µy = µ0

[
bs

τs
+µr

(
1− bs

τs

)]
(5.75)

where µr is the recoil permeability of the iron core. The magnet’s recoil perme-
ability µPM corresponds to the slope of the recoil line in the material hysteresis
loop also called demagnetization curve. The value of the recoil permeability of
NeFeB permanent magnets is very close to µ0 (µPM = 1.03µ0), so that the per-
meability of the void can be considered in its place without introducing any sig-
nificant errors. Since the permeability of the air in the gaps between magnets is
µ0 as well, the layer that replaces the PMs can be considered as made out of an
isotropic material with constant permeability. The permeability of the stator yoke
is considered to be infinite whereas the permeability of the mover yoke is consid-
ered to be equal to µ0. Indeed, the mover’s yoke is made out of stainless steel
whose magnetic permeability ranges between 1.003µ0− 7µ0 and no significant
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errors are introduced considering µ0 for simplicity.

MLT is based on the assumption of linear behaviour of the teeth material with
given magnetic permeability which remains constant independently from the value
of the magnetic field. This hypothesis limits the accuracy of the model especially
at high magnetic field densities, but it is commonly accepted to neglect the non-
linearity of the ferromagnetic hysteresis loop adding eventual hysteresis losses
later on in the design. Even the PM material is supposed to behave linearly which
holds true for the majority of the application where the stator field is not strong
enough to demagnetize the magnets.

In this work only the effect of the fundamental magnetic wave is investigated,
since the main purpose of the MLT is to determine the synchronous thrust. How-
ever, the effects of the secondary harmonics can be implemented adopting the
superposition principle and computation techniques similar to those described for
the fundamental wave. The permanent magnet and the stator magnetomotive force
fundamental can be expressed respectively as

MMFPM =
4
π

sin
(

π

2
lm
τ

)
Brhm

µPM
cos
(

π

τ
x
)

(5.76)

MMFst =
m
√

2N1Ikw

π p
sin
(

π

τ
x
)

(5.77)

where lm is the magnet span, Br is the PM’s remnant magnetic field density, hm

is the magnet thickness, N1 is the number of turns per phase and I is the stator
current. The equivalent current sheet of any magnetomotive force is given by the
derivative A = ∂MMF/∂x. It follows that the PM and stator equivalent current
sheets are respectively

APM =−4
τ

sin
(

π

2
lm
τ

)
Brhm

µPM
sin
(

π

τ
x
)

(5.78)

Ast =
m
√

2N1Ikw

τ p
cos
(

π

τ
x
)

(5.79)

The equivalent currents sheet are implemented in the layered structured as in-
finitely thin current filaments as shown in Fig. 5.13.

The governing equations which are used to determine the field in the various
layers shown in Fig. 5.13 are two of Maxwell equations which are also called
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Figure 5.13: Multi-layered structure of a double-sided LPMSM with regions and current
sheets considered by MLT

Faraday’s law and Ampere’s law:

∇×~E =−∂~B
∂ t

(5.80)

∇×~B = µ0

(
~J+ ε0

∂~E
∂ t

)
(5.81)

Both the magnetic flux density ~B = µ~H and the electrostatic field ~E vary sinu-
soidally as the armature current sheet As and the excitation current sheet APM. In
general, a sinusoidal wave both in time and space can be expressed in complex
notation as

~A = Ae j(ωt− π

τ
x) (5.82)

The electric field in the layers of Fig. 5.13 exists only along z direction, so
that the curl product in eq. 5.80 has only two components along x and y axes.
Moreover, the derivative on the right hand side of the Faraday law in eq. 5.80
can be calculated considering the sinusoidal variation in eq. 5.82. Restricting the
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analysis to the amplitude of the field wave yields

∂Ez

∂y
=− jωµxHx (5.83)

∂Ez

∂x
= jωµyHy (5.84)

The complex notation in eq. 5.82 allows the expression of the derivatives

∂Hy

∂x
=− j

π

τ
Hy (5.85)

∂Ez

∂x
=− j

π

τ
Ez (5.86)

Combining eqs. 5.84 and 5.86 yields

Hy =−
π

τ

Ez

ωµy
(5.87)

Then, eq. 5.87 can be inserted in eq. 5.85 obtaining

∂Hy

∂x
= j

π2

τ2
Ez

ωµy
(5.88)

The MLT stratified structure is done in such a way that in the inner area of each
layer there is no current flowing in z direction (~J = 0), since the current sheets are
located just outside the boundaries. Considering that the second term on the right
hand side of eq. 5.81 is negligible, Ampere’s law can be rewritten as ∇× ~H = 0.
In particular, the third components of the curl product of ~H is

∂Hy

∂x
− ∂Hx

∂y
= 0 (5.89)

Substituting eq. 5.89 in eq. 5.88 and deriving with respect to y yields

∂ 2Hx

∂y2 = j
π2

τ2ωµy

∂Ez

∂y
(5.90)

From eqs. 5.90 and 5.83 the partial differential equation for Hx becomes

∂ 2Hx

∂y2 −
π2

τ2
µx

µy
Hx = 0 (5.91)
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An equation for Hy can be determined from eqs. 5.85 and 5.89 as

Hy = j
τ

π

∂Hx

∂y
(5.92)

The partial different equation 5.91 must be solved for all the layers of the struc-
ture in Fig. 5.13 to compute the field Hx, whereas the field Hy can be calculated
using eq. 5.92. Using Fig. 5.13 as reference to identify the regions where Maxwell
equations are solved, the solutions for all the layers are listed as follows.

Region I (0≤ y≤ ys)

Hx I = H1

[
sinh

(
π

τ

√
µx

µy
y
)
+C1 cosh

(
π

τ

√
µx

µy
y
)]

Hy I = jH1

√
µx

µy

[
cosh

(
π

τ

√
µx

µy
y
)
+C1 sinh

(
π

τ

√
µx

µy
y
)] (5.93)

Region II (ys ≤ y≤ hs)

Hx II = H2

[
sinh

(
π

τ

√
µx

µy
(y− ys)

)
+C2 cosh

(
π

τ

√
µx

µy
(y− ys)

)]
Hy II = jH2

√
µx

µy

[
cosh

(
π

τ

√
µx

µy
(y− ys)

)
+C2 sinh

(
π

τ

√
µx

µy
(y− ys)

)] (5.94)

Region III (hs ≤ y≤ hs +g)

Hx III = H3

[
sinh

(
π

τ
(y−hs)

)
+C3 cosh

(
π

τ
(y−hs)

)]
Hy III = jH3

[
cosh

(
π

τ
(y−hs)

)
+C3 sinh

(
π

τ
(y−hs)

)] (5.95)

Region IV (hs +g≤ y≤ hs +g+ ym)

Hx IV = H4

[
sinh

(
π

τ
(y−hs−g)

)
+C4 cosh

(
π

τ
(y−hs−g)

)]
Hy IV = jH4

[
cosh

(
π

τ
(y−hs−g)

)
+C4 sinh

(
π

τ
(y−hs−g)

)] (5.96)
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Region V (hs +g+ ym ≤ ht)

Hx V = H5

[
sinh

(
π

τ
(y−hs−g− ym)

)
+C5 cosh

(
π

τ
(y−hs−g− ym)

)]
Hy V = jH5

[
cosh

(
π

τ
(y−hs−g− ym)

)
+C5 sinh

(
π

τ
(y−hs−g− ym)

)] (5.97)

Region VI (ht ≤ y≤ ht +hy)

Hx V I = H6

[
sinh

(
π

τ
(y−ht)

)
+C6 cosh

(
π

τ
(y−ht)

)]
Hy V I = jH6

[
cosh

(
π

τ
(y−ht)

)
+C6 sinh

(
π

τ
(y−ht)

)] (5.98)

Region VII (ht +hy ≤ y≤ ht +hy +hm− ym)

Hx V II = H7

[
sinh

(
π

τ
(y−ht−hy)

)
+C7 cosh

(
π

τ
(y−ht−hy)

)]
Hy V II = jH7

[
cosh

(
π

τ
(y−ht−hy)

)
+C7 sinh

(
π

τ
(y−ht−hy)

)] (5.99)

Region VIII (ht +hy +hm− ym ≤ y≤ ht +hy +hm)

Hx V III = H8

[
sinh

(
π

τ
(y−ht−hy−hm + ym)

)
+C8 cosh

(
π

τ
(y−ht−hy−hm + ym)

)]
Hy V III = jH8

[
cosh

(
π

τ
(y−ht−hy−hm + ym)

)
+C8 sinh

(
π

τ
(y−ht−hy−hm + ym)

)] (5.100)

Region IX (ht +hy +hm ≤ y≤ ht +hy +hm +g)

Hx IX = H9

[
sinh

(
π

τ
(y−ht−hy−hm)

)
+C9 cosh

(
π

τ
(y−ht−hy−hm)

)]
Hy IX = jH9

[
cosh

(
π

τ
(y−ht−hy−hm)

)
+C9 sinh

(
π

τ
(y−ht−hy−hm)

)] (5.101)

Region X (ht +hy +hm +g≤ y≤ 2ht +hy− ys)

Hx X = H10

[
sinh

(
π

τ

√
µx

µy
(y−2ht−hy− ys)

)
+C10 cosh

(
π

τ

√
µx

µy
(y−2ht−hy− ys)

)]
Hy X = jH10

[
cosh

(
π

τ

√
µx

µy
(y−2ht−hy− ys)

)
+C10 sinh

(
π

τ

√
µx

µy
(y−2ht−hy− ys)

)] (5.102)
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Region XI (2ht +hy− ys ≤ y≤ 2ht +hy)

Hx XI = H11

[
sinh

(
π

τ

√
µx

µy
(y−2ht−hy)

)
+C11 cosh

(
π

τ

√
µx

µy
(y−2ht−hy)

)]
Hy XI = jH11

[
cosh

(
π

τ

√
µx

µy
(y−2ht−hy)

)
+C11 sinh

(
π

τ

√
µx

µy
(y−2ht−hy)

)] (5.103)

The distribution of the magnetic field ~H and of the magnetic flux density ~B on
the machine cross section can be calculated solving the equations for all the re-
gions of the structure in Fig. 5.13. The equations contain 22 unknown constants
which can be determined imposing the following boundary conditions at the re-
spective coordinates.

y = 0 Hx I = 0

y = ys Hx I−Hx II = Ast By I = By II

y = hs Hx II = Hx III By II = By III

y = hs +g Hx III = Hx IV By III = By IV

y = hs +g+ ym Hx IV −Hx V = APM By IV = By V

y = ht Hx V = Hx V I By V = By V I

y = ht +hy Hx V I = Hx V II By V I = By V II

y = ht +hy +hm− ym Hx V II−Hx V III = APM By V II = By V III

y = ht +hy +hm Hx V III = Hx IX By V III = By IX

y = ht +hy +hm +g Hx IX = Hx X By IX = By X

y = 2ht +hy− ys Hx XI−Hx X = Ast By X = By XI

y = 2ht +hy Hx XI = 0

The substitution of the boundary conditions leads to a non-linear system of
equations because of the presence of unknowns multiplied between each other.
The linearity can be recovered by replacing these products with some additional
auxiliary variables. The solution of the system of the equations determines the
value of the integration constants and allows to calculate the value of the mag-
netic field in any point of the machine cross section.
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(a) Magnetic field (b) Current sheet

Figure 5.14: Magnetic field over a single pole pair computed by the Multi-Layer Theory

Since in the real machine the armature and excitation fields are not produced by
infinitely thin current sheets, the location of the current filaments is varied along
the slot height and along the mover height. The average of the results returns a
more accurate estimation of the magnetic field across the motor which is computed
as

Hx =
1

hmhs

∫ hm

0

∫ hs

0
Hx(ym,ys) dym dys (5.104)

The calculation of the magnetic field is done over a grid of points that dis-
cretizes all the regions in Fig. 5.13. The discretization is limited to a single pole
pair since the same wave profile periodically repeats over the other poles. The
magnetic field Hx calculated by the MLT is shown in Fig. 5.14a. The discontinu-
ities of the field in correspondence of the average location of the current sheets
can be observed as well. The intensity of the armature and PM current sheets used
by MLT for the synchronous launcher are reported in Fig. 5.14b.

MLT has determined the magnetic field considering a continuous anisotropic
structure in correspondence of the stator slots. In order to evaluate the effects
of the stator slots on the magnetic flux density distribution a correction function
should be introduced. This function represents the relative permeance variation
across 2D model of the synchronous motor. Accounting for slot and slot opening
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Figure 5.15: Sketch of the slot model and of the respective frame of reference considered
by the permeance function

distribution the magnetic flux density becomes

By = By MLT ·λg(x,y) (5.105)

where λg is the relative permeance which is a function of the Cartesian coordinate
x and y and By MLT is the magnetic flux density distribution computed by MLT.

This method can be especially applied to machine with rectilinear slots and
long effective airgap gm = g+hm like the synchronous electromagnetic launcher.
In particular, the technique is applied on a single slot with a frame of reference lo-
cated as it is shown in Fig. 5.15. Later the relative permeance function is extended
to include all the other slots under a single pole pair. The relative permeance of
the slotted region can be calculated by conformal transformation mapping applied
between the mover and stator surface as [113]

λg(x,y) =

1−β (y)
[
1− cos

(
2π

0.8
x
bs

)]
for 0≤| x |≤ 0.4bs

1 for 0.4bs ≤| x |≤ bs/2
(5.106)

where the function β (y) depends on the transversal position and is determined by
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conformal transformation as [113]

β (y) =
1
2

1− 1√
1+
(

bs

2gm

)2

(1+u2)

 (5.107)

where u satisfies the equality

y π

bs
= 1

2 ln


√

1+
(

bs
2gm

)2
+u2+u√

1+
(

bs
2gm

)2
+u2−u

+ 2gm
bs

arctan

2gm
bs

u√
1+
(

bs
2gm

)2
+u2

 (5.108)

The permeance function for a single slot is shown in Fig. 5.16a, whereas the per-
meance function for the slots under a single pole pair is shown in Fig. 5.16b. Figs.
5.16c and 5.16d compare the magnetic flux density estimated by the MLT and the
flux density corrected with relative permeance.

The analytical method presented so far is useful to determine the magnetic field
and the flux density distribution inside a synchronous motor. MLT can be also
used to determine the no-load induced voltage Es and the longitudinal inductance
Llong of the machine. These parameters are very important from the design point
of view, since they are related to the machine thrust Fx and to the magnetizing
inductance Lm according to the laws

Fx =
3
2

π

τ

Es

ω
I (5.109)

Lm = Llong−Lls (5.110)

where ω is the angular velocity of the supplied voltage and Lls is the slot leakage
inductance that is computed as

Lls =
µ0ls
2pq

(
hs

3bs
+

hss

bs

)(
3

τc

τ
+1
)

N2
1 (5.111)

The no-load induced voltage can be determined solving the MLT with Ast = 0.
In this situation no power is supplied to the armature and only the action of the
PMs is included. The RMS value of the voltage induced in a single phase of the
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(a) Single slot (b) Pole pair

(c) MLT flux density (d) Corrected flux density

Figure 5.16: Magnetic flux density along the y-axis computed by the MLT and corrected
with the relative permeance function of the stator slotted structure

machine is proportional to the flux linkage produced by the permanent magnets as

Es = ω
ΨPM√

2
(5.112)

where the flux linkage for a single phase is

ΨPM = N1kwτls
2
π

Bys (5.113)

where Bys is the average of the magnetic flux density computed by the MLT over
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the stator slots and is computed as

Bys =
1
hs

∫ hs

0

1
hm

∫ hm

0
By(ym)dym dy (5.114)

The inner integral in eq. 5.114 represents the average of the magnetic flux density
produced by current sheets on different locations along the magnet thickness.

Having determined the no-load induced voltage it is possible to proceed with
calculation of the longitudinal inductance. The MLT allows the calculation of the
magnetic flux density distribution with no excitation field setting the current sheet
APM = 0. The longitudinal inductance is obtained from the induced voltage El on
the stator coils when there is no excitation field and the stator current intensity is
equal to 1 A as

Llong =
El

ωI
(5.115)

The voltage induced in the stator coil by only the action of the stator current sheet
Ast is

El =
ω√

2
N1kwτls

2
π

By l (5.116)

where the magnetic field By l is

By l =
1
h2

s

∫ hs

0

∫ hs

0
By(y,ys)dysdy (5.117)

where the inner integral represents the average of the effects produced by the
current sheet Ast on different location along the stator slot. These parameters
and the other machine features determined in Section 5.3 are implemented in the
transient analytical model whose results will be compared with the finite element
analysis outcomes.

5.5 Transient Electromagnetic Model

The transient of electrical machines is described by the mean of differential equa-
tions that characterize the response of the motor to the applied voltage or current.
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A method that is widely use to represent the transient behaviour of synchronous
machines is based on the direct-quadrature axes model also called dq model. The
theory proposes to resolve the electromagnetic equations into two mutually per-
pendicular components along the direct-quadrature (dq) frame of reference. In
synchronous machines the dq frame travels at the same speed of the magnetic
field wave in the airgap and therefore it is synchronized with the moving part of
the motor. In this frame of reference the partial differential equations that repre-
sent the transient evolution of the machine are

Ud = RId +Ld
∂ Id

∂ t
−ωLdIq (5.118)

Uq = RIq +Lq
∂ Iq

∂ t
+ω(LqId +ΨPM) (5.119)

where the subscripts d and q indicate the axis where the respective voltage, current
or inductance is evaluated, ω represents the instantaneous angular velocity and
ΨPM is the the magnetic flux computed by the MLT as shown in eq. 5.113. The
angular velocity of an alternating current supplied at increasing frequency can be
computed as

ω =
π

τ

vs

2
(5.120)

where 2 at the denominator is added considering the linear variation of the fre-
quency over time (see eq. 4.149).

The model expressed by eqs. 5.118 and 5.119 is valid when the MMF and EMF
waves are sinusoidal. The standard dq model of electrical machinery can not
be applied to achieve high fidelity results when large secondary harmonics are
present. The thrust pulsations due to the magnets-teeth interaction and to the
space harmonics are not considered by the standard dq model as well. Despite
these approximations, eqs. 5.118 and 5.119 are widely used to assess the basic
dynamic performance of the synchronous motor.

The inductances of the dq model in eqs. 5.118 and 5.119 can be expressed as

Ld = Lmd +Ll Lq = Lmq +Ll (5.121)

where Lmd and Lmq are the direct and quadrature magnetization inductances re-
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(a) dq components (b) First phase

Figure 5.17: Time evolution of dq voltage and first phase voltage during the launch

spectively. The dq model can be applied to any synchronous motor, but for
surfaced-mounted PM machines it can be further simplified. Indeed, in this case
Lmd and Lmq are equal to the magnetization inductance Lm computed by the MLT
using eq. 5.110 [18]. This means that direct and quadrature inductances Ld and Lq

of surface-mounted PM motors have exactly the same value.

A three phase alternating current is supplied to the system where each phase
varies in time according to

IA =
√

2I cos
(

π

τ

vs

2
t
)

(5.122)

IB =
√

2I cos
(

π

τ

vs

2
t− 2

3
π

)
(5.123)

IC =
√

2I cos
(

π

τ

vs

2
t +

2
3

π

)
(5.124)

In order to solve the differential equation of the dq model the three phases have to
be expressed with respect to the direct-quadrature frame of reference using Park’s
mathematical transformation [93] which isId

Iq

I0

=
2
3

sin
(

π

τ

vs
2 t
)

sin
(

π

τ

vs
2 t− 2

3π
)

sin
(

π

τ

vs
2 t + 2

3π
)

cos
(

π

τ

vs
2 t
)

cos
(

π

τ

vs
2 t− 2

3π
)

cos
(

π

τ

vs
2 t + 2

3π
)

1
2

1
2

1
2


IA

IB

IC

 (5.125)

The dq axis components of the current can be inserted in eqs. 5.118 and 5.119 to
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find the dq axis components of the voltage which are shown in Fig. 5.17a. Using
the inverse Park transformation the amplitude of the phase voltage becomesUA

UB

UC

=

 cos
(

π

τ

vs
2 t
)

−sin
(

π

τ

vs
2 t
)

cos
(

π

τ

vs
2 t− 2

3π
)
−sin

(
π

τ

vs
2 t− 2

3π
)

cos
(

π

τ

vs
2 t + 2

3π
)
−sin

(
π

τ

vs
2 t + 2

3π
)
[Ud

Uq

]
(5.126)

The first phase voltage UA computed using the dq model and the MLT is compared
with FEA results in Fig. 5.17b. The voltage computed with the analytical method
considers the losses associated with the end windings and predicts a voltage ampli-
tude which is slightly greater than the one computed by the finite element method.

The thrust of a synchronous machine can be computed from the electrical fea-
tures of the motor as

Fx =
3
2

π

τ

[
ΨPM +(Ld−Lq)Id

]
Iq (5.127)

For a surface-mounted PM machine the second term of eq. 5.127 disappears since
Ld = Lq.

The transient analysis of the LPMSM is also performed through a finite element
software for electromagnetic simulations. As for LIMs, the finite element software
for LPMSM draws the machine using the geometrical data determined by para-
metric optimization. For a shorter computational time, FEA is carried out only
on half machine taking advantage of the longitudinal symmetry. The analysis is
performed on a single stage while the whole length of the machine is simulated by
even periodic boundary conditions opportunely located to reproduce the distance
between stages. The machine is wound using the coils sequence shown in Section
5.2 which are connected to a current source with variable frequency. Since the
simulation is run without a control system, a linearly increasing speed is imposed
to the mover.

The thrust profiles computed using MLT and FEA are compared in Fig. 5.18.
The value computed by the parametric optimization procedure and the required
thrust to accelerate an A320-200 aircraft are shown as well. MLT and the dq
model estimates a slightly stronger magnetic interaction and a higher thrust than
the parametric optimization algorithm. However, the MLT thrust profiles exactly
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Figure 5.18: Comparison between thrust profiles computed using different methods

matches the required thrust by the A320-200 aircraft at the end of the acceleration.
The thrust predicted by MLT is constant because it assumes linear behaviour of the
stator material and it does not consider the effects of secondary harmonics. MLT
does not consider the disturbances caused by the motion along the stator slotted
structure and the respective thrust in Fig. 5.18 profile present no oscillations. On
the contrary, FEA thrust profile presents several oscillations that are mainly due to
the slot openings. The output thrust determined with FEA gradually decreases due
to the effects of non-linear iron and of the eddy current losses in the magnets and
in the mover yoke caused by secondary harmonics. Since there is no control on the
power source of the machine simulated by FEA, the current intensity supplied at
the begging of the launch produces a much stronger thrust that gradually matches
those predicted by the other methods as the mover gains speed.

The efficiency of the PM synchronous machine can be computed as

η =
Fxvs

Fxvs +3RI2 (5.128)

where the iron losses were not considered since they are negligible with respect
to the Joule losses in the stator windings. The power factor of the LPMSM can be
computed from the dq components of the voltage as

cosφ =
Uq√

U2
q +U2

d

(5.129)
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Figure 5.19: Comparison between efficiency profiles computed using different methods

Figure 5.20: Comparison between power factor profiles computed using different methods

Efficiency and power factor computed by dq model and FEA are compared in
Figs. 5.19 and 5.20 respectively. The same figures show the value of efficiency and
power factor computed by parametric optimization at the end of the launch. The
efficiency profiles computed using the different methods presented in this chapter
present a very good agreement across the whole acceleration.

The different methods used to calculate the power factor show different tenden-
cies in Fig. 5.20. Since the value of the power factor is proportional to the active
power and to the thrust of the machine, the behaviour of the power factor com-
puted by FEA approximately reflects the thrust profiles in Fig. 5.18. Starting from
one, FEA thrust gradually decreases to match the power factor estimated by the
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parametric optimization algorithm. MLT predicts the greatest power factor since
the method slightly underestimates the leakage inductance.

5.6 Thermal Analysis

The thermal heat transfer model is applied to LPMSM to determine the tempera-
ture change of the surface-mounted magnets and of the yoke during the launch. It
is important to estimate the temperature rise of the magnetic material to prevent
demagnetization. Temperature increases in magnets are due to the Joule losses
caused by eddy currents induced by the secondary harmonics of the magnetic
wave in the magnetic material. The intensity of secondary harmonics is partic-
ularly significant in fractional-slot motors like the synchronous launcher under
investigation.

When a strong magnetic field is established in opposition with the magnet mag-
netization, it will cause demagnetization if it is sufficiently intense. However, Nd-
FeB magnets can withstand strong external demagnetizing fields due to their high
intrinsic coercive force. In electromagnetic launch systems the field generated by
the stator coils should not be strong enough to threaten demagnetization. How-
ever, NdFeB’s demagnetization curve and coercive force are strongly temperature
dependent and sharply decrease when the magnet operates at high temperatures.

The mathematical model used to estimate the temperature evolution in the mover
assumes that no heat is transferred between the yoke and the magnets. The as-
sumptions of perfect thermal insulation is supported by the low conductivity of
the glue that is used to stick the magnets on the yoke surface. However, the tem-
perature delta between magnets and yoke may generate a heat flow that in this
analysis is neglected for simplicity. Under this assumption the heat transfer prob-
lem for the yoke and the magnets can be solved separately.

5.6.1 Thermal Analysis of the Mover’s Yoke

The transient heat transfer problem for the LPMSM mover’s yoke may be solved
by adopting the same techniques exploited to determine the temperature transient
of the LIM’s secondary. However, in this case a detailed transient thermal analysis
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is not required for the following reasons:

• Since the mover is synchronized with the magnetic wave, the eddy currents
are induced only by the secondary harmonics. In LIM the currents induced
in the aluminium plate are mainly due to the fundamental wave and the
current density reaches higher intensities;

• The eddy current intensity is further reduced by the low conductivity of
stainless steel;

• The LIM aluminium plate is located in proximity of the primary windings
where the magnetic flux oscillations are more intense. The stainless steel
yoke is located behind the magnets at a larger distance from the stator coils;

• Creep becomes a dominant effect when the temperature of stainless steel
exceeds the limit Tcr = 0.49 ·Tm where the melting temperature Tm of the
material is 1723 K (1450 °C). Therefore the creep temperature limit of stain-
less steel is about 844 K (571 °C) which is much higher than temperature
limit of aluminium (504 K or 231 °C);

• In the hypothesis of perfect thermal insulation between the magnets and the
yoke, conduction occurs only between the active area and the passive area
of the mover. To further simplify the problem, the analysis is restricted only
to the active area where the eddy currents are generated. At the fictitious
boundary surfaces between the active and passive area perfect thermal in-
sulation is imposed. Since the passive area is always colder than the active
area, with this assumption the heat that flows across the boundary between
the active and passive area is neglected and the calculated temperature in
the active region will be higher than in real applications;

• The convective heat flows only through the leading and trailing edge sur-
faces of the active area, since the lateral surfaces are covered by the PMs.
Since the heat removed through convection along these surfaces is not sig-
nificant, convection can be neglected. Perfect thermal insulation is also
imposed along the mover leading and trailing surface.
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Figure 5.21: Transient variation of the Joule losses in the mover’s yoke

The transient heat transfer equation for the yoke under these assumption reduces
to

ρFecFe
∂T
∂ t

=
Pyoke(t)

vyoke
(5.130)

where ρFe is material density, cFe is the material specific heat capacity, vyoke is the
volume of the mover’s yoke and Pyoke(t) is the power which is dissipated as heat
into the yoke. The time variation of the Joule losses in the stainless steel yoke
during the launch was computed through FEA and it is shown in Fig. 5.21.

The integration of both sides of eq. 5.130 over the take-off time tTO yields

∆Tyoke =
1

ρFecFevyoke

∫ tTO

0
Pyoke(t)dt (5.131)

where ∆Tyoke is the average temperature increment. Integrating the power loss in
Fig. 5.21 yields a temperature difference of approximately 20.8 K.

The analysis performed in Section 4.5 for LIMs showed that the temperature is
not uniform over the plate surface and that it varied reaching values 15% greater
than the average temperature. This temperature peaks that may appear on the
LPMSM’s yoke as well do not represent an issue during a single launch, but a
cooling system might be required for multiple launches. However, the passive
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cooling provided by conduction across the passive areas and by convection during
the launch and the time between launches will allow several consecutive take-off
without the need for an active cooling system.

5.6.2 Thermal Analysis of the Magnets

The thermal demagnetization of the magnets by the eddy current loss due to in-
tense secondary harmonics in fractional-slot machines is one of the major prob-
lems to deal with during the machine design. A technique that is widely used to
reduce the loss in the magnets consists in shortening the eddy current path by the
mean of segmentation. Each magnet can be segmented both in axial and longi-
tudinal direction. The loss reduction due to segmentation can be investigated by
3D FEA and this shows that surface-mounted PMs have more benefits from axial
segmentation than from the segmentation in the direction of motion [114].

In order to correctly predict the performance of the machine and the power
loss in the magnets a 3D simulation of a full launch is required. The computa-
tional resources required to complete this goal are far beyond the usual capability
of research institutions and a valid alternative has to be found. The proposed
methodology aims to simulate the 3D distribution of the eddy current through an
equivalent 2D representation of the same problem. The alternative technique con-
sists in adjusting the value of the PM resistivity to emulate the 3D loss in the array
of segmented magnets. The resistivity correction factor kρ is equal to the ratio
between the loss calculated by the 2D simulation Pe2D and the correct 3D solution
Pe3D [115].

kρ =
Pe2D

Pe3D
⇒ ρmag2D = kqρmag (5.132)

From the interpolation of experimental data for a large number of segmentations
it is possible to determine the curve in Fig. 5.22 [115]. The number of segments
selected for the LPMSM along the axial direction is 50. The respective value
of kρ is highlighted in Fig. 5.22. Considering that the NdFeB magnets have a
resistivity of ρmag = 1.5 · 10−6 Ωm the equivalent 2D resistivity implemented in
FEA is ρmag2D = 2.61 ·10−4 Ωm.

Since the eddy current losses in each pole of the magnet array are almost equal,
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Figure 5.22: Interpolation of the experimental data to estimate the ratio between 2D and
3D resistivities

the thermal analysis of the magnets can be restricted to a single pole. Moreover
axial segmentation allows the investigation of the temperature transient of a sin-
gle internal segment. Considering that neighbouring magnet segments undergo
approximately the same temperature rise and that the interstices between magnets
are filled with a low thermal conductivity glue, the sides of each magnet segment
can be considered perfectly thermally insulated. Neglecting the heat exchanged
through convection on the sides exposed to air, the heat transfer problem can be
solved as for the mover’s yoke using equation:

ρPMcPM
∂T
∂ t

=
Pe2D(t)

vPM
(5.133)

where ρPM is the magnets density cPM is the specific heat capacity of NdFeB and
vPM is the volume of the PM’s segment. The volume of the magnet segment under
investigation is

vPM = lm
ls
50

hm (5.134)
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Figure 5.23: Transient variation of the Joule losses in a PM segment

The time variation of the eddy current power loss during the launch is shown in
Fig. 5.23. The average temperature variation that is expected at the end of the
launch can be calculated as

∆TPM =
1

ρPMcPMvPM

∫ tTO

0
Pe2D(t)dt (5.135)

The integration of eq. 5.135 yields a temperature rise of 0.47 K which is man-
ageable by passive cooling even in the hypothesis of multiple launches. The tem-
perature difference between yoke and magnets generates a heat flow that tends to
cool down the yoke and heat up the magnets. However, the low conductivity of
the glue between them and the short duration of the launch impede the attainment
of thermal equilibrium and the temperatures of the mover’s components are not
expected to vary much from the values found in the present analysis.

The risk of thermal demagnetization of LPMSM with segmented PMs has been
proven to be very low for the very little temperature increase ∆TPM experienced
during the launch. The mover component that experiences the greatest tempera-
ture rise is the stainless steel yoke. The implementation of a yoke with limited
axial segmentation might further reduce the eddy current loss in the material and
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completely remove the need of active cooling system for the mover even with
multiple launches.

5.7 Contribution to Knowledge

The selection procedure of number of slots and poles described in this chapter was
firstly introduced for large rotary PMs synchronous motor. For the first time this
method has been applied to linear motors and adapted to allow software imple-
mentation. In this chapter the selection of number of slots and poles did not have
the only purpose of achieving high winding factor, but it was also based on the
minimization of the magnetic material on board the mover and on the reduction
of the harmonic content of the respective MMF. The modelling methods which
included parametric optimization, MLT, dq model and FEA were applied to size a
LPMSM for civil aircraft launch applications for the very first time. These studies
were combined with the thermal analysis of mover’s yoke and permanent mag-
nets. The thermal analysis was not only carried out to verify the need of an active
cooling system to cope with the heating across multiple launches, but it has also
assessed the absence of PMs demagnetization due to possible sharp temperature
increments during operations.



Chapter 6

Experimental Validation

This chapter presents project methodology, design, construction details and test
results of a reduced scale physical demonstrator concerned with the electromag-
netic catapult topology presented in Chapter 4. The main aim of the prototype is
to provide experimental data to compare with the results of the numerical and an-
alytical design procedures of linear induction motors (LIMs), in order to establish
a motor topology of potential use in a full scale civil aircraft launcher.

Often in literature, the performance of LIMs is compared with that of linear syn-
chronous motors (LSMs) considering the same stator geometry [38]. Most of the
times, the geometrical features of the stator are optimized to satisfy the require-
ment for LSM, and then the synchronous motor performance is compared with
that of a LIM with the same stator. Since the two electrical machine topologies
work on different principles, it is not possible to achieve the same motor perfor-
mance using the same stator geometry. The experimental work presented in this
chapter will prove that linear induction and synchronous machines should be sized
following dedicated design procedures as done in this thesis.

Therefore, following the procedure described in Chapter 5, a linear permanent
magnets synchronous motor (LPMSM) was developed and constructed to com-
pare the two machine types and as a basis for future LSM testing. The stator
of the linear synchronous motor (LSM) is tested as an induction motor to show
that it cannot achieve the performance of a LIM optimally designed to meet the
same requirements. In order to test the motors on the same rig and to follow the

229
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constraints commonly applied to commercial systems, both LIM and LSM are
developed to fit a common space constraint.

This chapter describes linear electrical motors that are designed to launch a
small Unmanned Air Vehicle (UAV) with a maximum take-off weight of 4.5 kg.
The launcher provides the energy required to accelerate the aircraft mass without
the aid of the UAV’s engines. When the engines are in operation, the launch
capability of the prototype can be extended up to a take-off weight of 7 kg. This
upper weight limit was chosen as aircraft heavier than 7 kg are of less interest,
since they are not allowed to fly without special permission as stated by the British
national regulatory institution, the Civil Aviation Authority (CAA) [116].

The procedures adopted to realise the small-scale prototype are described in the
following sections.

6.1 Test Rig Description

The test rig components are held in place by a central beam made out of steel
and shown in Fig. 6.1. The central beam is bolted to two steel frameworks: the
largest is the linear motor housing whereas the other one is the magnetic brake
structure. The test rig was mounted on the lab tables shown in Fig. 6.1 in order
to ease assembling operations and to facilitate repositioning of the mover at the
beginning of the launch track after each acceleration.

The function of the metallic components of motor and brake structures and the
methods used to size them will be further described in Section 6.5. The central
beam is also connected to rails along which four pairs of carriages can freely
slide. The carriages are not visible in Fig. 6.1 since they are hidden by the mover
structure which is at rest between the stator and brake housing.

The mover is also attached to a timing belt that conveys the motion to the po-
sition sensor. The timing belt is the white band shown in Fig. 6.1 that runs all
around the central beam and is driven by pulleys. The timing belt tensioning
system, which is used to move the pulley backward until the belt is straight, is
positioned at the central beam edge after the brake.

The mover is connected to the aircraft undercarriage that travels on a transpar-
ent platform which is supported by the stator and brake housing. The connection
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Figure 6.1: Electromagnetic launcher prototype for UAVs

between the mover and the aircraft undercarriage shown in Fig. 6.1 is fixed and
impedes the aircraft detachment during indoor tests. A detachable system com-
posed by a ring and a hook was also designed and manufactured, but it can be
installed only for outdoor tests. The UAV is simulated by an iron plate which is
bolted on top of the landing gear and weighs 4.5 kg.

The cables that departs from the motor in Fig. 6.1 form a star connection before
joining the AC drive. The AC drive is mounted on table legs and feeds the motor
with the voltage and frequency required by the operator. The parameters of the
AC drive can be adjusted by the operator using a dedicated software.

6.2 Definition of Prototype Requirements

The requirements of the induction and synchronous motor were determined con-
sidering the physical properties and aerodynamic characteristics of the UAV shown
in Fig. 6.2 which is manufactured by the German company Bormatec [117]. The
electromagnetic catapult end-speed, peak thrust and rated acceleration depend on
the aerodynamic features of the airplane at take-off. A simple method to estimate
the aerodynamic characteristics of the aircraft is presented in this section.

By a comparison of the wing cross section with an online database of standard
wing shapes, the airfoil that best resembles the section of the UAV’s wing is the
NACA2312. The aerodynamic lift and drag coefficients of the NACA2312 airfoil
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Figure 6.2: Reference aircraft for the catapult prototype

vary with the angle of attack according to the curves shown in Fig. 6.3 [118]. The
variation of the total aerodynamic drag coefficient of the UAV with the angle of
attack also shown in Fig. 6.3 takes into account of several contributions:

• the drag coefficient of the fuselage which also considers the friction between
the air flow and the aircraft. The aerodynamic drag of the fuselage does not
depend on the angle of attack and it is calculated using a 3D fluid dynamics
simulation software;

• the drag coefficient of the NACA2312 airfoil shown in Fig. 6.3 [118] which
represents the aerodynamic resistance of an ideal wing with infinite length;

• the induced drag coefficient which is the additional aerodynamic resistance
due to the finite length of the wing.

The induced drag appears every time there is a pressure difference between the top
and the bottom of a wing. This pressure difference is always required to have a lift
force opposite to the aircraft weight. In correspondence of the wing tips, the fast
upstream low pressure air flow mingles with the slow downstream high pressure
air flow causing vortices. The size of the tip whirls is proportional to the square
of the aircraft speed and is associated with the induced drag. The drag coefficient
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Figure 6.3: Aerodynamic drag and lift coefficients of NACA2312 airfoil

of this additional drag components can be computed as

CDi =
C2

L
AReπ

(6.1)

where CL is the lift coefficient, AR is the wing aspect ratio and e is the Oswald
efficiency number. The Oswald efficiency represents the discrepancy between the
lift distribution over the real wing and the ideal elliptical wing (with e = 1).

The take-off condition is reached when the lift force acting on the wing is equal
to the aircraft weight (mUAV = 4.5 kg). The speed at which take-off occurs can be
computed from the lift force formula (see eq. 3.1) as

vTO =

√
2 ·mUAV G
ρAirSwCL

(6.2)

where Sw is the wing surface and ρAir is the air density. Knowing the take-off
speed, the aerodynamic drag at take-off can be computed as

D =
1
2

ρAirSwCDv2
TO (6.3)
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The rated acceleration of the UAV launcher depends on the maximum distance
that the aircraft is allowed to travel before reaching the take-off speed. The length
of the motor that would be required to reach the take-off speed with the rated
acceleration of the civil aircraft launcher (0.6 G) would exceed 14 m. Considering
the manufacturing limitations on the length of a single stack of laminated material
(approximately 2.0-2.5 m), the electrical machine would then need to be formed
by at least 6-7 sections. The control difficulties, switching between stages and the
cost of an apparatus of such complexity would exceed the aims and objectives of
the test rig. In order to achieve the experimental goals with a simpler system and
within the allocated budget, it is acceptable to reduce the system complexity and
size, by implementing a single stage motor which accelerates the load at higher
rate. In order to allow the aircraft to reach the take-off speed within approximately
two meters, the rated acceleration must be 5 G, which is acceptable for unmanned
vehicles assuming the mechanical structure is able to withstand it.

The thrust of the electromagnetic catapult must overcome the aerodynamic drag
and the aircraft inertia at rated acceleration. Thus, the instantaneous required
thrust can be computed as

F = 5G ·mUAV +D (6.4)

Since the aircraft accelerates at constant rate and since the aerodynamic drag
varies with the square of the speed, the peak required thrust is delivered at the
end of the launch. The aerodynamic features, the thrust and the other prototype
requirements are summarized in Table 6.1.

6.3 Prototype Electromagnetic Design

The electromagnetic design of synchronous and asynchronous launchers for UAVs
exploits the same theories and follows the same procedures illustrated in Chapters
4 and 5. Both the motors are sized in order to minimize the input power needed
by the system through the use of the parametric optimization.

The asynchronous and synchronous motors used to accelerate the aircraft A320-
200 would be formed by several stages which are progressively connected to the
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Table 6.1: Aerodynamic characteristics of the UAV and small catapult requirements

Angle of attack αTO 9°
Drag coefficient CD 0.186
Lift coefficient CL 0.83
Wing aspect ratio AR 8.8
Oswald efficiency e 0.7
UAV mass mUAV 4.5 kg
Air density ρAir 1.225 kg/m3

Wing surface Sw 0.528 m2

Aerodynamic drag D 9.9 N
Take-off speed vTO 12.82 m/s
Rated acceleration aTO 5G (49 m/s2)
Thrust F 230.6 N

power supply as the motion of the aircraft progresses. The length of the mover
is supposed to cover the active coils for the whole duration of the launch. Con-
versely, the mover of the UAV launcher is significantly shorter than the single-
stage stator. When currents flows in the stator windings, only a small part of the
coils interacts with the aluminium plate of the induction motor. The energy stored
in the magnetic field of the passive areas is not employed to produce the thrust
and is not transformed in mechanical energy.

The parameters of the equivalent circuit of linear induction motors and the elec-
trical features of the linear synchronous motor must take into account the passive
areas of the machines. The total resistance, leakage inductance and the additional
magnetization inductance related to the fundamental magnetic field wave in the
passive areas are computed for both the machines as

Rtot =
R
N1

Ntot (6.5)

Ll tot =
p ·Ll

N2
1

N2
tot

ptot
(6.6)

Lml = Lm
ptot− p

p
(6.7)

where N1 is the number of active turns, Ntot is the total number of turns, p is the
number of active pole pairs, ptot is the total number of pole pairs and R, Ll , Lm

are the resistance, leakage inductance and magnetization inductance calculated as
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Table 6.2: Geometrical features, circuit parameters and performances of the LIM proto-
type

Geometrical features Circuit Parameter LIM Performance
Pole pitch 180 mm Current density 14.61 A/mm2 Field Bt 0.556 T
Thickness dAl 3.0 mm Peak frequency 40.01 Hz Field Bg 0.437 T
Slot pitch 30 mm Slip frequency 0.11 Mover mass 3.77 kg
Slot width 15 mm Sync. speed 14.40 m/s Mover thrust 175.8 N
Slot height 6.5 mm End speed 12.82 m/s Total thrust 449.9 N
Tooth tip height 0.5 mm I1 (RMS) 94.94 A Thrust density 7.81 kN/m2

Grooves dg 1.0 mm I2 (RMS) 30.59 A Carter coeff. 1.0417
Airgap g 5.0 mm Im (RMS) 89.88 A Fringing factor 1.0086
Airgap gm 13.0 mm Voltage V1 270.5 V Skin-effect fac. 1.0000
Airgap ge 13.7 mm Winding factor 0.933 Edge-effect fac. 2.1298
Stator width 80 mm Phases 3 Goodness factor 3.094
Plate width 195.6 mm Turns per slot 6 Iron loss 0.037 kW
Yoke height 20.0 mm Turns per phase 336 Copper loss 2.804 kW
Mover length 720 mm Inductance L1l 0.23 mH Output Power 6.481 kW
Wire diameter 3.1 mm Inductance L1l tot 2.8 mH Active Power 10.007 kW
Teeth mass 2.21 kg Inductance Lm 3.1 mH Reactive Power 76.395 kW
Yoke mass 13.41 kg Inductance Lml 6.3 mH Input Power 77.056 kW
Coil pitch 150 mm Inductance Lm +Lml 9.4 mH Peak Efficiency 0.573
End coil length 202.5 mm Resistance R1 0.0296 Ω Power factor 0.131
Active poles 4 Resistance Rtot 0.1037 Ω Active area η 0.715
Slot/pole/phase 2 Resistance R2 0.2540 Ω Active area cosφ 0.365

Table 6.3: Geometrical features, circuit parameters and performances of the LPMSM
prototype

Geometrical Features Electric Parameters Performance
Airgap 4.0 mm Phases 3 Current density 13.38 A/mm2

Slot pitch 20 mm End speed 12.82 m/s Iron density 8190 kg/m3

Tooth width 9.0 mm Frequency 249.3 Hz PM density 7500 kg/m3

Slot opening 11 mm Slot/pole/phase 3/7 Mover mass 7.11 kg
Slot height 6.5 mm Turns per coil 6 Mover thrust 348.6 N
Slot tip 0.5 mm Turns per phase 484 Total thrust 668.6 N
Grooves diam. 1.0 mm Remnant field 1.26 T Thrust density 11.62 kN/m2

Pole pitch 25.7 mm Tooth field 0.571 T Copper loss 3.895 kW
End-coil length 34 mm Airgap field 0.509 T Output power 8.572 kW
Magnet span 23.1 mm Inductance Ll 0.57 mH Active power 12.467 kW
Magnet thick. 2.0 mm Inductance Ll tot 1.9 mH Reactive power 17.029 kW
Mover length 722 mm Inductance Lm 0.27 mH Input Power 21.105 kW
Yoke thickness 1.5 mm Inductance Lm +Lml 0.91 mH Efficiency 0.688
Back Iron 20.0 mm Resistance 1.01 Ω Power Factor 0.591
Stator width 80 mm Voltage Peak 196.2 V Active area η 0.915
Wire diameter 1.8 mm Current (RMS) 35.9 A Active area cosφ 0.880
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Figure 6.4: Pictures of LIM’s and LSM’s stator sides taken when they were disassembled
and mounted on the frame

shown in Chapters 4 and 5.

The results of the parametric optimization algorithm for induction and syn-
chronous UAV launchers are reported in Tables 6.2 and 6.3 respectively. This
data was used to manufacture the stators shown in Fig. 6.4. In particular LSM’s
stator can be distinguished from LIM’s for the shorter slot pitch and for the re-
duced space occupied by the end-coils of concentrated windings.

Some of the dimensions reported in Tables 6.2 and 6.3 do not come from the
input power minimization algorithm of the parametric analysis, but were adjusted
considering the measurements made on the launchers after they have been as-
sembled. Additionally, the masses of the LIM’s and LPMSM’s movers are not
computed using the same approximated methods used in Chapters 4 and 5, but
they were directly weighed.

In order to compare the effects of the passive coils on the motor performance,
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Tables 6.2 and 6.3 also include efficiency and power factor of the active area. As
expected, a mover shorter than the stator causes a reduction of efficiency due to
the Joule losses associated with the increased copper wire length required to cover
the passive areas. The power factor diminishes as well due to energy stored in the
magnetic field of the passive zones which is not used to produce the thrust.

6.4 Sizing of the Magnetic Brake

The system requires an end-track braking system, suitable to stop both the mover
and the aircraft in the event of an unsuccessful detachment. Being able to brake
the aircraft mass also considerably simplifies testing by not having to physically
launch the aircraft each test. With a captive aircraft load that can be braked, the
demonstrator can be shown off anywhere, indoors or outdoors. While the end
stage braking could use a simple and cheap mechanical brake, this would have
lifetime wear issues and reset delays in testing and demonstration. Moreover a
mechanical brake has more potential for human error as this will need to be re-
leased and reset each test. Conversely, magnetic brakes with permanent magnets
are absolutely fail-safe, passive and will always function.

6.4.1 Safety Springs and Maximum Mover End-Speed

As an additional precaution two springs are mounted behind the brake as shown
in Fig. 6.5. The springs push the mover back into the brake, in case a single
braking action is not enough to stop it. The timing belt that is employed to convey
the motion to the position sensor limits the spring external diameter to 18 mm.
The features of the springs available in the market that respect this dimension
constraint are reported in Table 6.4, where L0 is the spring length, kel is the elastic
constant of the spring, Fmax the force that the spring exerts at full compression and
∆s is the displacement at full compression.

If the mover reaches the springs location, its kinetic energy is transformed into
elastic energy until the max displacement ∆s is reached. If the kinetic energy is
too high the mover will impact the holding structure causing serious damage to
the whole test rig. The energy conservation principle allows the calculation of the
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Figure 6.5: Location of the safety springs after the magnetic brake housing

Table 6.4: Spring Data

L0 [mm] kel [N/mm] Fmax [N] ∆s [mm] Vsp LIM [m/s] Vsp LPMSM [m/s]
89 15.0 535 35.6 2.091 1.810
102 13.3 542 40.8 2.314 1.953
89 34.2 762 22.3 2.028 1.712
102 29.5 751 25.5 2.154 1.818
89 21.8 582 26.7 1.939 1.636
102 18.9 579 30.6 2.069 1.746

maximum mover speed as

Vsp = ∆s

√
2 · kel

mUAV +mmov
(6.8)

where mmov is the mass of the mover and the number 2 is inserted to consider the
action of both the springs in Fig. 6.5.

The maximum kinetic energy that the springs are able to turn in elastic energy
corresponds to the speeds listed in Table 6.4. Since the kinetic energy is propor-
tional to the square of the mover velocity, the spring capability of safely pushing
the mover back increases with the speed Vsp. The spring that allows the mover to
travel the fastest is highlighted in green. This spring was purchased and imple-
mented in the rig and its geometrical features are those represented in Fig. 6.5.

The speed associated with the selected spring represents the maximum mover’s
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velocity after the braking action. Since both the motors will be tested with the
aluminium plate, only the maximum speed associated with the mass of the LIM’s
mover is considered. Therefore, the magnetic brake has been sized to slow down
the mover to a speed lower than 2.31 m/s at the spring location.

6.4.2 Electromagnetic Analysis of the Magnetic Brake

The analytical model and the finite element simulations of the magnetic brake aim
to ensure that the LIM’s mover travelling at the aircraft take-off speed (approxi-
mately 12.8 m/s), reaches the springs at a velocity lower than the one highlighted
in Table 6.4. The likelihood of a mover reaching a velocity higher than the take-
off speed is remote, although an excess of speed and kinetic energy should be
considered as a safety measure.

Since the longer the distance the aluminium plate travels across the brake the
stronger the arresting action on the moving conductor, the magnetic brake analysis
allows to set the minimum distance between the springs and the magnetic brake
that allows the mover to come to a standstill. In order to reduce the bulk of the test
rig the minimum distance is used to size the machine structural components. If the
brake performs well enough to arrest the mover before it crosses the active area
completely, the springs will be place at a distance shorter than the mover length.

The actual test rig hosts the magnetic brake which is shown in Fig. 6.6. The
analysis presented in this section is used to evaluate the arresting capability of the
installed magnetic brake and to estimate the maximum permissible mover speed
which should be greater than the take-off speed.

6.4.2.1 Analytical Model of the Magnetic Brake

The braking force acting on a conductive material passing through a persistent
magnetic field is caused by the interaction between the induced eddy currents
and the magnetic field itself. The intensity of the eddy current and of respective
braking force is proportional to speed and conductivity of the material. The total
braking force can be estimated as [119]

Fb = σAldAlB2
glmagwmagV (6.9)
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Figure 6.6: Magnetic brake structure

where σAl , dAl and V are conductivity, diameter and speed of the conductor respec-
tively, lmag and wmag are the length and the width of the area where the magnetic
field acts and Bg is the magnetic flux density in the airgap. The length of the active
area lmag in eq. 6.9 depends on the motion of the plate with respect to the brake
and changes with time. Since the force is proportional to the conductivity of the
materials, the lower the resistivity of the aluminium alloy the better will be the
braking performance.

In order to correctly model the magnetic brake using eq. 6.9, geometry and
materials of the movers must be taken into account. The LIM’s mover is formed
by two thin aluminium sheets glued to a central aluminium plate. In order to
reflect the action of different layers of material, the product between conductivity
and plate thickness in eq. 6.9 is replaced by an auxiliary variable which is

σe = σAl
dAl ·dAl f

dAl +2dAl f
(6.10)

where dAl and dAl f are the thickness of the central aluminium plate and aluminium
sheets respectively.

The magnetic field density in the airgap in eq. 6.9 can be determined from the
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remnant flux Br of the permanent magnets as

Bg =
hmBr

kFg(hm +µPMg)
(6.11)

where hm is magnet thickness, kFg is the fringing factor (see Chapter 5), µPM is
the relative magnetic permeability of the permanent magnets and g is the airgap
length. Once the braking force acting on the mover is known, the speed profile is
reconstructed integrating the instantaneous deceleration Fb/(mUAV +mmov).

6.4.2.2 Electromagnetic Analysis Results

The model of the magnetic brake presented in the previous section was iterated
many times to find the maximum initial speed of the mover that can be slowed
down to a speed lower than the maximum velocity allowed by the safety springs
and highlighted in Table 6.4. The speed calculated using the analytical method is
validated through comparison with the velocity computed by the FEA model of
the magnetic brake.

For instance, Fig. 6.7 shows the speed profiles computed by the analytical and
numerical methods with an initial mover speed of 13.7 m/s. The chart shows that
at high speed, the analytical model overestimates the braking action and predicts a
speed slightly lower than the one computed by the FEA software. On the contrary,
at low speed, the finite element method estimates stronger magnetic forces so that
the mover can slow down until it stops.

The analytical and numerical method predict the speeds at the spring location
shown in Fig. 6.7. In both the cases, the speed of the mover at the safety springs
is lower than the maximum allowed. The speed profile determined by analytical
method is not as accurate, probably due to the fact that the simple eq. 6.9 does
not consider the magnetic field generated by the induced eddy currents. For high
material conductivity at high speed the eddy currents are particularly intense and
they counteract the action of the magnetic field in the active area producing lower
forces. On the contrary at low speed the induced current have a stronger interac-
tion with the stationary magnetic flux. Despite the limited accuracy, the analytical
model predicts a speed at the spring location very close to that computed numer-
ically. Therefore, this simple model of the magnetic brake is good enough to
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Figure 6.7: Comparison between the LIM’s mover deceleration computed by the analyti-
cal and FEA model

estimate the speed without running extensive FEA simulations.

As can be seen from the results shown in Fig. 6.7, the breaking force that acts
upon the aluminium sheets is strong enough to slow down a mover travelling at
13.7 m/s. This speed approximately corresponds to the maximum velocity that the
mover connected to the aircraft can reach without exceeding the maximum speed
allowed at the safety springs. A mover travelling at 13.7 m/s has a kinetic energy
15% larger than the kinetic energy of the mover at take-off speed.

This analysis has proved that the braking force is strong enough to decelerate
the mass of mover and aircraft connected together travelling at a velocity larger
than the take-off speed (12.82 m/s). The installed brake allows a 7% speed excess
which guarantees safe operation. Additionally, in real launch the aircraft detaches
and the brake is used to decelerate only the mass of the mover. If required, during
future outdoor tests the LIM might be used to accelerate an UAV even at higher
speeds.
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LIM LPMSM

Figure 6.8: Technical drawing of the laminated structure of LIM’s and LPMSM’s stators

6.5 Structural Design of the Stator Housing

6.5.1 Description of Structural Components and Loads

When the current flows inside a double-sided linear motor the normal force acting
on the mover is nominally zero while the stators to each side of the airgap are
subject to distributed attractive forces known as normal force that tends to close
the airgap. As the normal force can be 10 times greater than the propulsive thrust,
the stator is commonly hold in place by a bulky and heavy structure which impedes
any displacement.

The electromagnetic catapult structure has been designed to be easy to assemble
and suitable for transportation. In order to accomplish this specific requirement,
the launcher framework is built of components which, if not properly designed,
may undergo significant deformation under operation. Intense displacements must
be avoided, as they may narrow the airgap to the point of collision between the
mover and the stator during operation at speed. Even though a moderate reduction
of the airgap length increases the propulsive force, vibrations and small misalign-
ments may cause impacts even with low deformations. In this work the stator
housing is designed to allow a maximum displacement of 5% of the airgap length
in the whole airgap region (< 250 µm).

The structural analysis is carried out separately on all the framework compo-
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Figure 6.9: Schematic of load distribution and constraints location on the stators simpli-
fied structure

nents which are subject to the operative load. The total displacement in the airgap
region is obtained summing up the contributions of all the loaded components.
The structural analysis can be performed on one half of the system, taking advan-
tage of the machine symmetry.

The motor component which is directly subject to the electromagnetic attractive
load is the machine stator. The tooth-slot structure of the stators of induction and
synchronous motors are shown in Fig. 6.8. They are both formed by a laminated
structure of ferromagnetic material. The stainless steel angles bolted beside the
stators provide further rigidity to prevent bending under flexural loads. The stain-
less steel angles and the laminated structure are connected to the stator housing
by bolts that pass through the empty holes on the sides of the stators in Fig. 6.8.

In the hypothesis that the teeth rigidly transmit the load to the stator back iron,
the structure can be represented by considering an isotropic material with the
shape of a parallelepiped as shown in Fig. 6.9. The attractive load acts on one
side of the stator, while the other side of the silicon steel bar is constrained by
bolted connections. The blue areas highlighted in Fig. 6.9 represent the surfaces
where the fix constraints are located.

The finite element electromagnetic analysis of the induction and synchronous
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Figure 6.10: Variation of the normal force acting in LIM and LPMSM stators during the
launch

motors determines the instantaneous normal forces reported in Fig. 6.10. The
force acting on the induction motor is greater than the normal force of the syn-
chronous motor due to the higher rated current and related electromagnetic inter-
action. Since the stator of the synchronous motor will be only used to accelerate
the aluminium plate of the LIM’s mover and will not be tested with the magnet
array, a normal force different from the one shown in Fig. 6.10 might be produced.
Even though the LSM’s stator accelerating the LIM’s mover was not simulated by
FEA, the propulsive and normal forces are expected to be lower than those of the
induction motor shown in Fig. 6.10 due to the lower rated current. Therefore the
structure of the test rig will be subject to the most demanding operative load when
the LIM is installed.

Since the stators of the induction and synchronous motor will be alternatively
mounted on the same frame, there is no need to perform the structural analysis
for each motor load and only the greatest normal force is considered to size the
framework components.

The attractive load is supposed to be uniformly distributed on one side of the
silicon steel plate shown in Fig. 6.9. It should be noted that, the attraction be-
tween stators is more intense in the passive areas of the machine since the induced
currents in the mover generates a repulsive force at their passage. Therefore, the
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Figure 6.11: Technical drawing of LIM stator connected to the frame structure

instantaneous force resultants reported in Fig. 6.10 are not uniformly distributed
along the stator lengths.

In order to simplify the structural analysis, the applied load is still considered
uniformly distributed, but a safety factor of 1.5 is considered. This factor takes
into account of the structural model approximations and attains sufficient opera-
tional leeway from the rated load. Considering the peak normal force in Fig. 6.10
and a safety factor of 1.5, the structure under investigation must be capable of
withstanding a load of 17400 N applied on both sides of the frame with a total
displacement lower than 250 µm on each side.

The motor is anchored to the frame by metallic connectors positioned below
and above the stators and coloured in yellow in Fig. 6.11. The C-shape connectors
transmit the load to the main structure of the frame which is formed by 9 U-shape
plates linked by a central beam and coloured in green in Fig. 6.11. The attractive
force acting on the stators tends to stretch the legs of C-shape connectors toward
the airgap.

At the same time the load is transmitted to the lateral surface of the U-shape
plate causing flexure towards the airgap. The thickness of the U-shape plates
along the direction of the load is rather large to provide the structure with high
bending resistance.
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Figure 6.12: Deformation of LIM’s stator and C-shape connectors under the maximum
load

6.5.2 Results of the Structural Analysis of the Frame

The structural analysis performed on the simplified structure of the stator back iron
with the structural constraints positioned on the bolts location shown in Fig. 6.9
and with a uniformly distributed load of 17400 N yields the deformation shown in
Fig. 6.12. The displacement in the constrained area of the machine does not ex-
ceed 10 µm. The max displacement occurs where the structure is less constrained
in proximity of the tip of each stator side and is about 65 µm.

Since two C-shape connectors are mounted on each side of every U-shape plate,
the load which each connector withstands is 1/18th of the distributed load (ap-
proximately 967 N). The traction load causes the deformation distribution shown
in Fig. 6.12. The displacement at the connector basis is almost negligible, but it
gradually increases along the connector legs. The maximum displacements occurs
in correspondence of the connector tips and it is approximately 1 µm.

In turns, each U-shape plate is subject to 967 N applied in correspondence of the
locations of the two C-shape connectors as shown in Fig. 6.13. The figure shows
only half of the U-shape plate, since the structural analysis was solved taking
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Figure 6.13: Deformation of U-shape plates under the maximum load

advantage of the frame symmetry. In order to simulate a symmetric structure a
fixed constraint must be imposed on the surface located along the symmetry axis
as shown in Fig. 6.13. The loads cause a deflection of the plate that gradually
increases toward the top of the plate. The displacement is not uniform in the
airgap region (between the two slots in Fig. 6.13 where the forces are applied) and
the maximum is approximately 61 µm.

The summation of the displacements of stator housing components that are sub-
ject to the attractive force is 127 µm which is lower than the required 250 µm.
The structural analysis performed on the components demonstrated that the design
structure is capable of withstanding the load without excessive deformations.

Even though the normal force represents the most important requirement to size
the prototype framework, the stator housing has to withstand a recoil force which
acts in opposite direction to thrust. Since this force tends to accelerate the sta-
tors in the direction opposite to the motion, linear electrical machines are usually
restrained to impede any movements. The catapult is designed to be easily trans-
ported and it is not anchored to any additional support. Therefore, it is important
to make sure that the thrust produced by the motor does not cause any stator move-
ments. The machine does not move under load only when the following condition
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is satisfied:

Fp−µpmpG < 0 (6.12)

where Fp is the prototype thrust, mp the mass of the test rig and µp is the friction
coefficient. Since the mass of the whole rig is 298 kg and the static friction co-
efficient between steel and wood is approximately 0.5, the force needed to move
the rig must be larger than 1462 N. Since a propulsive force of such an intensity is
never reached, the inequality in eq. 6.12 is satisfied and the stator frame does not
move during operations.

6.5.3 Structural Analysis of the Brake Framework

A similar analysis can be performed on the structure that sustains the magnetic
brake. Since the nominal airgap of the magnetic brake is only 1 mm, the max
deformation allowed is approximately 50 µm. The maximum attractive load is
experienced at high mover speeds and is approximately 2650 N per stator side
which becomes about 4000 N considering a safety factor of 1.5. When this load is
uniformly distributed upon the surface of the brake’s stator, it causes the deforma-
tion field shown in Fig. 6.14. The max displacement is reached at the stator edges
and is about 1.4 µm.

The brake’s stator sides are joined to four U-shape plates by C-shape connectors
similar to those used to sustain the stators of the induction motor. Each C-shape
connector carries a tension load of 500 N which in turn is applied to the U-shape
plate. The maximum displacement at the C-shape connector tip is about 1.0 µm
whereas the U-shape plate moves at most 12.4 µm between the two slots where
the load is applied.

The maximum displacement that is expected in the brake’s airgap region is
therefore 14.8 µm which is less than 5% of the airgap length. In conclusion,
also the structure of the magnetic brake is capable of withstanding the forces that
are generated by the attractive force between magnets.
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Figure 6.14: Deformation of all the components of the electromagnetic brake’s structure

6.6 Prototype Thermal Analysis

The thermal analysis of the conductive components of the asynchronous motor
during the launch is performed using the method developed and used for the civil
aircraft launcher in Chapters 4.

Since the rated acceleration is rather intense, the mover takes only 318 ms to
leave the stator completely. Adding the time required to build up the magnetic
flux inside the machine, which is approximately five times the time constant of
the motor (585 ms), the current is normally supplied for only 903 ms. The tem-
perature variation of the stator winding under the rated current density can be
estimated using the Onderdonk’s law (eq. 4.159). Even though the current density
in the motors is more intense than the current density of an electrical machine
for continuous operation without active cooling, the power supply is connected
for such a short time that the temperature variation of the stator windings remains
within 1 K after a single launch. According to this result, the temperature rise
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Figure 6.15: Temperature distribution over the surface of the aluminium plate at the end
of the launch

in the stator windings does not represent a particular restriction on the number of
launches that can be performed consecutively.

Thermal analysis is also carried out on the aluminium plate of the induction
motor considering an initial room temperature of 298 K (25 °C). Since the supply
frequency is rather small, the induced current distribution across the aluminium
thickness is not affected by the skin effect. Consequently, the current density and
the temperature distribution along the aluminium thickness is quite homogeneous.
The temperature distribution at the end of the launch over the external surface of
the aluminium plate is shown in Fig. 6.15. The induced current causes a tempera-
ture rise of only 9.5 K which allows limited consecutive tests before the machine
cools down.

Thermal analysis has been also performed on the conductive components sub-
ject to currents induced by the magnetic brake. The strong forces that abruptly
slow down the mover are caused by eddy currents with densities up to 227 A/mm2.
Thermal analysis can be used to investigate if the high density braking eddy cur-
rent will cause significant enough temperature increase to compromise the struc-
tural properties of the material.

Since strong applied arresting forces may exert significant momentum on the
mover carriages, the magnetic brake acts on the plate overhang located in proxim-
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Figure 6.16: 3D view of the active and passive regions of the mover of the induction motor

ity of the guidance system as shown in Fig. 6.16. In this region, the central plate
of the induction motor is glued to two aluminium angle brackets which are used
to connect the main body of the mover to the carriages.

Since the angle brackets and the central plate of the induction motor are made
out of the same material, the current density is homogeneously distributed across
the mover thickness. Thermal analysis can be performed as if the plate is formed
from a continuous material, even though the low conductivity glue between the
brackets and the central plate is a thermal insulator. The layer of epoxy resin is
so thin that its contribution can be neglected without leading to significant errors.
The thermal models used for the mover central plate can be extended to the brake
active area leading to the results in Fig. 6.17.

The maximum temperature increase occurs in proximity to the leading edge of
the mover, since the magnetic field acts for a longer time in this area. Despite
the high current density induced by the magnetic brake, the mover comes to a
standstill in such a short time (90 ms) that the aluminium reaches only 302 K
starting from an initial temperature of 298 K. It may be argued that the motor exit
temperature should be used in place of the environmental temperature as initial
condition, but the temperature delta will always remain 4 K. Since trailing edge
of the mover does not enter the brake, the temperature of the aluminium does not
change in this area.
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Figure 6.17: Temperature distribution on the surface of aluminium as it comes to a stand-
still

The thermal analysis of the conductive components of the test rig has shown that
the temperature increase does not threaten the electrical insulation of the stator
windings and the structural properties of the aluminium plate at any phase of the
launch. Moreover, since the temperature delta after a single launch is limited to
a few degrees Celsius, tests can be repeated consecutively without any particular
precaution.

6.7 Experimental Results

6.7.1 Test of LIM

The LIM prototype was tested without any position feedback in open-loop mode
applying the voltage-frequency profile shown in Fig. 6.18. The curves are plotted
using the data measured by the AC drive during the acceleration. The applied
frequency and voltage initially ramp up with an acceleration rate of approximately
125 Hz/s and 750 V/s to 21.5 Hz and 129 V respectively. After 171.5 ms the slope
of the applied frequency and voltage profiles reduces to approximately 55 Hz/s
and 290 V/s respectively. The launch terminates after 483 ms when the mover has
travelled a distance of 2.57 m and exits the stator completely. At this point the
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Figure 6.18: Induction motor voltage, current and frequency profiles measured by the AC
drive

voltage and the frequency reach 227 V and 38.2 Hz respectively. This voltage and
frequency profiles were chosen to give low slip and achieve high mover end-speed.

The frequency profile shown in Fig. 6.18 was also inserted in a finite element
simulation of the LIM prototype, implementing a current wave shape varying ac-
cording to the lawI(t) =

√
2I1 · cos

(
125πt2) for t < 171.5 ms

I(t) =
√

2I1 · cos
(
12πt +55πt2) for 171.5 < t < 483 ms

(6.13)

where I1 is the root mean square of the current reported in Table 6.2.

In order to accurately model the motor with the finite element software, the
moving part of LIM was loaded with the dynamic friction measured during the
tests. Since the machine operates without position feedback, all the data was col-
lected using an accelerometer mounted on the aircraft. In particular, the dynamic
friction force can be calculated from the deceleration measured when no other
force is acting on the mover. In the area between the stator and the magnetic
brake there is not any electromagnetic force, so that the deceleration measured
by the accelerometer can be only caused by the dynamic friction FFr. The force
acting on the mover in this area was found to be approximately 43.5 N. Since the
dynamic friction does not depend on the speed, but only on the characteristic of



256 6.7. EXPERIMENTAL RESULTS

the surfaces in contact, the friction force can be assumed constant along the launch
track. The respective friction coefficient µmov can be calculated as

µmov =
FFr

G · (mmov +mUAV +macc)
(6.14)

where macc is the mass of the accelerometer (approximately 190 g). The friction
coefficient measured during the tests is about 0.61 and includes the sliding friction
between carriages and rails, the contact friction between timing belt and pulleys
and the rotating friction between pulleys and their shafts.

The friction force was not only implemented in the FEA of LIM, but was also
used to determine the total thrust generated by the motor during the tests. In-
deed, summing the friction force to the product between the acceleration mea-
sured along the direction of the motion and the mass of the system (mover, UAV
and accelerometer), it is possible to determine the instantaneous magnetic thrust
that the linear induction motor delivers during the launch.

The integration of the data measured by the accelerometer allows the calculation
of speed and position of the mover. The speed computed by the experimental data
and the speed determined by the FEA software are compared in Fig. 6.19. FEA
and experimental results show a good agreement on the speed profile except at the
end of the launch when the mover exits the stator.

Fig. 6.19 also shows the synchronous speed of the travelling magnetic wave
which corresponds to the frequency supplied by the AC drive to motor during
the tests and implemented into the FEA software. The synchronous speed and
the real speed of the mover can be used to determine the slip frequency of the
induction motor using eq. 4.2. As can be seen in Fig. 6.19, the minimum slip
frequency of the induction motor during the experiments is about 0.18 whereas the
slip frequency reported in Table 6.2 (0.11) is never reached. The reason why the
mover does not accelerate any closer to the synchronous speed could be connected
to the low slope of the speed curves shown in Fig. 6.19 in the first 50 ms of the
launch. The low acceleration level experienced by the mover in the initial part of
the launch might be due to two main factors:

1. The launcher behaves as an inductor that needs a charging time of at least
five time constants to build up the flux to the rated value. Since the time con-
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Figure 6.19: Comparison between synchronous speed, measured speed and speed com-
puted by the FEA software

Table 6.5: Comparison between FEA and experimental performance

Peak Efficiency Power Factor
Finite Element Analysis 0.4327 0.1004
Experimental Data 0.4437 0.1406

stant of the motor is approximately 117 ms according to the data reported
in Table 6.2 (L/R), the motor builds up the magnetic flux in about 585 ms
which is a time longer than the time required to execute the launch. This is
in line with the current profile measured by the AC drive during the tests.

2. The static friction when the mover is at rest is usually higher than the dy-
namic friction experienced along the launch track.

Since at the beginning of the launch the magnetic flux is weak, the aircraft does
not move for at least 20 ms until the thrust overcomes the static friction. As soon
as the aircraft moves, the total thrust that the motor can deliver is not enough
to accelerate the mover at 5 G. The peak acceleration reached during the launch
(approximately 4.3 G), is not enough to push the mover closer to the synchronous
wave. An optimization of the launch performance could take advantage of the
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Figure 6.20: Motor voltage, current and frequency profiles measured by the AC drive

capability of the AC drive to delay the frequency ramp applying a constant low
frequency voltage that does not produce any motion for an initial time span of at
least 5 time constants. This procedure would allow the current to approximately
reach its rated value before proceeding with the real launch.

The performance computed by FEA are compared with those calculated from
the data measured during the launch in Table 6.5. The peak efficiencies are very
similar whereas the power factors at take-off speed slightly differ. FEA computes
a lower power factor since it slightly overestimates magnetizing and leakage in-
ductance.

6.7.2 Test of the Concentrated Winding Stator as a LIM

The test of the LSM’s stator as an induction motor was performed with the voltage
and frequency profile shown in Fig. 6.20. In this case the frequency and voltage
ramp up at constant rate of 327 Hz/s and 515 V/s respectively without changing
slope. In this motor topology the frequency of the machine is much larger than
the LIM previously tested, for the much shorter pole pitch.

The voltage required to generate a high frequency magnetic wave in the airgap is
greater than the voltage applied to the previous motor and it reaches the maximum
output voltage allowed by the AC drive (400 V). Even when the maximum voltage
is applied the current that flows in the system does not equal the current that was
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Figure 6.21: Comparison between speed and thrust achieved by LIM with concentrated
and distributed windings

achieved in the LIM stators. The tendency of the current supplied by the AC
drive and injected into the concentrated windings is shown in Fig. 6.20. The
rated current of LIM would be reached with an applied voltage that would largely
exceed the AC drive ratings.

The interaction between the magnetic flux generated by the applied voltage and
the current induced in the aluminium sheet produces the magnetic force shown
in Fig. 6.21. The chart also compares the thrust achieved by the LSM’s stator
with the thrust of the linear induction motor. The curves are plotted against the
travelled distance rather than the launch time to be easily compared. Indeed the
thrust delivered by the two motor topologies largely differs, so that they cover the
launch track in a completely different time. Conversely, in both the experiments
the acceleration of the mover is recorded across the same distance and it is easier
to compare the variation of the variables with respect a constant parameter range.

Since the mass of mover used in both the tests is the same, the thrust delivered
by the LSM’s stator achieves lower acceleration and speed. The speed profiles of
LIM and LSM’s stator are compared in Fig. 6.21.

Speed and thrust profiles cannot be used as the only mean of comparison for
the given motor topologies. Indeed, speed and thrust are only related to the output
power of the machine whereas they do not provide any information about the input
power. To fully characterize the motor performance, the AC drive used to control
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Figure 6.22: Comparison between input and output power of LIM with concentrated and
distributed windings

the motor measures the power consumed by the system independently from the
angle between voltage and current. The data collected from the AC drive during
both the tests are plotted in Fig. 6.22. The input power profiles of LIM and LSM’s
stator are comparable whereas the output power tendencies largely differ.

Although Fig. 6.22 already suggests the motor with the best performance, the
data available can be used to determine the machine efficiency and power factor.
The output power profile Po and the input power profile Pi in Fig. 6.22 together
with the stator resistances R measured by the AC drive and listed in Tables 6.2 and
6.3 allowed the following calculations:

η =
Po

Po +3RI2 (6.15)

cosφ =
Po

η ·Pi
(6.16)

where I is the stator current shown in Figs. 6.18 and 6.20. Equations 6.15 and 6.16
neglect the hysteresis losses in the stator core which especially affect the LSM’s
stator when it operates at high frequency. The Joule losses in the aluminium plate
are also not taken into account in eqs. 6.15 and 6.16 although they affect the per-
formance of LIM for the high value of the magnetizing inductance. Nevertheless,
since hysteresis and secondary Joule losses are minor effects, eqs. 6.15 and 6.16
can be still considered a good estimation of the real power factor and efficiency.
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Figure 6.23: Comparison between efficiency and power factor of LIM and LSM

The variation of efficiency and power factor of LIM and LSM’s stator during the
launch are compared in Fig. 6.23. Since the rated current flowing the in LSM’s
stator (see Fig. 6.20) is rather large with respect to the design current listed in
Table 6.3, the copper losses in stator windings sensibly reduce the value of the
efficiency. As a consequence of the large Joule losses and active power, the power
factor of the LSM’s stator is rather large with respect to the power factor of LIM.
On the contrary, the efficiency of LIM largely exceeds the efficiency of the LSM’s
stator and yields a comparable input power although the greater output power (see
Fig. 6.22).

6.8 Contribution to Knowledge

The prototype represents an important added value in terms of PhD studies, espe-
cially as there has been relatively little experimental work published in this area.
The expected academic outcomes from this rig will be significant. The compar-
ison between optimised LSM and LIM systems would be of great academic and
industrial interest, and would be suitable for top level journal submission. It is also
of note that the "working prototype" will be a fully functioning small launcher that
will serve as an excellent demonstrator during outreach events, while video of the
real launch can be shown to showcase the experimental activities. Furthermore,
the objective is to have a completed system that can reproduce the real catapult
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system and can be used for the purposes of the Institute for Aerospace Technology
and future research work.

The experimental results reported in this chapter have shown a good agreement
with the numerical procedures used to model the induction motor. The theory
developed to size a large scale launcher was experimentally validated and can be
applied to design LIMs with different power requirements. The author is confident
in extending this conclusion to the design method showed in Chapter 5 to size the
LPMSM.

Additionally, this chapter experimentally proved that the LSM’s stator used as
an induction motor performs worse than a LIM optimized to achieve the same
requirements. Therefore the procedure used to design a synchronous launcher
cannot be used to size an asynchronous launcher and vice versa. The comparison
of the performance of LIMs and LPMSMs with the same stator geometry often
proposed in literature was proved to be inaccurate to determine the best motor
topology.

This chapter has also introduced a method to design a passive, fail-safe break-
ing system which can be easily extended to a larger launcher. For the first time
the framework of a linear motor was accurately described and designed to be as
light as possible. The structural analysis of the framework components has been
carried out considering the normal attractive load between stators computed by
FEA. This chapter showed a structural design procedure that can be extended to
the electromagnetic catapult for civil aircraft launch applications.



Chapter 7

Superconducting Linear
Synchronous Motor

Chapters 4 and 5 have already shown how conventional synchronous and asyn-
chronous machines can be used to accelerate an Airbus A320-200 to the required
take-off speed. This chapter deals with the design of a superconducting linear
synchronous motor (SCLSM) for electromagnetic launch applications. The chap-
ter introduction describes the machine layout and the main operative principles
suitable for the civil aircraft launcher. Next the distribution of the superconduct-
ing material inside the cryostat and the geometrical features of the machine are
defined. The geometry of the superconductors will be used to determine the mag-
netic field distribution across the machine and the electromagnetic performance
of the synchronous motor.

The electromagnetic design of a machine that operates at cryogenic temperature
cannot be independent from the thermal analysis of its components. In particular
the temperature evolution of the cryostat and the design of an effective thermal
insulation will be shown. The oscillatory nature of the magnetic field in the airgap
generates heat losses that must be removed to prevent quenching of the supercon-
ducting material. This internal heat dissipation represents the main requirement
to size the refrigeration system whose static model will be introduced.

Eventually, the design results will be reported considering the impact of the
cryocooler power requirements on the overall performance of the motor. The

263
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procedure to design the non-conventional launcher is meant to be general, to be
extended to any other superconducting synchronous motor.

7.1 Introduction to SCLSM for EML

Superconducting synchronous machines are recognized to offer some advanta-
geous features like high power factor and efficiency even accounting for the input
power required by the cryogenic system [46]. Existing SCLSMs with power re-
quirements similar to those for civil EML systems employ superconducting coils
to produce the excitation field in the airgap [43]. In a similar way the electromag-
netic launcher proposed in this chapter generates the magnetic field to produce the
required propulsive force using superconducting coils (SCs) embedded inside an
evacuated mover.

The double-sided configuration of the machine’s stator has been selected to
avoid the generation of normal forces. Indeed, a suspension force is not needed
and only the propulsive force is generated. The track is placed vertically under
the runway and is subdivided in sections which are progressively connected to
the power supply. The stator windings are fed at increasing frequency while the
aircraft is moving. The stator operates at environmental temperature since the
windings are made of conventional conducting material. Therefore, no additional
stator cooling is required since the current density in the stator coil is set to a value
that does not threaten the performance of the electrical insulation during the short
operating time. Distributed double-layer windings were selected for the stator
coils, despite the potential benefits that a synchronous machine with concentrated
windings may have, as discussed in Chapter 5. Indeed, one of the main objectives
of the SCLSM design is to reduce the harmonic content of the magnetomotive
force in order to diminish the alternating current losses in the superconductors.

The SCLSM’s cryostat is mounted on carriages that slide on rails located below
the stator which are responsible for keeping the mover in straight direction during
acceleration. Fig. 7.1 shows a cross section of the double-sided stator topology
and a schematic of the guidance system connected to a four poles mover. The
machine in Fig. 7.1 is similar to the real launcher, but the final layout might have
a larger number of poles. The connections to the aircraft and the runway pavement
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Figure 7.1: Section of a double-sided SCLSM stator with a four poles mover anchored to
the guidance system

were omitted for clarity, but they are positioned above the stator.

The SCs are made out of magnesium diboride (MgB2) which is the high tem-
perature superconductor (HTS) with the most suitable manufacturing technology
readiness level for EML application. In particular the good mechanical proper-
ties, low bending radius, round cable availability and no need for texturing are
advantages that can be exploited in superconducting launchers. With the con-
tinuous developments in MgB2 doping processes, current density improvements
under high external magnetic field can be envisaged [120]. MgB2 has a rela-
tively low transition temperature (Tc = 39 K) compared to other HTSs (YBCO 92
K, BSCCO-2223 108 K), but the selected operating temperature of the mover is
very close to the temperature that should be used with YBCO or BSCCO-2223
tapes. Additionally, MgB2 wires are the most cost-effective solution being ap-
proximately 20 times less expensive than YBCO tapes [121]. So far, MgB2 HTS
has been employed to design high-power rotary synchronous generators for wind
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Table 7.1: Coolant properties at atmospheric pressure

Coolant Melting
Temperature

Boiling
Temperature

Specific Heat
[J/kg/K]

Latent Heat
[kJ/kg]

Liquid Neon (LNe) 24.6 K 27.1 K 1860 (27 K) 85.8
Liquid Hydrogen (LH2) 14.0 K 20.3 K 9565 (20 K) 461.0
Liquid Helium (LHe) 1.0 K 4.2 K 5243 (4.2 K) 20.75

turbine applications ([122], [121]), while in this work it is proposed for the first
time for EML systems.

MgB2 presents superconducting properties at temperatures below 39 K, but its
electromagnetic characteristics become interesting at operative temperatures be-
low 25 K. At such a temperature only the three liquid coolants listed in Table 7.1
can be used. In particular it is desired to operate close to the boiling point of the
coolant to take advantage of the latent heat exchanged during the phase transfor-
mation. Neon is liquid over a very narrow temperature gap and it may experience
rapid phase changes under small temperature variations. Liquid Helium is the
coolant that has been largely used to cool down Low Temperature Superconduc-
tors (LTSs) below their critical temperature, but its capability to remove heat is
limited by its specific heat and latent heat as can be seen in Table 7.1. Moreover,
helium liquefaction requires a lot of energy since the boiling temperature is close
to absolute zero. Liquid hydrogen is an excellent coolant able to remove large
quantities of heat before full vaporization and it is liquid in a temperature range
which is ideal to enhance the MgB2 electromagnetic properties. For this reasons,
the operating temperature of the superconductors in the EML launcher is 20 K
and liquid hydrogen is used to keep this temperature constant.

MgB2 superconductors are arranged to form coils that are hosted inside the
cryostat which is connected to the aircraft undercarriage. The coils are tensioned
and held in place by structural supports which have the role to withstand the load
during launch operations. Before each launch the cryostat is refilled with liq-
uid hydrogen to keep the MgB2 superconductors at the design temperature and
sealed to avoid any hydrogen leakage. This cooling method has been selected to
avoid any movable connection with the external refrigeration system and to reduce
the number of machine components at cryogenic temperature. After the take-off
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speed is reached, the aircraft detaches and the mover is decelerated by a braking
system. To prevent any additional thermal load, the mover slows down without
any electromagnetic interaction with the superconducting coils using a mechani-
cal brake, an external electromagnetic brake or a combination of both. The mover
can be returned to the start position using the SCLSM while producing very little
additional heating loss compared to the losses generated during launch.

The mover structure is made out of aluminium for its structural and thermal
properties. In particular, the low density and the high specific resilience make this
material suitable to sustain the propulsive force with a light structure. Moreover,
aluminium alloys represent a class of structural metals for subzero-temperature
applications and they are employed for structure that operates at temperatures as
low as -270 °C (3 K) [123]. Aluminium alloys also present low emissivity at
cryogenic temperature which make these materials good insulators against heat
transmitted through radiation. The mover is iron-less to reduce the weight and
to avoid saturation of the ferromagnetic material due to the high magnetic field
density.

7.2 Definition of SCLSM Geometry

The SCLSM design begins with the definition of the geometrical features of the
superconducting cables that carry the DC transport current needed to produce the
required magnetic field. The distribution of the superconducting material inside
the cryostat is determined in order to achieve high magnetomotive forces and to
prevent the quenching of the superconductors due to exceeding magnetic flux den-
sities. Therefore, the selection of the geometrical characteristics proceeds with the
estimation of the current carrying capability of the superconductors and with the
calculation of the magnetic field density at their cross section.

The average magnetic flux density that is expected in the middle of the mover
during the launch is approximately 2 T. Considering the MgB2 critical current
density variation with the magnetic field measured by CERN [124], the supercon-
ductor should be able to carry a transport current of 1750 A/mm2 density with
external magnetic field densities of 2 T. The dependency of the critical current
density Jc on the external magnetic flux density at a temperature of 20 K is shown
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Figure 7.2: Critical current density variation with the magnetic flux density at 20 K

in Fig. 7.2. If the superconductor undergoes a combination of current density and
magnetic field which defines a point above the line in Fig. 7.2, it will quench
becoming a normal conductor. When quenching occurs the rapid increase of re-
sistivity and the high current density would generate a tremendous amount of heat
that would burn the entire coil. Taking into account that hot spots may appear for
material defects and rapid transients, the rated current density will be set with a
significant safety margin with respect to the critical value Jc.

Several wires with different section shapes and inner arrangements of the super-
conducting material are available on the market. The wire that is proposed for the
superconducting launcher has a round shape to ensure good performance in both
DC and AC environments with external magnetic fields crossing the wire section
from any possible direction. This is a significant advantage with respect to other
HTSs that can be manufactured only as tapes and can be subjected to fluctuating
fields only in a specific direction. The MgB2 round wire has a diameter Dw of
1.0 mm and its section includes 19 superconducting filaments as shown in Fig.
7.3. The outer sheath can be made out of nickel, monel or other alloys (both mag-
netic and non-magnetic) that increase the mechanical strength. The inner matrix
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Figure 7.3: Cross section of a MgB2 wire implemented in the EML system

is usually made out of a copper-iron alloy, but the conductive material is never
in direct contact with the superconducting filaments. Copper is requested to pro-
vide electrical and thermal protection in the unlikely event of a sudden loss of
superconductivity due to exogenous factors.

Considering that the 19 superconducting filaments in Fig. 7.3 can be approxi-
mated as circles with a diameter of about 10% of Dw, the area of the supercon-
ducting material in each wire is

Asc = 19
π

4
D2

f il =
π

4
(0.1 ·Dw)

2 = 0.1492 mm2 (7.1)

Considering the experimental data measured by CERN [124] and reported in Fig.
7.2, with an external field of 2 T the MgB2 wire in Fig. 7.3 can carry approxi-
mately

I2T = Asc · Jc ' 250 A (7.2)

An excitation field strong enough to produce the required thrust can be achieved
by several superconducting wires wrapped together to form cable with a more
complex structure. The structure of the cable proposed for EML systems is similar
to the one adopted by CERN in 2014 to achieve the world record in transport
current for a single cable [124]. This cable is in turns an assembly of smaller
cables whose structure is shown in Fig. 7.4.

Twelve of the wires in Fig. 7.3 can be wrapped around a copper core to form
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Figure 7.4: Inner structure of superconducting cables adopted for the launcher

a cable that is capable of transferring 3 kA under 2 T as shown in Fig. 7.4. Six
3-kA cables are in turn wrapped around a cooling channel of 6 mm diameter and
embedded in a copper matrix to form an 18-kA cable as shown in Fig. 7.4. The
cable on the top-right corner of the same figure is formed by 8 smaller cables that
are twisted around a cooling channel of 8 mm diameter and are able to carry 0.75
kA apiece. An epoxy membrane surrounds the 6-kA cable and each of the 0.75-
kA cables that compose it. The internal structure of the final superconducting
cable is an assembly of all the previous cables which should be able to transfer
132 kA at 2 T when it is submerged in liquid hydrogen at 20 K.

In order to verify whether the selected current density really generates a mag-
netic field that does not exceed the critical density of 2 T, the Biot-Savart law is
applied to the section of the 132-kA cable in Fig. 7.4. The structure of the 132-
kA cable need some simplification before performing the calculation. Indeed, the
Biot-Savart law should be applied to each of the 19 superconducting filaments
within the wire in Fig. 7.3 and repeated for all the wires arranged inside the 132-
kA cable. Such a level of complexity at this design stage can be avoid using the
simplified structure shown in Fig. 7.5 without losing accuracy.



7. SUPERCONDUCTING LINEAR SYNCHRONOUS MOTOR 271

Figure 7.5: Simplified structure of the 132-kA superconducting cable

In the simplified structure in Fig. 7.5 the 3-kA cables and the 0.75-kA cables
were replaced by superconducting rings of negligible thickness. The Biot-Savart
law can be applied on this simplified section of the superconducting cable to com-
pute the magnetic field density distribution. The magnetic flux density Bi gener-
ated by the ith ring can be computed using eq. 7.3 for the area outside the ring and
eq. 7.4 for that inside.

Bi =
µ0Ii

2πr
(7.3)

Bi =
µ0Ii

2πRri
tanαm (7.4)

where Ii is the rated current of the conductive ring (0.75 kA or 3 kA depending
on the ring under considerations); r is the distance between a generic point on the
cable cross-section and the centre of the ring; Rri is the radius of the ring under
consideration; αm is the twisting angle of the superconducting cable. The twisting
angle used in the Biot-Savart law is the results of the minimization procedure of
the cable self and mutual inductances that will be explained in Section 7.4. The
field over a point of the cable cross sections with coordinate (x,y) is the sum of all
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Figure 7.6: Magnetic field density on the superconducting cable cross section generated
by a current density of 1750 A/mm2

Figure 7.7: Magnetic field density on the superconducting cable cross section generated
by a current density of 583 A/mm2

the ring contributions and it is computed

B(x,y) = ∑
i

Bi(x,y) (7.5)

Eq. 7.5 is solved on a grid of points upon the cable cross section and the results
are shown in Fig. 7.6. The peak of the magnetic field density is reached in prox-
imity of the superconducting rings where it hits approximately 4.1 T. With such
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a magnetic field density and a current density of 1750 A/mm2, MgB2 would lose
superconductivity as shown in Fig. 7.2.

In order to restore the superconducting properties the current density was re-
duced to one third of the initial value. As can be seen in Fig. 7.7 the magnetic
flux density reduces proportionally leading to a peak of 1.35 T. A current density
of 583 A/mm2 allows magnetic flux densities up to 4.2 T whereas a flux density
of 1.35 T corresponds to a critical current density of 3020 A/mm2 as can be seen
in Fig. 7.2. The large margins between rated and the critical conditions guarantee
safe operations preventing quenching due to hot spots. Moreover the supercon-
ducting cable needs to withstand the additional magnetic flux coming from the
neighbouring 132-kA cables and that produced by the stator winding harmonics.
Additionally, the alternating flux associated with the secondary harmonics induces
currents in the superconducting filaments leading them closer to the critical con-
ditions.

Under a current density of 583 A/mm2, a single superconducting cable carries
44 kA. To achieve the magnetomotive force (MMF) intensity to produce the re-
quired thrust, 10 cables (N132kA) were implemented in a single cryostat section.
MMF of such intensity has been shown to be practically achievable in commercial
magnetically levitated (MAGLEV) systems [43]. To reinforce the field strength
some smaller cables, were inserted in the spaces available between the main ones.
These cables are formed by seven 3-kA cables wrapped around a cooling chan-
nel with 8 mm diameter as shown in Fig. 7.8. The superconducting cables are
arranged in two layers as shown in the cryostat section in Fig. 7.9.

In order to verify whether the 132-kA cable distribution inside the cryostat gen-
erates magnetic field densities above the critical value with a current density of
583 A/mm2, the Biot-Savart law has to be applied again to all the superconduct-
ing wires shown in Fig. 7.9. To reduce the calculation complexity, the method that
led to the simplified structure in Fig. 7.5 is also used in this case. Approximating
both the 3-kA and 0.75-kA cables as superconducting rings and solving the Biot-
Savart law over a grid that covers also the liquid hydrogen ducts yield the magnetic
flux density distribution in Fig. 7.10. The 3D view of the magnetic flux density
shows that the peak flux density is 2.63 T, safely below the maximum limit of the
MgB2 at 583 A/mm2. This preliminary calculation proves that the superconduc-
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Figure 7.8: Section of a superconducting cable used to reinforce the magnetic field

Figure 7.9: Section of the cryostat of the SCLSM’s mover

tors do not quench under the combination of the rated current and magnetic field.
Thus, this geometrical distribution of the superconducting material in the cryostat
is adopted for the EML system.

At this point the key geometrical properties of the synchronous motor that have
not been defined are the pole pitch τ , stack width ls and the airgap length g. In the
SCLSMs, the airgap length represents the distance between the symmetry plane
which is located between the two layers formed by the superconducting cables
and the inner surface of the stator coils. Thus, the distance between the two stator
sides is 2 · g. The airgap length is related with both electromagnetic and thermal
characteristics of the launcher. The value of the airgap length is initially assumed,
but its final value can be determined only by an iterative procedure as will be
shown in Section 7.7.

As already mentioned in Chapter 5 the minimum pole pitch that can be imple-
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Figure 7.10: Magnetic flux density generated by the superconducting cables over the
cryostat cross section

mented in synchronous machines is about 150 mm considering the maximum op-
erating frequency that commercial medium voltage power electronics can provide
(300Hz) and considering the catapult end-speed requirement (85.7 m/s). How-
ever, in SCLSMs the pole pitch length is also determined by cryostat dimensions
and bending radius of the superconducting cables. The width of the cryostat cross
section wsc can be determined from the geometrical features of cables.

wsc =
N132kA

2
D132kA + sx

(
N132kA

2
+1
)

(7.6)

where D132kA is the diameter of the 132-kA cable in Fig. 7.4 and sx is the distance
between cables and between the cable and the cryostat wall along x-direction.
The minimum bending radius of a thin film of MgB2 can reach value as low as
8 mm [125], but cables with complex structure cannot be usually bent with such
a narrow angle. The pole pitch of the SCLSM under investigation is assumed
to have a SCs bending radius at least 10 cm long. Once the pole pitch length is
established, the slot pitch for the three phases distributed winding machine is τ/3
since the number of slots per pole per phase is q = 1. Machines with a higher
q may experience a significant performance improvement due to lower harmonic
intensity and for the reduced slot leakage inductance. In this work a machine with
a large slot pitch is first investigated while SCLSMs with larger q are proposed for
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future studies. Nevertheless, the methodology proposed in this thesis to design the
SCLSM, quantify the AC losses, estimate the insulation properties and calculate
cryocooler performance can be still employed.

The stack width and the other geometrical features of the stator are determined
from the comparison with the launchers designed in Chapters 4 and 5. In particular
the ratio between the slot width and the slot pitch bs/τs of LPMSM is used while
the stack width ls is assumed to be the same of both the motors. The slot height is
selected to reach high current densities in the stator slot (J > 30 A/mm2).

The number of poles required to produce the thrust to accelerate an aircraft
A320-200 at 0.6 G depends on the maximum shear stress fx that the cryostat struc-
ture can withstand. Considering that the structural properties of aluminium alloys
for cryogenic application do not wither with the temperature and that several re-
inforcements hold the SCs in place and join the several layers of the insulation,
the rated thrust density can be assumed within 45-75 kN/m2 as done for the syn-
chronous launcher in Chapter 5. Therefore, the number of poles can be computed
as

p =

⌈
1.1Fx

2 fxlsτ

⌉
(7.7)

where Fx is the peak thrust requirement and the factor 1.1 is added to consider
the mass of the moving part of the machine, initially approximated as 10% of the
mass of the aircraft and later calculated in details.

Once the structure of the superconducting cable and all geometrical features of
the cryostat cross section are set, the technique used to wind the cables across
several poles of the machine has to be defined. As shown in Fig. 7.9, the N132kA

turns are arranged in two layers inside the cryostat section. The path of a super-
conducting cable of a four pole machine is shown in upper part of Fig. 7.11. Four
poles were selected only to ease the representation of the cable’s pattern, but the
final machine may have more poles. The bottom part of Fig. 7.11 magnifies the
end-coils that enclose two poles showing, not only a single cable, but the layout
of all the 10 cables. Each end-turn of the top layer continues to the respective
position of the bottom layer of the next cryostat section and vice versa for all the
consecutive poles to form the pattern on the top part of same figure.
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Figure 7.11: Pattern followed by the bundle of superconducting cables inside the cryostat
of a 4 poles SCLSM with the respective end-coil configuration

The main 132-kA cables and the smaller 21-kA cables enter the cryostat at one
end turn and are routed back and forth in parallel through the cryostat as shown in
Fig. 7.11. After rounding the far end turn the cables double back through the cryo-
stat so that each pole is surrounded by 10 cables as shown in Fig. 7.9. Eventually
the cables exit from the first end turn near their starting point. Consequently, the
cryostat has five closed superconducting loops, each one charged independently
through a persistent-current switch whose resistor R and terminals T1 and T2 are
reported in Fig. 7.11. The resistor presents no resistance at 20 K, while it is heated
above the transition temperature during the SC ramping process.

The superconducting cables are wound without crossovers and they proceed in
parallel configuration across the cryostat sections. Therefore the cryostat thick-
ness does not change and remains constant even over the end turns. In general the
cables on the outer side of the cryostat form loops that are longer than those on
the inner side, although the mean length of the cables is considered for simplicity.
It is computed as

lcable = 2 · (Lsc + lend)(2p+2) (7.8)
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Figure 7.12: Top view of the cryostat of a 4 poles SCLSM

where Lsc is the length of the straight part of the SCs , lend is the end-coil length
and p is the number of pole pairs.

The mean end-coil length lend is computed considering the cable in the middle
and the average inclination of the superconducting wires.

lend =
wsc +

π

3
dsc +wsc

2

cos
[

arctan
(

D132kA

2

)] (7.9)

The total volume of the liquid hydrogen stored inside the cryostat is an important
features of the SCLSM that determines the thermal capacity of the cooling system.
Due to the complex shape of the hydrogen ducts, the hydrogen volume cannot be
easily computed, but it can be derived from the volumes of the other components.
To aid the computation, a top view of the cryostat of a four pole machine is shown
in Fig. 7.12. The cryostat surface can be subdivided into simpler shapes (A, B and
C in Fig. 7.12), that can be summed to calculate the total area. Considering that the
cryostat thickness hsc is constant everywhere the total volume can be computed as

vcryo = (2p+2)(2vA +4vB +2vC)+2vA +4vB (7.10)

where the volume of the shapes in Fig. 7.12 can be computed as

vA = hsc
wsc

2
Lsc (7.11)
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vB =
3
8

hscw2
sc (7.12)

vC =
π

6
(w2

sc +2dscwsc)hsc (7.13)

The thickness of the cryostat can be computed as

hsc = 2D132kA +3sy (7.14)

where 2 represent the number of layers and sy is the distance between cables
and between the cable and the cryostat wall along y-direction. The total volume
occupied by the superconducting cables is

vcable =
π

4 (D
2
132kA−D2

cc1−6D2
cc2)lcable

N132kA
2 + π

4 (D
2
21kA−D2

cc3)lcable
N21kA

2 (7.15)

where Dcc1, Dcc2 and Dcc3 are the diameters of the cooling channels highlighted
in Fig. 7.9, D132kA is the radius of the 132-kA cables, D21kA is the radius of the
21-kA cables and N21kA is the number of 21-kA cables in the cryostat section. The
first term of eq. 7.15 represents the volume of the main cables, while the second
term that of the smaller cables. The numbers of cable sections N132kA and N21kA

shown in Fig. 7.9 are halved in eq. 7.15, since every cable doubles back on itself
to cover two layers inside the cryostat section. The volume of the liquid hydrogen
that the cryostat can contain is given by

vLH2 = vcryo− vcable (7.16)

The mass of the complex SCLSM’s shuttle framework can be estimated through
the evaluation of the masses of all its components. The mover presents the par-
ticular structure shown in Fig. 7.13 which will be used as reference to understand
the following calculations. The reason why the mover framework presents the
features shown in Fig. 7.13 will be further described in Section 7.5 considering
the thermal insulation of the SCs.

The part of the mover outside the cryostat is a vessel which is formed by two
parallel aluminium sheets whose surface is

Amov = wmov · lmov (7.17)
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Figure 7.13: Section of the cryostat in proximity to the end-coils

where wmov = Lsc + dsc + 2wsc is the width of the mover and lmov = (2p+ 2)τ is
the length of the mover (see Fig. 7.12). The bending diameter can be calculated
from Fig. 7.12 as dsc = τ−wsc− tcryo.

Even though the vessel forms the oval hollow shapes in Fig. 7.12, it is consid-
ered rectangular for simplicity. The mass of the vessel is approximately

mvess = ρAltvess [2Amov +2g(wmov + lmov)] ·1.5 (7.18)

where ρAl is the aluminium density, tvess is the sum of the thickness of all alu-
minium sheets and g is the total airgap length which is considered in place of the
vessel thickness since it is just a little longer. The factor 1.5 in eq. 7.18 is consid-
ered to take into account the mass of the structural reinforcements, of the guidance
system and of the hydrogen tank.

The wall of the cryostat is an aluminium sheet with thickness tcryo and surface
Acryo = vcryo/hsc. The mass of the cryostat can be estimated using

mcryo = ρAltcryo [2Acryo +2hsc(wmov + lmov)] (7.19)

The cryostat hosts the superconducting cables and a volume vLH2 of liquid hydro-
gen as shown in Fig. 7.13. During operation only 20% of the total hydrogen can
evaporate. In the very possible case that all the hydrogen in the ducts is needed to
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absorb the heat dissipation in the superconductors, a coolant reservoir with four
times the volume vLH2 is needed. Thus, the total mass of the hydrogen corresponds
to the volume of the coolant in the cryostat ducts and in the tank. It is computed
as

mLH2 =
vLH2

0.2
ρLH2 (7.20)

The mass of the cables is estimated considering the mass of the superconducting
material, the mass of the matrix of the superconducting wires in Fig. 7.3 and
the mass of the copper around which the wires are wrapped. The mass of the
superconducting material is

mMgB2 = Asclcable

(
528

N132kA

2
+84

N21kA

2

)
ρMgB2 (7.21)

where ρMgB2 is the superconducting material density and 528 and 84 are the num-
bers of superconducting wires in the 132-kA and in the 21-kA cables respectively.

The wire matrix is made out of 70% monel and 30% copper. The percentages
of the materials in the matrix are indicative and they might slightly differ in the
real wire. The mass of the cable matrix is then computed as

mmatrix =
(

π

4 D2
w−Asc

)
lcable

(
528N132kA

2 +84N21kA
2

)
(0.3ρCo +0.7ρMo) (7.22)

where ρCo is the copper density and ρMo is the monel density. The mass of the
copper around which the 3-kA cables are wrapped can be computed as

mCo = 6
π

4
[
(D3kA−Dw)

2 +(2Dw)
2] ·6lcable

N132kA

2
ρCo (7.23)

where D3kA is the diameter of the 3-kA cables, 6 are the 3-kA cables in the 18-kA
cables and 6 are the 18-kA cables in the 132-kA cable.

In conclusion the total mass of the mover is

mmov = mvess +mLH2 +mcryo +mCo +mmatrix +mMgB2 (7.24)

The geometrical properties of the cryostat and of the SCLSM’s stator described in
this section are listed in Table 7.2.
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Table 7.2: Geometrical characteristics of SCLSM

132 kA cable diameter 54 mm Straight cryostat length 2.50 m
18 kA cable diameter 18 mm Cryostat height 114 mm
21 kA cable diameter 20 mm Cryostat thickness 3.0 mm
3 kA cable diameter 6.0 mm Cryostat surface 10.82 m2

0.75 kA cable diameter 4.0 mm Cryostat volume 1.234 m3

Wire diameter 1.0 mm Cryostat width 288 mm
Area of MgB2 inside wire 0.1492 mm2 Mover surface 15.66 m2

Filament diameter 0.1 mm Mover width 3.131 m
Cooling channel diameter 1 8 mm Mover length 5.0 m
Cooling channel diameter 2 6 mm End coil length 550 mm
Cooling channel diameter 3 8 mm Length of the cables 61.0 m
N. of 132 kA cable sections 10 Volume of the cables 0.664 m3

N. of 21 kA cable sections 4 Liquid hydrogen volume 0.570 m3

Twisting angle π/6 Vessel total thickness 30 mm
Dist. between cables along x 3.0 mm Copper density 8940 kg/m3

Dist. between cables along y 2.0 mm Monel density 8800 kg/m3

Pole pitch 500 mm MgB2 density 2570 kg/m3

SCs bending diameter 206 mm Liquid hydrogen density 70 kg/m3

Slot pitch 166.7 mm Aluminium density 2700 kg/m3

Slot width 83.4 mm Hydrogen mass 200 kg
Tooth width 83.4 mm Cryostat mass 190 kg
Stator width 2.0 m Copper mass 2236 kg
Slot height 10 mm Matrix mass 963 kg
Airgap 150 mm MgB2 mass 66 kg
Number of poles 8 Vessel mass 4101 kg
Stator width 2000 mm Mover mass 7755 kg

7.3 Electromagnetic Design of SCLSM

Once all the geometrical properties of the cryostat and of the superconducting
cables are defined, it is possible to reconstruct the magnetic field in the space
around the superconducting coils. In particular, the magnetic field density in cor-
respondence of the stator slots surface allows the calculation of the magnetic flux
that crosses the stator windings, the induced electromotive force and the current
needed to produce the required thrust.

The extended form of the Biot-Savart’s law is applied a third time to determine
the magnetic flux density in the 3D space around the superconducting coils.

~B =
µ0I
4π

∫ ~dl×~r
‖~r ‖3 (7.25)
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Figure 7.14: Superconducting filaments considered during the integration of the Biot-
Savart law with the respective tilted frame of reference

where ~dl is the infinitesimal length of a conductor carrying the current I and ~r
is the vector distance between ~dl and the point where ~B is computed. Since the
Biot-Savart law in eq. 7.25 can be solved for current-carrying conductors with
negligible thickness, it should be applied to the 19 MgB2 filaments of every wire
inside the cryostat. In order to simplify the calculation without introducing sig-
nificant errors, the 3-kA and 0.75-kA cables are approximated as current carrying
filaments located in the respective centres. The analysis is then restricted to the
portion of the filaments that enclosed a single pole to take advantage of the ma-
chine periodicity.

Considering the pattern followed by the wire shown in Fig. 7.11, the integration
of eq. 7.25 to calculate the field ~B generated by a single pole is based on the
evaluation of the contribution of U-loops similar to those in Fig. 7.14. The U-
loops in Fig. 7.14 represent a pair of generic 3-kA or 0.75-kA cables that travel
from the top layer of a cryostat section to the respective position in the bottom
layer of the next cryostat section and vice versa. Since the cryostat is aligned with
the machine frame of reference x,y,z shown in Fig. 7.14, the wire around a single
pole must tilt with respect to the cryostat of an angle ±α around the z-axis. The
tilt angle α reported in Fig. 7.14 changes for each U-loop according to the location
of the cables in the cryostat section. Therefore the set of angles α counts a number
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of element equal to the amount of 3-kA and 0.75-kA cables in the cryostat section.

Since each U-loop lies on a plane, the integration of the Biot-Savart law can be
more easily performed in the tilted frame of reference of axes xα ,yα ,zα in Fig.
7.14 to compute the magnetic flux density ~Bα . Considering the filament CDAB
in Fig. 7.14, the integration is done separately for the straight parts and on the
curved parts of the winding. The magnetic flux density components generated by
the filaments AB in a generic point of coordinate xP,yP,zP can be computed as

~dlAB =
[
0 0 −dzα

]
~rAB =

[
xP−b yP zP− zα

]
~dlAB×~rAB = yPdzα

~i− (xP−b)dzα
~j⇒

~Bα AB =
[
Bα xAB Bα yAB 0

]
=

µ0I
4π

∫ l

−l

yP~i− (xP−b)~j

[(xP−b)2 + y2
P +(zP− zα)2]

3
2

dzα

Bα xAB = µ0I
4π

yP
(xP−b)2+y2

P

[
l−zP√

(xP−b)2+y2
P+(zP−l)2

+ l+zP√
(xP−b)2+y2

P+(zP+l)2

]
(7.26)

Bα yAB = µ0I
4π

xP−b
(xP−b)2+y2

P

[
zP−l√

(xP−b)2+y2
P+(zP−l)2

− l+zP√
(xP−b)2+y2

P+(zP+l)2

]
(7.27)

where b and l are half width and half length of the coil respectively and~i and ~j

are the unit vectors of the x-axis and the y-axis respectively. The magnetic flux
density components generated by the filaments CD can be computed in a similar
way as

Bα xCD = µ0I
4π

yP
(xP+b)2+y2

P

[
zP−l√

(xP+b)2+y2
P+(zP−l)2

− l+zP√
(xP+b)2+y2

P+(zP+l)2

]
(7.28)

Bα yCD = µ0I
4π

xP+b
(xP+b)2+y2

P

[
l−zP√

(xP+b)2+y2
P+(zP−l)2

+ l+zP√
(xP+b)2+y2

P+(zP+l)2

]
(7.29)

While the integrals on the straight parts do not depend on the tilt angle of the
integration plane, the curved part switches orientation and current direction. Fig.
7.14 shows the two different geometries to consider when α > 0 or α < 0. When
α > 0 the current in the filament proceeds from the bottom layer to the top layer
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and the expression of the magnetic flux density becomes

~dlDA =
[
Rdθ sinθ 0 Rdθ cosθ

]
~rDA =

[
xP +Rcosθ yP zP− l−Rsinθ

]
~dlDA×~rDA =− yPRdθ cosθ~i+[Rdθ cosθ(xP +Rcosθ)

−Rdθ sinθ(zP− l−Rsinθ)]~j+ yPRdθ sinθ~k

Bα xDA =
µ0I
4π

∫
π

0

−yPRcosθ

[(xP +Rcosθ)2 + y2
P +(zP− l−Rsinθ)2]

3
2

dθ (7.30)

Bα yDA =
µ0I
4π

∫
π

0

Rcosθ(xP +Rcosθ)−Rsinθ(zP− l−Rsinθ)

[(xP +Rcosθ)2 + y2
P +(zP− l−Rsinθ)2]

3
2

dθ (7.31)

Bα zDA =
µ0I
4π

∫
π

0

yPRsinθ

[(xP +Rcosθ)2 + y2
P +(zP− l−Rsinθ)2]

3
2

dθ (7.32)

When α < 0 the current in the filament in Fig. 7.14 proceeds from the top layer to
the bottom layer and the components of the magnetic flux density are

~dlBC =
[
−Rdθ sinθ 0 Rdθ cosθ

]
~rBC =

[
xP +Rcosθ yP zP + l +Rsinθ

]
~dlBC×~rBC =− yPRdθ cosθ~i+[Rdθ cosθ(xP +Rcosθ)

+Rdθ sinθ(zP + l +Rsinθ)]~j− yPRdθ sinθ~k

Bα xBC =
µ0I
4π

∫
π

0

−yPRcosθ

[(xP +Rcosθ)2 + y2
P +(zP + l +Rsinθ)2]

3
2

dθ (7.33)

Bα yBC =
µ0I
4π

∫
π

0

Rcosθ(xP +Rcosθ)+Rsinθ(zP + l +Rsinθ)

[(xP +Rcosθ)2 + y2
P +(zP + l +Rsinθ)2]

3
2

dθ (7.34)

Bα zBC =
µ0I
4π

∫
π

0

−yPRsinθ

[(xP +Rcosθ)2 + y2
P +(zP + l +Rsinθ)2]

3
2

dθ (7.35)

The integrals to compute the flux density components generated by the curved
part of the filaments were solved numerically because they cannot be written in a
close form like for the straight parts.

The contributions of the straight and the curved parts are then summed up to
evaluate the field generated by the superconducting wire. The magnetic flux den-
sity components over a plane parallel to the wire’s plane and 5 cm distant in y-



286 7.3. ELECTROMAGNETIC DESIGN OF SCLSM

(a) Bα x (b) Bα z

(c) Bα y

Figure 7.15: Magnetic flux density components generated by a 3-kA wire carrying 1000
A at a distance of 5 cm

direction, produced by a 3-kA cable tilted of an angle α > 0 and carrying the rated
current density are reported in Figs. 7.15a, 7.15c and 7.15b.

Since the magnetic flux density ~Bα resulting from the integration is expressed
in the tilted frame of reference, a coordinate transformation is required to find the
magnetic flux density ~B in the machine frame of reference.

~B =

Bx

By

Bz

=

cosα −sinα 0
sinα cosα 0

0 0 1


Bα x

Bα y

Bα z

 (7.36)

The total magnetic flux density in the point of coordinate xP,yP,zP expressed with
respect to the machine frame of reference is computed summing the contributions
~B of all the superconducting cable within the cryostat.
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(a) Comparison (b) Difference

Figure 7.16: Comparison between excitation field and ideal sinusoidal wave with the
difference between magnetic fields

The magnetic field generated by the superconducting coils in the airgap has a
shape that depends on the dimensions of the SCs themselves. The aim of the de-
signer is to select the coil aspect ratios b/τ and Lsc/ls to achieve an excitation field
shape as close as possible to a sinusoidal shape. For the particular winding layout
selected for the SCLSM the ratio b/τ is bound to be 1/2. Indeed, any different
value would entail a stator pole pitch and a mover pole pitch with different length.
On the contrary, the length of the straight part of the superconducting cable Lsc

can be varied to achieve a sinusoidal magnetic wave shape in the airgap.

It was found that the longer the SCs are, the more sinusoidal is the shape of
the magnetic wave in the active area of the machine which is located at the coil
centre. However, Lsc cannot be indefinitely increased since the weight and the
cost of the mover would sharply rise as well. The best compromise was found
in selecting Lsc/ls = 1.25. The magnetic field generated on the slot surface by
the coil with this aspect ratio is compared with the sinusoidal shape in Fig. 7.16a.
The magnetic flux density component that is reported in Fig. 7.16a is the one
that interacts with the stator current to produce the thrust and crosses the airgap
perpendicularly along y-direction. The difference between the sinusoidal and the
SC’s magnetic flux densities is shown in 7.16b.

Since in the MLT approximation the slotted structure of the stator is replaced
by an uniform layer, it is possible to compute the average magnetic flux density in
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the layer of material as

Byavg(x,z) =
1
hs

∫ hs

0
By(x,y,z) dy (7.37)

By definition the magnetic flux across a surface is the integral of the magnetic
flux density upon the same surface. In the hypothesis that the stator current is
uniformly distributes inside the slot, the interaction with the magnetic flux is well
represented by its mean value. Since the magnetic flux density is almost constant
along z-direction the magnetic flux over a single pole becomes

Φ =
∫ ls

0

∫
τ

0
Byavg(x,z) dxdz = ls

∫
τ

0
Byavg(x) dx (7.38)

The no-load induced voltage on the stator coil can be computed using the relation

Es(x) = vs
∂Φ(x)

∂x
(7.39)

where vs is the synchronous speed and the derivative of the flux is computed from
eq. 7.38 as

∂Φ(x)
∂x

= ls ·Byavg(x) (7.40)

The total thrust can be defined as

Fx +Fmov =
3
2

π

τ
2ΦN1kwIs (7.41)

where Fmov = 0.6G ·mmov is the thrust to accelerate the mover, kw is winding factor,
the number 2 that multiplies the flux Φ is inserted to consider both the stator sides
and N1 is the number of turns per phase on a single stator side. The stator current
I can be computed from the thrust expression as

I =
τ

π

Fx +Fmov

3ΦN1kw
(7.42)

Eq. 7.38 is used to determined the magnetic flux that crosses the track coil
positioned exactly below one SC. However the magnetic field generated by a su-
perconducting coil is strong enough to interact with the neighbour stator coils as
well. The effect of a single SC was evaluated over five neighbour stator coils lo-
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Figure 7.17: Magnetic flux density produced by a single SC over 5 neighbour stator coils

Table 7.3: Comparison between electric variables computed over 1 or 5 coils

1 coil 5 coils
No-load voltage per phase 122.6 V/turn 97.9 V/turn
Stator current peak 1178 A 1475 A

cated below SCs with the same polarity. The magnetic flux density over the slot
surface of the five stator coils is shown in Fig. 7.17. The stator coils beside the
central one are crossed by a magnetic flux with opposite direction which produces
a braking effect that must be taken into account. Indeed, the no-load induced volt-
age is reduced and the stator current required to produce the same thrust is higher.
Neglecting this effect would lead to an erroneous estimation of the no-load voltage
and the rated current as shown in Table 7.3.

The current I circulating in the stator coils generates a magnetic field whose
fundamental harmonic is synchronized to the mover speed by the control system.
The stator windings also generate a series of secondary harmonics with differ-
ent intensities, synchronous speeds and frequencies. The superconducting coils
"see" the secondary harmonics moving at a speed equal to difference between
their synchronous velocities and the fundamental one. These moving magnetic
waves induce alternating currents in the superconductors which cause the losses
that will be estimated using techniques explained in Section 7.4. In this section



290 7.3. ELECTROMAGNETIC DESIGN OF SCLSM

the methodology used to calculate the secondary harmonics magnetomotive force
and the associated magnetic flux density in the airgap is illustrated.

The full spectrum of the magnetomotive force for a three phase machine with
distributed windings can be expressed as [29]

MMF(x, t) =
N1I
π p

[
sin(ωt)

∞

∑
ν=1

1
ν

kwν cos
(

ν
π

τ
x
)
+

+ sin
(

ωt− 2
3

π

)
∞

∑
ν=1

1
ν

kwν cosν

(
π

τ
x− 2

3
π

)
+

+sin
(

ωt− 4
3

π

)
∞

∑
ν=1

1
ν

kwν cosν

(
π

τ
x− 4

3
π

)] (7.43)

The time-space distribution of the magnetomotive force in eq. 7.43 includes har-
monics that travel in the same direction of the fundamental wave and the harmon-
ics that move in opposite direction. The forward harmonics have order

ν = 2mk+1 for k = 0, 1, 2, 3, 4, 5, ... (7.44)

whereas the backward harmonics have order

ν = 2mk−1 for k = 1, 2, 3, 4, 5, ... (7.45)

where m is the number of phases. The winding factor of distributed windings for
the ν th harmonic can be computed as

kwν = kd ν · kpν (7.46)

where the distribution factor for the ν th harmonic is

kd ν =
sin
(

νπ

2m

)
qsin

(
νπ

2mq

) (7.47)

and the pitch factor for the ν th harmonic is

kpν = sin
(

ν
π

2
τc

τ

)
(7.48)

where τc is the coil pitch. Imposing the equality ωt = ±νπx/τ the synchronous
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(a) Intensity of the first 10 MMF harmonics (b) Magnetic field of 2nd harmonic

(c) Schematic of the layered structure of MLT applied to SCLSM

Figure 7.18: Schematic of the multi-layered structure and MMF harmonics amplitude
used by the MLT to reconstruct the magnetic field generated by the secondary harmonics

speed of the ν th harmonic wave is

vsν =±2 f τ

ν
(7.49)

The first 10 harmonics, whose magnetomotive force intensity is reported in
Fig. 7.18a, were considered during the electromagnetic design. The Multi-Layer
Theory (MLT) presented in Chapter 5 is applied to reconstruct the harmonic con-
tent of the field generated by the stator windings. MLT replaces superconducting
coils and the airgap with a single layer having the permeability of air, while the
slotted structure of stator is replaced by an anisotropic region where the perme-
abilities along x and y directions change. In order to determine all the secondary
magnetic field waves, each harmonic is represented by a current sheet located in
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correspondence of the stator slots whose intensity is

Aν =
3N1kwν I

ντ p
(7.50)

The MLT is based on the solution of the Maxwell equation for every layer in
the simplified machine structure in Fig. 7.18c. The procedures employed to de-
termine the governing equations and the boundary conditions for each layer are
very similar to those explained in Chapter 5 and are not reported here to avoid
repetitions. As an example, the magnetic field waveform determined by the MLT
for the third order harmonic is shown in Fig. 7.18b.

Once the electromagnetic properties of the machine are defined and the mag-
netic field generated by the secondary harmonics in the airgap is reconstructed,
the AC losses in the superconductors can be calculated with the procedure illus-
trated in the next section.

7.4 Losses in Superconductors

During the aircraft acceleration, the mover is synchronized with the fundamental
electromagnetic wave in the airgap. Since the speeds of the secondary harmonics
are different from the fundamental, they are unsynchronized with the motion. The
alternating field of the secondary harmonics causes losses that can be classified as
coupling losses, eddy current losses and hysteresis losses.

It is worth mentioning that the high conductivity of the aluminium structure
will certainly provide a protection from the alternating magnetic field harmonic
produced by the stator current. Thus, the total AC losses of the SCLSM for EML
might be lower that those calculated in this work. The shielding effect of the
aluminium structure is not considered here in order to investigate the worst case
that the cooling system has to cope with.

7.4.1 Eddy Current Losses

The travelling harmonic magnetic fields induce eddy currents which mainly flow
in radial direction in the superconducting wire’s matrix. Eddy currents are also
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induced in the hydrogen vessel and in the aluminium structure of the cryostat.
As it has been proved in [126], the losses on the aluminium vessel are negligible
(below 1.0 W per pole), but they were added to the final eddy current loss for
analysis completeness.

An analytical formula to describe the eddy current losses in a helical wire sub-
ject to an external alternating magnetic field has been proposed in [127].

Peddy =
B2

es

2µ0
πωkes

ω2k2
es +1

Aw

with kes =
µ0

2ρe f

(
τw

2π

)2
(7.51)

where Bes is the peak-to-peak amplitude of the magnetic flux density perpendic-
ular to the wire axis, Aw is the cross section area of the wire, ρe f is the effective
resistivity of the wire section and τw is the pitch of the twisted wire. Eq. 7.51
cannot be directly used to estimate the total eddy current loss Peddy in the SCLSM
and some considerations and minor amendments have to be done.

The cryostat of superconducting synchronous launcher hosts several wires like
the one in Fig. 7.3 that are subject to different instantaneous values of the magnetic
field density. Taking advantage of the machine periodicity, the analysis can be
restricted to a single cryostat section and later extended to the whole machine.
The magnetic flux density generated by ν th harmonic which is perpendicular to
any wire of the cryostat section can be computed as

Bwν(x,y,z) =
√

Bwx
2
ν(x,y,z)+Bwy

2
ν
(x,y,z) (7.52)

where Bwxν and Bwyν
are the magnetic field components that result from the in-

terpolation between the flux densities Bxν and Byν
computed by the MLT and the

wire locations of coordinates (x,y,z). The position of a wire inside the cryostat
does not change along third axis and is given by the coordinate (x,y). Conversely,
the magnetic flux density varies along the z axis as it shown by the concave shape
of the second harmonic field in Fig. 7.18b. The best accuracy would be achieved
by removing the dependency on the coordinate z of variables in eq. 7.52 through
the calculation of the average Bxν and Byν

along the wire length. To reduce the
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computation time, it is accepted to use as mean value the magnetic field compo-
nents calculated by the MLT in the middle of the gap between the two stators (at
distance g by the stator coils). Being the perpendicular magnetic field in eq. 7.51
the peak-to-peak amplitude, two times the field Bwν in eq. 7.52 must be consid-
ered.

The effective resistivity ρe f in eq. 7.51 takes into account the field penetration
depth and the coupling between the internal MgB2 filaments. Even though re-
sistivity is a key parameter for eddy current losses calculation, Peddy is so small
compared to the other sources of loss that the effort to accurately compute ρe f is
not strictly required. The effective resistivity is often approximated as the resistiv-
ity of the metal matrix ρma [127]. The superconducting wire are embedded in an
alloy of 70% monel and 30% copper whose electrical resistivity can be approxi-
mated as

ρma =
30ρc +70ρM

100
(7.53)

where ρc and ρM are the copper and monel resistivity respectively. The twist pitch
of an helix can be computed using the geometrical relation with the twist angle
αm which will be later selected to minimize self and mutual inductances.

τw = πDw tanαm (7.54)

The energy loss Peddy in eq. 7.51 represents the amount of heat dissipated into
a meter of wire during a single period of the alternating magnetic field. However,
the power losses are usually expressed as energy dissipated in the unit time. In
order to consider the full length of the machine and all the magnetic field periods
within a second, the energy loss Peddy must be multiplied by the relative frequency
of the magnetic wave and the length of the cable. Therefore, the eddy current loss
in the ith wire due to the ν th harmonic becomes

Peddyν i = 2Bwν i
( f − fν)

24ρmaD2
w tan2 αm

( f − fν)2µ2
0 D4

w tan4 αm +16ρ2
ma

(7.55)

where the angular velocity ω in eq. 7.51 was replaced by the expression 2π( f −
fν) and where f − fν represents the relative frequency. The total eddy current loss
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Figure 7.19: Eddy current loss in all the superconducting wires and in the aluminium
vessel during aircraft acceleration

is obtained summing the contributions of the Nw wires in the cryostat for all the
Nν harmonics.

Peddy =
Nν

∑
ν=2

Nw

∑
i=1

Peddyν i (7.56)

Since the first term at the denominator in eq. 7.55 is negligible with respect to
ρ2

ma, Peddy can be considered inversely proportional to the matrix resistivity. For
the same reason, the eddy current loss is proportional to ( f − fν)

2 in the range of
frequency under consideration. The variation of the total eddy current loss during
the launch is therefore quadratic as shown in Fig. 7.19.

7.4.2 Coupling Losses

When a conducting wire is subject to an oscillating field a current I is induced and
a voltage U appears at the wire terminals. In general, the voltage and the induced
current are linked by the law

U = L
∂ I
∂ t

+RI (7.57)
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where L is the inductance of the wire and R its resistance. Since superconductors
present no or negligible resistance, the voltage equation for the set of supercon-
ducting wires inside the cryostat subject to a sinusoidal alternating field becomes

U1

U2
...

UNw

= j2π( f − fν)


L1 M12 · · · M1Nw

M21 L2 · · · M2Nw
...

... . . . ...
MNw1 MNw2 · · · LNw




I1

I2
...

INw

 (7.58)

where Mi j are the mutual inductances between cables with indexes i and j. The
total power loss due to the coupling of the superconducting wires is

PCoupling = ~U ·~I (7.59)

where the vectors ~U and~I contain the voltage and the induced current of all the Nw

wires respectively. In order to solve eq. 7.59 the inductances and induced currents
of each wire must be found.

The vector of the induced currents ~I can be determined using the energy con-
servation principle. The total energy stored in the magnetic field generated by the
induced currents into all the superconducting wires is

Ei =
1
2
~L ·~I2 (7.60)

The MgB2 filaments inside each wire are wrapped together to form a solenoid.
The energy that is stored in the magnetic field inside the solenoid where the in-
duced current flows is

Ev =
1
2

Nν

∑
ν=2

~Bwν

µ0
vsc (7.61)

where vsc is the volume of the superconducting wires. Since the energy stored in
the inductor Ei must be equal to the energy stored in the solenoid Ev, an expression
of the induced currents can be derived as

~I =
Nν

∑
ν=2

 ~Bwxν

| ~Bwxν |

√
~Bwx

2
ν

µ0

vsc

~L
+

~Bwyν

| ~Bwyν
|

√
~Bwy

2
ν

µ0

vsc

~L

 (7.62)
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Figure 7.20: Geometrical features of the first helix used to compute the wire inductances

The components of the magnetic field harmonics ~Bwx and ~Bwy were considered
separately in eq. 7.62 to take into account the direction of the respective induced
currents. Indeed, the induced currents can flow in opposite directions along the
wire according to the sign of the magnetic field components. Currents flowing
in opposite direction cancel out, so that the vector ~I contains the set of the net
induced currents. In order to solve eqs. 7.59 and 7.62 mutual and self inductances
of the superconducting wires must be determined.

The calculation of the self and mutual inductances must take into account that
some wires are wrapped together to form the 3-kA and the 0.75-kA cables. The
pattern of a single superconducting wire inside the cable forms an helix similar
to the one shown in Fig. 7.20. The value of the self and mutual inductances are
effected by the helicity of the wires and depends on the pitch angle of the helix
itself.

Fig. 7.20 shows only a single helix for simplicity, but the calculation of the
mutual inductance considers a second helical wire with the same geometry of the
first one and a non-zero angular offset. The helical arc s1 shown in Fig. 7.20
represents the true length of the first helix and it can be computed as

s1 =
√

(rθ1)2 + y2
1 (7.63)

where the radius r can be either D3kA/2 or D0.75kA/2 according to the cable under
investigation, θ1 is the helical angle and y1 is the distance along the helix axis. In
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a similar way the helical arc of a second helix s2 can be defines as

s2 =
√

r2(θ2 +θ0)2 + y2
2 (7.64)

where θ0 is the angular offset of the second helix. The helical angles θ1 and θ2

are related with the pitch angle ψ showed in Fig. 7.20 as

θ1 =s1
cosΨ

r

θ2 =s2
cosΨ

r
+θ0

(7.65)

In cartesian coordinate the first helix is defined by three parametric equations that
can be written as

x1 = r cos(kψs1)

y1 = s1 sinψ

z1 =−r sin(kψs1)

(7.66)

where kψ = (cosψ)/r. The second helix can be expressed with similar parametric
equations which has to include the longitudinal offset y0 and the angular offset θ0.

x2 = r cos(kψs1 +θ0)

y2 = s1 sinψ + y0

z2 =−r sin(kψs1 +θ0)

(7.67)

The longitudinal offset y0 of the wires within the same superconducting cable is
always zero since they are supposed to depart from the same point. The angular
offset is π/6 for the 3-kA cables and 2π/3 for the 0.75-kA cables.

The mutual inductance between the helical filaments 1 and 2 can be calculated
solving the Neumann integral [128]

M12 =
µ0

4π

∮ ∮ ~ds1 · ~ds2

R
(7.68)

where R is the Euclidean distance between the infinitesimal helical arcs ~ds1 and
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~ds2 and can be expressed as

R2 = (x1− x2)
2 +(y1− y2)

2 +(z1− z2)
2 (7.69)

The vectorial product between the unit vector ~ds1 and ~ds2 in the numerator of eq.
7.68 is equal to the vectorial product between the direction cosines and can be
expressed as

~ds1 · ~ds2 =
∂x1

∂ s1

∂x2

∂ s2
+

∂y1

∂ s1

∂y2

∂ s2
+

∂ z1

∂ s1

∂ z2

∂ s2

where ~ds1 =

[
∂x1

∂ s1

∂y1

∂ s1

∂ z1

∂ s1

]
~ds2 =

[
∂x2

∂ s2

∂y2

∂ s2

∂ z2

∂ s2

] (7.70)

Substituting the parametric equations 7.66 and 7.67 in eqs. 7.69 and 7.70, the
mutual inductance in eq. 7.68 becomes

M12 =
µ0
4π

∫ lw
0 ds2

∫ lw
0

cos2 ψ cos[kψ (s1−s2)−θ0]+sin2
ψ√

2r2−2r2 cos[kψ (s1−s2)−θ0]+[(s1−s2)sinψ−y0]2
ds1 (7.71)

Following the method proposed in [128], in order to further simplify eq. 7.71 a
new variable φ = s1− s2 is introduced. Substituting the variable φ in eq. 7.71,
considering that dφ = ds1 and breaking the integral over two different regions
yields

M12 =
µ0

4π

[∫ 0

−lw
(lw +φ) f (φ)dφ +

∫ lw

0
(lw−φ) f (φ)dφ

]
where f (φ) =

cos2 ψ cos[kψφ −θ0]+ sin2
ψ√

2r2−2r2 cos[kψφ −θ0]+ [φ sinψ− y0]2

(7.72)

and lw is the twisted wire length. The integrals in eq. 7.72 cannot be further
simplified and they are solved numerically to calculate the mutual inductances of
all the superconducting wires in the cryostat.

When a formula for the mutual inductance between two identical parallel fila-
ments exists, it can be used to calculate the self inductance of a conductor with the
same geometry as well. The calculation of the self inductance can be performed
considering a second filament located at a distance equal to the geometric mean
distance gmd of the conductor’s cross section [129]. The geometric mean distance
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of the round wire shown in Fig. 7.3 is given by

gmd =
Dw

2
e−

1
4 (7.73)

In order to determined the value of the self inductance integrating eq. 7.72, the
proper values of the longitudinal and angular offsets associated with the geometric
mean distance must be found.

Being gmd the distance separating the two filaments, it can be expressed using
the general definition of distance in eq. 7.69. The parametric equations 7.66 and
7.67 can be substituted in 7.69 considering that in this case x1 =Dw/2, y0 = y1−y2

and z1 = 0. After a few algebraic operations, an expression of the geometric mean
distance as a function of the angular offset is found as

g2
md−

D2
w

2
(1− cosθ0)−

D2
w

4
θ

2
0 tan2

ψ0 = 0 (7.74)

where the pitch angle ψ0 is π/2−ψ . The angular offset can be found solving eq.
7.74 numerically whereas the longitudinal offset can be calculated from θ0 and
gmd as

y0 =

√
g2

md−
D2

w
2
(1− cosθ0) (7.75)

The variations of the self and mutual inductances of the superconducting wires
with the pitch angle are reported in Figs. 7.21a and 7.21b respectively. They are
compared with the self and mutual inductance of the straight wires that have length

lw =
lcable

tanψ

√
tan2 ψ +1 (7.76)

The mutual inductances of the wires inside a 0.75-kA cable are all equal, since
the three wires are uniformly distributed along a circumference and have the same
angular offset among themselves. Conversely, the angular offset of the six wires
inside a 3-kA cables are all different as well as the respective mutual inductances
as shown in Fig. 7.21b. The pitch angle above which the self and mutual induc-
tance can be considered almost constant is approximately π/6. This value of the
pitch angle is selected for the previously introduced variable αm since it is a good
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(a) Self Inductance (b) Mutual Inductance

Figure 7.21: Variation of self and mutual inductances with the helix pitch angle

compromise between inductances minimization and cable integrity. Indeed, the
cable under load might fray with high pitch angles.

Eq. 7.72 was used to calculate the mutual inductances between wires wrapped
around the core of the same cable, whereas a different technique was employed
to estimate the mutual inductances between wires of different cables. The highest
accuracy would be achieved by the integration of the Neumann formula in eq.
7.68 applied to non-coaxial helices, but the complexity of integrals discouraged
such approach. Therefore, the pairs of superconducting wires of different cables
were treated as straight parallel wires. In this case the integral of eq. 7.68 can be
solved in a closed form as [70]

Mi j = 0.2

 lcable

2
ln

 lcable
2 +

√
l2
cable

4 +d2
i j

di j

−
√

l2
cable
4

+d2
i j +di j

 (7.77)

where Mi j is expressed in µH and di j is the distance between the wires i and j .

Once all the mutual and self inductances are known, the induced voltage at the
wire terminals and the total coupling loss can be computed using eqs. 7.58 and
7.59 respectively. Eq. 7.58 shows that the coupling losses are proportional to
the relative frequency of the secondary harmonics. Since speed and frequency
increase at constant rate during the launch, the power loss linearly grows while
the aircraft accelerates as shown in Fig. 7.22.
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Figure 7.22: Coupling loss in the superconducting wires during aircraft acceleration

7.4.3 Hysteresis Losses

A superconductor is a material that at low temperature is capable of carrying cur-
rent without electric resistance. When exposed to a magnetic field the supercon-
ductor expels the magnetic flux outside the material’s boundaries. This effect is
called Meissner effect and represents a characteristic feature of all the supercon-
ductors at low temperatures. When the superconductor is exposed to a magnetic
field above its critical field Hc1, the magnetic flux penetrates the material and su-
perconductivity is lost.

Some superconducting materials do not immediately lose their superconducting
properties above Hc1, but they operate in a condition called mixed state where the
magnetic field partially penetrates inside the superconductor. The superconduct-
ing material has then microscopic domains of normal conductive state, through
which a magnetic flux passes forming a pinned structure that remains even if ex-
ternal forces like magnetic field or transport current are removed. These materials
are called Type-II superconductors and present a second critical magnetic field
Hc2 above which superconductivity is lost.

MgB2 is a Type-II superconductor which can operate above the first critical
magnetic field Hc1. When an alternating magnetic field penetrates the supercon-
ductor, the movement of the magnetic flux lines of the pinned structure causes
hysteresis losses and heat dissipation. The same phenomenon happens when an
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alternating current flows in superconductors subject to a constant external mag-
netic field above Hc1. However, the superconductors of SCLSMs carry a dc trans-
port current under the alternating magnetic field associated with the secondary
harmonics, so the former case is investigated.

The hysteresis phenomenon can be described by the Maxwell equations in the
Bean’s critical state model approximation which are [130]:

∇×~E =−µ0
∂ ~H
∂ t

(7.78)

∇× ~H = ~J (7.79)

∇ ·~E = 0 (7.80)

∇ · ~H = 0 (7.81)

For a wire in z-direction the derivative with respect to the z-coordinate vanishes
and ~E = Ez, ~J = Jz and Hz = 0. Under this condition Maxwell equations in cylin-
drical coordinates (r,θ ,z) reduce to

1
r

∂Ez

∂θ
=−µ0

∂Hr

∂ t
(7.82)

∂Ez

∂ r
=µ0

∂Hθ

∂ t
(7.83)

1
r

∂ rHθ

∂ r
−1

r
∂Ht

∂θ
= Jz (7.84)

1
r

∂ rHr

∂ r
+

1
r

∂Hθ

∂θ
= 0 (7.85)

The solution of the Maxwell equations aims to compute the electric field Ez since
the instantaneous power loss per unit volume for the ith circular superconducting
wire inside the cryostat is computed as

PHysi
vsc

=
1

πr2
w

∫ 2π

0
dθ

∫ rw

0
~E · ~Jrdr

=
Jc

πr2
w

∫ 2π

0
dθ

∫ rw

0
Ezrdr

(7.86)

where rw = Dw/2 is the radius of the superconducting wire and Jc is the critical
current density.
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Figure 7.23: Schematics of the current density distribution over the wire cross section in
case of weak penetration and full penetration

In the limit cases of magnetic field full penetration and weak penetration the
Maxwell equations can be solved directly [130]. Intermediate conditions are
treated by approximation. The Maxwell equations in the Bean’s critical model
approximation do not consider the flux shielding due to the initial Meissner effect
and for field in proximity of Hc1 or less, the hysteresis loss is overestimated.

In case of magnetic field weak penetration a narrow region of the wire cross
section is crossed by a the critical current density Jc. The boundary of this region
of radius r1, alternatively oscillates between the radius r2 and rw as shown in Fig.
7.23A. Solving the Maxwell equations for the current distribution in the wire cross
section in Fig. 7.23A and substituting Ez in eq. 7.86 yields

PHysi
vsc

= ( f − fν)
128
9π

µ0
H3

ν

rwJc
(7.87)

where the field Hν = Bwν/µ0 is the external magnetic field due to the ν th har-
monic.

When a wire is carrying a fixed dc current with an external alternating trans-
verse field that leads to full penetration, the whole cross section is crossed by the
critical current density Jc. The location of the boundary at which the current den-
sity changes sign, has coordinate yc and depends on the value of the dc transport



7. SUPERCONDUCTING LINEAR SYNCHRONOUS MOTOR 305

current according to the expression

I
Ic

=
2
π

[
yc

rw

√
1− y2

c
r2

w
+ arcsin

(
yc

rw

)]
(7.88)

where I is the total induced current calculated by eq. 7.62. Since eq. 7.88 is a
transcendental function of yc, the unknown coordinate yc can be obtained only
numerically.

Since the electric field must vanish when the current density changes sign, Ez in
case of full penetration can be expressed as

Ez = µ0
∂Hν

∂ t
(yc− y) (7.89)

Substituting this expression of the electric field in eq. 7.86 yields

PHysi
vsc

= µ0
Jc

πr2
w

∣∣∣∣∂Hν

∂ t

∣∣∣∣∫∫ | yc− y | dxdy (7.90)

In the hypothesis of sinusoidal behaviour of the external field, the magnitude of
the field derivative may be rewritten as 2π( f − fν)Hν . The evaluation of the
integral to estimate the power loss in the ith superconducting wire in case of full
penetration leads to

PHysi
vsc

=
8
3

µ0Jcrw( f − fν)Hνkyc

where kyc =

(
1− y2

c
r2

w

) 3
2

+
3π

4
| ycI |
rwIc

(7.91)

The magnetic field inside the cryostat of the SCLSM has an intermediate in-
tensity with respect to the magnetic field in the case of superconductor weak and
full penetration. Therefore, the SCLSM’s hysteresis loss is represented by none
of the described equations, although they can still be used to describe an inter-
mediate case. Indeed, an analytical formula based on the interpolation of eqs.
7.87 and 7.91 is proposed to estimate the hysteresis losses generated by interme-
diate magnetic fields. Writing the loss in eqs. 7.87 and 7.91 as C1(Hν/Hp)

3 and
C2(Hν/Hp) respectively, the expression of the hysteresis loss with intermediate
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Figure 7.24: Time variation of the hysteresis loss during the launch

magnetic fields becomes [130]

PHysi
vsc

=

C1

(
Hν

Hp

)3

·C2
Hν

Hp

C1

(
Hν

Hp

)3

+C2
Hν

Hp

=

C2

(
Hν

Hp

)3

C1

C2
+

(
Hν

Hp

)2 (7.92)

where Hp = 2rwJc/π . The hysteresis loss per unit volume caused by the ν th har-
monic into the ith wire is calculated from eq. 7.92 substituting the value of C1 and
C2 as

PHysi
vsc

= ( f − fν)

4π

3
µ0H2

pkyc

(
Hν

Hp

)3

3π3

64
kyc +

(
Hν

Hp

)2 (7.93)

The total hysteresis loss considers the contribution of all the wires and of all the
harmonics and can be computed as

PHys =
lcable

2
πr2

w

Nν

∑
ν=2

Nw

∑
i=1

( f − fν)

4π

3
µ0H2

pkyc

(
Hν

Hp

)3

3π3

64
kyc +

(
Hν

Hp

)2 (7.94)
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It must be underlined that the variables Hp and kyc in eq. 7.94 change from wire
to wire and depend on the harmonic order as well. Indeed, not only the induced
current I and the field Hν of the ν th harmonic vary over the cryostat cross section,
but also the critical current density Jc of each wire changes with applied magnetic
field density according to the data in Fig. 7.2.

The total loss calculated using eq. 7.94 is shown in Fig. 7.24 together with the
contributions of each magnetic field secondary harmonic. Since the hysteresis
loss in eq. 7.94 is proportional to the harmonic frequency, the curves in Fig. 7.24
linearly increase during the aircraft acceleration.

7.5 Static-Transient Model of Thermal Insulation

In order to prevent quenching of the superconducting material, the operative tem-
perature inside the cryostat must be kept constant by a thermal insulation system.
The thermal insulation reduces the heat that flows from the hot external envi-
ronment to the cold superconductors. The AC losses determined in Section 7.4
dissipate a large quantity of heat in the superconducting material that has to be
absorbed by the liquid coolant. The SCLSM topology presented so far is feasible
only if the thermal management system is capable of withstanding the thermal
load due to the AC losses to keep the superconductors at 20 K during the whole
launch. In order to verify the feasibility of the superconducting launcher, the so-
lution of the heat transfer problem of the thermal insulation is presented in this
section.

The thermal insulation system that is proposed for SCLSM is similar to the one
adopted for magnetically levitatated (MAGLEV) trains [29]. The superconducting
coils are hosted inside an insulated inner vessel separated by a radiation shield
from the outer vessel as shown in Fig. 7.25. The space between the outer and inner
vessels is evacuated to allow only radiation heat to be exchanged. Conduction
occurs only through the sustaining structure, but it can be limited with thermal
insulator opportunely located across the cryostat framework.

In MAGLEV systems the superconductors are made out of niobium-tin (Nb3Sn)
which requires liquid helium to cool down the material at the operating temper-
ature (4.2 K). Additionally, liquid nitrogen is used to cool down the radiation
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Figure 7.25: Superconducting coil and insulation structure of MAGLEV trains

shield to further reduce the heat flow across the insulation. Since MgB2 replaces
the Nb3Sn superconductors in EML applications, the operative temperature rises
from 4.2 K to 20 K, and there is no need to cool the radiation shield. Additionally,
liquid hydrogen replaces liquid helium as the main coolant to exploit its excellent
thermal properties at 20 K.

The thermal insulation model first solves the static heat transfer problem to ob-
tain the temperature distribution along the mover thickness which is later used as
the initial condition for the transient heat transfer problem. This method repre-
sents what happens in the real application: between two launches the mover is
connected to the cryocooler and the system is cooled down to the desired tem-
peratures (calculated by the static model); immediately afterwards, the launch
procedure begins and the temperature evolves as predicted by the transient model.

The heat transfer model represents the mover structure as a series of layers of
different materials as shown in Fig. 7.26. The model allows the heat to flow
in a single direction. This one-dimensional model neglects the conduction heat
that flows through the support structure and the heat that is transferred across the
mover leading edge, trailing edge, bottom surface and top surface (see Fig. 7.1).
These contributions are marginal with respect to the total heat that flows across
the lateral surfaces and the heat that is generated internally. Therefore, the one-
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Figure 7.26: Schematic of the layered structure of the thermal insulation used for the 1D
heat transfer model

dimensional approximation does not lead to significant errors and can be safely
applied.

The total thickness of the structure under study is equal to the airgap length
that has been considered for the electromagnetic design. The airgap length corre-
sponds to the distance between the stator and the symmetry plane of the machine.
While most of the mover dimensions, surfaces and volumes were determined in
Section 7.2, the thicknesses of the various layers of the thermal insulation have to
be defined.

Chapter 4 has proved that an aluminium slab with 20 mm of thickness is able to
withstand the max propulsion force without reaching the buckling instability con-
dition. Therefore, it is reasonable to assume that the sum of the thicknesses of the
aluminium layers has to be equal or greater than this value. One might object that
splitting the total thickness of the LIM’s aluminium plate in more layers should
make the structure intrinsically more unstable under the same axial load. How-
ever, in SCLSM the aluminium layers are connected by several supports which
constrain the layers displacement and help to prevent buckling instability.

To be conservative, the total thickness of all the aluminium layers of the cryostat
is assumed to be 30 mm, so that the insulation thermal model considers an overall
thickness of 15 mm due to the machine’s symmetry. The outer vessel is supposed
to withstand the greatest part of the load and its thickness dAl 1 is assumed to be
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Table 7.4: Thermal properties of the materials involved in the heat transfer problem model
of insulation

Air Aluminium Aerogel Liquid Hydrogen
Density [kg/m3] 1.25 2700 3-350 71.28
Dynamic viscosity [kg/m/s] 1.82 ·10−5 - - 2.26 ·10−5

Specific Heat [J/kg/K] 1005 900 840 9565
Conductivity [W/m/K] 2.58 ·10−2 237 0.008 0.084
Emissivity - 0.02 0.9 -

three times the thickness of the inner vessel dAl 2 as shown in Fig. 7.26.

The air thickness outside the cryostat is supposed to be 7 mm, exactly equal to
the airgap length adopted for the conventional synchronous launcher designed in
Chapter 5. Since the heat flow is almost independent from the distances between
the aluminium layers, the vacuum thicknesses dVac1 and dVac2 are assumed to be
equal. The cryostat wall is considered 3 mm thick whereas the thickness of the
insulating material is 5 mm. With this data, the geometrical features of the layered
structure of the thermal insulation are fully characterized.

The layer of insulating material outside the cryostat is used to prevent rapid fluc-
tuations of the internal temperature. The most efficient insulators for cryogenic
applications are aerogel and Multi-Layer Insulators (MLIs). MLIs are insulators
formed by several layers of different materials separated by vacuum which are
ideal for deep space applications and for evacuated environments. Aerogel identi-
fies a group of foamy materials with nanometric pores and very low thermal con-
ductivity. Aerogels present different insulation properties according to the type of
foam, but in general a MLI can achieve better performance. However, MLIs are
fragile and difficult to handle whereas aerogel has good structural property and is
preferred for EML applications.

The thermal properties of the materials of the cryostat structure that will be used
in the static and transient heat transfer problem of thermal insulation are reported
in Table 7.4.
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7.5.1 Static Heat Transfer Problem

The equation that has been used in the static model to express the conductive heat
transfer across the solid layers of the structure in Fig. 7.26 is

Q =
kA
d

∆T (7.95)

where Q is the heat that crosses the layers, k is the conductivity of the material, A

is the area of the vessels or the cryostat computed in Section 7.2 and d is the layer
thickness. The convective heat transfer across the boundary in proximity to a fluid
is

Q = hA∆T (7.96)

where h is the convective heat transfer coefficient that can be computed as

h =
k

lmov
Nu (7.97)

where lmov is the length of the mover computed in Section 7.2 and Nu is the Nus-
selt number. The Nusselt number of gaseous air can be computed using the rela-
tions introduced in Chapter 4 Section 4.5, whereas the Nusselt number of liquid
hydrogen is [131] 

Nu = 0.308 ·Ra0.2184 Ra < 109

Nu = 0.504 ·Ra0.2126 109 < Ra < 1011

Nu = 0.801 ·Ra0.1931 Ra > 1011

(7.98)

The Grashof number and the Rayleigh number are computed as shown in Chapter
4 Section 4.5 using the expansion factor of liquid hydrogen βLH2 = 0.019 K −1

[132].

The general equation for the heat radiation between body 1 and body 2 is

Q =
σB(T 4

1 −T 4
2 )

1− ε1

A1ε1
+

1
A1F1→2

+
1− ε2

A2ε2

(7.99)

where σB is the Boltzmann constant, F1→2 is the form factor between two ra-
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diative surfaces and T1, T2, ε1, ε2, A1 and A2 are temperatures, emissivities and
areas of the first and second body respectively. The form factor of two radiative
bodies expresses the fraction of radiation emitted by one surface that reaches the
other surface. The form factor only depends on the geometrical properties of the
radiative surfaces and on their respective position.

When complex radiative shapes are involved in the solution of an heat transfer
problem numeric integrations are often required. Since the outer vessel com-
pletely encloses the ineer vessel, the form factor can be approximated to represent
the heat that would be exchanged between two rectangular surfaces with the same
area of the vessels and positioned at the same reciprocal distance. The form factor
between two rectangular surfaces of sizes x and y and placed at distance l between
each other can be computed as [133]

F1→2 =
2

πxy

ln

√(1+ x2)(1+ y2)

1+ x2 + y2

+ x
√

1+ y2 arctan
(

x
1+ y2

)

+y
√

1+ x2 arctan
(

y
1+ x2

)
− xarctan(x)− yarctan(x)

] (7.100)

where x = x/l and y = y/l. Eq. 7.100 can be used to calculate the form factor
between the internal surface of the outer vessel and the external surface of the
radiation shield.

Unfortunately a formula for the form factor between surfaces with the complex
shape of the cryostat shown in Fig. 7.12 cannot be easily found. For an accurate
calculation of the radiative heat exchanged between the inner surface of the radi-
ation shield and the outer surface of the cryostat a numeric integration would be
required. In order to avoid computationally expensive integrals the problem can
be simplified without introducing significant errors. Indeed, exploiting the iden-
tity F1→2 ·A1 = F2→1 ·A2 and assuming that 95% of the radiation emitted by the
cryostat hits the radiation shield (F2→1 = 0.95), the form factor F1→2 between the
internal surface of the radiation shield and the cryostat can be easily computed as

F1→2 = 0.95
A1

A2
(7.101)

The percentage of radiative heat that is not transferred to the radiation shield
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hits the structural supports of the cryostat structure.

The system of equations that has to be solved to calculate the temperature distri-
bution across the insulation contains the heat transfer equations for all the layers:

QAir→6 = hAirAmov(TAir−T6)

Q6→5 =
kAlAmov

dAl 1
(T6−T5)

Q5→4 =
σBεAl(T 4

5 −T 4
4 )Amov

2+ εAl

(
1

F5→4
−2
)

Q4→3 =
kAlAmov

dAl 2
(T4−T3)

Q3→2 =
σB(T 4

3 −T 4
2 )

1− εAl

AmovεAl
+

1
AmovF3→2

+
1− εins

Acryoεins

Q2→1 =
kinsAcryo

dins
(T2−T1)

Q1→LH2 = hLH2Acryo(T1−TH2)

QAir→6 = Q6→5 = Q5→4 = Q4→3 = Q3→2 = Q2→1 = Q1→LH2

(7.102)

where the temperature TAir and TH2 are 298 K and 16 K respectively. The tem-
perature of the liquid hydrogen is lower than the operative temperature of the
superconductors because the cryocooler cools the liquid hydrogen below its boil-
ing temperature to take advantage of the extra heat that can be absorbed before
reaching the boiling point. The temperature subscripts refer to the layer surfaces
as shown in Fig. 7.26.

The system of equations 7.102 cannot be directly solved since the Grashof num-
bers of air and hydrogen are both function of the respective wall temperatures
which are part of the system unknowns. If the convective coefficients hLH2 and
hAir would be considered as unknowns and two equations would be added to the
system 7.102, the non-linear relation between the Nusselt number and the Grashof
number would prevent the possibility to express the temperatures in a closed form.
Therefore, the solution is found iteratively assuming an initial value for both the
wall temperatures and updating them at each step until the stopping criteria are
satisfied.

Even with such simplifications the system remains non-linear because of the
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Table 7.5: Temperature distribution on the surfaces of the insulation model

TH2 [K] T1 [K] T2 [K] T3 [K] T4 [K] T5 [K] T6 [K] TAir [K] Q [W]
16 16.58 18.75 225.0 225.0 295.3 295.3 298 75.07

dependency of the radiation heat on the fourth power of the temperature. The
roots of the transcendental equations in the system 7.102 are then found numeri-
cally before calculating all the other temperatures. The solution of the system of
equations 7.102 is reported in Table 7.5.

The temperatures across the aluminium layers look constant in Table 7.5 since
they vary of only 1 mK because of the high conductivity of the metal. The heat
reported in Table 7.5 is two times the heat computed by solving the system of
equations 7.102 to consider both sides of the cryostat.

7.5.2 Transient Heat Transfer Problem

The transient heat transfer model of the thermal insulation simulates the variation
of the temperature distribution during the launch and after the aircraft detaches.
The transient heat transfer model uses the data reported in Table 7.5 as initial
condition. The Fourier’s law for one-dimensional heat transfer problems is applied
to describe the variation of the temperature on layer surfaces shown in Fig. 7.26.

∂T
∂ t

= α
∂ 2T
∂x2 (7.103)

where α = k/(ρcp) is the thermal diffusivity. The finite difference method is used
to transform the partial differential equation into discrete equations whose solution
can be easily computed numerically. The Fourier’s law is then solved over a grid
of points which discretises the domain only along the insulation thickness.

The discrete form of the heat transfer equation for the ith node located inside an
insulation layer is

1
α

T n+1
i −T n

i
∆t

=
T n+1

i+1 −2T n+1
i +T n+1

i−1

∆x2 (7.104)

where the index n refers to the current time step. The second derivative on the
right hand side of eq. 7.104 is evaluated at the time step n+1 because an implicit
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method is applied. When the node is located on a boundary where convection
occurs, the condition that expresses the heat transfer across the surface is

k
T n+1

i+1 −T n+1
i

∆x
= h(T n+1

i −T∞) (7.105)

where T∞ can be either the hydrogen or the air temperature depending on the
boundary where eq. 7.105 is solved. The convective heat coefficient of air varies
with the speed according to the graph shown in Fig. 4.31 in Section 4.5. The con-
vective coefficient of liquid hydrogen can be still computed using eq. 7.98 con-
sidering the variation of the physical properties with the temperature. Since part
of the hydrogen evaporates during take-off, the expression of the Nusselt num-
ber for liquid hydrogen cannot be used to describe the convective heat exchanged
in the vapour. The convective coefficient of the hydrogen gaseous phase can be
computed using the following expression of Nusselt number [134].

Nu = 0.104 ·Ra0.352 (7.106)

On the boundaries where radiation takes place the heat equation is solved as

k
T n+1

i+1 −T n+1
i

∆x
=

σB(T n
i

4−T n
i−1

4)

1− εi

εi
+

1
Fi→i−1

+
Ai

Ai−1

1− εi−1

εi−1

(7.107)

where the node i is located on the radiative surface, the node i+ 1 is inside the
layer and exchange heat with the node i through conduction and the node i− 1
lays on the other radiating boundary. The areas and emissivities in eq. 7.107 refer
to the boundary where the node with the same index is located. The tempera-
tures at power four in eq. 7.107 are considered at the nth time step and are not
treated as unknowns (evaluated at n+ 1 as the implicit method would require).
This introduces negligible errors in the numerical solution, but removes the strong
non-linearity introduced by the Boltzmann equation. When the heat exchanged
through the radiation is expressed using eq. 7.107, the radiative surfaces are con-
sidered as boundaries and the vacuum layers do not need to be discretised.

As it was observed after the solution of the stationary model, the temperatures
shown in Table 7.5 across the aluminium layers do not significantly change due to
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the high conductivity of the material. A similar results is expected after the solu-
tion of the transient heat transfer problem. Therefore, it is not necessary to use a
large number of nodes to describe the temperature variation inside the aluminium
layers. Five nodes per layer were considered enough for this purpose leading to a
system of 15 equations to solve at each time step.

During every time iteration, the system of equations that computes the temper-
ature distribution on the insulation layers is solved keeping the hydrogen temper-
ature TH2 constant. The temperature of the liquid hydrogen is then updated after
each iteration using

T n+1
H2

=
Qn +ACn

loss
ρn

H2
cn

H2
dH2ACryo

∆t +T n
H2

(7.108)

where dH2 is the thickness of the liquid hydrogen layer, Qn is the heat flow across
the insulation at the instant n and ACn

loss is the sum of the eddy current loss, hys-
teresis loss and the coupling loss computed in Section 7.4. The hydrogen density
ρn

H2
and the specific heat capacity cn

H2
change with time and with the hydrogen

phase state as shown in eq. 7.112.

The cryostat is initially filled with liquid hydrogen at 16 K that starts to heat
up under the action of Q and ACloss as soon as the launch begins. The liquid
hydrogen temperature rise can be estimated using eq. 7.108 using the physical
property of the liquid phase at temperature T n

H2
until the boiling point at 20.324

K is reached. At this temperature the coolant starts to evaporate and exchange
latent heat with the superconductors and the cryostat walls. When the hydrogen
evaporation occurs, the temperature remains constant and the coolant absorbs the
energy

En
H2

= (Qn +ACn
loss)∆t (7.109)

The energy required to evaporate the full amount of hydrogen stored inside the
cryostat is

Etot = LH2 ·mLH2 (7.110)

where LH2 is the hydrogen latent heat of evaporation shown in Table 7.1 and mLH2
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(a) Temperature (b) Heat Flow

Figure 7.27: Variation of temperature and heat flow across the insulation components
without internal heat generation

is the mass of the liquid hydrogen in the cryostat which is 20% of the one shown
in Table 7.2. The percentage of hydrogen in gaseous form at the nth time step can
be computed as

Hn
2% =

1
Etot

n

∑
i=1

E i
H2

(7.111)

The value of the physical properties of the two-phase hydrogen used in eq. 7.108
at the nth time step can be estimated as

ρ
n
H2

= (1−Hn
2%)ρLH2 +Hn

2%ρGH2

cn
H2

= (1−Hn
2%)cLH2 +Hn

2%cGH2

(7.112)

where ρLH2 , ρGH2 , cLH2 and cGH2 are the density and the specific heat capacity of
the liquid phase and of the gaseous phase at 20.324 K respectively. During boiling,
the two phase hydrogen’s Nusselt number and the physical properties required to
compute it are estimated with the same technique proposed in eq. 7.112. When
hydrogen fully evaporates, the temperature rise can be still estimated using eq.
7.108 with the physical property of the hydrogen vapour at temperature T n

H2
.

The quality of the thermal insulation can be verified evaluating the time required
to reach full evaporation solving the transient heat transfer problem without con-
sidering the internal heat generation due to the AC losses. In this case the con-
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Figure 7.28: Temperature evolution of thermal insulation components and cryogenic
coolant during the launch

vective coefficient of air is assumed to be the value that is reached at launcher
end-speed (85.73 m/s).

Fig. 7.27a shows the temperature variation of the insulation components with
time. It can be clearly seen that when hydrogen is boiling, the temperature dis-
tribution of the system does not change until full evaporation. This happens after
180 hours (about 7 days), because the amount of hydrogen stored inside the mover
is able to absorb 18.73 MJ before changing phase completely, and the heat that
flows across the insulation is very low as shown in Fig. 7.27b. The difference
between the heat extracted from air and the heat absorbed by the hydrogen in Fig.
7.27b corresponds to the energy required to heat up the vessels and the insulator.
After the hydrogen evaporation the system tends to the temperature of air which
is reached after 335 hours.

When the AC losses are included, the liquid hydrogen heats up at much higher
rate, but it does not reach the vaporization before the end of the launch as shown
in Fig. 7.28. If the AC losses continue to dissipated heat into the coolant at their
maximum rate even after the aircraft detachment, the hydrogen would fully evap-
orate after 15.1 s as shown in Fig. 7.28. However, the heat generation ceases after
14.57 s and only the heat flow across the insulation continues to warm the liquid
hydrogen. This heat would cause the evaporation of the remnant liquid hydrogen
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after approximately 11 hours and 10 minutes.

Nevertheless, the mover needs to return to its initial position and must be capa-
ble of absorbing the additional AC losses produced in the process. Assuming that
the mover returns in 30 seconds (tRet) with an uniformly accelerated motion, the
energy required to take the mover to its initial position is

Emov =
∫

F(s)ds = F · sRun = mmovamovsRun = 2mmov

(
sRun

tRet

)2

(7.113)

where F is the average thrust, amov is the average acceleration, mmov is the mass
of the mover reported in Table 7.2 and sRun is the distance travelled by the aircraft
during the acceleration (about 625 m). The mover needs 6.732 MJ to return to its
initial position in 30 seconds.

Assuming that the SCLSM efficiency during the return operations is the same
of the launch, the additional AC losses can be approximated as

EAC = ACloss
Emov

EA320
(7.114)

where ACloss is the energy absorbed by the liquid hydrogen during the launch
(total AC losses) and EA320 is the total energy transferred to the aircraft and the
mover during the launch which is computed as

EA320 = 2(mA320 +mmov)

(
sRun

tTOF

)2

(7.115)

where tTOF is the take-off time (14.57 s). Considering the additional heating
EAC = 0.44 MJ computed by eq. 7.114, the time window for post-launch oper-
ations before full hydrogen evaporation is approximately 7 hours and 10 minutes.

The thermal model presented in this chapter assumes forced convection on the
air side and natural convection on the liquid hydrogen side. The amount of heat
removed by the SCs can be increased by a hydrogen flow inside the narrow ducts
of the cryostat forced by a pump located in the hydrogen tank. The pump would
grant a homogeneous temperature distribution and would prevent the supercon-
ductors quenching during operations. In this case, the heat transfer equation for
forced convection must replace the one for natural convection presented in this
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model.

Additionally, the model considers only the mass of the liquid hydrogen stored
in the cryostat ducts to estimate the total energy that the coolant is able to absorb.
Conversely, the SCLSM’s mover hosts an extra volume of liquid hydrogen in the
reservoir that largely extends the post launch operation time. In this way the
results presented in this chapter prove that the cooling system is able to cope with
the internal heat generation maintaining 20 K during the whole duration of the
launch even when only the coolant inside the cryostat is considered.

The model of the thermal insulation presented in this section does not con-
sidered the pressure variation inside the cryostat during the hydrogen vaporiza-
tion. This aspect is very important for both structural and thermal design of the
SCLSM’s mover. Indeed, the structure of the cryostat must be capable of with-
standing the internal pressure increase without cracking. The extra volume pro-
vided by the hydrogen tank may alleviate the load on the cryostat structure, but a
safety valve should be implement to prevent the pressure exceeding the safety lim-
its. Since the impact of the pressure variation on the cryostat structure requires a
definition of all the geometrical characteristics to a level of detail which is beyond
the purpose of this work, the structural analysis of the system is left for future
research.

In a similar way, the exact solution of the thermal problem requires the calcula-
tion of the physical properties of the coolant subject to a pressure variation through
the interpolation of complex data tables. Again, the knowledge of the exact value
of the pressure would require an accurate definition of the geometrical properties
of the cryostat. This topic is not addressed in this work because the thermal model
that does not consider the pressure variation estimates an exacerbated vaporization
with respect to what happens in the real cryostat. Indeed, the changing of pres-
sure improves the thermal properties of the coolant and more heat is absorbed by
the hydrogen liquid phase before reaching the boiling point. Therefore from the
thermal point of view, the simplified model in this section presents some safety
margins with respect to the real application.
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7.6 Cryocoolers for Aerospace Applications

The functioning of a superconducting machine cannot be described independently
from its cooling system which is composed of an insulation system, coolant and
a refrigerator. The cryostat insulation with liquid hydrogen as coolant has been
studied for EML application in Section 7.5. The chosen configuration was proven
suitable to maintain the SCs at the operating temperature despite the intense in-
ternal losses. At the beginning of every launch the coolant needs to be liquid at
16 K and the heat absorbed during the previous launch has to be removed by an
external refrigeration system. The coolers used to achieve cryogenic temperatures
are inefficient and their input power considerably penalizes the performance of
the launcher.

This section proposes a method to estimate the input power required by a cry-
ocooler to remove the heat produced during the launch. The method describes the
static performance of a cryoocoler for aerospace applications that was developed
by the author to improve the performance of an existing model [135]. Palmer in
[135] identifies the Reverse-Brayton cryocoolers (RBCs) as the most suitable re-
frigeration system for aerospace applications because of high reliability, efficient
heat exchange due to the working fluid high speed, high power density and contin-
uous displacement compression. With helium as working fluid, RBC can achieve
the desired cold temperature with high flow rates and heat exchange effectiveness.
The RBC configuration that better satisfies the requirements is a double-stage cry-
ocooler as shown in Fig. 7.29.

Palmer’s model is solved on the basis of assumptions made according to the
current best practice for similar aerospace grade Reverse-Brayton cryocoolers.

• The system is closed and there are not helium leakages;

• No transport losses across the ducts connecting the refrigeration cycle com-
ponents;

• Constant specific heat capacity even at low temperature;

• Within the heat sink heat exchanger the latent heat capacity is shared in a
50% split with the specific heat capacity of the coolant;
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Figure 7.29: Double-stage reverse-Brayton cryocooler for aerospace application

• The motors used to move compressors and turbines are superconducting
and achieve efficiencies above 99%;

• The minimum pressure in each stage is 2 bar whereas the pressure drops
across heat exchangers is ∆p = 5%.

• The cold heat exchanger temperature drop is ∆Tc = 10 K, the hot heat ex-
changer helium output temperature is ∆TwHx = 10 K more than the heat sink
coolant on both sides and the temperature difference between input and out-
put flow of the intermediate heat exchanger is ∆TiHx = 10 K on both sides;

• The temperature ratio is equally shared between both stages;

• The compressor polytropic efficiency is ηc = 92%, whereas the turbine
polytropic efficiency is ηt = ηc +3%.

The model of the cryocooler proposed in this chapter for SCLSM application is
based on the same assumptions and attempt to improve the cryocooler efficiency
of the Palmer’s model using recuperative cooling.
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Figure 7.30: T-P chart for the coolant in the cryocooler second stage

7.6.1 Recuperative Cooling

Recuperative cooling is a common way to improve the efficiency of a thermal cy-
cle exchanging heat between cold and hot coolant. Recuperation aims to optimize
the working temperature of compressors and turbines to reduce the input power
required from the external source. This section presents the implementation of
recuperative cooling on the double-stage RBC showed in Fig. 7.29 and estimates
the input power reduction.

Since the two stages of the cryocooler operate in the same manner, the research
of a possible way to improve the performance can be restricted to a single stage
and later extended to the second one. The temperature-pressure transformation
that the coolant undergoes in the second stage of the cryocooler is shown in Fig.
7.30.

According to the cryocooler requirements and assumptions, temperatures T1, T4,
T3 and the pressures p1 and p4 in Fig. 7.30 are known and cannot be modified. In
fact, T1 is the cold temperature required by the superconductors; T4 is a function
of T1 and of the cold heat exchanger performance (temperature delta ∆Tc given
in input); T3 is fixed by the assumption of equal temperature drop across stages;
p1 is known as minimum pressure and p4 is a function of p1 and of the cold heat
exchanger performance (pressure drop ∆p given in input).

The objective of the analysis is the minimization of the input power of the cycle
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Figure 7.31: T-P chart of the second stage compression side with intercooler

in Fig. 7.30 which is computed as

Pi = ṁcpHe(T2−T1)− ṁcpHe(T3−T4) (7.116)

In the hypothesis of constant helium specific heat cpHe and under the current as-
sumptions, the input power minimization is equivalent to minimizing the temper-
ature T2. Indeed, the specific input power Pi/(ṁcpHe) is proportional to the input
power Pi and has the unit of temperature.

While the expansion side in Fig. 7.30 has three constraints (p4, T4, T3), on the
compression side only the pressure p1 and the temperature T1 are defined by the
model assumptions and requirements. Since the compressor needs several stages
to increase the pressure from p1 to p2, an intercooler may be used between them
with the aim of reducing temperature T2. To prove that this configuration requires
less input power than the original cryocooler, the compression side in Fig. 7.30 is
modified as shown in Fig. 7.31. The key points are renamed with the terminology
that will be used from now on in the model. The transformations represented in
Fig. 7.31 are described by the relations:

T4b = T2b

(
p4b

p2b

) γ−1
γ

1
ηc

(7.117)

p3b = p2b(1−∆p) (7.118)

T3b = T2b−∆Ti (7.119)

T2b = T1b

(
p2b

p1b

) γ−1
γ

1
ηc

(7.120)

where γ is the ratio between the specific heat at constant volume and the specific
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heat at constant pressure of helium. Equations 7.117 and 7.120 express the rela-
tions between pressures and temperatures during the two polytropic compressions,
whereas eqs. 7.118 and 7.119 describe the relations between pressures and tem-
peratures across the heat exchanger (intercooler) respectively. The new unknowns
introduced in the systems are pressures and temperatures at point 2 and 3 and the
temperature T4b at point 4.

To obtain an optimal design solution, the amount of heat that is exchanged in
the intercooler and the position of the intercooler along the compression line must
be determined. The heat transferred inside the heat exchanger is expressed by the
difference ∆Ti between the inlet and outlet temperature of the intercooler. The
heat exchanger position along the compression line in Fig. 7.31 is linked with the
value of the pressure p2b which in turns is correlated with the dimensions of the
compressor stages. Since the dimensions of the compressor stages depend on the
respective compression ratio the following variable is introduced

kpr =
p4b/p3b

p2b/p1b
(7.121)

where p2b/p1b is the first stage compression ratio and p4b/p3b is the second stage
compression ratio. Using eqs. 7.117 to 7.120 all the unknowns of the system can
be determined as a function of the independent variable kpr and ∆Ti. The specific
power required by the compression stages can be computed as

Psc = T2b−T1b +T4b−T3b (7.122)

Varying the pressure ratio kpr and the temperature difference ∆Ti, the map of the
specific compression power shown in Fig. 7.32 is obtained.

Fig. 7.32 also compares the analysis outcomes with the specific compression
power of the system without regenerative cooling. The implementation of an in-
tercooler is always convenient except when the second stage has a compression
ratio lower than the first stage (kpr < 1) or when the intercooler exchanges a small
amount of heat. Thus, high performance can be achieved when the most of the
heat is exchanged in the intercooler rather than in the heat exchanger before the
turbine. Moreover, when most of the compression occurs in the second compres-
sor (high kpr) the system takes advantage of the lower slope of the polytropic
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Figure 7.32: Specific input power variation with the pressure ratio between compression
stages and with the intercooler temperature delta

transformation reducing the required input power.

However, not all the solutions are physically acceptable since the RBC’s second
stage under investigation interfaces with the first stage as shown in Fig. 7.33. In
particular the temperature T3b must be greater than the temperature T7a to allow
the heat to flow from the RBC’s second stage to the first stage and not vice versa.

The temperature T7a cannot be determined without investigating the heat trans-
fer between the RBC’s stages. The two helium cycles exchange heat according to
the equations:

Q1 = ṁbcpHe(T2b−T3b) = ṁacpHe(T1a−T7a)

Q2 = ṁbcpHe(T4b−T5b)

ṁa = ṁb
Q1 +Q2

cpHe(T1a−T6a
(7.123)

T1a = T2b−∆TiHx

T6a = T5b−∆TiHx
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Figure 7.33: Schematic of the double-stage RBC interface

where ṁa and ṁb are the mass flow rates of the RBC’s first stage and second stage,
respectively.

The variation of the temperature T7a can be expressed as a function of the second
stage parameters combining eqs. 7.123 as

T7a = T2b−∆TiHx−
(T2b−T5b)(T2b−T3b)

T2b−T3b +T4b−T5b
(7.124)

The variations of the temperature T3b and T7a with respect to the design variables
kpr and ∆Ti are compared in Fig. 7.34. In particular, the areas where the tem-
perature T3b > T7a represent the set of conditions that can be implemented in the
double-stage RBC to improve the performance of the cryocooler. The same anal-
ysis can be extended to the compression line of the RBC’s first stage, splitting the
heat sink in two heat exchangers, the first positioned between compressor stages
and the second located before the turbine inlet.

The performances of the RBC with recuperative cooling and heat exchangers
connected in series as shown in Fig. 7.33 strongly depend on the dimensions of
the intercoolers and on their locations across the compression lines. Moreover,
any change of operative condition entails a variation of the optimum proportion
between compression ratios and would require a modification of the intercoolers
dimensions that achieve the required temperature deltas. These dependencies are
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Figure 7.34: T7a and T3b temperatures variations with the pressure ration between com-
pression stages and with the intercooler temperature delta

not beneficial for a system that is supposed to work under different situations and
with different thermal loads. The system should be able to quickly respond to
changes and automatically adapt to new situations. In particular, the dependency
of the low pressure compressor outlet temperature T3b on the outlet temperature of
the first cold heat exchanger of the first stage T7a limits the possible input power
reduction that can be achieved with intercoolers.

When the heat exchangers are connected in series the inlet condition of the
downstream heat exchanger depends on the amount of heat exchanged upstream.
In order to have heat exchangers with the same inlet conditions the series connec-
tion scan be replaced with a parallel connection as shown in Fig. 7.35. With this
configuration, the system can adapt to different operative conditions controlling
the flow across the two heat exchangers with an upstream valve located were the
flow separates. In this way, the two heat exchangers can be similarly sized since
the valve is now responsible to redirect the flow across them to get the best per-
formance in all the operative conditions. Fig. 7.35 shows the parallel connection
between the RBC’s second stage intercooler and the intermediate heat exchanger,
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Figure 7.35: Schematic of the double-stage RBC interface with parallel-connected heat
exchangers

but the same technique is applied to the RBC’s first stage intercooler and heat
sink.

Some additional assumptions are made on the heat exchangers inlet and outlet
temperatures to make sure that the heat flows only from the colder stage to the
hotter stage in respect of the second law of thermodynamics:

T3b = T6a +∆TiHx2

T2b = Tx +∆TiHx2

T4b = Ty +∆TiHx

(7.125)

where Tx and Ty are the first stage heat exchangers outlet temperatures reported
in Fig. 7.35 and TiHx2 is the second outlet-inlet temperature difference which is
assumed approximately 1 K. With these additional assumptions it is not necessary
to introduce a constant to define the pressure ratios of the compressor stages since
the pressure p2b is constrained by the temperature difference TiHx2.

The performance of the RBC with parallel-connected heat exchangers depend
on the amount of heat that is transferred among the independent flows in Fig. 7.35
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which is expressed as

kHxb =
Q1

Q2
=

T2b−T3b

T4b−T5b
=

ṁa1(Tx−T6a)

ṁa2(Ty−T6a)
(7.126)

The unknown pressures and temperatures (p2b, p3b, T2b and T4b) of the RBC’s
second stage can be expressed as a function of kHxb as

p2b =

[
T3b−kHxbT5b

2T1b
+

√(
T3b−kHxbT5b

2T1b

)2
+ kHxb

T3b
T1b

(
p4b

p1b(1−∆p

) γ−1
γηc p

γ−1
γηc
1b

] γηc
γ−1

p3b = p2b(1−∆p) (7.127)

T2b = T1b

(
p2b

p1b

) γ−1
γηc

T4b = T3b

(
p4b

p3b

) γ−1
γηc

The RBC’s first stage pressure and temperatures are found solving the same sys-
tem of equations in 7.127 for the respective variables, once the constant kHxa and
the temperature at the compressor inlet T1a are determined.

The constant kHxa represents the ratio between the heats transferred to the heat
sink by the the first stage parallel-connected heat exchangers. kHxa can be defined
as in eq. 7.126 replacing the respective variable of the RBC’s first stage. The
temperature T1a is the temperature of the gaseous helium after the flows coming
from the parallel-connected heat exchangers mingle. In the hypothesis, that the
two flows perfectly mix the compressor inlet temperature can be computed as

T1a =
Txṁa1 +Tyṁa2

ṁa1 + ṁa2
(7.128)

Considering the assumptions in eq. 7.125, the temperature T1a can be rewritten as
a function of known temperatures as

T1a =

T2b−T3b
T2b−∆TiHx2−T6a

(T2b−∆TiHx2)+
T4b−T5b

T4b−∆TiHx−T6a
(T4b−∆TiHx)

T2b−T3b
T2b−∆TiHx2−T6a

+ T4b−T5b
T4b−∆TiHx−T6a

(7.129)
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In order to solve the model of the cryocooler with parallel-connected heat ex-
changers, the constants kHxa and kHxb must be selected. The optimum value of the
constants minimizes the input power required by the cryocooler which coincides
with the minimum of the specific power Psc.

Psc(kHxa,kHxb) = T2a(kHxa,kHxb)+T1a(kHxb)+T4a(kHxa)−T3a−T5a

+T6a +T2b(kHxb)+T1b +T4b(kHxb)−T3b−T5b +T6b
(7.130)

Since the constants and the minimum input power depend on the mathematical
model requirements and assumptions, the solution of the minimization problem is
never univocal and changes with the variation of the operative conditions. How-
ever, whereas in RBCs with series-connected heat exchanger the design constant
corresponded to the dimensions of the cryocooler components, the constants kHxa

and kHxb represents the action of the distributing valves on the upstream flow and
the ratio of the mass flow rates ṁa1 and ṁa2 across the heat exchangers as shown
in eq. 7.126.

The investigation on the right valve setting to deal with any possible situation
exceeds the intent of this research. It is accepted to consider a combination of
constants that leads to a simple model whose results are close enough to the op-
timum condition. The selected value of the constants are kHxa = 1 and kHxb = 1
which means that the heat exchangers transfer the same amount of heat. This con-
figuration leads to significant performance improvements, even though it should
be kept in mind that recuperative cooling with parallel-connected heat exchangers
has the potential to further improve the cryocooler performance.

7.6.2 Cryocooler Performance

The cold power Qc is one of the requirements that main characterizes the per-
formance of a cryocooler. The cryocooler for aerospace application designed by
Palmer in [135] aims to remove 10 kW from a load at 20 K. The cryocooler uses
liquid methane as heat sink since it is a good propellant that can be later used
to fuel a gas turbine as shown in Fig. 7.29. Liquid methane has a low boiling
temperature (110 K) and is particularly suitable as heat sink since the first helium
expansion can already start from low temperature.
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Figure 7.36: Schematic of the double-stage RBC with regenerative cooling and parallel
connected heat exchangers

In order to compare the Palmer’s RBC with the RBC developed in this chapter,
the same power requirement and heat sink were implemented in the model of
the cryocooler with regenerative cooling and parallel-connected heat exchangers
leading to the results reported in Fig. 7.36. In particular, the heat transferred
across the heat exchangers is the same according to the assumption on the design
constants kHxa and kHxb.

In order to further highlight the power transfer across the double stage cry-
ocooler, the T-P chart in Fig. 7.37 shows the helium transformations that occur in
the cryocooler. The blue line in Fig. 7.37 represents the polytropic transforma-
tions of the coolant in the RBC’s second stage whereas the helium cycle in the
first stage is described by the red line. Starting from the cold power removed from
the load (10 kW) in the RBC’s second cycle, the two compressor stages need 63.9
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Figure 7.37: Temperature-pressure chart of the double-stage RBC with regenerative cool-
ing and parallel connected heat exchangers

kW to increase the pressure, whereas the turbine recuperates 30.4 kW for a total
net power of 33.5 kW. This power is supplied by the electric motor as shown in
Fig. 7.36. Along the same cycle, helium transfers 21.9 kW per heat exchanger
to the helium flowing in the RBC’s first stage, for a total of 43.7 kW reported at
the bottom of the red loop in Fig. 7.37. Moving along the first stage polytropic
transformations, the compressor need 476.3 kW to rise the helium pressure while
the turbine supplies 253.0 kW to the system for a net power of 223.0 kW. The su-
perconducting electrical motor supplies the net power required by the first stage.
The electric motor input powers shown in Fig. 7.36 are slightly bigger than the re-
spective net powers because of the losses within the electrical motors themselves.
133.5 kW per heat exchanger are removed from the helium flow in the first RBC’s
cycle and transferred to the methane.

The input power Pi of the cryocooler is the sum of the power required by the
electrical motors to move compressors and turbines of each cooling stage. The
efficiency of the system represents of the ability of the cryocooler to remove heat
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Table 7.6: Comparison between efficiencies achieved by different cryocooler configura-
tions

Double-stage
RBC [135]

Series-
connected
heat exchanger

Parallel-
connected
heat exchanger

Carnot efficiency

Efficiency 2.83% 3.45% 3.90% 10.0%

for a given input power and can be computed as

η =
Qc

Pi
(7.131)

The efficiencies of the Palmer’s model and of the RBC with parallel-connected
heat exchangers are compared in Table 7.6. The same table reports the efficiency
of an optimized RBC with series-connected heat exchangers and the ideal Carnot
efficiency. The Carnot efficiency is the maximum efficiency that can be achieved
by a fluid operating without any loss between the cycle maximum temperature TH

and minimum temperature TC. It is computed as

ηC =
TC

TH
(7.132)

In the model, losses are represented by the pressure drop ∆p across the heat ex-
changers, by the difference between inlet and outlet temperature on the same side
of the heat exchangers (∆TwHx, ∆TiHx, ∆TiHx2) and by the polytropic efficiencies
ηc and ηt . These losses can be only reduced by an appropriate design, but they
are never zero. Therefore the efficiency of the cryocooler is always lower than the
Carnot efficiency, but the closer η gets to the Carnot efficiency the better is the
refrigeration cycle.

7.7 SCLSM Design Results

The electromagnetic design, the AC losses model, the thermal model of insulation
and the cryocooler model described in this chapter have been applied to differ-
ent SCLSM configurations in order to select the final value of the airgap length.
The airgap length is the result of an iterative procedure which considers different
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counteracting thermal and electromagnetic effects. In this process the geometri-
cal features listed in Table 7.2 remain constant and only the variables linked with
the airgap length vary. The final machine layout aims to minimize the total input
power required by the EML system.

The shorter the airgap length the greater is the magnetic flux that crosses the
airgap and the lower the current intensity to achieve the same thrust level. On the
other side, the intensity of secondary magnetic field harmonics in proximity of
the superconductors is enhanced by the shorter distance between the mover and
the stator. The larger the airgap the weaker is the electromagnetic interaction with
the superconducting coils and the lower the AC losses in the superconductors
(see Section 7.4). The additional heat load due to the AC losses is exacerbated
by the increased heat flow across the thinner thermal insulation. The insulation
has to keep the liquid hydrogen at its boiling temperature despite the heat flow
coming from the external environment and the heat generated internally. The
increased heat dissipation inside the cryostat demands additional cooling power
to the cryocooler worsening the overall system performance.

In order to determine the airgap length of the motor, the electromagnetic features
of the SCLSM must be estimated and compared. Since the stator coils are made of
conventional conductors, their electric resistance is not zero and can be computed
as

R = 4
kskin

σc

ls + lend

πd2
w

N1 (7.133)

where

σc/kskin is the equivalent conductivity that takes into account the skin affect. The
skin effect coefficient is computed as done in Section 4.2 in Chapter 4;

lend is the end-coil length, that for full-pitch distribute windings can be computed
as (see also Fig. 4.12)

lend = 1.05

√
2
(

τ

π
− bs

2

)2

+2
(
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2
+
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2

)2

+

(
hs

2

)2

; (7.134)

N1 is the number of turn per phase which is computed from the number of turns
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per coil Ns as

N1 = 2Ns(2p+1)q; (7.135)

ds is the diameter of each conductor which is computed as

dw =

√
2bshsk f ill

πNs
. (7.136)

Since the armature MMF is notably smaller than that of the superconducting coils
and the airgap of the motor is rather large, the leakage stator inductance per turn
per phase Lph may be calculated as for long electric power lines as [18]

Lph =
µ0
π

2p

{
ls ln

[
τ

dw
+

√(
τ

dw

)2
−1

]
+ τ

2 ln

[
ls
dw

+

√(
ls
dw

)2
−1

]}
(7.137)

The resultant inductance per phase considers the effect of all the conductors per
coil and the influence of the other phases as

Ls = NsLph

(
1+

1
3
+

1
6

)
(7.138)

Once the stator phase resistance and inductance are determined, the active power
Pa and the reactive power Pr can be computed as

Pa = Fxcvs +3RI2 +ACloss (7.139)

Pr = 3
π

τ
vsLsI2 (7.140)

where vs is the synchronous speed at the end of the launch and Fxc is the corrected
thrust (sum of the required thrust Fx and the force needed to accelerate the mover
Fmov).

The efficiency of the whole EML system has to take into account not only the
motor active power required by the launcher, but also the additional input power
PRBC required by the cryocooler as

η =
Fxcvs

Pa +PRBC
(7.141)
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Table 7.7: Efficiencies of double-stage cryocooler with different coolant as heat sink

Efficiency Carnot
Water 1.35% 3.66%
Liquid Nitrogen 5.52% 12.99%

The input power of the refrigeration system can be determined from the model il-
lustrated in Section 7.6 using the cooling power needed by the liquid hydrogen as
main requirements. However, is very likely that liquid methane will be replaced
by water or liquid nitrogen as heat sink at the first helium loop in Fig. 7.36. Wa-
ter is a common coolant with an excellent latent heat and specific heat capacity,
but it is normally liquid above 273 K, temperature which is considered high for
cryogenic application. Nitrogen is liquid a 77 K and is a coolant widely use for its
high availability and affordability even though it does not have excellent thermal
properties. Nitrogen could be bought and stored in a tank beside the launcher. The
efficiencies of the cooling cycle with different heat sinks were estimated using the
model in Section 7.6 and are reported in Table 7.7.

The total power required by the refrigeration system to remove the required
amount of heat can be computed from the respective efficiency as

PRBC =
Qc

ηRBC
(7.142)

where ηRBC can be one of the efficiencies reported in Table 7.7 and Qc is the
cooling power of the refrigeration system. The cryocooler is used after the mover
is returned to its initial position. The cooling power of the refrigeration system Qc

must be enough to remove the heat absorbed by the coolant and restore the liquid
hydrogen initial conditions in tc = 90 s which is the minimum time between two
consecutive launches. The cooling power can be computed as

Qc =
1
tc

∫ tTOF

0
AClossdt =

ACloss (t=tTOF )tTOF

2tc
(7.143)

where the second equality is valid considering the linear variation of the AC losses
with time.

The required SCLSM input power can be computed from the active and reactive
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Table 7.8: SCLSM performance with different airgap lengths

g = 150 mm g = 100 mm
Peak airgap magnetic flux density 1.009 T 1.334 T
Armature magnetic flux density 0.642 T 0.849 T
Mover Mass 7755 kg 7657 kg
Corrected thrust 548.55 kN 547.96 kN
Rated current per turn (RMS) 1482.3 A 1120.2 A
Peak Voltage 11425 V 15334 V
Current density 47.43 A/mm2 35.85 A/mm2

Resistance 0.166 Ω 0.166 Ω

Inductance 0.34 mH 0.34 mH
Peak AC loss 2.685 MW 3.953 MW
Active Power 50.79 MW 51.53 MW
Reactive power 1.201 MW 0.686 MW
Input power 50.80 MW 51.53 MW
Peak efficiency SCLSM 0.9259 0.9117
Power factor SCLSM 0.9997 0.9999
Cooling Power [kW] 217.27 319.33
Peak efficiency with LN2-LH2cryocooler 0.8593 0.8195
LN2-LH2 crycooler input power 3.936 MW 5.785 MW
Peak efficiency with H2O-LH2 cryocooler 0.7031 0.6245
H2O-LH2 crycooler input power 16.09 MW 23.69 MW
LH2 boiling time 7 h 10 min 12.4 s
Additional LH2 2.717 m 3 4.049 m 3

powers as

Pi =
√

(Pa +PRBC)2 +P2
r (7.144)

whereas the voltage and the power factor are respectively

U =
Pi

3I
(7.145)

cosφ =
Pa√

P2
a +P2

r
(7.146)

The active power in eq. 7.146 does not include the cryocooler input power PRBC

since the power factor is a property strictly related to the electrical machine.

The performance of the machine were estimated for two different values of the
airgap length and the results of the analysis were reported in Table 7.8. In partic-
ular, the machine with 100 mm airgap has a lower rated current for the increased
magnetic flux density in proximity of the armature coils. However, the active
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Figure 7.38: Comparison between SCLSM efficiency and the efficiencies of an EML
system including RBC’s input power

power and input power are almost equal to those of the machine with 150 mm
airgap for the increased loss in the superconductors. Consequently, the applied
voltage has to increase to allow the rated current to flow and produce the thrust.
When the SCLSM has 100 mm airgap, the liquid hydrogen stored in the cryostat
is not enough to cope with the exacerbated heat dissipation and full evaporation
is reached only after 12.4 s as shown in Table 7.8. As indicated in eq. 7.20 the
cryostat hosts a liquid hydrogen reservoir so that only 20% of the liquid hydrogen
evaporates during launch. The volume of the spare liquid hydrogen reported in
Table 7.8 is calculated as

vLH2 =
5

LH2ρH2

∫
EH2dt (7.147)

where EH2 is the energy absorbed by the liquid hydrogen during the boiling time.

The efficiencies of the SCLSM and of the EML system including refrigeration
are compared in Fig. 7.38 and the respective peak values are reported in Table
7.8. The efficiency of the EML system was computed considering both water
and liquid nitrogen at the cryocooler heat sink. Since the liquid nitrogen is much
colder than water, the cryocooler spends less energy to cool the hydrogen at the
desire temperature and the efficiency of the EML system is much higher. In any
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case when the refrigeration input power is considered the efficiency is drastically
reduced with respect to the efficiency of the SCLSM alone.

From the comparison of the characteristics of the SCLSM in Table 7.8, the ma-
chine that presents better perfomance is the one with 150 mm airgap in particular
for the lower AC losses. The analyses of the different aspects of the civil air-
craft launcher presented in this chapter were developed assuming this value of the
airgap length.

When water is employed at the cryocooler heat sink the required input power
and the dimensions of the cryogenic system would require significant engineering
challenges that can be significantly reduced adopting liquid nitrogen. Even in this
case, the required input power would be hardly achieved by a single refrigeration
system and multiple RBCs should be implemented.

7.8 Contribution to Knowledge

The implementation of a SCLSM for civil aircraft launch applications in a modern
airport has been proposed and modelled in this chapter for the very first time.
A new topology of SCLSM with MgB2 superconducting cables hosted inside a
moving cryostat has been thoroughly described and developed.

The presented modelling method is not only focused on the electromagnetic
analysis of the machine as done in literature, but it is particularly concerned with
the design of the thermal management system to prevent quenching of the su-
perconducting material. In particular, the AC losses in superconductors that the
thermal management system has to dissipated have been estimated with a simple
analytical model. The temperature evolution of the superconductors during the
launch has been investigated through static and transient thermal analysis of the
cryostat insulation.

In order to quantify the input power of the EML system, the power required by
the refrigeration system has to be estimated as well. This chapter proposed an
RBC model that can be used to calculate the power required by a cryocooler for
aerospace applications. The RBC model in this thesis improves and extends an
existing model developed by a researcher in Rolls Royce.



Chapter 8

Conclusion

The growth in civilian air traffic in the last decades has led to several airports
facing runway time availability issues that have been addressed by extending the
runway length or by the construction of an additional runway. The growth of
size at an airport often compels authorities to mandatory house purchase in the
neighbouring area. People living beside busy airport also have to deal with noise
and pollution caused by ground movements of aircraft, especially at take-off.

This thesis has quantified some of the possible benefits of the implementation of
an electromagnetic launch system in a modern airport. The analysis of the take-off
performance in Chapter 3 has shown that only 50% to 60% of the actual runway
length is required with an electromagnetically assisted take-off system. Addition-
ally, the reduced usage of the engines at take-off could allow a fuel saving of 48.5
kg, i.e. approximately 19.6% of the fuel normally burnt at take-off. The idle en-
gine rating protracted to the initial part of the acceleration allows a noise emission
reduction of 66% for an Airbus A320 sized aircraft. Considering the possibility
of reducing the installed engine thrust, approximately 457 kg of fuel per flight can
be saved leading to an exhaust emission reduction of 20.8% at ground level.

This thesis has proposed three practical linear electrical motor topologies to pro-
pel an A320-200 aircraft at take-off. The analytical and numerical design meth-
ods used to size a linear induction motor, a linear permanent magnet synchronous
motor and a linear superconducting synchronous motor have been presented in
Chapters 4, 5 and 7 respectively. The procedures used to design the induction mo-
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tor were also experimentally validated through a working prototype of a reduced
scale electromagnetic catapult presented in Chapter 6.

This final chapter compares the motor topologies developed in this research to
achieve the challenging requirements of the launch of civil aircraft and presents
ideas for future research work on this topic.

8.1 Launcher Topology Comparison

Since the electrical machines presented in this thesis are designed to achieve the
same net output power (thrust multiplied by the mass of the A320-200 aircraft),
the motor efficiency and power factor are the most important mean of comparison
for the studied launcher topologies. The efficiency of an electrical motor repre-
sents the capability of the machine to produce mechanical energy for a given input
energy. Since the lost energy is dissipated as heat, the efficiency is also closely
connected to the thermal management of the electrical motor. High values of
power factor have a significant bearing on the viability of electromagnetic launch
system, as this directly affects the size and cost of the power conditioning and
energy storage systems.

The electromagnetic performance and other key characteristics of the LIM,
LPMSM and SCLSM are shown in Table 8.1. Looking at the efficiency and
power factor of the linear electrical machines in Table 8.1, the SCLSM seems
to be the ideal choice for EML applications since it requires less input power to
operate. However, the input power of the cooling system has a great impact on
the overall performance of the superconducting launcher. If the input power of
the cryocooler is also considered then another 16 MW is required to cool down
the hydrogen from room temperature to 20 K. This input power may be reduced
by considering larger number of slot per pole per phase, but the final cryocooler
power demand is expected to be similar.

Since the output power of the system is the product of the thrust and the catapult
end-speed (which is always the same), the mass of the mover has to be as low as
possible in order to transfer the major quantity of kinetic energy to the aircraft.
Therefore, the difference between the output powers reported in Table 8.1 is re-
lated to the mass of the mover of the respective motor topologies. The SCLSM’s
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Table 8.1: Comparison between the electromagnetic performance of LIM, LPMSM and
SCLSM with and without cryocooler

LIM LPMSM SCLSM SCLSM with cooler
Peak efficiency 0.8938 0.9875 0.9259 0.7031
Power Factor 0.8987 0.8277 0.9997 1.0000
Input Power [MW] 54.197 57.862 50.802 66.879
Output Power [MW] 43.534 47.295 47.023 47.023
Peak Thrust [kN] 508.01 551.67 548.55 548.55
Mover Mass [kg] 869 8286 7755 7755
Current RMS [A] 1086 1128 1482 1482
Peak Voltage [V] 16635 17093 11425 11425

mover is rather heavy for the high density materials that are hosted inside the
cryostat shown in Fig. 8.1. The SCLSM’s mover mass reported in Table 8.1 does
not consider the weight of the pumps needed to force the hydrogen flow through
the narrow duct of the cryostat. Moreover, the pressure increase due to hydrogen
evaporation has not been considered in this work and the cryostat walls thickness
and weight may need to increase to resist the internal pressure, even if implement-
ing a pressure regulation valve. In conclusion, the complexity and weight of the
mover structure and the difficulties introduced by the thermal management sys-
tem discouraged the adoption of SCLSM to assist civil aircraft take-off until the
technology matures.

The next best motor topology that achieves the highest product of efficiency
and power factor is LPMSM as can be seen in Table 8.1. Nevertheless the input
power required by the synchronous motor exceeds the input power needed by all
the other motor topologies because of the mass of the mover. Compared to the
SCLSM, the method used to estimate the mass of the mover is quite accurate and
the value reported in Table 8.1 is considered to be very close to the value which
would be found in the real application. The LPMSM also hosts materials with
high densities which further increase the total mass. As a consequence of the high
mass of the LPMSM’s mover, the peak thrust needed to accelerate the A320-200
aircraft at the take-off speed exceeds that of all the other motor topologies shown
in Table 8.1. Therefore the required output power and the respective input power
are very large with respect to those for the other motors, despite the high efficiency
and good power factor.
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Figure 8.1: Schematic of the structure of LIM’s, LPMSM’s and SCLSM’s movers

The LPMSM also requires close-loop control to keep the synchronism between
the motion and the electromagnetic wave in the airgap. The position feedback
from an encoder or resolver must be accurate and should also communicate the
relative position between magnets and slots. If the encoder loses accuracy the
control must be reinitialized. In addition to the difficulty of controlling the motor,
the implementation of a LPMSM for EML applications is also affected by the cost
of the NdFeB permanent magnets and by the complicated procedures needed to
install them.

In comparison the mover of the LIM is very light, easy to install and presents
a simple structure, as can be seen in Fig. 8.1. The design optimization method
presented in Chapter 4 obtains peak efficiency and power factor which are compa-
rable with those of the other motor topologies. Additionally, the induction motor
can operate with open-loop control without the need of a position encoder and
complex control techniques. Nevertheless a position feedback might be needed
to determine the exact instant in which activate the several stages of the launcher.
However, when the applied load is the same, LIMs perform in the exact same way
across several launches, thus the encoder could be used only during the initial
calibration rather than during the whole operational life.

The peak operating voltages of LIM and LPMSM shown in Table 8.1 cannot be
easily handled by the current state of the art power converter switching devices and
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power conditioning technology. In order to cope with the high operating voltage,
three possible methods can be considered:

1. Since both LIM’s and LPMSM’s peak voltage were calculated considering a
series connection between the sides of the stator, the operating voltage can be
halved with this parallel connection;

2. The concentrated winding identical segments along a single side of the LPMSM’s
stator can be connected in parallel to further reduce the applied voltage;

3. If the peak voltage cannot exceed a predetermined threshold the machine may
pass from "constant thrust" mode, where voltage and frequency increase with
the speed, to "constant power" mode, where only the frequency increases with
the speed.

Considering the first two option the peak operating voltage would reduce to 8.32
kV for LIM and 4.27 kV for LPMSM. The state of the art switching technology
available today can handle up to 6.6 kV [110]. Series connected SiC super GTOs
in the range of 10-20 kV and SiC p-IGBTs with 12 kV blocking voltage and
switching time of a few µs are under development [111] and may be suitable for
future EML applications.

In conclusion, when the technology will allow operating voltages in the range
of 10-20 kV in the near future, LIM will represent the best solution for a civil
aircraft launcher. With a maximum rated voltage of 6.6 kV available today, the
LPMSM with all the identical winding segments connect in parallel could be used
to assist civil aircraft take-off.

It is worth to mention that this conclusion is valid for the optimize induction and
synchronous motor layouts, but the advantage of the induction motor could be still
exploited designing the machine to achieve a peak voltage of 6.6 kV. Certainly,
this motor configuration will required a much larger current, will have much lower
performance and would need a much larger energy storage and power condition-
ing system, but it will be handled by the technology available today.
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8.2 EML Systems Limitations

The research activities described in this thesis clearly define the methodology to
follow to successfully design an electromagnetic catapult for civil aircraft. The
author believes that this technology may bring significant improvements to mod-
ern civil aviation industry. In particular, the possibility of reducing the runway
length required at take-off may represent a valuable alternative to the investments
needed for the extension of existing airports.

Additionally, a reduced aircraft fuel consumption, exhaust emission and noise
emission at ground level positively impact the local community living around air-
ports reducing the environmental pollution. These aspects are also part of the
objectives that civil aircraft designers aim to when proposing a new aircraft on the
market.

Nevertheless, the installation of an electrical machine of such a size requires
the interruption of the airport services for the time required by the construction
of the EML system. The associated economic loss could be significant without
considering the efforts required to re-route hundreds of flights to the nearest air-
ports. For these reasons the author believes that EML systems would be easier to
build at new airports or at airports where the space available is enough to avoid
any runway obstruction during the catapult construction.

The research described in this work has also proved that EML system can oper-
ate in modern airports without compromising aircraft performance at take-off and
passengers safety. However, new laws should be introduced to regulate aircraft op-
erations with an assisted take-off system, since different procedures should be fol-
lowed in the unfortunate case of engine failure or catapult damage. This work has
conservatively adopted the regulation used for conventional take-off to estimate
the performance of an aircraft connected to an EML system. The author believes
that considering specific regulations that account for reliability, controllability and
capability of electrical machines, take-off performance might be improved and in
particular the runway length required at take-off might be even shorter than that
presented in this thesis.

The electromagnetic catapult may allow future airports with shorter runways to
occupy smaller areas. However, successful take-off would be completely depen-
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dant on the EML system available at the airport. To prevent any ground movement
interruption in the case of failure, all the catapult components should be redundant.
Nevertheless, the electrical motor is a multi-stage machine which should attain the
desired end-speed even when a section fails.

Since the landing distance is usually comparable or slightly shorter than the
take-off distance, airports with a reduced runways length could be feasible in the
future only when an external system is used to brake aircraft during landing. The
author believes that this braking system may represent an interesting topic for
future research to extend the work described in this thesis as it will be detailed in
Section 8.3.

Although this thesis proposes a study of an EML system to accelerate the class
of aircraft which has a major impact on the actual and future aviation market, the
electromagnetic catapult should be able to launch heavier aircraft as well. Only
in this case, smaller airports could host domestic and international hubs for all
airlines and destinations.

The high voltage required by the electromagnetic catapult is the main factor that
limits the weight of the aircraft that can be launched. The A320-200 aircraft with
a maximum take-off weight of 73.5 tons represents a limit case for the voltage
capability of actual technology. A catapult designed to launch an A380-800 air-
craft with a maximum take-off weight of 560 tons would need a peak voltage 8-10
times greater than those shown in Table 8.1.

Significant technology breakthroughs are needed to make a launcher with such
demanding requirements possible. On the other side, the catapult designed in
this work is responsible of the initial acceleration without the need of using the
aircraft engines. In the case part of the total thrust is provided by the engines,
the electromagnetic catapult would allow larger aircraft to take-off in a shorter
distance, but the benefit concerning noise, fuel consumption and exhaust emission
reduction will be significantly reduced.

The engine size reduction allowed by the implementation of an EML system
as described in Chapter 3 is a significant advantage in terms of fuel consumption
and operational cost. However, the aircraft with a reduced installed thrust can
take-off only from airports with an EML system. Consequently, departure and
destination airports should have an assisted take-off system to allow the aircraft
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with a reduced installed thrust to operate. The authors believes that this does not
represent a big limitations as many aircraft today are used to fly along the same
route, but an engine thrust reduction will be possible only when at least two EML
systems are built at different destinations.

8.3 Future Research

This sections outlines where the design of the electrical machines presented in this
thesis can be further improved. This research project can be also considered as the
starting point for future researches on EML systems for civil aircraft applications.
The research topics suggested in this section should also lead to the complete
definition of an EML system to implement in modern airports.

8.3.1 Linear Synchronous Motor with Halbach PM Array

Section 8.1 has shown that linear permanent magnets synchronous motors are not
an ideal choice for EML application because of the heavy mover. A Halbach per-
manent magnet array like the one shown in Fig. 5.1c could be implemented to in-
crease the power density of this machine while reducing the quantity of magnetic
material required to keep the magnetic field density in the airgap at the desired
value. This new LPMSM topology could lead to the implementation of a small
and light mover while achieving high efficiency and power factor.

The implementation of the Halbach array could be combined with an optimiza-
tion procedure to select the concentrated winding sequence to reduce the leakage
inductance associated with the stator harmonics. This thesis proposed a method
for the selection of the winding sequence which was based on the observation on
the MMF harmonic content and on the minimization of the magnetic material as
shown in Section 5.2. However, an optimization procedure which is able to asso-
ciate any winding sequence to the respective leakage inductance might be useful
to reduce the reactive power of the machine. The reduction of the reactive power
and the associated increase of the power factor would also allow the implementa-
tion of movers with a lower mass.



8. CONCLUSION 349

8.3.2 SCLSM Configuration with Lower Cooling Power

The main disadvantage of the superconducting motor designed in Chapter 7 is
represented by the input power required by the cooling system. In order to remove
the heat absorbed by the liquid hydrogen during the launch, the cooling system
needs approximately 16 MW of power (see Table 7.8). The efficiency of the
cryocooler and the cooling power required to extract heat at 20 K and release it at
environmental temperature make the power requirement so demanding.

In order to model the current induced in the superconductors and accurately es-
timate the AC losses, the shielding effect caused by the aluminium structure of the
cryostat should be considered. The only way to estimate the field intensity due to
stator secondary harmonics in proximity of the superconducting magnets consid-
ering the shielding effects consists in the electromagnetic analysis of the SCLSM
with finite element software. The simulation could be run without any supercon-
ducting magnets and while feeding the stator windings with the rated current. This
method should allow a better estimation of AC losses in the superconductors and
a precise calculation of the reduced cooling power.

The SCLSM might then become a valuable alternative to conventional syn-
chronous and asynchronous machines for EML application presented in this thesis
due to the reduced cooling power.

Approximately 98.5% of the heat absorbed by the liquid hydrogen during the
launch is due to the coupling losses between MgB2 wires. In order to partially
eliminate the coupling losses and drastically reduce the power requirement of the
cryocooler, another linear motor topology is proposed.

Future research might investigate the performance of a SCLSM where the MgB2

coils are replaced by an array of superconducting magnets made out YBCO high
temperature superconductor. The stator of this new motor topology will host
winding at environmental temperature as for the double-sided SCLSM designed
in Chapter 7. The cryostat could be built with a similar layered structure using
liquid hydrogen as coolant. The theories presented in Chapter 7 can still be used
to sized the machine, but they should be adapted to the new configuration. For in-
stance, the technique employed to estimate the magnetic field across the machine
should be updated to consider the new excitation field source, and different meth-
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ods should be found to estimate AC losses inside YBCO magnets under oscillating
magnetic field.

The SCLSM with YBCO superconducting magnets will have increased eddy
current and hysteresis losses, but very low coupling losses. Since YBCO magnets
are very brittle, the structural analysis of the cryostat of the new motor config-
uration is paramount. The structural analysis of the complex framework would
also allow the sizing of all the cryostat components, especially the supports of the
superconducting magnets under load. In particular the structural analysis should
take into account the internal pressure increase due to hydrogen evaporation. The
pressure increase will probably require an aluminium thickness redistribution to
cope with the additional stress.

At the same time, the variation of the inner pressure changes the physical prop-
erties of the liquid and gaseous hydrogen improving the heat exchange. Indeed,
high pressure increases the boiling temperature of the liquid hydrogen allow-
ing the absorption of a larger quantity of heat from the superconductors before
full evaporation. In order to fully characterize the behaviour of the coolant, the
isochoric properties of hydrogen between 15 and 50 K at several pressures are
needed. The online database of the thermo-physical properties of liquid hydrogen
available at [136] could be useful to compile the lookup tables required for this
purpose.

8.3.3 Definition of the Electromagnetic Catapult Subsystems

This thesis is concerned with the design of a launcher to assist civil aircraft take-
off. An electromagnetic launch system is not only composed by an electrical
motor, but it also includes a power conditioning system and an energy storage
device.

Energy storage system An energy storage might be needed to supply the EML
system with the required electrical power during the aircraft acceleration. Elec-
tricity can be stored electromagnetically, electrochemically, kinetically or as po-
tential energy [137]. Energy storage systems can encompass a broad range of
categories, but viable storage technologies for electromagnetic launch systems
include batteries, superconducting magnetic energy storage systems (SMESs),
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ultracapacitors and flywheels.

Batteries store energy electrochemically with high energy density and high en-
ergy capability. Even though they can hold the charge for years, they have short
operational life especially with deep discharge cycles. Batteries can be low cost
option for large storage systems, but they are not cost effective for high power
applications [137].

SMES consists of a coil with many windings of superconducting wires cooled
down to cryogenic temperature. The energy is stored in the magnetic field gen-
erated by the DC current flowing through the coils. The SMES is charged or
discharged applying a positive or negative voltage across the superconducting
coil. SMESs are attractive for their fast response and efficiency, but they re-
quire a refrigeration system with high input energy [137]. Thus SMES could be
particularly indicated for SCLSMs for EML applications since cryocooler and
cryogenic system would be already available.

Capacitors store electric energy accumulating positive and negative energy charges
on parallel plates separated by a layer of dielectric material. The ratio between
the charge and the voltage applied on the plates is call capacitance. The voltage
is often limited by the dielectric breakdown, thus the amount of energy that a
capacitor is able to store is proportional to its capacitance. For high voltage ap-
plications like EML systems, capacitors with high working voltage called super-
capacitors or ultracapacitors are required. These capacitors connected in series
might be a viable energy storage for induction and synchronous launchers.

Flywheels store kinetic energy into a large rotating inertia. In order to reduce
friction and aerodynamic drag at high speed, high performance flywheels of-
ten operate in vacuum vessels using magnetic bearings. Flywheels could be a
possible alternative to ultracapacitors to store the energy required by LIMs and
LPMSMs. In particular, in place of few large flywheels it is possible to imple-
ment several flywheels along the track and separately feed the several stages of
the launcher.

Power conditioning system The power conditioning system has the function to
transfer the energy from the source to the motor with the right voltage and fre-
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quency. It also permits EML systems to operate at their most efficient point at all
speeds by allowing for a variable voltage, variable frequency supply. Since the
track is sectioned, the power conditioning system is also responsible of energiz-
ing only the coils that can effect the launch.

When batteries, ultracapacitors and SMES discharge, the energy is released in
the form of continuous current. The voltage and frequency required by the elec-
trical motor can be provided by an inverter. When flywheels discharge, energy
is often supplied as alternating current. In this case, rectifier could be used be-
fore the inverter to transform AC current into DC current. A cycloconverter, a
voltage source converter or a matrix converter can transform a constant voltage
and frequency waveform into another AC waveform without the need of a DC
link. Even though the latter two opnions could be an ideal choice for civil EML
applications, in literature a flywheel in combination with a cycloconverter was
proposed to feed an EML system for military aircraft [8].

As discussed in several parts of this thesis, the switches that allow to feed the
right section of the track and are used to regulate input voltage and frequency
are the pivoting technology for EML systems. In order to reduce the required
switches rating and to provide high level of control and redundancy, each sep-
arate phase winding in each section could be driven independently [30]. An
adequate control method has to be developed in combination with the informa-
tion provided by a position feedback sensor, to correctly feed the several sections
of the linear motor.

The design of the test rig presented in Chapter 6 includes the description of the
structural components of the stator housing. A similar procedure can be followed
to size the framework of the launcher for EML applications. The structural analy-
sis can be carried out on structural components similar to those studied in Chapter
6, considering the normal force shown in Fig. 8.2. LIM and LPMSM have similar
peak normal forces which are approximately 3.8 MN. Considering a safety factor
of 1.5, the frame of the stator housing should be designed to withstand a normal
load of 5.7 MN.

The EML launcher needs some kind of braking system to decelerate the mover
once the aircraft detaches. The mover also needs to be repositioned at the begin-
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Figure 8.2: Variation of the normal force acting on the stator side of LIM and LPMSM
during the launch

ning of the launch track before the next take-off. Future research could investigate
several options that can be adopted for the braking and recovery systems.

The brake proposed in Chapter 6 for the catapult prototype is a fail-safe passive
system that can be easily scaled up and implemented in a larger launcher. This
system is preferable to a mechanical brake which suffers wear and need periodical
maintenance and inspections.

Instead of using a passive system, the kinetic energy of the mover at the end of
the launch could be partially recover by a special magnetic brake that would act as
a generator. The energy recovery braking system is particularly convenient with
LPMSM and SCLSM, for the large mass of the mover with respect to the aircraft.
The energy recovery could be performed by a dedicated launcher section towards
the end of the track.

Linear electrical motor can be used in reverse mode to reposition the mover at
the beginning of the track. Future research could define the voltage and current
ratings to efficiently perform this procedure.

8.3.4 Energy Recovery During Landing

The catapults on the deck of aircraft carriers and the launchers described in this
thesis were designed to deliver intense thrust to propel the aircraft at take-off.
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Nevertheless, if aircraft are required to operate in a confined space with a reduced
runway length, strong decelerations are needed during landing. Civil aircraft can
decelerate at 0.55 G or more with the aid of mechanical brake installed on the
wheels of the aircraft undercarriage. The braking performance depends on the
condition of the runway pavement and may decay in time because of the wear of
brake pads. With a shorter runway length an auxiliary system may be needed to
provide an additional braking force that does not depend on runway and environ-
mental conditions.

Military aircraft commonly reduce their speed at landing with the aid of an elas-
tic rope connected to turbines plunged into sea water. When an aircraft lands and
catches the rope, the turbines are push into motion against the force exerted by the
fluid. The aircraft kinetic energy is transferred to the turbines and dissipated into
the water. Instead of wasting the aircraft energy at landing, it could be possible to
partially recover it using generators in place of submerged turbines.

In order to slow down civil aircraft at landing, similar systems could be used
to aid mechanical brakes to stop the vehicle within the runway length available.
Since the kinetic energy of the aircraft at landing is rather large, future research
might investigate and develop rotary generators push into motion by the aircraft
through an elastic rope. The electricity produced by the generators could be used
to charge the energy storage system that feeds the electromagnetic catapult at
take-off.

Another research topic that might be of great interest is the aircraft kinetic en-
ergy recovery at landing through the same linear electrical machine used as cata-
pult at take-off. Future research might investigate the best linear motor topology
that can be used as a linear generator and that can provide the required break-
ing force to slow down the aircraft within the reduced runway length. The work
presented in this thesis combined with a future research on energy generation at
landing could define a self-sustaining system with little external energy inputs.
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