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Abstract

The objective of this work is to develop a reliable simulation methodology
that can be applied to predict the impact response of the components made with
3D textile composites in aero engine applications. Textile composites are
excellent candidate materials for the design of aero engine fan containment
casings, which are required to sustain the high velocity impact during a fan blade
out (FBO) event. This work is focused on a particular form of 3D woven textile
composites, in which reinforcement through the thickness is provided by the
interlocking weft or warp yarns.

An extensive experimental characterisation was conducted for the
composites with four different types of reinforcement. The in-plane mechanical
properties under the quasi-static tensile, compressive and shear loadings were
obtained. The compressive properties at high strain rate were determined in split
Hopkinson pressure bar tests. In additional to that, ballistic impact tests were
conducted with these composite materials to study their response to high
velocity impact loads.

The properties determined in the mechanical tests were employed to
specify the input data for a commercially available material model in the finite
element (FE) software, LS-DYNA. The model was validated by simulating the
ballistic impact tests. Good agreement between the predictions and the
experimental results was ensured. Once validated, the material model was
applied in a range of parametric studies. Since the plate impact tests cannot fully
represent the complexity of the FBO event, effects of the projectile shape, the
impact obliquity, the target size and the target curvature on the impact
performance were investigated by means of parametric studies.

To ease the simulation cost encountered during the modelling of a large
casing structure, mixed element type analysis (META) was employed for its FE
models, where the computationally costly solid elements were coupled with
simpler shell elements. The predictive capability of the META models was
assessed by comparing their predictions with those of the corresponding solid-
element-only models. The study has shown that this method can substantially

reduce the simulation time without compromising the accuracy of predictions.
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Chapter 1 Introduction

1.1  Background

Polymer matrix composites (PMC), which possess low weight and high
static and fatigue strength, have been used to replace metals in aircraft engines
since the early 1970s. Temperature requirements limit the use of PMCs to low
temperature components such as fan containment casings and fan blades etc., as
shown in Figure 1-1. The fan containment casing, the diameter of which can be
as large as 3000 mm (GE90 [1]), is the largest component in aero engines. When
the fan casing is made from low density PMC rather than mature alloys, the

weight can be reduced considerably.

Figure 1-1 (a) Composite fan blades and fan casings of CFM Leap engines [2];
(b) A carbon fibre reinforced epoxy Trent fan outlet guide vane [3].

However, safety is clearly a key issue when developing a PMC fan casing.
Bird strike and fan blade-out are two of the most severe scenarios of engine
damage, in which objects with large velocities impact on the fan casing, causing
significant damage. In a poorly designed fan casing, a so-called uncontained
failure occurs, where the blade may penetrate the fan casing and hit the cabin,
leading to serious consequences to the overall aircraft structural integrity.

Generally speaking, two types of fan casing designs have been developed,



namely softwall and hardwall as shown in Figure 1-2. As stated in a report from
NASA [4]: “Nearly all current commercial engines that have titanium fan
blades use either hardwall cases made with metal alloys or softwall containment
systems made with a metal alloy case overwrapped by aramid fibres in either a
woven or braided form.” The earliest approach for fan blade containment was
the hardwall design, where a metallic fan casing wall was made sufficiently thick
to avoid blade fragment penetration. In this approach, a large amount of metallic
material is used for containment, thus engine efficiency is largely sacrificed to
achieve safety. During the 1970s and 1980s, softwall design was developed and
first employed by General Electric in the commercial engine CF-34. This design
involved wrapping fabrics around the metallic casing to contain the blade impact.
The failed blade is therefore allowed to penetrate the metallic casing as long as
the outside fabric catches the blade fragments and ensures containment. Hence,
the thickness and the weight of the metallic fan casing could be reduced as

compared to the hardwall design.

Figure 1-2 Composite softwall (a) and hardwall (b) fan casing prototype [4].

In spite of the two mature fan casing designs being available, the aero
engine industry is still seeking to reduce the weight of the fan casing. Currently,
significant effort is being made on developing integrated composite fan casings.
Even though many composites have been considered to be valid alternatives to
alloys, the GEnx [5] series developed by GE Aviation and the LEAP series [6]
developed by CFM International are the only two series of engines that employ
integrated composite fan casings at the moment.

The main issue impeding the wide application of composites for fan casing



components are the high costs in design and testing. For example, in the work
by NASA Glenn Research Centre [4], a multi-scale testing approach was
proposed for both hardwall design and softwall design. Major complexities in
these tests make the development of a fan casing extremely expensive, even for
metallic materials, let alone composite materials whose properties can be
tailored by designing their lay-up orientation or architectures. In addition, it is
compulsory to conduct a blade-out test on a real engine where the engine will be
destroyed [7]. It is obviously not feasible to carry out this test on each material
variation. On the other hand, there is a lack of standard material tests and
analysis approaches which can reliably guide how the composite materials could
be designed to perform best in a fan casing application. It is very likely that the
design procedures could be much less dependent on testing and less expensive,
if predictive methodologies and design tools for simulating the behaviour of
composites under impacts loading were developed.

PMCs have been used in the aerospace industry for decades. The majority
of PMC components involve stacking plies of lamina of various orientations into
the desired structure. Numerical tools and analytical models for these laminated
composites are well developed. However, for the application in fan blade
containment casing design, which needs to account for the impact performance,
the laminated composites are not the best choice due to their well-known
vulnerability to delamination failure. Even a tool drop could lead to
delamination which would consequently degrade the performance of the
structure. To resolve the issue of weak delamination resistance of laminated
composites, 3D textile composites have been developed. Their main difference
to the laminated composites is the reinforcement in the thickness direction,
which makes the material resistant to delamination. The architectures of 3D
textile composites are much more complicated than those of 2D laminates, as
are the failure and damage mechanisms. The well-developed methods for
laminates are therefore not applicable for 3D textile composites.

However, the majority of current research is still focused on laminated
composites which have shown to deliver a good mechanical performance in
numerous industrial applications, while being relatively cheap to manufacture
and easy to analyse. By contrast, for 3D textile composites, major complications

are involved. The performance of 3D textile composites as structures or parts,



or the so-called macro scale performance, is strongly dependent on the
architecture of the reinforcement, which is defined at the meso scale. The
properties of yarns further rely on a smaller scale, the micro scale, where yarns
are decomposed as fibres and matrix. A small change at the micro or meso scale
may make a significant difference to the structural performance at the macro
scale. Furthermore, composites with the same constituents and the same type of
the weave can have very different properties because of different geometric
properties of the reinforcement, such as size of the yarn cross-section and space
between the yarns. Such complications bring great challenges to the analysis and
design of the components made from 3D textile composites. Currently, there is
a lack of well-established predictive methods for the analysis of 3D textile
composites. Furthermore, due to the limited research on 3D textile composites,
there is a shortage of material property data for extensive validation of numerical
analysis methods developed. Finally, the manufacturing of 3D textile
composites often involves impregnating the closely-packed 3D reinforcements
with resins. If it is carried out inappropriately, instability and uncertainty could
be brought into the 3D textile composites and very likely make the analysis
approaches inapplicable.

To facilitate the design and development of 3D textile PMCs for the
application of fan containment casing in civil aircraft engines, AVIC
Commercial Aero Engine Co., Ltd (ACAE), which is a Chinese civil aero engine
designer and manufacturer, established a joint program with the University of
Nottingham. This thesis is the result of one of the four collaborative doctoral
projects of this program. The topics of the four projects are:

1) Micro and meso scale modelling and characterisation [8];

2) Continuum damage mechanics [9];

3) Macro scale modelling (this thesis);

4) Manufacturing process modelling [10].

1.2 Aims and objectives

This doctoral project is aimed at developing predictive macro scale
modelling approaches for analysing the response of 3D textile composite
components under high velocity impact loadings, towards the development of

integrated composite fan casings. The main objectives, listed as the following



items, are however not limited to numerical simulations:

1) To identify appropriate types of 3D textile composite materials which
are suitable for the development of fan containment casings;

2) To establish experimental techniques for the systematic characterisation
of 3D textile composites under quasi-static and dynamic loadings, and to
determine the necessary input parameters required by the simulations;

3) To establish impact testing techniques for assessing the impact
resistance of 3D textile composites and obtain comprehensive experimental data,
including failure and damage modes, against which the simulations can be
validated;

4) To develop simulation methodologies of macro scale finite element (FE)
simulation for components of 3D textile composites, particularly fan
containment casing, under critical impact loading conditions with good accuracy
of predicting impact resistance, damage and failure;

5) To conduct a systematic parametric study of the key factors affecting the
impact performance of integrated 3D textile composite containment casings;

6) To develop simulation methodologies for the FE analysis of large
composite structures, such as fan containment casings, with high computational

efficiency and good accuracy.

1.3 Thesis layout

This thesis is composed of eight chapters. The background and motivation
for the current research are outlined in Chapter 1. In Chapter 2, a literature
review is presented, where 3D woven PMCs are screened out as appropriate
candidates for the development of integrated fan casings. Research works on
material characterisation tests, impact tests and simulations of 3D woven PMCs
are covered to understand the state of the art and to highlight the novelty and
importance of this project.

In Chapter 3, the experimental characterisation of 3D woven composite
materials is reported. Two carbon fibre composites and two glass fibre
composites have been considered. The weave type of the reinforcing fabric was
the same in all the composites, yet geometric properties of the weave were
different. Their mechanical properties were determined at quasi-static loading,

as well at high strain rates. The detailed account of the testing procedures,



equipment used and data processing techniques applied was given.

Impact testing of the 3D woven composites is described in Chapter 4.
Ballistic impact tests were carried out on flat plates of all four materials. The
resistance to penetration was assessed by determining a ballistic limit in each
case. The failure and damage modes of the tested composite plates are presented
and discussed.

In Chapter 5, a phenomenological macro scale simulation methodology by
employing the commercially available composite material model MAT162 in
LS-DYNA is presented. By using the properties obtained from the
characterisation tests and proper calibration of the inputs, this method is able to
achieve good accuracy when simulating the above ballistic impact tests.
Meanwhile, the limitations of MAT162 are also discussed.

Chapter 6 addresses the differences between plate impact and FBO impact.
Four factors, namely the shape of projectile, target size, impact obliquity and
target curvature have been considered and their effects on the impact
performance of the composites were investigated by using the calibrated inputs
determined as part of ballistic impact modelling in Chapter 5.

The efficiency of finite element modelling for large composite structures
by using expensive solid elements is addressed in Chapter 7. A mixed finite
element type analysis was employed, where computationally cheaper element
formulation (in this study thin shell elements) are used for the regions far away
from the impact site. The accuracy and efficiency of this method was assessed.
Then, it was employed to simulate several casing impacts, which more closely
resemble the FBO impact than the plate impact tests.

In the final chapter, the main conclusions of this project are summarised.

Recommendations for future research are made.



Chapter 2 Literature review

2.1 Introduction

In this chapter, a brief review of types of composite materials is given first,
from which 3D woven composites are identified as more appropriate candidates
for the design of fan containment casings. Then, the approaches for modelling
the impact behaviour of 3D woven composites are reviewed, with emphasis on
macro scale modelling methods. Improvements to these methods lie in the
failure criteria, damage mechanics and strain rate effects involved. These are
reviewed to understand the state of art and to select those that can be applied for
defining the impact response of the textile composite in the present study.
Finally, the experimental characterisation of 3D woven composites, under both

quasi-static loading and high-strain-rate loadings, is reviewed.
2.2 Composite materials

2.2.1 Constituents

Composite materials are comprised of two or more separate phases, or
constituents, where the strong and stiff constituent is known as the reinforcement,
while the softer constituent is referred to as the matrix. Based on the material of
the matrix, composites are usually categorised into three groups: polymeric
matrix composites (PMC), metal matrix composites (MMC) and ceramic matrix
composites (CMC) [11]. Two types of polymers, thermosets or thermoplastics,
are commonly employed when manufacturing the PMCs. In thermoset polymers,
the liquid resin of low viscosity is cured into a solid state by chemical cross-
linking. Thermoset matrices remain solid when subsequently heated, as the
cross-links are not broken at high temperatures. While the molecular chains in
thermoplastics will disentangle, transferring the solid thermoplastic into a
viscous liquid at high temperatures. One of the major disadvantages of
thermoplastics is the high viscosity in a liquid state, which makes composite
manufacturing by impregnating the continuous aligned fibres with thermoplastic
matrices rather difficult.

The most common types of reinforcements in PMCs are the carbon, glass

and aramid fibres. Carbon fibres possess excellent tensile strength, compressive



strength, strength to weight ratio, stiffness and high temperature resistance as
compared to glass and aramid fibres. However, they are the most expensive.
Glass fibres have fairly good mechanical properties and the lowest production
cost. However, their densities are much larger than those of the other two fibres.
Aramid fibres are excellent in terms of tensile strength, fatigue resistance and
abrasion resistance, and fairly good in terms of cost and stiffness. They are also
ductile to fracture whilst the other two are very brittle. Yet, their compressive
strength is several times lower than their tensile strength.

Fibres are broadly categorised as continuous fibres and short fibres. In the
aerospace applications, the continuous fibre composites are usually employed.
The structure of the reinforcement can vary greatly, ranging from the
unidirectional alignment of the fibres, other forms of continuous fibres can be
produced by using technology originally developed for manufacturing textiles,
e.g. weaving, braiding, knitting and etc..

This study focuses on thermoset composites reinforced with glass and

carbon fibres, which are the most relevant to aero engine applications.

2.2.2 2D laminated composites

Most of the common types of high performance composites fall into the
category of 2D laminated composites, where a number of thin laminae are
stacked to the designated thickness and shape. A lamina can be unidirectional,
if the continuous fibres are aligned in a single direction, or have textile
reinforcements. Some of the common types of textile reinforcements are shown
in Figure 2-1.

Unidirectional lamina and some types of the fabric laminae are usually
available in form of a pre-preg, which is a tape or sheet of fibrous reinforcements
impregnated with resin and then partially cured. To manufacture a desired
component, multiple layers of pre-pregs of various orientations are stacked and
then fully cured by heating under pressure in vacuum moulding or autoclave
moulding.

For the textile reinforcements provided as dry fabrics, liquid resin
impregnation is usually employed, such as the resin transfer moulding (RTM).
The reinforcing fibres/fabric are placed in a mould and injected with pre-

catalysed resin, which usually has low viscosity, until the reinforcements are



fully wetted. Cure takes place inside the mould, often assisted by heating.

Figure 2-1 Schematics of common textile reinforcements in laminated composites: (2)
plain weave, (b) twill weave, (c) 8-harness satin weave, (d) triaxial braid, (e) weft
knitting and (f) warp knitting[12, 13].

Although the laminated composites are known for their high specific
modulus and strength in the in-plane directions, as well as the possibility of
being tailored for a specific application, all of them suffer from the lack of
reinforcement binding different layers of laminae. Consequently, the composite
laminates are vulnerable to inter-ply delamination, which undermines their
impact resistance [14]. The low impact resistance restricts the use of laminated
composite materials for the design of fan casing components. In addition, the
delamination damage usually results in a significant degradation of mechanical
properties, especially the compressive strength and fatigue performance [15].

2.2.3 3D textile composites

With reinforcing fibres in all three directions, 3D textile composites are
much more resistant to penetration and delamination. A number of methods,
such as embroidery [16] and z-pins [17], have been employed to introduce the
through-thickness reinforcement to laminated composites. At the same time,
integrated 3D textile reinforcements are also being developed, where 3D fabrics
are produced by techniques of textile weaving, braiding, stitching and knitting
[18, 19].



Figure 2-2 A braiding machine by Fibre Innovations available from [20].

Although 3D composites have better resistance to impact damage than the
laminates, not all of the 3D textile manufacturing techniques are applicable for
producing ring-shaped components of a large size, as required for the fan
containment casings. In the review by Mouritz et al. [15], it was noted that 3D
braiding, stitching and knitting have manufacturing restrictions in producing
large and thick parts. Specifically, a braiding machine is usually significantly
larger than the product itself, as shown in Figure 2-2. To manufacture a casing
of 2000 mm diameter, very large braiding machines would have to be devised,
which would be rather costly.

On the other hand, the manufacturing constraints are substantially less
significant for the 3D weaving process. Complex near-net-shape 3D woven
preforms can be produced on standard industrial weaving looms used for 2D
woven fabrics at a faster rate by introducing minor changes to the weaving loom.
In addition, 3D woven composites have been reported to have high resistance to
low-velocity impact damage [21]. The degradation of mechanical properties is
also much less severe than that of 2D counterpart laminates [22].

It can be concluded that 3D woven composites are the feasible candidates
for the application in the fan containment casings. Therefore, in the following

review, the primary focus will be on 3D woven composites.

2.2.4 3D woven composites
There are various forms of 3D woven textiles produced by either the

conventional machines or specially designed devices. Also, different
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classification terminology is employed by different groups of researchers [23-
25]. The most common woven composite types fall into the category of 3D
woven interlock composites, in which the layers of fabrics are interlocked
through the thickness by another set of yarns. These can be roughly categorised
by the path of the interlocking yarns, with four examples being shown in Figure
2-3. Higher fibre volume fraction in the through-thickness direction can be
achieved by orthogonal interlocking but angle-interlock preforms are more
suitable for producing complex shaped structures because of their better
distortion capability [26].

| S

Warp Tow  Filler Tow Binder Tow Matrix UnitCell RVE

0

Figure 2-3 Architectures of 3D woven composites: (a) through-thickness angle-
interlock, (b) layer-to-layer angle-interlock, (c) through-thickness orthogonal-
interlock and (d) layer to layer orthogonal-interlock [26].

In the late 1990s, new types of 3D woven composites, called 2.5 D woven
composites, were developed [27-29]. These were the ceramic matrix composites
(CMC) that were employed for manufacturing the components of aero engines.
Instead of using the third set of yarns (binder), as in conventional 3D woven
composites, the reinforcement through the thickness was provided by the

interlocking weft or warp yarns. Different types of 2.5D woven composites can
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be distinguished based on the path of through-thickness reinforcements.
Specifically, schematic drawings of through-thickness angle interlock and layer-
to-layer angle interlock are shown in Figure 2-4 (a) and (b), respectively.
Based on the review of the open literature, very limited research has been
conducted for 2.5D CMC woven composites up to date [30-33]. Research on
2.5D PMC woven composites is even more limited [34-36]. It mainly focuses
on developing the numerical tools and methodologies for analysing general 3D
textile composites by taking advantage of the simpler architectures of 2.5D
woven textiles. No information regarding the impact performance of 2.5D
woven composites could be found, both in terms of the modelling work, as well

as the experimental investigations.

Figure 2-4 Types of 2.5D weave: (a) through-thickness angle interlock; (b) layer-
to-layer angle interlock.

2.3  Modelling/analysis of 3D textile composites

2.3.1 Multi-scale modelling

Various types of the reinforcement architectures in 3D woven composites
have been described in Section 2.2.4. Each of the weave types can also vary in
terms of geometrical parameters, such as the size and the spacing of the yarns.
Variation in geometric parameters of the weave affects the mechanical
properties of the composite, hence to ensure that the material delivers its best
performance in real-life applications, optimal configuration of the composite
should be determined. Due to a very large number of parameters involved, it is
not feasible to determine the optimal weave architecture experimentally with
due consideration to both design requirements and ease of manufacturing.
Therefore, development of the reliable and robust virtual characterisation tools
would undoubtedly facilitate the design of these textile composites [37].

However, characterisation of 3D woven composites is far from being
straightforward. While the mechanical behaviour of the unidirectional

composites is understood reasonably well, and a large variety of the models have
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been proposed to define the damage and failure in those materials, question of
modelling the constitutive behaviour of 3D textile composites still remains open.
The performance of components made from textile composites is dependent on
entities of very small length scales, such as a representative volume or unit cell,
representing the composite at a mesoscale and the fibre yarns at a microscale.
Therefore, the constitutive models of textile composites should account for the
multi scale nature of these materials [38]. One of the most common approaches
is known as hierarchical or sequential multiscale modelling [39]. It involves a
bottom up information transfer and homogenisation as graphically represented
in Figure 2-5, where the modelling of the upper scale is dependent on the
modelling of constituents and their spatial arrangements. Eventually, at a
macroscale, the heterogeneous composite materials are regarded as monolithic
materials, with their constitutive behaviour being defined based on the

homogenised mesoscale material response.

Microscale

fiber and matrix

stress-strain curve
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Mesoscale
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Figure 2-5 Multi-scale modelling and information transfer by Ernst et al. [40].

The multiscale modelling allows predicting material response at a
component scale, hence it can be employed in particular for modelling the
impact behaviour of 3D woven composites. Numerous examples [41-50] of

multi-scale modelling being applied to predict the macro scale impact response

13



of 3D composites are presented in a review on this aspect [26]. Therefore, the
multi-scale modelling provides a capability of defining the constitutive
behaviour of the textile composites when simulating the FBO event.

However, there is a lack of systematic methodology that could be
implemented as material models in finite element codes and used directly by
engineers for the design of the textile composites. To offer a solution to this
issue, such simulation methodology was developed by a different researcher in
the same team [8]. The model developed has been validated based on the
experimental data obtained as part of the present project. However, being a
research development, at present the model is not a standard part of any
commercial software, hence it cannot be commonly employed in the engineering
design. In the present project, alternative approach to modelling the response of
textile composites has been explored. It should involve definition of macro scale
constitutive behaviour of textile composite which is independent of the multi-

scale modelling methodology.

2.3.2 Macro scale modelling

A number of studies [51-54] have been reported in the open literature,
where the impact response of 3D woven composites was analysed at macro scale
by using a homogenised material model and properties, without taking into
account the complex architecture or the analysis at the lower scales.

Naik and Meduri [53] developed an analytical method for evaluating the
impact response of PMCs based on wave propagation and energy balance. A
similar method was employed in [54] to analyse the ballistic impact of 3D
orthogonal woven E-glass/epoxy composites by determining the energies
dissipated via eight mechanisms. However, these analytical approaches are not
applicable for the analysis of fan casings, because they involve numerous
assumptions. Specifically, they only consider impacts normal to the target and a
cylindrical projectile with a flat end. Furthermore, in order to quantify the energy
dissipation through each mechanism, numerous experiments would be required.
Accurate predictions in terms of critical velocities have been reported, but no
prediction of the material damage of the target has been made.

Schwer [51] suggested a method for modelling the impact response of 3D

woven composites by using shell elements. The elastic behaviour was defined

14



by an orthotropic elastic constitutive relation. Material failure was predicted by
the Tsai-Wau failure criterion [55] and the post failure behaviour was defined by
an isotropic scaling damage formulation. The modelling results were compared
with experiments where the strain histories during the impact were measured,
and good agreement was found.

Pankow et al. [52] employed a homogenised material model to simulate the
shock tube tests of 3D woven S-glass fibre / SC-15 epoxy composites. The
composites were composed of six layers of weft fibres, five layers of warp fibres
and orthogonal Z-fibre reinforcements, which accounted for 6% of total fibre
volume fraction. Each layer of fibres was modelled by a layer of shell elements
with orthotropic elastic behaviour and Hill’s anisotropic theory of plasticity,
where the author assumed the yield stress ratios were the same as the elastic
moduli ratios. The onset of matrix cracking under transverse loading was
predicted by the maximum strain criterion. After the onset, the matrix dominated
properties E> and Gi» were degraded to 1%. The dynamic properties of the
matrix at various strain rates were obtained via split Hopkinson pressure bar
(SHPB) experiments. However, no due consideration was given to modelling
the through-thickness reinforcement, which should strongly affect the
mechanical behaviour of 3D textile composites as compared to conventional 2D
laminated composites. Good correlation between the measured and the predicted
deflection of the plate was obtained, and reasonably accurate predictions of the
matrix damage were reported.

These studies suggest that the macro scale modelling which does not
involve multi-scale homogenisation has potentials in capturing important
aspects of the impact response of 3D woven composites, in spite of the
simplifications involved. At the same time, in terms of accurate definition of the
constitutive behaviour, the existing modelling methods still require substantial
improvements. This includes due consideration to strain rate effects, appropriate
criteria for the damage onset and the damage evolution.

2.3.3 Failure criteria
Most 3D woven composites are orthotropic materials. Nine constitutive
constants need to be determined to fully describe the elastic response of the

materials, namely axial stiffness, shear stiffness and Poisson’s ratio in the three
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directions.

The material model also needs to describe the termination of elastic
behaviour, i.e. the onset of damage. This is usually achieved by defining
appropriate failure criteria, which are the mathematical expressions used to
describe the stress or the strain state at the damage initiation. So far the vast
majority of the efforts in developing failure criteria were made for unidirectional
composites, which are the simplest configuration of composite materials. There
are many ways to categorise these failure criteria, such as whether they focus on
in-plane or inter-laminar failure [56], or whether they are failure mode
dependent or independent as in Table 2-1. Mode-dependent failure criteria
usually contain a group of equations and each failure mode is represented in one
equation, whilst mode-independent failure criteria predict the occurrence of
damage without identifying the failure mode. In addition to that, the failure
criteria can be further categorised as interactive or non-interactive [57]. The
interactive failure criterion implies that the failure in one mode can also
influence the other failure modes, whereas this kind of interaction is not

accounted for by non-interactive failure criteria.

Table 2-1 Mode independent and mode dependent failure criteria

Mode independent criteria Mode dependent criteria
Tsai-Wu [55] Hashin-Rotem [58]
Hill [59] Hashin [60]
Tsai-Hill [61] Lee [62]
Hoffman [63] Christensen [64]
Chamis [65] Chang-Chang [66]

The maximum stress/strain criteria are the non-interactive failure criteria
which suggest that the failure occurs when the stress or strain acting in any of
the material directions reaches a critical value. These types of criteria are

commonly applied to define the fibre failure in tension, as follows:

04 = XT (2-1)
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& > ér (2'2)

The values of material limits, maximum tensile stress X and maximum
tensile strain &, are obtained from experimental testing. In a similar way, the
maximum criteria for other loading conditions can be obtained.

One of the first failure criteria devised for predicting failure of UD
composites is the polynomial stress tensor criterion proposed by Tsai and Wu
[55]. Its generalised form is expressed as:

Fl'o-i + Fijo'iffj + Fijko-io-jo-k > 1, i,j,k = 1,2, ,6 (2'3)

where F is the strength coefficient tensor. The interaction term F;, needs to be
determined in biaxial loading tests. When biaxial test data are not available, F;,
is sometimes determined by assuming a lamina, under an equal biaxial stress
state in tension fail at the same stress level as it does under uniaxial transverse
tension.

To date, numerous failure criteria have been proposed by various
researchers for composite materials. Those include strain invariant failure theory
[67], the multi-continuum theory [68] and micro-mechanics based failure theory
[69]. There is also an increasing interest in predicting the initiation of failure
according to fracture energy-based failure criteria [70]. More information about
failure theories can be found from World-Wide Failure Exercise (WWFE-I and
WWEE-II) [71, 72]. Continuous efforts are still being made towards a complete
and validated methodology for predicting the failure of UD composites.

2.3.4 Damage mechanics

Once the damage is initiated, damage evolution takes place and leads to the
degradation of mechanical properties. Numerically, the damage evolution is
often reflected as either sudden reduction or gradual degradation of the material
properties. Sudden degradation suggests that the material properties are reduced
instantaneously to a fraction of their original values. The latter approach, as
pointed out in [73], does not reflect the true physical response of the material,
because it does not take into account the constraints, which are imposed on the

failed region by the adjacent undamaged material.
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Numerically, gradual degradation can be represented by strain softening.
Strain-softening response in composites is usually described based on the
concept of continuum damage mechanics (CDM). The basic idea of CDM is to
treat the composite as a homogenous material, and to account for degradation of
its material properties at a macro-scale by defining them as functions of the
quantities called damage variables. These can take values from zero to unity,
where zero corresponds to a virgin material, while unity indicates complete
damage. Similar to failure modelling, a large variety of damage models have
been developed, the best known of which include those proposed by Talreja [74,
75], Ladeveze et al. [76], Pickett et al. [77], Frantziskonis and Joshi [78],
Randles and Nemes [79], Engblom and Yang [80], Yazdchi [81], Matzenmiller
et al. [82]. However, as concluded in a recent review on this aspect [56], a
complete and rational methodology for describing the damage of composite has

yet to be developed.

2.3.5 Modelling strain rate effects

Polymers, which form the matrix constituent in PMC, are generally
regarded as viscoelastic materials. For a viscous material, the shape change
under loading is related to the duration of the loading. The macroscopic shape
change of polymers is due to bending, stretch and straightening of molecule
chains before yielding or slippage of molecule chains during the yielding. These
microscopic mechanisms need time to take place, hence the material properties
are presented differently when the testing speed is changed.

Some of the materials that form the reinforcement of PMC can also be
strain rate dependent. Studies found in the open literature suggest that the carbon
fibres are strain rate insensitive in terms of stiffness, ultimate strength and failure
strain [83, 84]. On the other hand, the rate sensitivity have been reported for
glass fibres, e.g. S2 glass fibres [85], and aramid fibres, e.g. Kevlar™ fibres [85,
86]. It should be noted that the behaviour of the fibre/matrix interface can be
also strain rate sensitive [87, 88]. Therefore, being comprised of polymeric
matrices, fibres and interfacial layers, PMCs can have very obvious strain rate
sensitivity, as summarised by the reviews in this aspect [89, 90]. It was even
demonstrated that there can be a change in the failure mechanisms as the strain

rate increased [91].
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To define the rate sensitive response of PMC at a macro-scale, two types
of modelling methods have been reported in the literature, namely, viscoplastic
models [92-98] and rate-dependent failure criteria [99-104].

The viscoplastic models were inspired by the well-established plastic and
viscoplastic equations for the nonlinear behaviour of metals. It was originally
proposed as an one-parameter plasticity model [92] to describe the nonlinear
behaviour of composite materials. It was based on the Hill-type yield function
[59], assuming that the material was in a plane stress state and no plasticity in
the fibre direction. Later, the model was further developed to account for the
strain rate effects [93, 94]. The parameters were determined by fitting the models
to experimental data. This method was found to be reasonably accurate for both
UD and woven composites and was therefore used in later research [95, 96].
Similar models [97, 98] have also been developed in recent years.

As an alternative, the failure criteria incorporating rate-dependent
properties can be used to define the response of the composite materials at high
strain rate loading [103]. In this approach, the failure criteria involve material
properties which are scaled with respect to the strain rate. The most commonly
used strain rate scaling functions for metals are the Cowper-Symonds power law
[105], and the Johnson-Cook’s constitutive model [106] where the logarithmic
strain rate dependency is assumed for the yield stress. Those approaches were
adapted for modelling strain rate dependency in composite materials, by
assigning the rate sensitivity to damage initiation strengths and the elastic
moduli.

Daniel et al. [103] tested a UD AS4 carbon fibre / 3501-6 epoxy laminate
in off-axis and longitudinal directions at strain rates up to 400 /s. The rate-
dependent elastic moduli and strengths were defined by the logarithmic

functions similar to the one in Johnson-Cook’s constitutive model as follows:

E(&) = E(£0)(1 + Cylogy, §> (2-4)
S(8) = S(é) (1 + Cslogyo g) (2-5)
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where Cp and Cs are the scaling parameters. The scaled properties were
employed in various failure criteria, including the mode-dependent non-
interactive criteria such as maximum stress/strain criteria, the mode-independent
interactive criteria (Tsai-Hill [61] and Tsai-Wu [55]), and the mode-dependent
and partially interactive ones by Hashin-Rotem [58], Sun [107] and Daniel [108].
The failure envelopes were compared with a limited number of experimental
data points. It was concluded that, although the scaling is based on the
assumption of linear behaviour before failure, it is an effective and useful
engineering tool when combined with the appropriate failure criteria.

Recently, a phenomenological strain rate dependent failure theory is
proposed for modelling UD carbon fibre composites [102]. Four criteria were
employed to account for the tensile and compressive failure of fibres, as well as
the matrix. A key postulate of this theory was that matrix shear deformation was
the only mode affected by strain rate effects. The strain rate dependency of the
other modes occurred because the maximum shear stress was inclined to the
principal planes of material symmetry. Therefore, the quasi-static mechanical
properties were scaled to become the dynamic properties in the failure criteria
by a second order polynomial function, which was calibrated by fitting the in-
plane shear strength versus shear strain rate. The model was implemented in
ABAQUS/Explicit for solid elements with reduced integration and then
validated by comparing predictions of a single element under the longitudinal
and off-axis compression against the published experimental data in [109, 110].

It can be concluded that the strain rate modelling at macro scale is still
mostly limited to the laminated composites. Neither the viscoplastic models nor
the strain rate dependent failure criteria models have investigated 3D woven
composites.

2.3.6 Selection of material models for this study

The above review shows that the three important elements for impact
simulation, namely failure criteria, damage mechanics and strain rate
dependency, remain nearly unexplored for 3D woven composites. Among the
available macro-scale material model for composite materials, MAT162 [111]
in LS-DYNA [112] is the only one which has these three crucial features

implemented.
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MAT162 is designated for the macro-scale analysis of composites with
plain weave lamina, which bear much similarity to 3D woven composites,
especially the one with layer-to-layer interlocks in Figure 2-4. A generalised
form of the Hashin criteria [104] is employed to define the damage onset. The
merits of the Hashin criteria are therefore inherited.

In addition, the damage model developed by Matzenmiller et al. [82] is
implemented in MAT 162. It is capable of characterising the growth of damage
and strain softening following the damage onset and simulating matrix damage,
fibre fracture, fibre crush and delamination. The study by Williams and Vaziri
[113] has shown that Matzenmiller's progressive post-failure models based on
CDM improve the prediction of impact damage of composite structures
significantly.

Furthermore, the logarithmic scaling functions, Eq.(2-4) and (2-5), are
incorporated with Hashin failure criteria in MAT162. Studies have been carried
out by several research groups [99, 100, 114], confirming that FE modelling
with MAT162 is capable of accurately predicting the strain rate dependent
behaviour of laminated composite materials.

Based on these, MAT162 has been selected to carry out macro-scale

modelling in this study.
2.4 The characterisation testing of 3D woven composites

2.4.1 Experimental methods

In FE modelling of impact response of composites, the constitutive
behaviour of the material is defined by appropriate material models, in which
material properties should be specified as inputs. Under impact loading, the
material properties can vary with the strain rate, and an appropriate
representation of this variation is crucial for accurate prediction of the impact
response of composites. This dependency can be established experimentally, by
conducting material characterisation tests. The experimental characterisation of
composites as presented here is divided into three groups, each corresponding to
different ranges of strain rates. Quasi-static testing is usually carried out at strain
rates from 10 to 10%/s, intermediate strain rates range from 10 to 10%/s and

high strain rates are in the order of 10%/s or above. In view of the different ranges
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of strain rates and loading modes, various experimental techniques, as
summarised in Table 2-2, have been developed. The experimental techniques
that are particularly relevant to the present work are introduced first, followed
by a review of the literature reporting the testing of 3D woven composites. More

information about these experimental techniques can be found in [115, 116].

Table 2-2 Experimental techniques for different loading modes and strain rates
reproduced from [115].

Mode Strain rate (s?) Testing
<0.1 Conventional testing machine
0.1-100 Servo-hydraulic machine
Compression 0.1-500 Drop weight test
200-10* Hopkinson pressure bar
10%-10° Air gun apparatus
<01 Conventional testing machine
i 0.1-100 Servo-hydraulic machine
Tension o
10* Expanding ring
>10° Flyer plate
<0.1 Conventional testing machine
0.1-100 Servo-hydraulic machine
10-10° Torsional impact
Shear ) ) ]
100-10* Hopkinson pressure bar in torsion
103-10* Double-notch punch
10%-107 Pressure-shear plate impact

In terms of QS testing of composite materials, a wide range of methods
have been established and standardised by the American Society for Testing and
Materials (ASTM), e.g. in-plane tension [117] and shear [118].

The characterisation with strain rates up to 107 /s generally employs servo
hydraulic testing machines or drop weight tests. The drop weight tests are
usually performed on a drop tower, in which a falling, weighted striker is lifted

to a predefined height and then released, impact onto the specimen.
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Figure 2-6 A schematic diagram of Split Hopkinson pressure bar apparatus [119].

The split Hopkinson pressure bar (SHPB) is widely used to test materials
at strain rate from 102 to 10 /s. A typical SHPB apparatus is sketched in Figure
2-6. The histories of the stress, strain and strain rate in the specimen could be
obtained in SHPB tests. This technique was initially designed for compression
testing. Later, it was modified and applied for dynamic tension, shear and torsion
tests [120].

The strain rates achieved in SHPB test are similar to the average strain rates
in the material during an FBO event, although the strain rate can vary across the
fan casing due to the complexity of the FBO. The rate dependency measured in
SHPB tests can be therefore used when defining the rate-dependent constitutive
relations in finite element simulations of the FBO. On the other hand, the values
of material properties measured at intermediate rates by using the servo
hydraulic testing machines or drop weight tests are of less significance. Because
of that, the dynamic characterisation of 3D woven are primarily reviewed with

respect to the high strain rate testing by SHPB.
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2.4.2 Experimental characterisation of 3D woven composites under
QS loading

Regarding the QS characterisation tests for 3D woven composites, only a
few studies have been conducted since the 1980s. By mid 1990s, Cox et al. [121-
123] had carried out extensive characterisation tests on various types of 3D
interlocking woven carbon/epoxy composites under tensile, compressive and
bending loadings. At about the same time, Brandt et al. [124] summarised their
earlier studies about QS testing of several types of 3D woven glass/epoxy
composites and made conclusions about the effects of the Z-fibre proportion on
the in-plane tensile, compressive and interlaminar shear strengths. However, one
of the conclusions was that the interlaminar shear strength was not improved by
the Z-fibres when compared with laminated composites.

However, from mid-1990s to 2015, there had been no characterisation tests
which involve several loading modes for 3D woven composites.
Characterisation tests were focused on one specific loading mode and its
associated damage. For example, several types of 3D woven glass fibre
composites with the architectures of orthogonal interlock, normal layered
interlock, and offset layered interlock were studied in [125], but only under in-
plane tensile loadings. Similarly, the loading is limited to in-plane tension in
[126-129] for various types of 3D woven carbon/epoxy composites. While other
studies [130, 131] only accounted for in-plane compression.

In 2015, QS characterisation tests which involve several loading modes
were reported in [132] for 3D woven composites with IM7 carbon fibre
reinforcement. One of the composites was based on the orthogonal weave
reinforcement, while the other two had layer-to-layer angle interlock woven
reinforcements. Two epoxy systems of ST-15 and PR-520 were used. The
experiments conducted were the in-plane tensile tests according to ASTM
D3039 [117], combined loading compression according to ASTM D6641 [118]
and two-rail shear according to ASTM D7078 [133]. Digital image correlation
(DIC) was employed for full field strain measurement. It was found that the
debonding of the matrix from fibre tows is the common initial failure mechanism
of all three loading types.

A similar publication in the same year [134] also reported several QS

characterisation tests for 3D woven carbon/epoxy composites. Four types of

24



composites with orthogonal woven reinforcements and two types of composites
with angle-interlock woven reinforcements were tested in the warp direction
under tension according to ASTM D3039 [117], compression according to
ASTM D695 [135] and flexure according to ASTM D790 [136]. It was found
that one of the two types of angle interlock weave exhibited the highest
properties under all loading conditions.

However, in terms of generally applicability for the design and
development of 3D woven composite components, these studies are far from
sufficient. The material properties of 3D woven composites are directly related
to the structure the reinforcement, which can be varied substantially. Therefore,
the properties of the composite with a given architecture of reinforcement and
constituents should be determined experimentally, unless such data for this
specific composite exists. Moreover, as commented in [132] on the publications
until 2015, “The majority present results from limited sample sets no longer
represent the latest technology and practices in structural three-dimensional

preforming.”

2.4.3 Dynamic characterisation testing of 3D woven composites

The lack of the experimental data is even more apparent in terms of the
dynamic properties of 3D woven composites. Even for 2D laminated composites,
whose strain rate dependencies were realised a long time ago, the interest in their
high strain rate properties continues in the most recent five years, such as the
studies on UD glass/epoxy composites [137, 138], UD carbon/epoxy [103, 109,
110, 139] and 2D textile composites [140, 141]. It is fair to say that SHPB has
become the standard technique for the dynamic testing of composite materials,
as it was employed in the majority of these studies.

Nearly all the dynamic characterisation tests of 3D woven composites were
conducted for those with glass fibres. Since the mid of 2000s, Sun et al.
conducted extensive SHPB testing on 3D textile glass fibre composites under
various loading conditions at various strain rates up to about 3500/s. These
include the in-plane [142] and through-thickness [143] compression of 3D
angle-interlock E-glass/vinyl ester woven composites, in-plane compression
[144] and tension [145] of composites with 4-step 3D braided E-glass
reinforcements, and punch shear [146] of E-glass and Twaron® hybrid 3D
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orthogonal woven composites. Later, Pankow et al. [147] introduced high speed
digital image correlation (DIC) into the SHPB test on 3D orthogonal woven
glass/epoxy composites for full field strain measurement. The composites were
tested under in-plane and through-thickness compression at the strain rates up to
1750/s.

The only account on high stain rate testing of 3D woven carbon fibre
composites that could be found in the open literature is the work of Gerlach et
al. [148], who carried out an extensive experimental study with a composite

which had the reinforcement architecture as shown in Figure 2-7.
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Figure 2-7 The 3D woven carbon fibre composites tested by Gerlach et al. in [148].

The material was tested under the in-plane tension, compression and shear.
In addition to that, through-thickness tension, compression and shear were also
performed by using cross-like specimens and a specially designed loading
device, as shown in Figure 2-8. However, the applicability of this method is
questionable, as the results indicated that the through-thickness tensile strength
was even lower than the shear strengths at all of the applied strain rates. The
volume fractions of the binder yarns were only 3% and 6%. Given the
architecture of this type of 3D weave, the through-thickness reinforcement
provided by the binders could be very limited. It is very likely that issues will
be encountered if this method is used for testing composites with higher through-

thickness properties.
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Figure 2-8 Principle of the through-thickness tension tests, specimen dimensions and
example of a failed cross specimen in [148].

Similarly, very limited data is available in terms of the dynamic properties
of 3D woven composites at intermediate strain rates. It is likely to be related to
the fact that 3D textile composites are primarily used in applications where they
experience the strain rates which are above the capability range of servo
hydraulic testing machines and drop weight tower tests. The only account of
intermediate strain rate testing is the work by Hufenbach et al. [149-151], who
conducted experiments with glass fibre composites with 3D multi-layered weft
knitted reinforcement. A servo hydraulic testing system, along with specially
designed specimen fixtures, was applied to test the dynamic properties under in-
plane tension, compression and shear, as well as through-thickness shear. Strain
rates up to 115 /s were achieved.

It can be concluded that there is severe deficiency of data on the dynamic
mechanical properties of 3D woven composites. Specifically, very limited data
could be found for carbon fibre 3D woven composites, which are particularly
relevant for the aerospace applications because of their superior mechanical

properties and the low density.
2.5 Impact testing

2.5.1 Tests and simulations related to FBO
The FBO is a complicated process, as it involves a few stages including the
first and the second impact of the released blade, the interaction between the

released blade and the trailing blades, and the continuous loading from engine

27



spool-down and windmilling. To ensure the design of the casing meets the safety
requirements, a series of tests are conducted. A multi-scale approach to the
design and testing of the composite containment casings was described in a
recent report by NASA Glenn Research Centre [4]. It should be noted that the
term “multi-scale” here refers to the testing and simulation on composite
materials, panels and components, rather than the modelling methodology for
textile composite materials as was described in Section 2.3.1. The main testing
and modelling procedures as defined in [4] are briefly outlined below to present
the readers with an idea about the involved complexity.

Candidate composites were screened at the material level. The composite
should be tested in a similar state of strain and at a similar strain rate to the ones
of an FBO. In [4], this was achieved by impact tests which employed a soft
projectile. This type of projectile generated a high strain energy density in the
material before failure, so that the resistance of the material to cracking and
delamination could be evaluated.

At the panel level, impact tests were carried out with hard projectiles to
evaluate the material resistance to local penetration. The tests on the panels were
designed to reproduce the same damage modes as those taking place during the
FBO, although the projectile may be different from a real fan blade to achieve
this goal. The damage modes were initially not known to the authors. They
conducted FBO tests on metallic cases with a real fan blade, and then simulated
the panel impact tests to match the damage modes observed in the FBO tests.

At the component level, impact tests, as shown in Figure 2-9, are conducted
for a metallic case to match the deformation and damage of the fan case during
the blade-out tests. These tests are simulated in LS-DYNA. It was found that the
damage modes caused by the fan blades could be obtained experimentally by a
specially designed solid cylinder with a hollow tube leading edge, as shown in
Figure 2-9. However, a series of tests are required in order to determine the
projectile shape. Then it could be used for further testing on casings.

For softwall casings, an additional test, as shown in Figure 2-10, was
required to evaluate their post-impact structural integrity during the engine spool
down. The test was initially conducted on a metallic case to calibrate the
experimental rig so it would produce the loads representing the out-of-balance

loads during spool down. Then the test was repeated on composite casings using
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the same test conditions.

Fan Sabot Pressure

case / arrester vessel \
‘l' Barrel

. oo ey oo B
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Figure 2-9 The set-up of the gas gun for the impact test at component level, and the
shape of the deformed blade and the cylindrical projectile [4]. The length of the barrel
is 12.2 m. Other dimensions are not provided in [4].

Figure 2-10 The Orbital Loading test rig for softwall design (left); Loading applied by
the rig (middle) and resultant loads on the casing (right) [4].

From the involved experiments, it can be seen that a very large financial
commitment is needed for such a full scale testing scheme, as it requires not only
highly specialised equipment, but also an abundance of materials to produce
specimens and components to be tested. So far very limited number of research
addressed FBO even for metallic casings numerically [152-155] or
experimentally [156-158]. There is no publication related to the FBO of
integrated composite fan casings other than this engineering report by NASA

[4]

2.5.2 Impact testing of 3D textile composites

In contrast to limited amount of research which directly addressed FBO,
numerous studies on testing the composite panels under various impact
conditions have been published. The majority of these are related to 2D

laminated composites. Systematic account of research on this subject is given in
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reviews [159-162]. For 3D textile composites, much fewer publications on their
impact testing could be found. These are herein divided into three categories
according to impact testing equipment used. These are the drop weight impact
tests, modified SHPB impact tests and ballistic impact tests.

A schematic of the drop weight impact tests is shown in Figure 2-11. These
tests involve the free drop of impactors of specific shapes onto targets. The
maximum impact velocity is constrained by the height of the apparatus and
normally less than 10 m/s.
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Figure 2-11 A schematic of the drop weight impact test from [163].

A larger impact velocity could be achieved by using a modified SHPB,
whose schematic is shown by Figure 2-12. Similar to the conventional SHPB,
the striker bar is propelled to impact onto the flat end of the incident bar. Another
end of the incident bar has a specific shape, such as a conical indenter in [164].
This end impacts onto the composite targets, which are usually flat panels. The
method allows achieving impact velocity of less than 50 m/s. However, this
range of velocities is still below the range of velocities during the
FBO .Therefore, the modified SHPB impact tests herein are regarded as low
velocity impact together with the drop weight impact tests. All the studies
employing those two methods for impact testing of 3D woven composites are

summarised in Table 2-3.
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Figure 2-12 A schematric of the SHPB impact test from [164].

Similarly, all the studies related to the ballistic impact tests on 3D woven
composites are summarised in Table 2-4. As can be seen, there are rather limited
number of publications on this subject. Four of the studies were conducted with
composites reinforced in the through-thickness direction by stitching [164-167].
A group of researchers [47, 48, 168, 169] from Donghua University, China
carried out ballistic impact tests on 3D woven composites with orthogonal and
angle-interlock architectures. However, none of the studies as specified in Table

2-4 were concerned with 3D woven composites of carbon fibres.
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Table 2-3 Researches related to the low velocity impact of 3D woven composites.

Author(Year) Method  Velocity  Energy Impactor Target Thickness Architecture Constituents
12.7 mm diameter Plain weave with
Hosur et al. Drop 20,30 . . . - i S2-glass / epoxy
(2001) [170] weight and 40 J hemlspherlcal 75 mm cicular 8.8 mm stltch_mg_ and z vinyl ester
cylinder pinning
. 100%150 mm simply
Chiu et al. Drop 15 Jand 1252;}? g;‘:?:rer supported by a ring of i 3D angle-interlock Carbon / epox
(2003) [171] weight 20 P 50 mm internal woven poxy
cylinder di
iameter
19 mm diameter .
Baucom et al. Dr.Op =2 m/s 18] hemispherical 76 mm circular ~2.4 mm 3D orthogonal E-glass / vinyl
(2005) [163] weight ' woven ester
cylinder
19 mm diameter
Pearson et al. Dr.op 2m/s 111 hemispherical 76.2 mm circular 7.2mm 3D orthogonal E-gl_ass I epoxy
(2007) [172] weight : woven vinyl ester
cylinder
. S2-glass / epoxy
12.7 mm diameter 6.7 mm .
. . I
(Sze(;tlzef’)rfltg]' P s4mis 213167 hemispherical 127x127 mm Domogonal
g cylinder 8.3 mm carbon
epoxy vinyester
. Hybrid of Aramid
Lv et al. (2006) SHPB 15,25 and 14.5 mm diameter 100x15 mm 4mm 3D orthogonal and E-glass /
[174] 40 m/s flat end rod woven
polyester
Jiand Kim 18,20 and 14.5 mm diameter . 3D orthogonal
(2007) [41] SHPB 29 m/s hemispherical end 120 mm circular 7 mm woven E-glass / polyester
Walter et al. i o Stitched cross-ply
(2009) [164] SHPB 5-10 m/s 45° conical indenter 40x40 mm 16.5 mm laminates Glass / epoxy
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Table 2-4 Researches related to ballistic impact tests of 3D woven composites.

Author(Year) Velocity Impactor Target Thickness (mm) Architecture Constituents
Larsson (1997) 254x163.5 . . Carbon/epoxy with Kevlar
[165] <700 m/s 6 mm FSP mm 5 Stitched QI laminates stitches
Hosur et al. 125%125 Stitched plain and satin ~ Carbon/epoxy with Kevlar
(2004) [166] <275 m/s 14 g fsp mm 2.81014.3 weave stitches
. 12.7 mm and 29 mm .
Caprino et al. 65 and 129 diameter spherical steel 200x200 15,3,45and 6 Stitched QI laminates Carbon/epqu with Kevlar
(2007) [167] m/s o mm stitches
projectile
7.95 g, 7.62 mm diameter :
Sun etal. (2009) 394-749 m/s  steel cylinder with a conical 200x300 15 3D orthogonal woven E—glass/p_olygster with
[47] tip mm aramid binders
Walter et al. _ 5.56x45 NATO 55 garin and Stitched cross-ply
(2009) [164] =940 m/s 62 grain projectiles 4040 mm 165 laminates Glass/epoxy
. 7.95 ¢, 7.62 mm diameter .
Lietal. (2010) 210-550 m/s  steel cylinder with a conical 214x192 8.64 3D angle-interlock Aramid/epoxy
[48] tip mm woven
. 7.95 g, 7.62 mm diameter i .
Jiaetal. (2010) 394-749 m/s  steel cylinder with a conical 200x300 15 3D orthogonal woven E glass/p_olyt_aster with
[168] tip mm aramid binders
. 5.59 ¢, 7.62 mm diameter .
Cuietal (2010) 510 550 mis  cylinder with a hemispherical ~ 224*192 10.8 3D angle-interlock Aramid/epoxy
[169] tip mm woven
Murioz et al. ) 0.706 g, 5.5 mm diameter 100x100 Hybrid of glass and carbon
(2015) [175] 300-550 m/s sphereical steel projectile mm 3.02 3D orthogonal woven fibres with UHMWPE
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2.6 Summary

In this chapter, research into 3D woven PMCs and their material
characterisation tests, impact tests and modelling techniques have been reviewed.
Though 3D woven composites have been shown to deliver improved impact
resistance as compared to 2D laminates, only limited experimental data is
available in all the reviewed testing aspects. Relatively large number of studies
on the numerical modelling of 3D woven composites has been published. The
majority of these studies employed multi-scale modelling methodology to define
the constitutive behaviour of the composite at a macroscale by homogenising
the material response at lower scales, namely micro and meso scales. Some
research efforts have also been made where the impact response of 3D woven
composites was simulated with good accuracy at the macro scale by using
homogenised material models and properties. In these cases, there is no
dependence on the complex architecture or on the analysis of the lower scales.
To accurately perform such types of modelling, proper consideration of the
anisotropic constitutive relations, failure criteria, progressive damage mechanics
and strain rate effects are needed. However, as concluded by previous reviewers,
failure criteria and damage mechanics are not fully resolved even for 2D
laminated composites. Moreover, strain rate effects were not taken into account

in the reviewed studies on the impact modelling of 3D woven composites.
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Chapter 3 The mechanical testing of 3D woven composites

3.1 Introduction

In this chapter, the mechanical testing of four types of 3D woven
composites is described. The manufacturing method is firstly introduced,
followed by a section on the architecture of the reinforcement in the cured
composites. To obtain input data for the homogenised macro scale modelling,
the composites were mechanically characterised by means of quasi-static tests
under tension, compression and shear, and also at high strain rates by using split
Hopkinson pressure bar (SHPB). Detailed description of data acquisition and
processing techniques is provided, and the experimental data are reported and
analysed. The major outcomes of the experimental data analysis are summarised
and presented in terms of mechanical properties. In addition to that, failure and

damage modes are presented and discussed.

3.2 Manufacturing

The characterisation tests were carried out on textile composites reinforced
by four types of woven fabrics, details of which are given in Section 3.3. These
reinforcements are made from glass-fibre or carbon-fibre, and were
manufactured and supplied by SINOMA [176], China. The material was
delivered as square panels with dimensions of 1 m x 1 m.

The textile composites were manufactured applying a vacuum-assisted
resin transfer moulding (VARTM) process, using the facility available at the
University of Nottingham. The schematic of the arrangement of the
experimental equipment is shown in Figure 3-1, and the photographs of the
equipment are shown in Figure 3-2, where various components of the VARTM
assembly are specified.

The photograph of the RTM moulding tool is shown in Figure 3-3. It
comprises top and bottom steel plates with a steel picture frame being
sandwiched between them. The in-plane mould cavity dimensions are 300 mm
x 300 mm. For each type of reinforcement, a picture frame of an appropriate
thickness was used to ensure that the composite has a specific fibre volume

fraction.
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Figure 3-2 Photographs of the equipment used for VARTM.
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Figure 3-3 Photographs of the mould tool.

The most essential details of the VARTM process are outlined as follows.
For resin infusion, a preform was carefully cut into 280 mm x 280 mm
panels.

The resin system used was Gurit PRIME™ 20LV [177] epoxy infusion
resin with a slow hardener, with the weight ratio of 100:26.

To ensure uniform thickness in the RTM plates, the tool with dry fabrics
inside was compressed by a hydraulic press with 200 kN force.

Prior to injection, the tool was heated to 40°C by a heater in the press.
During injection, the resin was pressurised by compressed air and injected
into the tool through four corner inlets on the top plate. A vacuum pipe was
connected to the central outlet to assist resin flow and pump out air and
excessive resin.

At a constant pressure, the resin flow becomes slower and slower when
more resin is injected into the mould. To keep the resin flow speed constant,
the pressure was increased to 8 bars in steps as specified in Table 3-1, based
on the results of a series of experiments on injection process [10].

The injection is finished within 35 minutes from the mixing stage.

After the injection, the tool was heated at the rate of 1°C/min up to 100°C
and was held at 100°C for two hours to cure the resin.

Afterwards, the tool was placed in air to cool to room temperature. The
compression was applied to the mould tool throughout the injection,
heating and cooling. After cooling, the tool was opened and the cured plate

was transferred into an oven to post-cure at 65°C for seven hours.
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Table 3-1 The pressure steps during RTM injection.

2bar + 4bar + 6 bar + 8 bar +
Vacuum
Vacuum Vacuum Vacuum Vacuum
. ) . . Until the end
2 minutes 2.5 minutes 3 minutes 3 minutes L
of injection

The RTM procedures were timed, and the moulding process as described
above was followed for every plate to minimise the quality variance. The cured
plates were visually examined and plates with large and apparent defects, such
as air bubbles and dry regions, were discarded.

3.3 Tested materials

The mechanical tests, as presented in this chapter, were conducted for
composites based on four types of preform. Two are made from 75 Tex E-glass
fibres and denoted as GF-1 and GF-2. The other two are made from T300 and
IM7 carbon fibres and denoted as CF-T300 and CF-IM7 respectively. The

properties of these fibres are listed in Table 3-2.

Table 3-2 The properties of fibres used in the four composites.

Fibre Density E: E> G St (MPa)
(kg/m3) (GPa)  (GPa) (GPa)
E-glass* [178] 2570 74 - - 2000
T300 carbon [179] 1780 230 15 15 2500
IM7 carbon [180] 1780 276 19 9.5 5600

* Glass is isotropic.

All of the preforms have the same basic weaving architecture, namely, 2.5D
layer-to-layer angle interlock. The geometries were altered following RTM, due
to the compaction, which was introduced to achieve a desired fibre volume
fraction. In this study, the architecture specified is the one after manufacturing.
The RTM manufactured panels were cut into small samples and then observed
by using a Nanotom 160NF X-ray computed tomography (XCT) system in one
of the parallel project [10]. The XCT images for the four composites are given
in Figure 3-4 to Figure 3-7. It should be noted that Figure 3-7 is the result of a

trial CF-IM7 panel, which has poor manufacturing quality. Voids and defects
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are widely distributed inside this panel. It is only used here to illustrate the

reinforcement architecture.

NG
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Figure 3-4 XCT images of GF-1 composites from different views [10].

Figure 3-5 XCT images of GF-2 composites from different views [10].
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CF-T300

Figure 3-6 XCT images of CF-T300 composites from different views [10].

Figure 3-7 XCT images of CF-IM7 composites from different views [10].

There are some differences in the architectures of the four composites, for
instance the volume fraction ratio of the warp and weft yarns and the weaving
angle of the warp yarns. In addition, the view along the weft yarns in Figure 3-4
shows two stacked warp yarns at the uppermost and lowermost layers.
Meanwhile, the lowermost layer of weft yarns is hanging. Such hanging weft
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yarns are also found in the carbon composites but there is no stacking of warp
yarns.

There is a horizontal offset of weft yarns in all the composites, especially
in CF-T300. This could be the result of unnoticed variations during weaving
process or handling of dry fabric or the compaction during RTM.

The views along the warp yarns reveal that the weft yarns are fairly straight
except for GF-1, whose weft yarns crimp slightly. At the outermost layers, there
are resin rich regions amongst the warp yarns. Whereas, inside the composites,
the warp yarns are closely packed.

In one of the parallel projects [8], measurements were made on the XCT
images to determine the geometric parameters and their variation. There are
variations in the real composites, so a minimum of 15 cross-sections were
measured and averaged. The differences among the four types of fabrics can be
interpreted into six geometric parameters, namely weft space, weft yarn width,
weft yarn thickness, warp yarn width, warp yarn thickness and warp yarn
weaving angle. The values and standard deviations of these parameters are listed
in Table 3-3. Based on this data, unit cells of these composites, e.g. as shown in
Figure 3-8 for GF-1 and CF-T300, were built for the development of the artificial
neural network (ANN) model described in Appendix 1 and [8].

Each layer of warp yarns in the XCT images contact with the adjacent layer
of warp yarns. Therefore, twice the warp yarn width is essentially the unit cell
size in the warp direction. In the weft direction, it is twice the weft space. The

unit cell sizes of these composites are listed in Table 3-4.

Figure 3-8 The unit cell models of GF-1 (left) and CF-T300 (right) [10].
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Table 3-3 The values of the geometric parameters in mm for the four composites [8].

Type  Weftspace Weftyarnwidth Weftyarn thickness Warp yarn width Warp yarn thickness Warp yarn weaving angle

GF-1 4.52+0.4 1.45+0.5 0.36+0.05 1.31+0.1 0.38+0.005 23°/27°
GF-2 4.35+0.3 2.48+0.2 0.42+0.06 1.31+0.01 0.37+0.15 38°/43°
CF-T300  3.75+0.5 2.3+0.2 0.36+0.05 1.25+0.14 0.4+0.1 23°/34°
CF-IM7  4.52+0.14 2.26%0.16 0.37+0.03 1.28+0.09 0.37+0.04 25°/36°

Table 3-4 The volume fractions of yarns and fibres of the four composites, and their unit cell sizes.

Yarn volume fraction i ) Unit cell size Moulded panel thickness
Type Overall fibre volume fraction ) .
(warp: weft) (weft x warp) in mm inmm
GF-1 48.99%:13.24% 50.95%:=0.35% 9.04 x 2.62 4.1
GF-2 42.62%:23.39% 54.00%=0.52% 8.7 x 2.62 4.2
CF-T300 38.02%:28.41% 52.21%=+0.63% 75x25 3.7
CF-IM7 41.03%:25.64% 55.46%+0.34% 9.04 x 2.56 4.2
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Volume fractions of yarns and fibres are also calculated. The size Afabric and
weight mrpric Of dry fabrics were measured prior to RTM. Edges where loose
yarns are located are excluded. The fibre density priore IS provided by the supplier.
The thickness of the picture frame tr is known. Then the overall fibre volume

fraction Vs is calculated as:

_ Mfabric
Vi = A t
Pribre * Afabric " Uf

(3-1)

The geometric properties of the weave, which were measured from the
micro-CT images, were used to generate corresponding unit cell models. Based
on the unit cell models, the volume of yarns as well as the volume fractions of
the weft yarns and the warp yarns were estimated in [8]. The volume fractions
of fibres and yarns are listed in Table 3-4. As can be seen, the GF-2 and CF-IM7
composites have very similar overall fibre volume fractions as well as warp to
weft yarn volume fraction ratios. Although GF-1 and GF-2 composites are made
with the same reinforcement material, their yarn volume fraction ratios are
different.

3.4 Quasi-static tests
3.4.1 Methodology

3.4.1.1 QS in-plane tension

The tensile testing generally follows the standard ASTM D3039 [117]. The
photograph of the experimental set-up is shown in Figure 3-9. The composite
specimens were 250 mm-long and 25 mm-wide. Two types of specimens were
cut, with weft and warp yarns aligned in the longitudinal direction, respectively.
To improve the specimen clamping and avoid crushing the ends of specimens,
aluminium tabs of 50 mm in length, 25 mm in width and 2 mm in thickness were
attached at the ends of each specimen with ARALDITE® epoxy adhesive as
shown in Figure 3-10 (a). The specimens were clamped by the grips of the
Instron testing machine, and tension was applied at a constant displacement rate
of 2 mm/min. Given the gauge section of 150 mm in length, the nominal strain

rate within the gauge section was 2.22x10*/s. The force F;, was measured by a
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200 kN piezoelectric load cell and then converted to stress, o, assuming a

constant cross sectional area A of the specimen, according to:

F
oL = ZL (3-2)

Instron testing machine

Specimen

Video Camera &

Lighting

Clamps

Figure 3-9 The set-up of the QS tensile test.

At least five specimens were tested for each loading direction. Strain was
measured by the video gauge method. Random black and white speckles were
spray-painted on the specimens as shown in Figure 3-10 (b), and an AVT
Stingray F-146B camera was focused on the speckle pattern. A fill-in light was
used to increase the contrast. The movements of four target regions as shown in
Figure 3-10 (c) were recorded and analysed by Imetrum video gauge software
V2.3.1 [181]. Longitudinal strain g, was calculated based on the relative
displacements of target 1 and target 2, whilst transverse strain ep was
determined based on target 3 and target 4. Poisson’s ratio vyt was also

calculated by the software as:

ULt = s (3-3)
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(b)

(c)

Figure 3-10 (a) Original tensile specimen with aluminium tabs, (b) tensile specimen
with speckle patterns and (c) speckle pattern observed by the camera in the software
and target regions for calculating strains and Poisson’s ratio.

3.4.1.2 QS in-plane compression

The compression tests were also conducted with the Instron testing
machine. Rectangular composite specimens of 40 mm in length and 25 mm in
width were machined. Two types of specimens were manufactured, with weft
and warp yarns being aligned in the longitudinal direction, respectively. To hold
the specimen in these tests, a jig used in [182] and [101] was employed. The
load was applied in the longitudinal direction. The specimen was clamped at
both ends, leaving a 30 mm-long gauge section. The displacement rate was held
constant at 1 mm/min, giving a nominal compressive strain rate of 5.56x10/s.
The stress and strain measurements and the resultant stress-strain curves were
obtained using video analysis in a similar manner as those in the tensile tests.
The photograph showing the arrangement of the experimental equipment is

shown in Figure 3-11.
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Figure 3-11 The set-up of the QS compression tests with a close-up view of the
specimen and the clamp caps

3.4.1.3 QS in-plane Shear

Two types of shear tests were carried out to determine the in-plane shear
properties of the composites. The first one, the £45° off-axis tensile shear test of
laminated composites is standardised as ASTM D3518-08 [183]. It was
employed to characterise the in-plane shear behaviour due to its simplicity. The
specimen size and the attaching of tabs were the same as the normal tension tests.
However, the specimen was cut carefully to ensure that both weft and warp yarns
were 45° to the longitudinal direction. The force, as well as the longitudinal and
transverse strains, e, and &g , were measured the same way as in the tensile tests.

The shear stress, 7, and the shear strain y are calculated as follows:

Fy

=L (3-4)

T

Y=E&L— €7 (3-5)

where A is the cross-sectional area of the specimen.

The second method of measuring the in-plane shear properties employs the
ASTM D7078/D7078M standard [184]. The drawing of the specimen, with its
dimensions specified, is shown in Figure 3-12. In the figure, the weft yarns are
aligned in the 0° direction, while the warp yarns are aligned in the loading

direction, at 90°. In addition to that, several specimens were machined and tested,
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in which the weft yarns are aligned with the loading direction. This was to check
whether the orientation of the yarns in the loading direction affects the
measurement of shear properties. To ensure the precise fillet machining at the
notches, the specimens were cut by a water jet cutting machine. During the test,
the specimen was clamped in the left and right by two L-shape fixture halves as
shown in Figure 3-13. The left half of the specimen was pulled upwards at a
constant displacement rate of 1 mm/min. The shear strain was obtained based
on the strains in £45° directions, €,45 and e_,5. Shear stress was calculated as

the loading force divided by the cross sectional area between the notches.
</ 90° \>

Warp (90°)
-45°

45°
3
Weft(0°)
>R I3

16

Figure 3-12 The dimensions of the specimen for VV-notched rail shear test.

Figure 3-13 The set-up of the V-notch rail shear test including the L-shaped clamps.
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Y = lesas| — le_ys] (3-6)

T=— (3-7)

3.4.2 Results

3.4.2.1 Noise of the results

Noise was commonly encountered in the QS tests during the measurement
of stress and strain. Figure 3-14 shows a stress-strain curve suffering from severe
noise. Although the linear elastic behaviour can be distinguished, the noise
brings difficulties in calculating the chord modulus. If any points on the spikes
are used in the calculation, the resultant modulus could be far from the real one.
The specific cause for the noise could not be identified. The sources of the noise
could be the clamping mechanisms, the vibration of the camera and the vibration
of the Instron machine.
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-0.3 0.2 0.7 1.2 1.7
Strain (%)

Figure 3-14 A tensile stress-strain curve before and after filtering.

In this study, the noise in the measurements was tackled with a median filter,
which is available in the Signal Processing Toolbox of MatLab. The median
filter replaces every data point of a signal by the median of this point and a
specified number of neighbouring points. Those points that are noticeably
different from their surrounding points are discarded. The selection of the

number of surrounding points affects the reduction of the number and amplitude
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of spikes. Figure 3-15 shows how a series of strain data is changed by choosing
different numbers of neighbouring points. Quite a few of spikes of the original
data remain when five data points are chosen for the filter, as shown by “New
strain-5" in Figure 3-15. Almost all spikes are eliminated when 35 points are
used (“New strain-35"). The amplitude of the remaining spikes is also largely
reduced. It makes litter difference when the number of points is increased to 45
(“New strain-45"). Therefore, 35 points have been chosen in the filter for this
study. The filtered data is also plotted overlapping the original signal in Figure
3-14 and it can be seen that it follows the trend of the original one very well.
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Figure 3-15 The original strain signal and the ones after median filtering.

3.4.2.2 In-plane tension

Typical stress-strain curves obtained from the weft and warp tension tests
for the four types of composites are plotted in Figure 3-16 and Figure 3-17,
respectively. Values of mechanical properties, measured from the tests, are
summarised in Table 3-5.

Weft Results

Under tension in the weft direction, the stress-strain curves of CF-T300 and
CF-IMT7 are relatively linear, though some stiffness reduction takes place in the
later stages of the test. The weft modulus and strength show a positive
correlation with the properties of fibres and volume fraction of yarns. The two
carbon composites have higher elastic moduli and ultimate tensile stresses, but
lower failure strains than those for GF composites. GF-2 has a higher stiffness

and strength in the weft direction than those in GF-1 due to the higher yarn
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volume fraction of weft yarns in GF-2. In terms of strain energy density to failure,
CF-IM7 is higher than the others. This is attributed to the better mechanical
properties of IM7 fibres.
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Figure 3-16 Stress-strain curves of weft tension.

Warp Results
The dependency of mechanical properties on fibre/yarn properties is also

found for the warp tension curves in Figure 3-17. For instance, the warp yarn
volume fraction is higher in GF-1 than that in GF-2 and consequently GF-1 is

stiffer and stronger than GF-2 in the warp direction.
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Figure 3-17 Stress-strain curves of warp tension.

Non-linearity can be seen in the warp curves for all four composites.
Straightening of the crimped warp yarns is observed in the tested specimens of

all four composites, which will be shown in the following section about the
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damage and failure modes. This could increase the stiffness, however the
combination of cracking and straightening results in a reduction in stiffness and
the non-linear behaviour in Figure 3-17.

The numbers of successfully tested specimens are also given in Table 3-5.
Because of the limited amount of T300 preform, only a few tensile specimens
were machined for this material. Only two specimens were successfully tested

for CF-T300, hence no standard deviation is specified in the table.

Table 3-5 The mechanical properties from the in-plane tension tests.

T Material
Direction Property
GF-1 GF-2 CF-T300  CF-IM7
Modulis 15024055 25674145 5516 62712043
(GPa)
Damage on-
setstress ~ 57.26+3.39  94.04+8.72 42502  460.67+56.09
Weft (MPa)
Ma
IMUM - 206.46+13.57 336.79431.44 48529  832.11+40.69
stress (MPa)
Num_ber of 5 6 1 6
Specimens
Modulis - 4774312 21831076 4868  3579+3.43
(GPa)
Damage on-
setstress  110.0848.9  80.68+4.07 13658  161.90+21.59
Warp (MPa)
MBXImUM = 553494335 213214681 37053  421.36+25.14
stress(MPa)
Num_ber of 5 6 2 6
Specimens

Damage and Failure Modes

All the stress-strain curves are initially linear. Then a transition, where tangential
stiffness begins to degrade, takes place and the curves enter another linear region
for the weft tension or become nonlinear for the warp tension. It is of great
interest to know what happens during the transition with regard to damage
mechanisms. To investigate this, in addition to the five specimens for whole

stress-strain curves, some specimens were loaded to a point before the transition
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Figure 3-18 Microscopic observation [9] of GF-2 weft tension specimens: (a) loaded
to 0.23% of strain; (b) and (c) loaded to 0.43% strain; (d), (), (f) and (g) loaded to the
final failure. (c), (e) and (g) are the zoom-in views of (b), (d) and (f) respectively.

and then unloaded, while some others were loaded to a strain after the transition
and then unloaded. Then in one of the parallel projects [9], these tested
specimens were cut along the loading direction and made into samples for
microscopic observation. The cutting planes are parallel to both the longitudinal
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and thickness direction such that the cracks transverse to the loading direction
are exposed. Figure 3-18 and Figure 3-19 are the microscopic observations for
the tensile specimens of GF-2 in weft and warp respectively.

A

Figure 3-19 Microscopic observation [9] of GF-2 warp tension specimens: (a) loaded
to 0.28% of strain; (b) and (c) loaded to 0.47% strain; (d) and (e) loaded to the final
failure.

In Figure 3-18 (a), no crack is found when the specimen is loaded to 0.23%
strain, which is slightly before the transition. Figure 3-18 (b) and (c) show that
yarn debonding took place, transverse to the loading direction, propagating
along the boundaries of warp yarns. In this case, the specimen was loaded to
0.43% of strain, slightly after the transition. The transverse debonding reduced
the effective area which the loading could act on. This is the most likely reason
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for the transition in the weft stress-strain curves. When the specimen was loaded
to final failure, as shown by Figure 3-18 (d), the debonding became extensive
and widely spread over the specimen. There are also many transverse cracks
inside the warp yarns, which are magnified in Figure 3-18 (e). In Figure 3-18 (d)
and Figure 3-18 (e), it seems that the debonding and intra yarn cracks do not
interact with the weft yarns. However, the cross section of the weft yarn is
roughly elliptical and much thinner at the edge of the ellipse, as shown by Figure
3-18 (f). At the final failure, the debonding easily passes the weft yarns and
becomes connected with the debonding of the next layer of warp yarns, leading
to the long debonding in Figure 3-18 (f).

In Figure 3-19, the transition in warp tension is also likely to be caused by
initiation of debonding. At 0.28% of strain, there is no sign of debonding in
Figure 3-19 (a). After transition, at 0.47% strain ((b) and (c)), there is a large
gap along the path of the crimped warp yarns due to debonding. When the
specimen was further strained to the final failure, a significant amount of yarn
debonding can be observed in (d) and (e). In addition to along the warp yarn
path, the debonding can also be found around the tips of the elliptical weft yarns.
The zoom-in views (c) and (e) do not reveal any other failure modes.

Similar observations are found in the carbon fibre specimens, as shown in
Figure 3-20 and Figure 3-21, for CF-IM7. The initiation and propagation of
debonding is similar to GF-2, however, there is no sign of transverse intra yarn
cracking, even when specimens are loaded to failure.

As the above study shows that the transition is due to the initiation and
propagation of failure and damage, the stress at which the transition begins is
considered in this work as the damage on-set stress. The elastic moduli are
calculated from 1000ue to 3000 pe, which is before the transition, and are

representative of the elastic behaviour.
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Figure 3-20 Microscopic observation [9] of CF-IM7 weft tension specimens: (a)
loaded to 0.4% of strain; (b) and (c) loaded to 0.7% strain; (d) to (g) loaded to the
final failure.
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Figure 3-21 Microscopic observation [9] of CF-IM7 warp tension specimens: (a)
loaded to 0.2% of strain; (b) and (c) loaded to 0.5% strain; (d) and (e) loaded to the
final failure.

In addition to the above mentioned modes of failure and damage for the
transition, other modes can be visually observed on the failed specimens. Failure
faces of the four materials are shown in Figure 3-22 and Figure 3-23. But, CF
composites are difficult to analyse by this method due to their opacity. On the
other hand, damage and failure patterns are clearly visible in the semi-

transparent GF composite specimens.
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GF-1

Figure 3-23 Tested warp tension specimens with close-up views of failure surfaces

A photograph of the failed GF-2 specimen is shown in Figure 3-24. For the
weft specimen, two major types of crack can be distinguished. One follows the
weaving pattern of the warp yarns in the resin rich region. The other is over the
weft yarns and almost perfectly transverse to the loading direction. Along with
inter-yarn matrix cracking, weft yarns appear to look white even away from the
failure surface. Since the weft yarns in the intact specimen are generally
transparent, this indicates the debonding of yarns as well as resin cracking within

the yarns.
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Figure 3-24 Cracks and debonding in the GF-2 (a) weft and (b) warp tension

specimens.

The warp specimens also have cracks transverse to the loading direction.

weft yarns.

They develop over the weft yarns across the entire specimen width. At the same
time, there are also cuneiform-like cracks at the superficial resin rich region. It
is natural to expect straightening of the warp yarns under tension, and in the end,
the specimen breaks when straightened warp yarns fail. Also, due to debonding,
wide white striped patterns are found in the resin rich region along the straight

Although the GF-1 specimens appear more damaged due to the lower

fraction of weft yarns, the failure and damage modes in them are similar to those

in the GF-2 specimens.
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3.4.2.3 In-plane compression

The typical stress-strain curves obtained in QS compression experiments
for all four composites are plotted in Figure 3-25 and Figure 3-26 for weft and
warp compressive tests, respectively. The modulus as well as the compressive
strength determined from the tests are summarised in Table 3-6, where the

numbers of specimens tested are also provided.
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Figure 3-25 Stress-strain curves of weft compression.
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Figure 3-26 Stress-strain curves of warp compression.

In both figures, the curves are generally linear until failure. Similar to the
tensile moduli, the moduli of weft compression show correlation with the
properties of fibres and the volume fractions of the yarns. The two carbon fibre
composites have larger moduli than the two glass composites due to the higher
mechanical properties of carbon fibres. The GF-2 modulus is larger than GF-1

because of the higher fraction of weft yarns in GF-2.
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However, the rest results of the compression tests show little correlation
with the fibre properties and yarn volume fraction. Although the fibres of IM7
outperform T300 significantly with respect to mechanical properties, regarding
the manufactured composites of IM7 fibres, i.e. CF-IM7, their weft strength, the
warp strength and the warp modulus are less than those of the composites CF-
T300. Meanwhile, there is only small difference among the warp moduli of GF-
1, GF-2 and CF-IM7.

Table 3-6 The mechanical properties from the in-plane compression tests.

. Material
Direction  Property
GF-1 GF-2 CF-T300 CE-IM7

Modulus 1) 291155  2015:1.00  30.8843.21  32.67+8.24
(GPa)
Strength

Weft (MPa) 199.0745.08 323.18+9.36  386.22+32.81 296.52+17.6
Number 5 9 7 g
of tests
Modulus

Warp (GPa) 19.42+0.44 18.74+0.41 34.92+3.26 23.64+1.72
Strength
(MPa) 173.33+6.92 167.5+15.37 189.45+31.05 113.13+7.06
Number 5 g 7 g
of tests

After the maximum stress in Figure 3-25 and Figure 3-26, load carrying
capability remains in all the specimens. This is expected as the failed
compression specimens do not fracture into two pieces, in contrast to tensile
tests. It can be seen from the front and side views of the failed specimens in
Figure 3-27, in spite of the failure, some of the fibres are not disconnected. They
are able to provide the residual load carrying capability. Under further loading,
more damage is caused and the capability degrades, as reflected by the gradual
reduction of stress after failure in Figure 3-25 and Figure 3-26. Exception of
stress drop happened for the warp compression of GF-1 and both compressions
of CF-T300. However, the drop is not a sign of brittle failure. It is most likely
due to the unloading caused by the failure of maintaining stable stroke control

after the specimen buckles.
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Figure 3-27 The tested compression specimens.
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It should be noted that the strain energy density of the post-failure
behaviour is comparable to or more than that of the elastic region. This post-
failure behaviour needs to be considered in the simulation otherwise the energy
dissipation capability would be significantly underestimated.

Regarding failure, similarity can be found in the tested specimens of all
four composites. Shear in the through-thickness direction is visible in the
photographs of the failed specimens in Figure 3-27. It is easy to see in the side
view of the specimens that the failure surfaces in all the specimens are inclined
to the loading direction. The mechanisms of failure in the two directions are,
however, different. In the warp specimens, the crimping of yarns can easily lead
to their debonding. The debonding of different layers of warp yarns eventually
merges, forming a failure surface inclined to the loading direction. On the other
hand, fibre kinking is clearly the failure mode in the weft specimens which is

the expected mode when straight yarns or fibres fail under compression.

3.4.2.4In-plane shear

The stress-strain curves obtained in tensile shear and V-notch shear tests
are shown in Figure 3-28 and Figure 3-29, respectively. It needs to be pointed
out that in many cases the tests were stopped before the final failure of specimens
has occurred. As can be seen in Figure 3-29, V-notch shear tests were stopped
10% of shear strain, above which pure shear state is unlikely. In the tensile shear
tests for GF-2 and CF-T300, the strain measurement failed at relatively low
values of strain, as shown Figure 3-28. The cause for this could be paint cracks,
which were generated due to matrix cracks on the surface of the specimens. The
size of these paint cracks could be similar to the speckles. Consequently, the
camera could no longer identify the target regions and the strain measurements
failed. Nevertheless, the obtained stress-strain curves are sufficient for
understanding their shear behaviour. The GF-1 curves are exceptions in both
figures, which eventually drop to zero, indicating specimen breaking into two
pieces. The measured mechanical properties are summarised in Table 3-7.

There are similarities in both figures. The curves are generally non-linear
except the initial segments. The shear moduli are determined over a strain range
from 1500 to 6500 micro strain. For all types of the composites tested, the shear

moduli determined were within the range from 3 to 4 GPa. It is well known that
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woven fabrics have little resistance to shear loading. The shear of these 3D
woven composites is dominated by the behaviour of the matrix. Given they are
impregnated with the same matrix system, it is sensible to have similar shear
moduli. Beyond the elastic range, the curves become non-linear. This is due to
the matrix cracking as well as the rotation of yarns, which tend to align with the

loading direction. Stress levels increase but tangential stiffness degrades till the
end of test.

70 —GF-1

0 2 4 8 10

6
Strain (%)

Figure 3-28 Stress-strain curves from 45° off-axis tension for in-plane shear test.
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Figure 3-29 Stress-strain curves from V-notch two-rail shear tests.

At the end of the tests, the breakage of specimens occurred only in three
cases, namely, in the off-axis tension of GF-1 and GF-2 composites, as well as
in the two-rail shear test of GF-1. For the others, the specimens remained in one-

piece when they were strained to more than 15% of shear strain. Under large
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shear strains, significant fibre rotation took place in the specimen. Further
loading the specimen, especially in the off-axis tension tests, would essentially
result in testing the yarns under tension. The tests were therefore stopped.

The strength values were determined by offsetting a straight line with shear
moduli by 0.2% shear strain as recommended by the rail shear test standard
ASTM D7078. The strength values of GF-2, CF-T300 and CF-IM7 obtained in

the off-axis tension test are very close to those of the two-rail shear test.

Table 3-7 The in-plane shear properties from two shear tests.

Property Test type GF-1 GF-2 CF-T300 CF-IM7
Modulus 45°tension  2.99+0.98 3.65+0.32  3.7+0.53  3.38+0.22
(GPa) two-rail  4.03x0.14 4.06+0.50 3.41+0.54  3.85+0.42
0.2% offset ~ 45°tension 28.57+0.83 38.28+1.64 39.41+0.88 42.81+2.62
strength .
(MPa) two-rail 39.6+1.82 37.04+3.6 37.56+5.86 46.6+3.04
Number of 45°tension 6 6 6 6
tests two-rail 10 10 10 10
GF-1 GF-2 CF-T300 CF-IM7

Figure 3-30 The tested specimens of 45° off-axis tension test.

The tested specimens of the off-axis tension test are shown in Figure 3-30.
Both GF-1 and GF-2 are broken into two pieces with failure surfaces inclined to
the loading direction. During the off-axis tensile loading, both weft and warp

yarns are under tension. The weft direction of GF-1 is relatively weaker hence

64



the failure surface is almost normal to the weft yarns. On the other hand, the
warp direction of GF-2 is weaker therefore failure took place normal to the warp
yarns. Extensive resin cracking is also observed. Breakage failure does not
happen in the CF-T300 and IM7 specimens possibly due to the superior
mechanical properties of carbon fibres. Yarn rotation and aligning with the
loading direction can be clearly seen in the photographs of the specimens in

Figure 3-30. The resin around the yarns was therefore crushed.

GF-1 GF-2

CF-T300

Figure 3-31 Tested specimens of V-notch two-rail shear tests.

Photos of the tested specimens in the two rail shear test are given in Figure
3-31. As was mentioned above, two types of specimens were machined for the
two-rail shear test, where either the weft or the warp yarns were normal to the
loading direction. Five specimens of each type have been tested. The results in
Table 3-7 indicate small standard deviations in the ten specimens, regarding to
both the moduli and the strengths. This suggests the irrelevance of yarn direction
to this test. In Figure 3-29, GF-1 broke into two pieces at about 6.3% of strain
while the others remain in one piece until more than 10% shear strain. A band

of damage between the notches could be seen in each specimen along with
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kinking of yarns.
3.5 Split Hopkinson Pressure bar

3.5.1 Methodology

To determine the mechanical properties of the composites at high strain
rates, a Split Hopkinson Pressure Bar (SHPB) which is available at the
University of Nottingham was used. A schematic of its set-up is shown in Figure
3-32. The loading system consists of an incident bar, a transmission bar and a
striker bar. A specimen is sandwiched between the incident bar and the
transmission bar. The striker bar is propelled by compressed air and accelerated
in a barrel. Its velocity is measured by an infrared light gate placed near the

muzzle.

Transmission bar | Incident bar | Striker

Pressure tank
Stopper Specimen | Support | Barrel and Valve

|

[ ) = [} ) !

OO O] 0 00
Compressed

Strain gauge Infrared gate i

Oscill Signal Data acquisition PC &
sciioscope amplifier board Logging software

Stress strain
curve

Data analysis [<] Data reduction

Figure 3-32 A schematic of the compressive SHPB

Basics

The SHPB testing is a well-known material testing technique, which has
been documented in numerous sources, hence only the basic principles of this
test are covered herein. The detailed description of the SHPB technique can be
found for example in [185].

According to the one dimensional stress wave theory, upon the impact
between the striker and the incident bar, a compressive stress pulse whose ideal
shape is rectangular is generated. Then the stress wave propagates along the
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incident bar at a velocity of sound, Cy,,, defined as:

Coar = v Ebar/pbar (3_8)

where Ey,. and py,, are the Young’s modulus and density of the bar. The
incident strain wave, ¢;(t), caused by this stress wave is measured and recorded
by strain gauges on the bar as a function of time « The duration of the pulse, A,

is determined by the length of the striker, Lgyiker aS:

A= 2 X Lstriker/Cbar (3'9)

The stress wave eventually propagates to the interface between the
specimen and the incident bar, where impedance mismatch exist. Only a,
percent of the incident wave propagates into the specimen while the rest is
reflected and propagates backwards in the incident bar. At the interface between
the specimen and the transmission bar, again a, percent of the wave propagates
along the transmission bar. a; and a, are called transmission ratios. They are
numbers ranging from zero to one, zero representing a complete reflection while
one represents no reflection and 100% transmission. The can be calculated from

the bar and specimen dimensions and properties as follows:

2Abar pC 24 pyarCpar

%,a, = % 3-10
Abar pbaerar + A pC 2 APC + Abar pbaerar ( )

0.’1:

where p, C, A are the density, sound velocity and cross section area of the
specimen.

Theoretically, the product of a, x a, indicates the amplitude of
transmission wave to the incident wave. The strains caused by the reflected
stress wave in the incident bar and the stress wave in the transmission bar are
denoted as &, (t) and &,(t) , respectively.

The general principle of SHPB testing is that the time histories of the strain
rate, strain, and stress are determined based on the measured reflected and

transmitted strain signals. The strain rate £(t) and strain e(t) of the specimen
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are calculated as:

£(t) =2 C‘Z’“ £ (t) (3-11)
e(t) =2 C*zar f tsr (t)dt (3-12)
0

where L is the length of the specimen.
The stress history of the specimen is calculated based on the transmitted

strain signal as:

0 =T e (0 (3-19)

Methodology
The photograph of the SHPB apparatus is shown in Figure 3-33. The

incident and transmission bars are made of Maraging 300 ultra-high strength
steel. Its yield strength is higher than 2000 MPa, the density is 8080 kg/m? and
elastic modulus is 198 GPa. Both of the bars are 1 metre in length and 25.4 mm
in diameter. The steel striker bar is 150 mm in length and 25.4 mm in diameter.

The strain signals were measured by linear strain gauges on the incident bar
and the transmission bar. The signals from the strain gauges were magnified by
Wheatstone quarter bridges and then recorded by a data acquisition board with
2 MHz of sampling frequency. The magnified strain signals were also displayed
and checked on an oscilloscope.

The 3D woven composites were manufactured as flat panels so it is not
possible to make disk specimens, which are normally used for testing isotropic
materials and sometimes thick laminated composites. The moulded flat panels
were cut into samples of 12 mm x 20 mm x composite thickness. Specimens
were loaded on the 20-mm-edges and the loading direction was parallel to the
12 mm edges. Two types of samples were made with their weft yarns or warp
yarns were aligned to the loading direction respectively. To ensure that the

loading surfaces of the specimen are flat and parallel, prismatic specimens were
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initially cut by a diamond cutting wheel, and then gradually ground to the final
dimensions by using a sample polishing machine and 240 grit sand paper. Prior
to testing, RS® High Temperature Grease was applied as lubrication on the
specimen/bar interfaces to avoid bulging. The specimens were carefully placed

so that their geometric centres were aligned with those of the bars.

Valve

Pressure
tank Barrel
Infrared
gate Incident bar
Specimen :
Strain gauge

Transmission
bar

Figure 3-33 A picture of the real compressive SHPB

3.5.2 Results

For different materials and different testing rates, the shapes of the resultant
signals share much similarity. Herein, the results of a GF-2 specimen are shown
in Figure 3-34 as an example of the typical strain signals captured in the SHPB
compression tests. The method of analysing the signals also applies to the other
specimens. Given the length and density of the impactor, the duration of the
stress wave was approximately 70 ps. As can be seen in Figure 3-34, the incident,
reflected and transmission pulses occurred within a 400 ps time span. To capture
an event of such short duration, the data acquisition was set to be triggered by
the signal of the strain gauge on the incident bar. Because of that, the very
beginning of the incident pulse was not recorded. Following the incident pulse,
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there were signal fluctuations of +0.5V. This causes an uncertainty in defining
the beginning of the reflected pulse signal. In this study, its zero point on the
rising slope is regarded as the beginning. On the other hand, the noise level on
the transmission bar was very low before the transmission pulse, hence
determining its beginning was relatively straightforward. With the reflected and
the transmission pulse measured, the strain rate, strain and stress histories were

calculated. These are shown in Figure 3-35 (a), (b) and (c), respectively.
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Figure 3-34 Typical shapes of the magnified strain gauge output signals of the SHPB
compression test. This figure shown the results of a GF-2 specimen.

As can be seen in Figure 3-35 (a), there are small oscillations in the stain
rate history following the initial period of increase. This corresponds to the
period from 200 to 650 ps in Figure 3-35 (b), over which the strain increased
almost linearly. The average strain rate of 1236 /s over this period is regarded as
a nominal constant strain rate in the test considered. Over this time period, the
stress also reached its maximum, as can be seen in Figure 3-35 (c), and this is
regarded as the compressive strength of the composite at the constant strain rate
of 1236 /s.
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Figure 3-35 () Strain rate history, (b) Strain history and (c) Stress history of extracted
from Figure 3-34 for the GF-2 specimen. These are the typical shapes of the results of
all the tested compression specimens.

There is an issue when plotting a stress-strain curve based on the strain and
stress histories as determined in the test. Because of the indirect measurement
of stress and strain in the SHPB tests, accurately synchronising these two is not
straightforward. In addition to that, uncertainty in determining the exact origin

of the reflected pulse, which has been mentioned above, may result in an
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additional error when plotting the stress vs the strain. Figure 3-36 is an example
of the stress-strain curves for GF-1 obtained by cross plotting of the stress
histories and the strain histories. In both cases, at high strain rates, the
measurement of the elastic moduli is rather challenging, as the curves are
generally non-linear. On the other hand, the increase in the material strength
with strain rate is apparent for both warp and weft loading directions. The same
conclusions can be made when analysing the experimental data for GF-2 and
CF-IM7 composites.
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450 —2230/s
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Strain (%)
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Figure 3-36 The stress-strain curves of compression test on GF-1 in weft (top) and
warp (bottom) using SHPB.

To determine the elastic moduli at the various strain rates and subsequently
quantify the rate dependence of the composite stiffness, it is crucial that the
linear stiffness is measured at a constant strain rate. However, the nominal
constant strain rate was achieved at the strain values above 1% of compressive
strain, when the response of the material was no longer elastic. In other words,
while the material deformed elastically, the strain rate was still increasing hence

cannot be considered as a constant.
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Due to the difficulties in finding valid dynamic moduli using SHPB, in this
study only strain rate dependency of strength is reported. The empirical relation
implemented in MAT162 material model [111] of LS-DYNA for strain rate
effects is employed, i.e. a natural log relationship. The QS strain rate &, =5.56
x10*/s and the corresponding strength, S,, are used as the reference values,
together with the SHPB rates, &, and strengths, Sgr, to determine the scaling

factor Crate,.

SRT £
S_O =1+ Crate ' lng (3-14)

The strength ratio in Eq. (3-14) is plotted against the logarithm of strain
rate ratio in Figure 3-37. The data points are fitted linearly by least squares
method and then the gradient is the strain rate scaling coefficient Crae. The
scaling factors for GF-1, GF-2 and CF-IM7 are summarised in Table 3-8. The
results of SHPB become closely spaced cluster in this plot, although the actual
strain rates vary from several hundred per second up to three thousand per
second. For this reason, there is no much statistical value in having several

repeats.

Table 3-8 The scaling factors for strength.

Material ~ Coefficient for weft strength Coefficient for warp strength

GF-1 0.0686 0.0527
GF-2 0.0387 0.0592
CF-IM7 0.0503 0.121

The goodness of the linear fitting is also indicated in the figures, with
respect to the squared regression coefficient. In contrast with the good fitting for
GF-1 and GF-2, the CF-IM7 results are scattered. The unit cell sizes of all the
three composites are about 9 mm. Given the SPHB specimens are uniformly 20
mm in width, there is still chance that the specimen only covers one unit cell.
For CF-IM7, the difference between having one unit cell and two unit cells can

be significant due to the superior mechanical properties of carbon fibres, while
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the difference can be much less for those with glass fibres.
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Figure 3-37 The strain rate effect on the weft (top) and the warp (bottom) compression
strength for the three composites.

The typical failure modes for the composites in the SHPB test can be seen
in the photographs of tested GF-2 specimens in Figure 3-38 (a) and (b). In the
weft direction, the failure is due to buckling of the straight yarns around the
interface to the bars. At the strain rate of 657 /s, the yarns slightly buckle towards
the free surfaces. At high strain rates, the buckling becomes more pronounced.
When the rate is 2098 /s, the buckling leads to the brooming pattern at one
interface of the specimen.

In the warp specimens, crimped yarns do not take much compressive load
but the resin does. After the load exceeds the compressive strength, matrix
cracks and debonding develop along the warp path. Warp yarns are also further

crimped by the compressive load. These happened at 748 /s, but higher strain
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rate made the failure more apparent. At 2777 /s, the separation of yarns from
matrix and the increase in the specimen thickness due to further yarn crimping
are evident.

These failure modes resemble those under QS compression, namely the
fibre kinking of weft specimens and the debonding of warp specimens. They
were observed in the GF-1 composite, which has the same reinforcement

material as GF-2, and also in the CF-IM7 specimens as shown in Figure 3-38 (c)

and (d).
i
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Figure 3-38 Tested SHPB specimens of (a) GF-1 weft, (b) GF-1 warp, (¢) CF-IM7
weft and (d) CF-IM7 warp at different strain rates.
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3.6 Conclusions

In this chapter, the characterisation of four types of 3D woven composites
under quasi-static in-plane tensile, compressive and shear loading conditions is
reported.

The tension test reveals that the tensile properties in both the weft and warp
direction are positively related to the properties of the fibres and the volume
fraction of yarns. Considering strain energy density as an indicator of energy
dissipation capability, CF-IM7 outperforms the others. By microscopic
observation on specimens loaded to different levels of strain, it was found that,
after the initial linear elastic behaviour, debonding and matrix cracks take place,
leading to degradation of stiffness.

The compressive properties, however, show little correlation with the fibres
and yarn volume fractions, except for the weft compressive strength. The
compressive stress-strain curves are generally linear until the maximum strength,
where specimens essentially failed as through-thickness shear via fibre kinking
for the weft compression or via connection of debondings for the warp
compression. Significant load carrying capability remains after the failure and
should be taken into account in any simulation.

Two methods, namely 45° off-axis tensile shear and two-rail shear were
used for testing the in-plane shear behaviour. No major difference was found
between the shear moduli measured by these two methods, or between the
measured 0.2% offset strength values. All the curves are initially linear but
become non-linear later on. Due to the dominance of matrix in the in-plane shear
behaviour, there is little difference among the four types of composites in terms
of shear moduli and the offset strengths. Fracture only happened in the glass
composites in the directions transverse to the weaker yarns, i.e. the weft of GF-
1 and the warp of GF-2. Yarn rotation takes place in the other specimens and
makes the tests little representative of a pure shear state at later stages of the
tests.

Dynamic compression by using SHPB was carried out to establish the strain
rate dependency of GF-1, GF-2 and CF-IM7. The strain rate dependency is
established for compressive strength, but not for modulus, which cannot be
reliably measured due to the nature of this test. Also, the failure modes of the

SHPB specimens resemble those under QS compressive loadings, namely fibre
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kinking in the weft compression specimens, and debonding and further crimping

in the warp specimens.
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Chapter 4 Ballistic impact tests on the 3D woven

composites

4.1 Introduction

In this project, the performance of GF-1, GF-2 and CF-IM7 under high
velocity impact was studied by ballistic impact tests, relevant to the application
in aero engine fan casings for containing high velocity debris during FBO. A gas
gun apparatus, which was recently designed and built at the University of
Nottingham, was used for this study. In this chapter, the set-up of the ballistic
impact tests is described and the results are analysed in terms of ballistic limit.
Failure and damage which were examined by using X-ray computed

tomography (XCT) and visual inspection are also presented.

4.2  Set-up of ballistic impact tests

The schematic of the ballistic impact test set-up is shown in Figure 4-1. The
gas gun consists of a 3.5-metre-long gun barrel of 13 mm inner diameter, a
pressure tank where either compressed air or nitrogen can be stored, and a high
speed valve which is triggered to release the pressurised gas into the barrel. The
projectiles are steel ball bearings of 12.7 mm in diameter. The ability to fire other
shapes of projectiles has not been established yet as it requires sabot and sabot-
stripping mechanisms. Prior to the test, the projectile was loaded to the bottom
of the barrel. The projectile was accelerated by the gas in the barrel, which was
pointing to the centre of the target plates, normal to the surface of the target.

The muzzle was approximately 0.2 m away from the target. Given the
impact velocities in this study being larger than 100 m/s, the vertical velocity
and displacement due to gravity can be considered negligible. A sand bag fixed
right behind the target was used as a projectile catcher in cases where the target
was penetrated. The impact region was placed inside a polycarbonate box so that
the projectile could be contained when it rebounded. The photograph of the gas

gun is shown in Figure 4-2.
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Figure 4-1 A schematic of the set-up of ballistic impact test.
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Figure 4-2 Photographs showing (a) the gas gun apparatus and (b) the target with
the fixture, the exit of gun barrel and the laser gates.

In the vicinity of the muzzle, two laser gates were placed 10 cm away from

each other to provide approximate but instant measurement of the projectile
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velocity using an oscilloscope. A Phantom high speed camera along with two
Dedocool focused lights was used to film the entire impact process. By this
method, the video needs to be processed first to determine the velocity. A
discrepancy of about 15% was found between the velocity results of the
oscilloscope and the camera. The results from the oscilloscope are considered to
be less accurate, as there are two potential sources of error. Firstly, it was found
that the fixing mechanism of laser gates failed to firmly secure their positions
and the laser gates quivered when the projectile was fired. Repositioning and
realignment were sometimes needed. In addition to that, a metal tube was placed
at the muzzle to protect it from being damaged by a rebounding projectile.
Interaction between the protector and the projectile may alter the velocity, hence
there could be a discrepancy between the projectile velocity values in the barrel
(measured by the laser gate), and those after exiting the barrel.

Since the projectile travelled over a distance in the air, an assessment was
made whether the air drag was a reason for the discrepancy. The deceleration of

the projectile, a, due to air drag, D, is calculated as:

1
a=D/m =3 CaV2A/m (4-1)

where m is the projectile mass, V is projectile velocity, A is the projected frontal
area of the projectile, which essentially is a circle, Cq is the drag coefficient and
usually determined experimentally. An empirical correlation for a sphere is
reported in [186] as:

Re Re _
o 24 26x(%) s 0.411(3£3550) 7.94 . Re »
“TRe . Bepse T 14 (Re 61000 (4-2)
5 263000
Re is the Reynolds number defined by:
Re = vd (4-3)
e = Vi
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where vy, is the kinematic viscosity of air, which is related to temperature, e.g.
1.34x10°m?/sat 0 C° and 1.53x10° m?/s at 20 C° [187], and d is a characteristic
length. The velocity changes over 1-metre flying in air at different impact
velocities are listed in Table 4-1. These calculations confirmed that air drag has

little effect on the velocity of the projectile after it exits the barrel.

Table 4-1 The velocity changes over 1m of flying at different impact velocities.

Impact velocity V (m/s) AV at 0 C°(m/s) AV at 25 C° (m/s)
50 0.183 0.182
100 0.382 0.378
150 0.589 0.584
200 0.765 0.786
250 0.766 0.924
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Figure 4-3 A schematic of the target with the fixture and their dimensions.
The target is a 150 mmx150 mm square composite plate, clamped to expose
a 100-mm-diameter circular area to the impact. A steel fixture, 250 mm x 250
mm square plate, with a circular cut-out of 200 mm in diameter, was fixed to the
testing platform along upper and lower edges as shown in Figure 4-2 (b). The
composite plate was placed between the fixture and a steel ring of 100 mm in

inner diameter and 150 mm in outer diameter as schematically shown in Figure
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4-3. Both the fixture and the ring were 6.35 mm thick. Twelve @6 mm holes are
drilled through the target, the fixture plate and the ring. And the entire target
fixture was tightly bolted together using twelve M6 bolts.

Apart from the three 3D woven composites, a batch of IM7 laminated plates
were also tested under the ballistic impact for comparison purpose. The plates
are made from unidirectional HexPly® IM7/8552 prepreg provided by Hexcel
[188]. 32 plies of the prepreg were laid up in a quasi-isotropic manner
[0/£45/90]s4 and then cured at elevated temperature in an autoclave following
the curing schedule recommended by the provider [188]. The thickness of the
cured plates is 4 mm, similar to those of the 3D woven composites. The plates

were then cut and prepared in the same way as the 3D woven composites.

4.3 Data acquisition and processing

Rate; 45016 Exp: 21 s

Figure 4-4 One frame of a video showing the impactor before hitting the target.
Each impact test was recorded by the high speed camera as a video file,
which also included information as to how many frames were taken per second.
The impact and residual velocities of the ball were obtained by processing the
video file. The analysis of videos is performed in a tracking software Tracker
V4.87 [189]. The analysis of a video file followed these steps:
1) Based on the frame rate as recorded in the video files, the time
intervals between the frames were determined. As an example, a

single frame of a video file is shown in Figure 4-4. At the bottom of
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the image the frame rate of 45016 frames per second is specified.

2) The dimensions are calibrated with respect to the dimensions that are
known. The diameter of the projectile of 12.7 mm is chosen, as shown
in blue in Figure 4-4.

3) Next, the position of the projectile, as coordinates in each frame, is
determined by tracking the point on either the leading or the trailing
“edge” of the ball. The horizontal coordinate of the projectile is plotted
versus time as shown in Figure 4-5.

4)  Finally, the velocity was determined by calculating the gradient of the

linear-fitting curve of the plot.
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Figure 4-5 A graph showing the projectile position as a function of time as obtained
by processing the video file. The determined velocity is 240 m/s and the squared
regression coefficient is 0.9993.

As mentioned above, the air drag to the projectile is calculated and found
to have negligible effect on the projectile velocity. The data points fit very well
with a linear curve, indicating a constant velocity. The regression coefficients of

these fitting curves are commonly larger than 0.99.
4.4 Experimental data and analysis

4.4.1 Impactvelocity data analysis

The experimental data in terms of impact and residual velocities are
summarised in Table 4-2. The negative velocity values indicate those cases
where the projectile rebounded. The test at each speed was not repeated due to
firstly limited material quantity but more importantly to the lack of mechanism
for accurate velocity control. At the moment, the only way is by controlling the

pressure with a pressure meter which is only capable of rough regulation. Under
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the same pressure, the velocity can vary by 10-20 m/s. Before any accurate
velocity control is available, it is impractical to have several repeats at the same

velocity.

Table 4-2 The ballistic impact results in terms of impact velocity (Vi) and residual
velocity (V).

Test GF-1 GF-2 CF-IM7 Ql-1M7

No Vim/s  Vi,,m/s  Vimls V.,m/s Vi,m/ls V., m/s Vi,mls V., mls
1 245* 175 256 146 290 221 247 205
2 237 159 232 156 291 254 240 210
3 228 110 236 133 281 265 205 162
4 192 103 234 128 227 165 164 93
5 176 48 222 79 226 181 138 33
6 159 -58 199 77 202 138 88 -31
7 132 -54 183 75 181 112

8 105 -52 171 37 163 46

9 166 -68 151 41

10 149 -66 135 -58

11 131 -59

12 125 -56

13 105 -55

*The underlined tests are simulated in Chapter 5.

4.4.2 Statistical analysis of ballistic impact test data

A commonly used indicator of impact resistance is the limit velocity Vs, at
which the projectile penetrates the target at least 50% of the time. Should this
value be determined experimentally, a large number of tests at impact velocities
close to Vso would be required. To save material and effort in determining Vs,
interpolation or extrapolation is often applied as is the case in this work.
Specifically, the Jonas-Lambert equation [190] is commonly used for this

purpose. It is expressed as

VP = g (vf = Vi) (4-4)

where V; and Vi are the residual and initial velocities, g and p are the parameters,

and Vs is the critical velocity, which is also a parameter of the fitting function.
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This expression only defines the dependence between the residual and initial
velocities in cases where the penetration takes place, hence it is not applicable
for describing the rebounding of the projectile.
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Figure 4-6 Ballistic impact test data fitted with Jonas-Lambert equation for four
composites.

Table 4-3 The fitting parameters and their standard error.

Vso p p

Standard Standard Standard
Value Value Value
error error error

GF-1 173.396 9.326 0.741 0.288 3.139 3.512
GF-2 151.367 60.891 0.971 1.168 1.370 2.073
CF-IM7  160.922 4.013 0.918 0.109 2.840 1.151
Ql-IM7  134.036 3.291 1.033 0.101 1.961 0.404

The nonlinear curve fitting was applied to determine Vso, fBand p in the
Curve Fitting Toolbox of MatLab 2013. The values and standard errors of the
parameters are summarised in Table 4-3. Fitting curves are shown along with
the experimental data from the ballistic impact tests in Figure 4-6.

It is worth noting that the standard error for Vso for GF-2 is very large,
which indicates that the fit was not reliable. Specifically, as be seen in Table 4-3

and Figure 4-6, the fitted line suggests the perforation of the target in a range of
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velocities from 149 m/s to 166 m/s, where projectile rebounding was captured
experimentally. For GF-1, one of the parameters, p, has a large error, which also
suggests that the fit was rather inaccurate. On the other hand, for CF-IM7 and
the QI laminate the standard error values are reasonable for all the fitting
parameters, hence it is fair to say that the fitting functions for these two materials
represent the experimenal data with a sufficient accuracy.

To facilitate the explanation as to how the errors in fitting parameters are
related to the quality of the fit, prediction bands were computed as shown in
Figure 4-7 as dashed lines. They enclose an area which a new test should be in
with 95% probability. The wider are the prediction bands, the larger are the
errors in the fitting parameters. As can be seen, for GF-2 and GF-1 composites
the prediction bands are wide. This suggests that the fit is generally unreliable,
in particular, for GF-1 composite, where the prediction bands are the widest
because of the standard error of the exponent p, which was largest for GF-1 as
compared with all the other composites. The uncertainty in definition of a fitting
curve in these two cases arises primarily from the scatter of the experimental
data based on which fitting function was calculated. Therefore, the prediction

bands also serve as an indication of the scatter of the testing results.
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Figure 4-7 Prediction bands of the fitting functions of ballistic impact test data for the
four materials.

On the other hand, the fitting curve for the CF-IM7 composite was
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constructed based on a similar number of data points as that for GF-2. However,
the scatter of the data points is substantially smaller, hence the data fit is much
more precise. As can be seen in Figure 4-7, the prediction bands are narrower,
and are generally aligned with the fitting curve.

Finally, for QI laminates the fitting curve was calculated based on only five
data points, as in the GF-1 analysis, however, there is a substantially lower
scatter in the data, and the fit is reasonably precise. The prediction bands are
narrow in this case.

It can be concluded that the limit velocity can be estimated reasonably
accurately based on the ballistic impact data on CF-IM7 textile composite as
well as QI laminates. The ballistic limit estimates for GF-1 and GF-2 are
generally unreliable due to a large scatter of the experimental data. A larger
number of the tests are required in order to obtain reasonable estimation of limit

velocities for these materials.

4.4.3 Comparison of ballistic resistances of the four composites

Despite the poor fitting, it is possible to make a rough assessment on the
impact performance of GF-1 and GF-2 based on the experimental data available.
Comparing the experimental data in Figure 4-6, it is easy to see that the residual
velocities for these two materials are lower than those for CF-IM7 and QI
laminate, which indicates that they can dissipate a larger amount of energy
during the impact, hence should have a higher impact resistance. As reference
values for the critical velocity, the Vso= 173 m/s, as was determined by fitting
the experimental data, was assumed for GF-1 composite. For GF-2, although the
estimated value for Vso has a very large standard error, it can be seen in Figure
4-6, most of the GF-2 points are located to the right of the GF-1 ones. This
indicates that GF-2 possibly requires a larger impact velocity than GF-1 to
achieve the same level of residual velocity. In other words, the ballistic limit of
GF-2 is higher than GF-1. Hence in this study, Vso = 180 m/s, was chosen as a
reference value for GF-2. The ballistic limits for all four composites are
summarised in Table 4-4.

The limit velocities, as well as the Lambert extrapolating curves, lead to
the same conclusions about the impact resistance. The QI-IM7 laminates has the

lowest resistance to impact. If it is used as a baseline, then when the IM7 fibres
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are woven into the 3D reinforcements, the limit velocity is increased by about
20% and its corresponding energy is increased by 44%. The weaving process
introduces reductions in the in-plane properties, but improvement in the through-
thickness properties as well as delamination resistance which lead to an

increased impact resistance.

Table 4-4 Ballistic limit Vs, of the four composites.

GF-1 GF-2 CF-IM7 Ql-IM7

Vso (M/s) 173 180* 161 134
Normalised energy* 169% 180% 144% 100%
Normalised energy? 132% 141% 134% 100%

1. The kinetic energy at the ballistic limit is normalised to the one of QI-IM7.
2. The normalised energy is further normalised to the densities of the plates

The resistance of the glass fibre composites seem to be higher than the
carbon fibre composites. For GF-1 and GF-2, the energies derived from the
ballistic limits are 69% and 80% higher than the baseline respectively. However,
glass fibres are known to have larger density than carbon fibres. The plates in
this study have similar thickness, hence the glass plates are heavier. If the above
energies are normalised to the densities of the plates, the glass composites GF-
1 and GF-2 show almost the same impact resistant as the carbon composite CF-
IM7.

4.5 Damage and failure after the ballistic impact

4.5.1 Visual inspection

The internal damage due to impact can be visually observed only for the
semi-transparent glass composite plates. As an example, Figure 4-8 shows the
back face of a GF-2 plate penetrated at 256 m/s, where four types of failure and
damage can be observed, in addition to the obvious modes of crushing and fibre
breakage at the impact centre. The red lines were drawn prior to impact to find
the centre of the plate. They are irrelevant to the following observation.

The damaged weft yarns, as shown by Figure 4-8 (a), are more opaque than
the intact ones. They extend far from the impact point and nearly to the circular

periphery in this particular case, due to the stretching by the projectile during
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the impact. The warp yarn damage in Figure 4-8 (b) is mainly localised to the

impact centre, as crimped warp yarns do not transfer much of the stretching

loading.
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Figure 4-8 A penetrated GF-2 plate with four damage modes: (a) weft yarn debonding
from matrix, (b) warp yarn damage in the vicinity of impact, (c) matrix cracks normal
to weft yarns and (d) wavy pattern of warp yarn debonding from matrix.

Two types of matrix damage took place at various locations of the plate.
The damage in Figure 4-8 (c) resembles matrix cracks found in the quasi-static
tensile test in the weft direction, where the cracks are normal to the weft yarns.
Wavy patterns of debonding in resin rich regions around the superficial layers
of warp yarns, as shown by Figure 4-8 (d), are found as the other matrix damage
mode. These two damage modes spread over the target, even for the impact in
Figure 4-8, which tends to be a localised event as the impact velocity is well
above the ballistic limit. A circular region of cracks of both types is also found
around the periphery.

These damage modes are commonly observed in all the tested glass fibre
plates, visible from both front and back faces of the impacted plates, although
the extents differ. As examples, Figure 4-9 shows three plates of GF-1 tested at
159 m/s, 176 m/s and 237 m/s, along with another three of GF-2 impacted at 149
m/s, 199 m/s and 256 m/s. Note that the limit velocities are 173 m/s and 180 m/s
for GF-1 and GF-2, respectively. The damage of weft yarns in the centre of the
panel appears to be more extended in GF-2 than in GF-1, indicating the denser

weft yarns of GF-2 took more part in resisting penetration than those of GF-1.
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Figure 4-9 The plates of GF-1 impacted at 159 m/s, 176 m/s and 237 m/s on the left
column; The plates of GF-2 impacted at 149 m/s, 199 m/s and 256 m/s on the right
column. All is viewed from the back face of impact.

Since the extensive damage in the plates occurred in all the impact cases,
an effort was made to quantify the extent of damage within the plates. Image
processing software ImageJ [191] was used for this purpose. The digitised
images of the panels in Figure 4-9 were converted to greyscale images. The
damaged regions of the plate are darker than the intact regions, as can be seen in
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Figure 4-10 (a). It is worth noting, however, that the internal structure of
reinforcement, such as the straight weft yarns, can also be seen as darker lines
in the greyscale images. Those darker regions can affect the damage estimation
obtained via the image processing, resulting in over-estimation of the damage.
Therefore, a segmentation process was performed by setting a threshold for grey

value so that the structure of reinforcement would not show in the images.

24 f .
s I .
S 19 _:—. I
................ - .
if 14 + .
; : . Y
- : . g
29T % -
. L 2
4 N 1 1 1 1 { 1 | ) I {
100 o o

Impact velocity (m/s)

Figure 4-10 (a) The greyscale image and (b) the binary image of the GF-2 plate
impacted at 199 m/s; (c) The normalised area of damage for GF-1 and GF-2 plates
impacted at various velocities.

The binary image, obtained via the segmentation process, is shown in
Figure 4-10 (b). As can be seen, the dissipated cracks, which are apparent in the
photographs of the tested panel in Figure 4-9, are not reflected in the binary
image. Those crack had similar intensity of grey colour as the reinforcing yarns,
hence were filtered out. Based on the visual assessment of the tested panels, it
was concluded that the dissipated damage on the surface of the panels was

similar in all the cases, hence it was expected to provide a similar contribution
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to the mechanical response and impact resistance of the plate in all the impact
cases. On the other hand, the localised damage in the centre of the plate appeared
to vary from case to case. Typical damage in the centre of the plate, as it appears
in the binary image, is shown in Figure 4-10 (b). In all the test panels, the central
damaged region, shown in white colour, was contained within the area marked
by the red dashed rectangle with the dimension as shown in Figure 4-10 (a). The
area of damaged region within the red rectangle was calculated for all the plates.
The percentage of its area to the area of the 100-mm-diameter circular region
was calculated and the results are shown in Figure 4-10 (c).

The data in Figure 4-10 (c) were fitted with the trend lines, which suggest
that for both materials, the damage area tends to increase as the impact velocity
increases. The largest damage regions were found in the plates impacted at
velocities over 230 m/s. However, the data points are largely scattered. At the
velocities around 230 m/s, some are even 30% less than their corresponding
maximums. This may be attributed to the fact that only rough measurement can
be made by using the images. In the images, different damage modes are
superimposed and there is no information about the damage distribution in the
thickness direction. Therefore, the results and the trends in Figure 4-10 (b)

should be viewed with great care.

4.5.2 X-ray computed tomography (XCT)

The observation and measurements of the damage, as was conducted in
Section 4.5.1 for glass-fibre reinforced composites, is not applicable to the
opaque CF-IM7 plates. The failure and damage on the tested CF-IM7 plates
were inspected by using a Nanotom 160NF X-ray computed tomography (XCT)
system. GF-2 plates were also scanned for comparison purpose. The tested plates
were cut through the centres of impacts into strips as shown by Figure 4-11 (a)
along the weft direction because the damage modes along the weft are more
extended. The resolution of the tomographs is 18 pm/voxel.
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Figure 4-11 (a) A strip specimen of GF-2 for XCT, (b) An XCT image transverse to
the thickness direction for GF-2, and (c) A schematic for the positions of images
where analysis were made. All of them are viewed along the thickness direction.

The results of XCT are stacks of images along the three dimensions of the

specimens. The stacks were observed one by one along the three directions.
Similar to the direction of observation in Figure 4-8 and Figure 4-9, the stacks
transverse to the thickness, e.g. Figure 4-11 (b), were firstly viewed. However,
unlike the views in Figure 4-8, they hardly show any failure and damage except
the ones around the hole.
Observations of failure and damage modes were carried out on stacks of the
other two directions. Those, parallel to the warp and the specimen width, i.e.
Figure 4-12 and Figure 4-14, show the crimped warp yarns and are called “warp
views” in the following, while those parallel to the weft and the specimen length,
i.e. Figure 4-13 and Figure 4-15, show the straight weft yarns and are called “weft
views”. The locations of these stacks are illustrated by the dashed lines in Figure
4-11 (c). The warp views were taken at the impact centre, near the end of
specimen and locations between them. Positions at the interfaces of
neighbouring warp yarns were avoid. The weft yarns are sparsely arranged. The
weft views were taken cutting the yarns or at gaps among the yarns.
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Figure 4-12 CF-IM7 XCT images of cross sections parallel the warp direction. From

(@) to (d), the location is farther away from impact.
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Figure 4-13 CF-IM7 XCT images of cross sections parallel the weft direction. From
(@) to (f), the location is farther away from impact.

Figure 4-12 and Figure 4-13 are images for the CF-IM7 plate impacted at
163 m/s, which is the closest to the extrapolated ballistic limit (161 m/s) among
the penetrated plates. Such a plate could have the damage and failure
characteristics of both rebounding and penetration.

As shown by Figure 4-12 (a), a hole at the impact centre due to material
loss is apparent. Warp and weft yarns in the vicinity of the hole are crushed and
broken, especially near the bottom, i.e. the back face of impact. The area of
failure and damage does not extend to the left-most weft yarns and their
surrounding warp yarns. Figure 4-12 (b) is slightly away from the impact centre.
On its top right corner, weft yarns are crushed but there is no breaking of warp
yarns. In the bottom half, a large number of yarns and matrix are lost. Most of
the left three sets of weft yarns and their surrounding are not damaged. Further
away from the impact centre in Figure 4-12 (c), failure and damage are found
near the bottom in the form of weft yarn crushing and also debonding along the
lowest warp yarn. Figure 4-12 (d) is near the circular boundary, where no
apparent failure and damage is found.

The weft views of the same plate are shown in Figure 4-13, where the top
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face is the front face of impact. It is revealed in Figure 4-13 (a) and (b) that there
is more damage and material loss near the back face and the hole is in the shape
of a truncated cone. In the vicinity of this hole, weft yarns are bent and some
warp yarns are crushed. No damage is found away from the impact region. On
the gap next to the weft yarns in (b), Figure 4-13 (c) shows warp yarn loss in a
staggered manner. The second sets of weft yarns away from the impact centre
as shown in Figure 4-13 (d) were not in the path of the projectile but still bent,
most likely due to interaction with the debonded warp yarns. In the next yarn
gap (e) and the next set of weft yarns (f), only small damaged areas are visible
at the back face.

To sum up these observations, there is more damage and material loss near
the back face of impact. The sectional view of the hole looks like a truncated
cone, similar to the damage geometry which was commonly found for laminated
composites [192, 193]. In the warp direction, the damage modes of yarn
breakage and crushing only extend to two or three weft yarns away from the
impact centre. On the other hand, the damage modes along the weft yarns extend
to locations far from the impact centre.

It can also be seen in these figures that defects due to imperfect RTM
manufacturing distribute all over the specimens. Voids of different sizes are
found at resin rich regions while few exist where yarns are closely packed, such
as the weft yarns in Figure 4-13 (b), (d) and (f). At the same time, some warp
yarns in Figure 4-12 are not completed impregnated. Neither of these defects is
found for the glass composite GF-2 in Figure 4-14 and Figure 4-15. However,
the presence of the defects is not the main reason why CF-IM7 did not
outperform GF-1 and GF-2 in the ballistic impact test. As reported in some
comparisons [194-196] for glass fibre laminates and carbon fibre laminates,
glass fibre composites exhibited high ballistic limits due to (1) larger density as
discussed in Section 4.4.3 and (2) more ductility (or larger strain to failure) as
will be shown in the following XCT results.

The GF-2 plate in Figure 4-14 and Figure 4-15 was impacted at 183 m/s
(Vs0=180 m/s). The damage modes in Figure 4-8 are also presented in these
figures. The debonding of weft yarns in Figure 4-8 (a) is found at the bottom
right corner of Figure 4-14 (b) and in the middle of Figure 4-15 (d). The localised

damage of warp yarns, Figure 4-8 (b), barely extends to the location represented

96



by Figure 4-15 (e). The matrix cracks normal to weft yarns in Figure 4-8 (c) are
not obvious in the weft views and warp views, because they are located in the
resin rich regions of the superficial layers (see Figure 4-15 (b), (d) and (f)),
where the wavy pattern of debonding in Figure 4-8 (d) could also be located.

|
“

Figure 4-14 GF-2 XCT images of cross sections parallel the warp direction. From (a)
to (c), the location is farther away from impact.

Similar to the CF-IM7 plate, the GF-2 plate is also more damaged near the
back face. Crushing and breakage of both weft and warp yarns together with
debonding are found in similar locations. This suggests that the two impacts may
involve similar process.

Unlike the CF-IM7 plate, there is not a distinct penetration hole in the GF-
2 plate. In Figure 4-14 (a) and Figure 4-15 (a), a number of warp yarns are still
hanging at the impact centre. This is sensible as glass fibres are known for
having larger strain to failure than carbon fibres. This difference may also be the
reason why the area and extent of yarn damage are also smaller in GF-2. Figure
4-14 (b) is right at the middle between the impact centre and the boundary. Apart
from the one weft yarn on the bottom right, which is crushed, no yarn damage
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is found. The same position for CF-IM7, in Figure 4-12 (c), shows extensive
yarn damage. In Figure 4-15 (d), the crushing and breaking of GF-2 yarns only
exist in the bottom layer, while its counterpart of CF-IM7 in Figure 4-13 (d)
shows severe damage in the weft yarns.

On the other hand, the debonding along the gaps among warp yarns is more
extensive in the GF-2 plate. Around the third set of weft yarns from the impact
centre, in Figure 4-15 (f), there is apparent debonding in the centre of the
thickness, while there is no debonding at all at this position for the CF-IM7 plate
as shown by Figure 4-13 (f).

Figure 4-15 GF-2 XCT images of cross sections parallel the weft direction. From (a)

to (f), the location is farther away from impact.
To summarise this section, the observations clearly show that, for both GF-
2 and CF-IM7, more material loss and damage occurred at the back face of
impact. Consequently, the penetration generates holes in the shape of a truncated
cone in the plates. Similar failure and damage modes are found in the two
composites, namely the breakage and crushing of fibre yarns along with
debonding of yarns from the matrix. The failure modes along the weft direction
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are extended, while those along the warp direction are only found in the impact
vicinity. Meanwhile, due to the smaller strain to failure of carbon fibres, the yarn
damage modes in CF-IM7 are more extended than those in GF-2, while it is the
opposite for the debonding.

4.6 Conclusions

In this chapter, the experimental equipment, data acquisition and
processing techniques of ballistic impact tests are described. The tests were
carried out with three types of 3D woven composites and one type of laminated
composite. The trajectory of the projectile was recorded by high speed camera
and then analysed to obtain the impact and residual velocities. Then the velocity
pairs were fit to the Jonas-Lambert equation by non-linear curve fitting in order
to obtain the ballistic limit Vso. Statistical analysis of the experimental data
showed that for GF-1 and GF-2 composites, there was high uncertainty in
determining the limit velocity due to a large scatter of the experimental data. On
the other hand, the fitting was reasonable for CF-IM7 and QI-IM7 composites.
The analysis of the experimental data suggests that the GF-2 composite has the
highest impact resistance, followed by GF-1, CF-IM7 and QI-IM7. However, if
the difference in density is considered, the three types of 3D woven composites
have similar efficiency in resisting penetration.

The damage modes in the impacted plates of GF-2 and CF-IM7 were
observed by using XCT. For both composites, there is more damage and material
loss near the back face of impact. The failure and damage modes are crushing
and breakage of yarns in both weft and warp directions, accompanied by
debonding between the yarns and the matrix. These failure modes along the warp
direction are only found in the impact vicinity, while those along the weft
direction are more extended. Meanwhile, the yarn damage modes are more
extended in CF-IM7 than in GF-2 while the debonding is more extended in GF-
2.
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Chapter 5 Phenomenological macro scale modelling for

impact behaviour of 3D woven composites

5.1 Introduction

Various approaches to modelling the constitutive behaviour of the textile
composites have been outlined and discussed in Chapter 2. In general, the
material model should contain three main components, namely, the elastic
behaviour, the appropriate failure criteria, and the capability to define the
evolution of damage. When modelling the response of the material under impact
loadings, strain rate sensitivity should also be accounted for in the model
formulation. This type of models usually do not come as standard provisions in
commercial finite element codes, since at present there is no unique established
methodology of modelling the textile composites. However, the readily
available material model MAT162 in LS-DYNA, which is developed for
modelling the response of composite materials based on plain weave
reinforcements, incorporates all the desired characteristics of the material
response as described above. To obtain the same characteristics by using other
explicit FE packages, e.g. Abaqus/Explicit, user defined material subroutines
need to be scripted. Therefore, LS-DYNA is selected as the simulation platform
in present study.

In this chapter, a phenomenological macro scale modelling approach of
using MAT162 of LS-DYNA to predict the impact behaviour of the 3D woven
composites is presented. The input parameters required by MAT162 are
introduced. The damage parameters and element deletion parameters were
selected by simulating several uniaxial loading cases of a single element.
Subsequently, the selected input data and MAT162 were employed to simulate
the ballistic impact tests described in Chapter 4. The predictions are compared
with experimental data and with models of a new macro scale material model
developed in one of the parallel projects [8] via a multi scale modelling approach.
It will be shown that by using MAT162 it is possible to have good predictions
of the ballistic tests; however MAT162 does have limitations which should also

be paid attention to.
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5.2 The input data for MAT162

To define an orthotropic composite material in MAT162, more than 30

input parameters should be specified. The parameters are listed in Table 5-1,

along with their LS-DYNA notations. In this study, character “A” is used to refer

to the weft direction of the composite, “B” denotes the warp direction and “C”

denotes the through-thickness direction.

Table 5-1 Definition of the inputs parameters for MAT162.

Input

Abbreviation (subscripts
for symbols associate)

Mass density

Young's modulus - longitudinal direction

Young's modulus - transverse direction

Young's modulus - through-thickness direction
Poisson's ratio BA

Poisson's ratio CA

Poisson's ratio CB

Shear modulus AB

Shear modulus BC

Shear modulus CA

Longitudinal tensile strength

Longitudinal compressive strength

Transverse tensile strength

Transverse compressive strength

Through-thickness tensile strength

Crush strength

Fibre mode shear strength

Matrix mode shear strength AB plane

Matrix mode shear strength BC plane

Matrix mode shear strength CA plane

Scale factor for residual compressive strength
Element eroding axial strain

Scale factor for delamination criterion

Limit compressive volume strain for element eroding
Limit tensile volume strain for element eroding
Parameter for fibre damage in A direction

Parameter for fibre damage in B direction

Damage parameter for crush failure

Damage parameter for matrix and delamination damage
Coefficient for strain rate dependent strength properties
Coefficient for strain rate dependent axial moduli
Coefficient for strain rate dependent shear moduli
Coefficient for strain rate dependent transverse moduli

RO

EA

EB

EC
PRBA
PRCA
PRCB
GAB
GBC
GCA
SAT
SAC
SBT
SBC
scT
SFC
SFS
SAB
SBC
SCA
SFFC
E_LIMT
S_DELM
ECRSH
EEXPN
AM1
AM2
AM3
AM4
CRATE1
CRATE2
CRATE3
CRATE4
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5.2.1 Elastic and strength properties

Some of the input elastic and strength properties were determined in the
experimental study as described in Chapter 3, where the composite samples were
tested under quasi-static uniaxial tension and compression tests in the weft and
warp directions, as well as under in-plane shear loading. The through-thickness
elastic properties, i.e. EC, GBC, GCA, PRCA and PRCB were determined
following the meso scale unit cell analysis as described in Appendix 1, where an

overview of the involved multi-scale modelling in [8] is provided.

According to the LS-DYNA material model MAT162 formulation [111],
the tension/shear combined failure criteria of fabric lamina are listed in Eq.(5-1)
and (5-2).

2 2 2
o Tap + 7
f6 — (( A)) + AB . CA _ 1 — 0 (5_1)
SAT SAFs
(og) 2 2. 4 2
f7=< ) + AB2 BC_1=O (5_2)
SBT SBFs
Spr
Sars = Srs, Sprs = Sps X S (5-3)
AT

where o is the normal stress acting in the material direction represented by its

subscript, T is the shear stress. { ) are Macaulay brackets defined as follows:

= 150 60

Quantities fj in Eq. (5-1), Eq. (5-2) and Eq. (5-8) to Eqg. (5-11) below are
the failure indicators for each specific mode of damage. As soon as a failure
indicator reaches the value of zero, the damage is initiated. Their subscript
numbering starts from 6 in the user manual [111], as the subscripts from 1 to 5
are used for UD laminates.

It is worth mentioning that if the shear terms in Eqg.(5-1) and (5-2) are
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ignored, the criteria essentially become the maximum stress criteria. The two in-
plane tensile strength properties Sat and Sgr are obtained from QS tension tests
in Chapter 3, while no information could be found in the open literature that
specifies how to determine the fibre shear strength Srs. As an initial trial, Srs, is
assigned a value of 1200 MPa to reduce contributions of the shear terms and
hence to approximate the maximum stress criteria.

The compressive failure of fibres is based on the maximum stress failure

criteria as follows:

I 2

fs = ((;T:c)) —1=0, op" =-0a+(-0c) (5-5)

_(t 1=0 ' = (5-6)
L —-1=0, o =—0g+(—0c)

where S,c and Sgc are the compressive strength values obtained from QS
compression tests.

Fibre crush failure is controlled by fibre crush strength Sg¢ as follows:
2
Op + 0 + 0
_<<P;>>_1=0, p=_Jat ot (57)

In this study, Sgc is estimated to be twice the in-plane compression strength
[197]. Conservative predictions or safety margins are preferable in the aero
engine industry, hence, the smaller of the two compression strengths, which is
the warp compression strength for both GF-1 and CF-IM7 composites, is used
to make a conservative estimation.

The matrix shear strength, Sas, is used in the in-plane matrix failure
criterion Eqg. (5-8). Its values for both GF-1 and CF-IM7 composites are

determined in the following Section 5.2.2.

fir=(22) —1=0 (5-9)

SAB
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In MAT162 model, through-thickness tensile and shear strength properties
are associated with the interlaminar matrix failure, according to the criterion Eq.
(5-9). However, unlike 2D laminated composites, the 3D woven composites that
are employed in current study do not have explicit interlaminar interfaces. The
XCT results for the impacted plates in Section 4.5.2 do not show any sign of
delamination. This delamination criterion was inactivated by assigning a very
small value to the scale factor S (parameter S_DELM). Energy dissipation can
still happen via through-thickness straining but will not lead to delamination in
MAT162 and associated degradation of properties. As an initial trial, a
conservative value of 50 MPa was used for all three strengths, namely the
through-thickness tensile strength Sct and shear strengths Sgc and Sca. This
value was slightly higher than the matrix shear strength. The actual strength
values should be higher due to the presence of through-thickness reinforcement.

fiz = S? {<(SUC_CT>>2 + (%)2 + (;Z—:)Z} —-1=0 (5-9)

5.2.2 Parameter calibration by single element modelling

In this section, parameters related to the damage definition and element
deletion conditions, are calibrated by modelling the uniaxial loading of a single
element. Unlike the calibration by Brown [114], Xiao et al. [100] and Gama and
Gillespie [198], where coupon tests were simulated, this approach of modelling
single element excludes the interaction among elements, thus ensure that the
element is in a pure tensile or compressive, or shear stress state. Furthermore,
running single element modelling reduces the computational costs, hence the
simulation time. It becomes practically possible to apply a low strain rate in the
simulations to represent the QS loading by using MAT162, which is only
implemented for explicit FE analysis. Otherwise, either time scaling or mass
time scaling is essential to reduce the simulation time to a feasible level when
modelling a QS coupon test in explicit analysis. The calibration procedure as
presented here was carried out for GF-1 composite. Then the input data for CF-

IM7 was obtained following the same procedure.
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5.2.2.1 Methodology

A single element model employed in the current study is shown in Figure
5-1. The single integration point solid element was used. The element
dimensions are 2.5 mm in length, 2.5 mm in width and 0.5 mm in thickness. In
the tension and compression models, the nodes on the left end are translationally
constrained in x-direction. For the nodes on the right hand side, displacement in
the x-direction is applied at a rate of 1 mm/min. In the shear models, x and y
translational constraints are applied on the nodes on the left end. The
displacement on the right end is along the y axis. In all the models, the material
thickness direction is aligned with the z-axis. In-plane weft and warp directions
are aligned with the x- and y-axes, respectively, depending on the loading cases.

Damage parameters AM1 and AM2 control the fibre damage evolution in
the weft and warp directions respectively; AM3 is related to the fibre crush and
punch shear damage, while AM4 defines the matrix and delamination damage.
Based on the stress-strain curves obtained in the QS material tests, a trial and
error approach was adopted to determine the appropriate values for AM1, AM2
and AMA4. There is no stress-strain curve corresponding to the modes related to
AM3. A conservative assumption is made here that the modes related to AM3
fail abruptly and no damage evolution is involved. This is achieved by assigning

a large value, AM3=100, to this parameter.

e A

Figure 5-1 Single element model of MAT162 in LS-DYNA for uniaxial
tension/compression (left) and shear (right).

5.2.2.2 QS tension

Modelling stiffness reduction after damage onset

Stress-strain curves under tension in the weft and the warp direction were
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obtained experimentally as presented in Chapter 3. The stiffness degradation,
which generally occurred after the on-set of damage, is taken into account. The
initial moduli and the stress values at the onset of damage were used as the inputs
of MAT162. After damage initiation, the stiffness reduction was controlled by
negative values of the damage parameters, AM1 for the weft direction and AM2
for the warp direction. This approach of modelling the tensile stress-strain
curves is referred to as Method 1.

Following this method, the stress-strain curves under tensile loading in the
warp direction were calculated for two different values of AM2, as shown in
Figure 5-2. It can be seen that the stress-strain curve beyond the damage
initiation point are sensitive to the values of the damage parameters. The post-
initiation stiffness becomes apparently lower when AM2 is changed from -1.5
to -1.3. Based on a trial and error approach, the parameter values AM1=-1.3 and
AM2=-1.5 have shown to provide a good approximation to the experimental
post-initiation stiffness values in the weft direction and in the warp direction, as

shown in Figure 5-3 and Figure 5-4, respectively.

350
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Figure 5-2 Calibration of parameters for damage and element deletion for single
element model of GF-1 under QS warp tension.

The strength inputs of MAT162 were assigned with the value of damage
on-set stresses hence no more inputs were available to explicitly define the
ultimate strength. This was achieved by employing element deletion in this study.

According to MAT162 formulation, two parameters could be used for this
purpose, namely, E_LIMT (element eroding axial strain) or EEXPN (limit

tensile volume strain for element eroding). However, the criterion for axial strain,
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E_LIMT, fails to delete the element properly. Stress-strain curves calculated
with various values of EEXPN and E_LIMT are shown in Figure 5-2. As can be
seen, at E_LIMT=0.005 the element was not deleted at 0.5% of axial strain as
was expected. It was also found that E_LIMT did not interact with EEXPN.
Comparing stress-strain curves in Figure 5-2 calculated for three values of
E_LIMT=0.005, 0.03 and 2, while keeping EEXPN=1.011 fixed, little variation
among the curves can be observed. Since the element deletion based on E_LIMT
has proven to be unreliable, its effect was eliminated by prescribing a very large
value to this parameter, E_LIMT=2, which corresponds to 200% of axial strain.

This left a single element deletion criterion, based on tensile volume strain
EEXPN, to define the ultimate strength. An appropriate value of this parameter,
EEXPN=1.011, was determined in the parametric study as presented in Figure
5-2 to ensure that the element was deleted once the axial stress reaches 223 MPa,
which was the strength value determined experimentally. For the deleted
elements, both the stress and the strain are reduced to zero. It is worth noting
that this method is very sensitive to the choice of EEXPN value. When EEXPN
is increased by 1% (from 1.011 to 1.02), while E_LIMT and AM2 are kept fixed,

the ultimate stress increases beyond 350 MPa.

Modelling linear response until the final failure

Table 5-2 The inputs used in modelling the tension of GF-1, and the strain energy
density after the final failure which is normalised to the experimental values.

Method 1 Method 2 Method 3

Ea (GPa) 15.92 15.92 7.82
Sat (MPa) 57.26 206.46 206.46
Es (GPa) 24.77 24.77 16.78
Ser (MPa) 110.08 223.49 223.49
AM1 -1.3 100 100
AM2 -1.5 100 100
Normalised weft tension strain energy density 105% 51% 100%
Normalised warp tension strain energy density ~ 115% 66% 94%

For comparison, two simpler methods of parameter definition were also
considered, where the material was assumed to be linearly elastic until the final

failure. The difference between the two methods is in defining the elastic moduli.
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Specifically, in one case, denoted as Method 2, the stiffness value prior to the
damage onset was used. In the second case, Method 3, the stiffness was defined
as a secant modulus calculated as a ratio of the ultimate tensile stress to the
ultimate tensile strain. In both cases, once the stress reaches the ultimate tensile
stress value, the stress drops rapidly to zero, which was modelled by assigning

large positive values to the damage evolution parameters, AM1=AM?2=100.

Comparison of the three methods

The inputs used in these three methods are summarised in Table 5-2. The
stress-strain curves calculated with these three data sets are plotted
simultaneously with the experimental data in Figure 5-3 and Figure 5-4. The
experimental data are represented by bilinear stress-strain curves, constructed
based on the values of the elastic moduli before and after the damage onset,

damage initiation stresses and ultimate stresses determined experimentally.
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Figure 5-3 Approximation of the stress-strain curves obtained under QS tension in the
weft direction.

As can be seen in both Figure 5-3 and Figure 5-4, Method 1 provides the
closest representation of the experimental stress-strain curves. One of the
indicators for energy dissipation capability is the strain energy density at the
final material failure, which essentially is the area under the stress-strain curve.
The strain energy densities calculated based on the dataset of Method 1 are given
in Table 5-2, and these are larger than the corresponding experimental values by

5% and 15% for weft and warp tension, respectively.
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Figure 5-4 Approximation of the stress-strain curves obtained under QS tension in the
warp direction.

As expected, for Method 2 and Method 3, the stresses rapidly reduced to
zero after the failure stresses defined by Sat and Sgt were reached. Since the
stiffness value corresponding to dataset Method 2 is higher than that in Method
3, the ultimate stress was reached at a small strain, hence the strain energy
densities at the final failure were 49% and 34% smaller than in the experiments.
In an impact simulation, this would result in a significant underestimation of the
impact resistance. Because of that, Method 2 was considered to be inapplicable
for modelling the impact cases and therefore will not be further discussed.
Stress-strain  curves obtained with the dataset ‘Method 3’ appear to
underestimate the elastic behaviour to some extent, however, the calculated
strain energy density is very similar to the experimental one. Later in this section,
both ‘Method 1’ and ‘Method 3’ were assessed by modelling the dynamic
loadings of a single element.

5.2.2.3 QS compression

The experimental stress-strain curves under uniaxial compression are
shown in Figure 5-5. The elastic behaviour under the compression is found to be
different from that under tension. The compressive moduli should be used rather
than the tensile ones. Meanwhile, for this type of loading, the stress-strain
relation is linear until the maximum stress is reached. Beyond this point, a
gradual softening was observed under the compression in the weft direction,
while under the warp compression, the stress drops abruptly but residual strength
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remains. To describe the effect of the material softening, positive values of
damage parameters should be used in MAT162. The parameter values AM1=0.5
and AM2=100 were determined in a parametric study to define the softening
behaviour in the weft and the warp directions, respectively. The limit for elastic
modulus reduction (OMGMX) was set to 0.99 to enable nearly complete loss of
stiffness.

The softening takes place until the residual strength defined by SFFC (scale
factor for residual compressive strength) is reached. The residual strength is
based on the observation on the tested specimens, all of which are still in one-
piece and show some residual load carrying capability. It should be noted that
the experimental curves in Figure 5-5 terminate at the point when the experiment

was stopped, and this is not associated with the total loss of load-carrying

capability.
250
Wefl exp
=== Weft sim
200 — Warp exp
===Warp sim
, 150
£
@
wo - I, Seeeccecae=
50
0
0 2 4 6 8 10

Strain (%)

Figure 5-5 QS compression stress-strain curves of the single element model and their
comparison to experiment.

For GF-1 composite, the only available SFFC in MAT162 is set to 0.5 such
that the residual strength for weft and warp compression cannot be less than 50%
of the original values. This corresponds to the residual stress values at the nearly
flat plateaus of the stress-strain curves as shown in Figure 5-5. The failure is
predicted once any one of the element deletion criteria is activated. The element
deletion associated with compression is based on compressive volumetric strain,
ECRSH. The experimental data shows that the tested specimens maintained
some residual strength when strained to about 8%. As an initial trial, ECRSH is
assumed to be 10%. This results in the element deletion at the ends of the
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simulation curves in Figure 5-5.

5.2.2.4 QS Shear

The experimental shear stress strain curves are shown in Figure 5-6. It can
be seen that the stress-strain curves for the four types of 3D woven composites
are linear up to the damage initiation stress of approximately 40 MPa. Beyond
this point, the stiffness gradually reduces to zero. Qualitatively, shear stress-
strain curves are similar to those obtained under warp tension, hence they were
constructed applying the same method as was used for modelling the material
response under tension in the warp direction. The stress at which the curve
became nonlinear is defined as the shear strength, Sag, in MAT162. The stiffness
reduction is controlled by the damage parameter AM4=-0.3. The approximation
of the shear stress-strain curves is shown in Figure 5-6. The overall shape of the
stress-strain curve is captured, however, the discrepancy in approximation of the
nonlinear part is apparent. Due to the formulation of the stiffness degradation in
MAT162, a rapid reduction in stiffness occurred after damage initiation. Beyond
this point, the tangent stiffness did not change and the stress continued to
increase until the element deletion was activated, which was defined by the shear
strain criterion (EPSSH) in MAT_ADD_EROSION. The failure strain of the
tested specimens varies in the range from 6.5% to 8%. A value of EPSSH=0.7,

which correspond to 7% of shear strain, was used in this study.
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Figure 5-6 QS in-plane shear stress-strain curves of the single element model and their
comparison to experiment.

Since the shear stress-strain curve in Figure 5-6 was calculated under pure
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shear loading, it is not affected by the choice of the in-plain elastic moduli values
from either the compression data or from Method 1 of tension. The shear

behaviour was identical in both cases.

5.2.2.5 Summary for QS single element modelling

Based on the QS experimental data and single element model simulations,
all the damage parameters and element deletion parameter have been calibrated.
To match specific loading cases, the calibration results in five sets of input data.
Two of these data sets, denoted ‘TIM1’ and ‘T2M1’, explicitly model the
bilinearity of the tensile stress-strain relation. The input values of the parameters
for these data sets are generally the same, except for the element deletion
parameter EEXPN, which was employed to define the failure stress of the
material. Method 2 in the tension model underestimates the dissipated energy
for material failure and thus is not discussed in the following. The set of inputs
for Method 3 is denoted as “TM3’ while the set for the compression model is
‘C’. This results in four sets of the input parameters, which are summarised in
Table 5-3.

Table 5-3 The inputs parameters for GF-1 used in the four methods.

Input TIMLI  T2M1 TM3 C
EA (GPa) 15.92 15.92 7.82 12.79
EB (GPa) 24.77 24.77 16.78 19.42

SAT (MPa)  57.26 57.26 20646  206.46

SBT (MPa)  110.076  110.076  223.49  223.49

OMGMX 0.57 0.57 1 1
EEXPN 1.023 1.011 4 4
AM1 -1.3 -1.3 100 0.5
AM2 -1.5 -1.5 100 10

5.2.3 Strain rate scaling

5.2.3.1Scaling factors
In Chapter 3, the QS and SHPB compression tests indicate apparent strain
rate dependency for the compressive strength. By taking the QS strain rate

(5.56x10%/s) as a reference, two scaling factors are determined for the
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compressive strength of GF-1 composite, namely, Crae =0.0686 for weft
compression and Crae =0.0527 for warp compression. However, according to
MAT162 material model formulation, the rate-dependency of six strength values,

namely, Sat, Sac, SsT, Sec, Src and Srs, are all controlled by Crate1, as follows:

{Sr1} = {So} (1 + Craterln @>

€o
Sat ( |al
Sac :EA: (5-10)
{Srr} = ggz and {E} =< |£-E| >
Skc |écl
SFs \(ésc” + éCAZ)l/ZJ

Similarly, for the strain rate scaling of moduli according to Eg. (5-11), both
the weft modulus Ea and the warp modulus Eg are controlled by Crateo.

{ERT} = {EO} (1 + {Crate}ln {i>

€o
EA ) ( |éA| ) fCrateZW
( Eg | &g Cratez (5-11)
EC = |éC| Crate4
Ert} = > 185 =19,. cand{C =< >
(Err) Gag { } |€aB] Crate} Crates
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In this study, the rate scaling factors for the elastic moduli, i.e. Crate2, Crate3
and Crates, are set to zero as baseline values. Since the difference between the
scaling factors of the warp and weft compressive strengths is relatively low, e.g.
10% at 5000/s. Crater =0.0686 was used for an initial trial. If energy dissipation
is over predicted in the simulation, Crate1 =0.0527 could be used for more

conservative prediction.

Reference strain rate

The scaling factors are clearly dependent on the reference strain rate. In
MAT162, the reference strain rate is mandatory at 1/s. However, this was
overlooked in the published work of using MAT162 [114, 198]. Consider the

weft compression of GF-1 composite as an example (Sac=199 MPa). According
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to Eq. (5-10), when Crae = 0.0686, the correct scaling should use the QS strain
rate as the reference strain rate. The correct values of dynamic strength at 1/s,
1000/s, 5000/s and 10000/s are calculated as Case | in Table 5-4. This cannot be
achieved in MAT162 due to the mandatory reference strain rate of 1/s.

Table 5-4 The dynamic strength values calculated according to Eq. (5-10).

. So SrT (M Pa)
&o (1/8) Crate
(MPa) 1/s  1000/s 5000/s 10000/s
Casel 556x10*% 199  0.0686 301 396 418 427
Case I 1 199  0.0686 199 293 315 325
Case Il 1 199  0.1298 199 377 418 437
Case IV 1 301 0.0453 301 396 418 427

Case Il represents the method in [114, 198], where the QS properties and
the determined strain rates are directly used as the inputs of MAT162. It can be
seen that the strength values at each strain rate are much lower than the correct
values. This is all caused by overlooking the mandatory reference strain rate of
1/sin MAT162.

In Case Ill, to achieve the correct strength at 5000/s, scaling factor was
increased without adjusting the strength input. Although the right value of
strength at 5000/s is obtained, this method implies a stronger strain rate
dependency. The strength at 1000/s is underestimated while strength at 10000/s
Is overestimated. Meanwhile, the scaling factor determined by this method is not
objective. To achieve the correct strength at 1000/s, the scaling factor should be
increased to 0.1441, and consequently the strength values at rates above 1000/s
will be overestimated. Similarly, the scaling factor has to be another value in
order to achieve the correct predictions of the strength at 10000/s. However, in
this case, the strength at rates below 10000/s will be underestimated.

In Case IV, both the strength input and the scaling factors are adjusted to
the reference strain rate of 1/s, i.e. €, =1/s and Sp =301 MPa. Then, they were
used together with ¢ =5.56x10#/s and Srr =199 MPa in Eq. (5-10) to calculate
the corresponding strain rate scaling factor. Then the right strength values at the
higher strain rates can be obtained for MAT162 whose reference strain rate is
mandatory at 1/s. This method is employed in this study. Those strength inputs
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controlled by Crawe1, Nnamely Sat, Sac, Set, Sec, Src and Sgs are assigned with
their values at 1/s, all of which, according to Eq. (5-10), are 1.513 times higher
than the corresponding QS values. The strain rate scaling factors for GF-1
composite are summarised in Table 5-5.

Table 5-5 The strain rate scaling parameters for GF-1.

Strain rate scaling parameters Value
Crate1 0.0453
Crate2 0
Crates 0
Crates 0

Adjustment Factor for Sar,

1.513
Sac, Ser, Sec, Src and Srs

5.2.4 Assessment of the input sets under high rate loadings

In Sections 5.2.2, four sets of input data were determined that provide good
accuracy of predictions in their specific loading conditions. Before carrying out
an impact modelling at plate or component scale, it is necessary to check whether
they provide reasonable predictions under other types of loading, in particular,
when the strain rate dependency, as defined in Section 5.2.3, is taken into
account. In this section, the four sets of input data were adjusted according to
Table 5-5 for high strain rate dynamic analysis. The single element model under
four uniaxial loading cases at a strain rate of 5000/s were simulated, namely
tension in the weft and the warp direction, and compression in the weft and the
warp direction. Their stress-strain curves with the four input sets are shown in

Figure 5-7.

5.2.4.1‘T1M71’ and ‘T2M71’

The properties in data sets ‘T1IM1’ and ‘T2M1’ were determined to
represent the bilinearity of the QS stress-strain curves under tensile loadings.
The damage onset stress values, which were used as the tensile strength inputs,
were scaled at dynamic strain rates. However, the scaling factors determined in
QS and SHPB tests reflect the strain rate effects on the measured maximum
stress. Therefore, they should only be applicable for scaling the maximum stress
values. With the input sets ‘TAIM1’ and ‘T2M1’, the maximum stress is
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controlled by element deletion. Tensile stress-strain curves in Figure 5-7 (a) and
(b) show that these two sets of input data fail to provide reasonable control of
maximum stress. Therefore, the element deletion parameters, which were
calibrated for QS tension, need recalibration to match the desired maximum

stress levels, which are illustrated by the dashed lines in each figure.
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Figure 5-7 The stress-strain curves of the four sets of input data under dynamic
uniaxial (a) weft tension, (b) warp tension, (c) weft compression and (d) warp
compression.

The compressive behaviour predicted with these two data sets is even less
accurate, as can be seen from stress-strain curves in Figure 5-7 (c) and (d). In
particular, under the loading in the weft direction, the damage behaviour both
under tension and under compression is controlled by the same damage
evolution parameter AM1. As a consequence, the compressive stress-strain
curves also become bilinear, which was not the case in the experiment. In
addition, the element deletion, based on tensile strain that controls the maximum
stress, is not triggered under the compressive loading. As can be seen in Figure
5-7 (c) and (d), under the dynamic compression, material failure is not predicted
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even when the stresses calculated with ‘“TIM1” and *T2M1’ reach unrealistically

large values.

5.2.4.2°TM3’ and ‘C’

The properties in data sets “TM3’ and ‘C’ define material as linearly elastic
until the maximum stress. The maximum stresses are the strength inputs, hence,
the maximum stresses in all four dynamic loading cases are very close to the
values calculated according to Eg. (5-10).

The differences between the tensile and the compressive moduli are
apparent under loading in the weft direction, as can be seen in Figure 5-7 (a) and
(c). However, in terms of strain energy density (area under the curves), the
difference is substantially more significant after the maximum stress. In Figure
5-7 (a), the tensile stress calculated with “TM3’ drops to zero abruptly, once the
maximum stress is reached, which is very similar to the failure mode observed
experimentally. However, the tensile stress calculated with input set ‘C’
decreases gradually beyond the failure point, due to the small value of its damage
parameter, which approximates the gradual stiffness degradation in the weft
compression. This gradual degradation is not consistent with the tensile
experiment. If used, the input set ‘C’ can put the simulation in the danger of
significantly exaggerating strain energy and consequently ballistic impact
resistance.

On the other hand, the abrupt drop of stress predicted with “TM3’ for the
weft compression in Figure 5-7 (c) contradicts the experimental observation of
residual compressive strength. However, potential underestimation of the strain
energy due to this abrupt failure can be compensated by adjusting the residual
strength, i.e. the stress values at the plateaus, or by delaying element deletion,

I.e. elongating the plateaus.

5.2.4.3 Summary for the assessment

The assessment of four sets of input properties revealed that ‘T1M1’ and
‘T2MY’ inputs, which explicitly defined the bilinear-like material behaviour
after the damage initiation, are unsuitable for defining the material response at
high strain rates. With small damage parameters such as those of the input set
‘C’, unrealistic stress degradation beyond the maximum tensile stress was

obtained. This can result in significant overprediction of the ballistic impact
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resistance. The reasonable predictions of high strain rate material response were
only achieved with ‘TM3’, which will be employed to carry out impact

simulations. The full set of properties “TM3’ is given in Table 5-6.

5.2.5 Discussions

In the process of determining the input parameters for MAT162, the
limitations of MAT162 were revealed. First of all, there is no good way of
modelling the bilinear tensile elastic behaviour in MAT162. The only method of
representing the bilinear behaviour that could be identified was to assign
negative values to the appropriate damage parameters, which results in an
increase in stress beyond the damage onset point. However, no option is
available to explicitly define the ultimate stress. The element deletion criteria
were used for this purpose in present study, which allowed to obtain a good
agreement between the experiment and predictions for one specific loading case,
while failed to deliver reasonable predictions under other types of loading.
Because of that, a conservative modelling approach has been taken, where the
tensile behaviour was considered to be linearly elastic until the maximum stress.
To approximate the strain energy density better, the secant modulus at the
maximum stress should be used instead of the real elastic modulus from
experiment.

In addition, in the current version of MAT162, the in-plane tensile and
compressive behaviour can only be described by a single damage evolution
parameter. Hence it is not possible to define within the same model abrupt final
failure under tension, and gradual stiffness degradation under compression, as
observed in the experiments. As conservative predictions are preferable, both
tension and compression can be modelled as brittle, by assigning a large positive
value to the damage evolution parameter. If necessary, the underestimated strain
energy under compression can be easily compensated by adjusting the residual
compressive strength.

Finally, assigning the rate sensitivity to the material properties is not
straightforward, due to the mandatory reference strain rate of 1/s. Furthermore,
the strain rate dependency in MAT162 model is controlled by an insufficient
number of scaling factors. Specifically, six strength parameters are all scaled by

a single factor. Under such a simplification, the strain rate factors are more like
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calibration parameters one can manipulate rather than descriptions of the real

strain rate dependency.

Table 5-6 The MAT162 inputs for GF-1 and CF-IM7.

Input GF-1 CF-IM7 Unit
RO 1.851x10° 1.458x10° ton/m3
EA 7.820 62.71 GPa
EB 16.78 18.32 GPa
EC 13 9.32 GPa

PRBA 0.1453 0.037
PRCA 0.1919 0.015
PRCB 0.2703 0.01
GAB 4.032 3.85 GPa
GBC 4.002 5.83 GPa
GCA 6.695 3.05 GPa
SAT 312.61 1145.80! 0r1586.722  MPa
SAC 301.40 408.32! or 565.442 MPa
SBT 338.40 580.07* or 803.292 MPa
SBC 262.45 155.79% or 215.742 MPa
SCT 50 50 MPa
SFC 523.89 331! or 4302 MPa
SFS 2000 4000 or 60002 MPa
SAB 47 47 MPa
SBC 50 50 MPa
SCA 50 50 MPa
SFFC 05 0.3

E_LIMT 2 2

S_DELM 1x10° 1x10°

ECRSH 0.1 0.1

EEXPN 4 4

CRATE1 0.0453 0.0365! or 0.06352
AM1 100 100
AM2 100 100
AMS3 100 100
AM4 0.3 -0.3

CRATE2 0 0

CRATE3 0 0

CRATE4 0 0

1. Adjusted inputs for the strain rate scaling factor determined from weft compression;
2. Adjusted inputs for the strain rate scaling factor determined from warp compression.
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5.2.6 Inputs for CF-IM7

The material property input for CF-IM7 composite was determined
following the same calibration procedures as was adopted to obtain the input
sets “TM3’ and “‘C’ for GF-1 composite. As can be seen from the stress-strain
curves shown by Figure 5-8, good agreement was achieved between the
experimental tensile stress-strain curves and those calculated for a single
element model with “TM3’ in Error! Reference source not found.. Similarly,
good approximation was achieved with ‘C’ for the compression test data as

shown in Figure 5-9.
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Figure 5-8 The stress-strain curves of single element tension model for CF-IM7 when
the data set “TM3” is used. In the curves with the suffix ‘C’, only the damage
parameters are changed into the compressive ones.
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Figure 5-9 The stress-strain curves of single element compression model for CF-IM7
when the data set ‘C’ is used. In the curves with the suffix “TM3’, only the damage
parameters are changed into the tensile ones.
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However, predictions of compressive behaviour with the damage evolution
parameters of ‘TM3’ (the curves denoted “sim-TM3” in Figure 5-9), and
predictions of the tensile response with the damage evolution parameters of ‘C’
(the curves denoted “sim-C” in Figure 5-8), were rather inaccurate due to
stiffness degradation both under tension and under compression being controlled
by a single damage evolution parameter. Therefore, the set which provides

conservative predictions, i.e. “TM3’, was chosen for the subsequent studies.

5.3 Simulation of the ballistic impact tests

Full sets of input data for MAT162 have been determined so far. In this
section, they are used for simulating the ballistic impact tests of GF-1 and CF-
IM7 plates in Chapter 4.

5.3.1 Methodology

The composites for the plates were regarded as monolithic materials whose
behaviour is described by MAT162. Three impact tests, whose impact velocities
were respectively lower, slightly higher and much higher than the extrapolated
ballistic limit, were simulated for each of GF-1 and CF-IM7 materials. The
impact and residual velocities of these tests are marked as underlined in Table
4-2. In the ballistic impact tests of plates, the area exposed to impact is a 100
mm diameter circle. Hence, for the impact simulations, a finite element model
of a circular composite plate was generated as shown in Figure 5-10.

Although the material and the loading are symmetric, the model was not
simplified to its half or quarter in order to avoid complication of element deletion
due to symmetry. The boundary conditions were applied by fully constraining
the nodes along the periphery of the circular plate. The plate was meshed with
single integration point hexahedron solid elements. Hourglass energy
monitoring was switched on and stiffness-based hourglass control (Type 2 of
Flanagan-Belytschko) provided by LS-DYNA was employed. In the
experiments, the projectile was a steel ball bearing of 6.35 mm in radius, which
was modelled as a rigid body of the same dimensions in the FE model. It was
assigned an initial velocity along the x-axis, which is through the thickness
direction of the plate. The weft direction is aligned with the y axis and the warp

direction is aligned with the z axis. The contact between the plate and the
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projectile was modelled by using the single surface contact with element
deletion. In the single surface contact algorithm of LS-DYNA, the slave surface
is defined by a list of parts and no master surface needs to be defined. When
using this contact algorithm, only one contact definition is required to define all
the contacts of multiple parts. In addition, this algorithm also considers the self-
contact of each part, which needs to be accounted for when modelling the FBO,
since the generated fragments can interact with each other. The friction
coefficient was set to zero for initial analysis as recommended in [199] for one

global contact which includes several components.

A

Figure 5-10 The LS-DYNA model for the ballistic impact tests.

A mesh sensitivity study was performed to determine an appropriate mesh
density for this simulation. The number of elements in the plate was varied and
the mesh of the projectile was altered accordingly to ensure a similar mesh size.
The result of the sensitivity study is shown in Figure 5-11 with respect to the
predicted projectile residual velocity vs. the number of element in the plate.

It can be seen that velocity predictions changed less than 2 m/s (4%) when
the number of the elements exceeded 6.4x10* (the red marker). Therefore, the
mesh which has 6.4x10% elements was used for the subsequent simulations. The
corresponding mesh is shown in Figure 5-10. The central 20 mm x 20 mm square
region was meshed with the uniform element size of 0.5 mm x 0.5 mm. The

model had eight layers of elements in the thickness direction.
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Figure 5-11 A mesh sensitivity study for modelling the plate impact test of CF-IM7.

An artificial neural network (ANN) model from multi-scale modelling

Following the dominating multi-scale approach for modelling 3D textile
composites, the parallel PhD project [8] is targeted at developing reliable
material models for macro scale simulation. This approach is concluded into a
user-defined subroutine in LS-DYNA to deliver a macro scale material model
(referred to as the ANN model in the following). As a comparison to MAT162,
this ANN model is also employed for modelling the same impact tests. Except
for the material model and its inputs, the plate impact models of ANN are the
same as the MAT162 ones in every aspect. This study also serves to validate the
whole multiscale modelling methodology incorporating ANN.

The development of this model starts from micro scale, where the unit cell
composed of a single fibre and surrounding matrix is analysed to provide the
properties of fibre yarns. Subsequently, the yarn properties are used in the
analysis of a meso scale unit cell, which represents the smallest repeating unit
of a textile composite. Then, this meso scale unit cell is employed in cooperating
with an artificial neural network (ANN), which is essentially a sophisticated
interpolation method, to establish the failure envelope for the macro scale model.
The key procedures of these developments along with simple validations are
provided in Appendix 1.

5.3.2 Velocity prediction

In the simulation results, the history of hourglass energy was commonly
found to be less than 5% of the total energy, which indicates a valid dynamic
analysis for reduced integration elements. The results in terms of residual

velocities against the impact velocities are shown in Figure 5-12 together with
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the ones from the experiment (Exp). The prediction bands of the ballistic impact
tests on GF-1 and CF-IM7 are also included as the dashed lines and the dotted

lines respectively.
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Figure 5-12 The residual velocities from the simulations with MAT162 and
comparison with experimental results for (a) GF-1 and (b) CF-IM7. The prediction
bands of the ballistic impact tests are shown as the dash lines.

It can be seen that, both ANN and MAT162 were able to capture the two
trends of experimental results: (1) the impact resistance of CF-IM7 is less than
GF-1; and (2) more energy is dissipated at higher velocity. However, all the
residual velocities from the ANN simulation are substantially higher than the
experimental results, indicating significantly conservative predictions of the
impact resistance of the plates. Especially for CF-IM7, only a tiny impact
resistance was predicted. The projectile still had 104 m/s of residual velocity V:
when impact velocity Vi was 106 m/s, V; = 148 m/s for V; = 151 m/s and V; =
223 m/s for Vi = 228 m/s. The reasons for these discrepancies are beyond the
scope of this thesis. Compared with the multiscale approach represented by this
ANN model, the macro scale modelling approach in this thesis with MAT162
and the calibrated data show much better agreement with the experimental
results with respect to the residual velocities.

For GF-1, the predicted residual velocity is 188 m/s at Vi = 245 m/s, 13 m/s
higher than the experiment, indicating 41% of the initial energy is dissipated
during the impact. This prediction is 8% lower than the experimental result. At
Vi = 105 m/s, the simulation predicts projectile rebounding with 16% of the
initial energy, compared to 24% in the experiment. The largest disagreement to

the experiment in Figure 5-12 (a) is at Vi = 176 m/s. The experiment indicates
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92.6% of the initial energy was dissipated during the impact, while the
simulation predicted a dissipation of 73.4% with an underestimation of 19.2%.
Given the scattered experimental results, especially close to the ballistic limit
where the prediction band becomes wider indicating more uncertainty than the
other ranges of velocities, the discrepancy is regarded as acceptable.

For CF-IM7, the prediction bands are narrower. At Vi = 151 m/s, the input
set based on the strain rate dependency of weft direction (with the suffix ‘Cweft’)
shows a significant discrepancy to the experiment. The weft direction behaves
depending on the straight carbon fibres which are known as strain rate
insensitive. By using it for impact simulation, the energy dissipation capability
enhanced by strain rate sensitivity of the other loading directions was
underestimated and consequently the impact resistance was underpredicted. On
the other hand, the set with the strain rate dependency of warp direction (with
the suffix ‘Cwarp’) gives much better results at all the three velocities. When
using ‘Cwarp’, the largest discrepancy happens at Vi = 151 m/s. The predicted
residual velocity is 2 m/s, which is 39 m/s less than the experiment. But in terms
of energy dissipation, the discrepancy is only 7% of the initial energy. Clearly,
“TM3-Cwarp’ is more appropriate for further modelling of impact on CF-IM7
structures.

Besides suggesting the choice of input sets, more importantly the figure
indicates the accuracy achieved in predicting the residual velocity via this
methodology. In spite of the simplifications and assumptions involved when
modelling 3D woven composites with MAT162, by calibrating the single
element model against the QS tests and considering the proper strain rate effects,
conservative but acceptably accurate predictions can be made about the impact
on these plates at various velocities. The method therefore brings the possibility
of studying the application of 3D textile composites to fan containment casings

using phenomenological macro scale FE analysis.

5.3.3 Prediction of damage and failure

The generalised Hashin failure criteria are implemented in MAT162 as Eq.
(5-1) to (5-9). The values of f in these equations are informative about failure
and damage. Failure takes place when f becomes 0. After that, the larger f is, the

more severe the damage is. Taking advantage of this feature, the damage
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prediction of MAT162 was examined via the fibre failure in both in-plane

directions and matrix failure due to in-plane shear stress. The fibre crush failure

is always localised within the impact vicinity and is therefore excluded.

e ol

Fibre failure in the Fibre failure in the Matrix failure
weft direction warp direction In-plane shear criteria

Figure 5-13 Comparison between simulation and experiment for the failure on the
penetrated plate of GF-1 impacted at 176 m/s, viewed from the back fact of impact. Y
(green) is the weft direction and Z (blue) is the warp direction.

The prediction about damage and failure on the penetrated GF-1 plate at V;
=176 m/s is viewed from the back face of impact in Figure 5-13. The contour
scale is from zero to unity, which corresponds to intact and failed/damage-
initiated elements, respectively. The extent of the transparent regions in the
contours is indicated by their boundaries. The weft direction is aligned with the
Y axis and the warp direction with the Z axis.

Compared with the experiment, the first contour shows that the extended
failure in the weft yarns is captured with slight exaggeration in £90° directions.
The fibre failure around the periphery indicates significant local stress, which
could be one of the causes for the matrix cracks in the experiment. For the fibre
failure in the warp direction as shown by the second contour, the failure area is
over predicted. Clearly, the tensile stress based failure criterion is not accurate
for the crimped fibres in the warp direction. Before transferring significant

tensile loadings, the crimped fibres need to be straightened. The visual
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inspection shows that matrix cracks spread widely in the tested plate. This is
captured by MAT162 in the third contour, where the predicted matrix failure is
all over the plate.

In a similar way, contours of a quarter of the CF-IM7 plate at Vi= 151 m/s
are displayed in Figure 5-14, to study the prediction in the through-thickness
direction and the process of failure during the impact. Each mode is displayed
at four stages from the first contact in the first row to the full penetration in the
last row. The development of the three modes shares a lot in common. Take the
first column, the fibre failure in the weft direction, as an example, it starts right
under the projectile when indention begins. As the projectile starts to penetrate,
the failure first takes place along the weft direction on the back face of the impact,
which is blue when viewed from the front face but is red from the back face.
Then, in the next stage, failure appears and develops around the boundary and
near the front face, until the last stage, where the plate has been fully penetrated.

Compared with the XCT results, again, the area for the warp fibre failure
Is exaggerated by the prediction. In addition, MAT162 does not have criteria to
account for yarn/matrix debonding, which is a very important mode in the XCT
observation. However, these contours show an important characteristic, which
is also found in the XCT, that all the damage modes are more extended near the
back face.

From both comparisons, it can be concluded that the prediction of MAT162
dose qualitatively show some important characteristics of failure and damage
which happened during the impact on the 3D woven composites. However, the
predictions tend to exaggerate the area of damage and should be viewed with

care.
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Figure 5-14 The three failure modes at their four stages on the CF-IM7 plate impacted at 163 m/s. A quarter of the plate is displayed. Y (green) is the weft
direction and Z (blue) is the warp direction.
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5.4 Conclusions

In this chapter, several limitations of MAT162 are revealed. The current
version of MAT162 is not able to model the bilinearly or nonlinearly increasing
stress-strain behaviour properly. To better represent the strain energy dissipated
before the final failure, the secant moduli at the maximum stresses should be
used. At the same time, MAT162 provides only one modulus input and one
damage coefficient for one principle direction. Emphasis on the abrupt tensile
failure may lead to underestimated compressive behaviour and consequently
energy dissipation capability, while emphasis on the ductile compressive failure
may lead to overestimation. And care should be taken when determining the
strain rate coefficients, as the mandatory reference strain rate in MAT162 is 1/s.
Using the QS properties and the associated scaling factors as the input
parameters, like it was done in some previous studies, results in incorrect
definition of dynamic properties and underestimation in the impact resistance.

After finding out the proper method and input data for MAT162, the
ballistic impact tests of the GF-1 and CF-IM7 plates were simulated. Compared
with the current ANN model developed via multi-scale modelling, this
phenomenological modelling approach provides better prediction and accuracy.
Although the failed area is exaggerated, some important characteristics of the
failure and damage caused by impact loadings are captured by the simulation.
The approach is therefore considered as viable and employed for studying the
application of 3D textile composites to fan containment casings.
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Chapter 6 Parametric study for plate impact tests

6.1 Introduction

In the ballistic impact tests described in Chapter 4, the spherical projectile
impacted the flat plates normal to the surface. However, the fragmentation of
the fan blade during FBO generates high velocity debris of various shapes. Even
at the same velocity, these fragments can show different types of interaction with
the casing. Specifically, sharp projectiles are likely to be more efficient in
penetrating the casing, than the blunt ones. In addition, during the FBO, the
released blade has a large circumferential momentum due to the rotation of the
fan assembly. The impact on the casing could be at various oblique angles, rather
than just normal to the surface. Also, quite different from flat plates, casing rings
are curved structures.

It is evident that the entire complexity of the loading and failure modes
taking place during the FBO event cannot be captured by testing and analysing
the flat plate impacted at 90° by a sphere. Specifically, the failure related to the
projectile shape, the obliquity and casing curvature may not be represented by
such a simple case. In this study, the influence of projectile shape, impact
obliquity and target curvature on damage and failure of textile composite plates
was investigated by conducting appropriate parametric studies. A literature

review is provided to present the severe deficiencies of research in this respect.
6.2 Literature review

6.2.1 Projectile Shape

A number of studies have been carried out to investigate the effects of
projectile shape on the impact response of laminated composites during ballistic
tests. Wen [200, 201] studied the high velocity penetration of several laminated
composites by using flat-faced, hemispherical-tip, conical-tip and truncated-
cone-nose projectiles. For predicting the ballistic limits, analytical expressions
were proposed, which employed an empirical constant in combination with the
energy balance. By using this analytical methods, good agreement with the
experimental results was reported for laminated composites [202-204]. Ben-Dor

et al. [205] generalised Wen’s approach to determine the most efficient nose

130



shape for penetrating fibre reinforced plastics. It was concluded that the sharp
cone and ogive nose shapes were actually less efficient in penetration than blunt
tip projectiles. Later experimental studies [202, 203, 206] suggest that the effect
of projectile shape is strongly dependent on the target material.

Ulven et al. [202] studied the effect of projectile shape through ballistic
tests on VARTM manufactured satin weave carbon/epoxy laminate composite
plates. Flat cylinder, fragment simulating projectile (FSP) and cylinders with
hemispherical tip and conical tip were used. This study concluded that the
conical projectile was the least efficient in penetration, followed by flat,
hemispherical and FSP.

Jordan and Naito [203] carried out ballistic impact tests by using 2.85g
FSPs with eight different nose shapes on plain weave E-glass/Phenolic laminate
plates. The nose shapes were chisel, standard .30 calibre FSP, modified .30
calibre FSP, 120° cone, right circular cylinder, hemisphere, cube and
parallelepiped. Plates of three thicknesses were tested. The plates were less
resistant to the FSPs with the sharper nose, such as hemispherical and chisel,
whilst those with a flat surface at the nose (cube and parallelepiped) were the
least efficient in penetration. This conclusion about the shape effect is opposite
to the one made in studies [202] and [205], where the projectiles with sharp nose
shapes were found to be the least efficient in penetration. All these studies were
carried out on 2D laminated composites. No account could be found in the open
literature regarding the projectile shape effects for 3D composites.

A number of studies [192, 202, 203] suggested that the projectile shape
effect is related to target thickness. Penetration of thin plates was found to have
little relation with the projectile shape. During impact of thin plates the largest
portion of energy is dissipated via the plate bending, regardless of the projectile
shape. In thicker plates, the various projectiles can induce different failure
mechanisms. In these studies, the thickness was varied, while the span was kept
constant. However, in terms of bending, the ratio of span to thickness is of
greater importance than the thickness alone. A plate of the same thickness could
be prone to bending when the ratio is large, and be resistant to bending when the
ratio is small. If the thickness and the ratio are changed simultaneously, it is not
appropriate to conclude that the shape effect is related to the target thickness,

rather than the ratio.
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6.2.2 Obliquity

Most of the research into impact response of composites has been
conducted considering the normal impact. Even for laminated composites,
oblique impacts are rarely reported [207-212].

Lamontagne et al. [207, 208] conducted oblique tests on carbon/PEEK
laminates at hypervelocity, which is beyond the range of velocities relevant to
the aero engine applications.

Lopez-Puente et al. [209] carried out ballistic impact experiments on AS-4
carbon fibre/8552 epoxy laminates, in which impact was applied at two angles,
0° (normal impact) and 45° at velocities ranging from 70 to 531 m/s. The
ballistic limits and the extent of damage as determined experimentally were
employed to validate the finite-element simulation, in which laminate
constitutive behaviour was prescribed via a damage model. Once validated, the
finite element model was employed to study the impact at different oblique
angles. The study showed that the ballistic limit increased with impact obliquity.
Meanwhile, the extent of damage due to oblique penetration was larger than that
due to the normal penetration, while the opposite was true for the velocities
below the ballistic limit. Similar conclusions were made by Pernas-Sanchez et
al. [210], where impact tests on quasi-isotropic carbon/epoxy laminates were
performed at 0° and 45° and then an analytical approach was proposed to
investigate the other obliquities.

Hazell et al. [211, 212] also studied the oblique impact at 0° and 45° for
carbon fibre reinforced plastics laminates. It was reported that more of the
projectile kinetic energy was transferred to the target than in normal impact. The
authors suggested that this were merely due to a geometrical effect, namely, the
projectile needed to penetrate a greater thickness during oblique impact. After
normalised to the plate thickness, the amount of energy absorbed were similar

in the panels impacted at 0° and 45°.

6.2.3 Curvature of the target

There are many publications on the impact of curved composite structures,
for example those reported in [213-217]. Most of them focused on 2D laminated
composites, and considered only the low velocity impact cases. No account
could be found regarding the effect of curvature for 3D composites at high
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velocities.

Some interesting findings were reported for laminated composites. Kim et
al. [216] developed a finite element technique utilising a modified Herzian
contact law and applied it to investigate the effect of curvature on the impact
response of composite laminates. The contact force during impact was found to
be larger for plates with higher curvature. This was further interpreted as more
kinetic energy being dissipated in the plates with larger curvature in the recent
study [218]. However, it was pointed out in [219] that the effect of curvature is
only significant when curvature is high. It is of interest to find out whether these

findings still hold for 3D woven composites at high velocities.

6.2.4 Conclusions

Most of the research into the effect of projectile shape, impact obliquity
and target curvature was focused on 2D laminated composites. It is unclear
whether the conclusions in these researches are also applicable for 3D
composites. Moreover, the available studies indicate that the effect of projectile
shape is strongly dependent on the target material. A parametric study on these

factors for the 3D woven composites should be carried out.

6.3 Methodology

The parametric study was conducted numerically in LS-DYNA for CF-IM7
composite targets by using MAT162, for which the values of input parameters
were determined in Chapter 5. Finite element model was generated to represent
the ballistic impact tests as described in Chapter 4. Specifically, the target was
4 mm-thick circular plates with 100 mm in diameter. In addition to that, models
of circular plates with 50 mm and 200 mm in diameters were generated to study
the effects of the span to thickness ratio. All plates were fully constrained along
their peripheries. The contact algorithm and hourglass control were the same as
those applied for the models in Chapter 5. Five types of rigid projectiles were
considered. Their shapes and dimensions are shown by Figure 6-1. The spherical
projectile is exactly the same as the one used in the experiment: 12.7 mm in
diameter and made of steel. Its projection on the target is a 12.7 mm-diameter
circle. There is no doubt that the volume of material right under the projectile

would have influence on the test results. Given constant thickness, the projected
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area was kept constant for different projectile shapes in this study, namely, the
diameters of the conical, FSP and cylindrical projectiles were also 12.7 mm. The
tip of a NATO .50 fragment simulator calibre was used for the FSP. In addition,
all projectile masses were kept constant at 8.6 grams so that the kinetic energy

was also constant when fired at the same velocity Vi.
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Figure 6-1 The dimensions of the projectiles.

Four values of initial velocities were assigned to the projectiles, namely
106 m/s, 151 m/s, 181 m/s and 227 m/s. These were the impact velocities
measured by the high speed camera in the ballistic tests. The limit velocity was
estimated to be 146 m/s and both the projectile rebounding and the penetration
were simulated.

The effects of impact obliquity were investigated by using the 100-mm-
diameter plates and the spherical projectile. The impact angle hereby is defined
as the acute angle between the impact velocity vector and the normal direction
of the plate. Five oblique impacts, namely at 15°, 30°, 45°, 60° and 75°, were
simulated, along with normal impact (0°). The projectile was carefully placed so
that the first contact took place right at the centre of the target plate. In this study,
only the impact in the plane of material axes 1 and 3, as shown by Figure 6-2, is
considered. The resultant impact velocity V is decomposed as the normal
velocity Vn parallel with the material axis 3, and the tangential velocity Vt
parallel with material axis 1. The material is orthotropic and unbalanced in the
in-plane directions. The situation, where V7 is parallel to axis 2 or any other in-
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plane direction between 1 and 2, is not considered.
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Figure 6-2 A schematic for the oblique impact model with indication of material axes.

It is apparent that the value of normal velocity Vn needs to be sufficiently
high for the occurrence of penetration. Otherwise, penetration would not occur
even at large Vr and V, in which case the projectile would essentially slide along
the surface of the target. Therefore, Vn was kept constant and consequently Vr
and V increase sharply at small impact angles. Two values of Vy, i.e. 106 m/s
and 151 m/s, were used for each impact angle.

Figure 6-3 A schematic for the models with curved target plates.

The full scale fan casing in this study is represented by a ring of 2000 mm
inner diameter, 20 mm thickness and 750 mm height. It is practically and
financially difficult to test such a large component for research purposes. As a
feasibility study for the larger project, 4:1 scaled ring prototypes of the casing
have been manufactured [220]. Potential ballistic tests could be performed on
these rings or parts of them, but it should be noticed that they are more curved
than the full-scale casing. Their degree of curvature was used as a baseline for
investigation of the effects of curvature to impact, the numerical tests were

performed on curved plates representing the segment of a cylinder as shown by
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Figure 6-3. Herein, the ratio of curvature radius, R, to span, S, is used as an
indication of the degree of curvature. A smaller value of R/S means the plate is
more curved. In addition to the ratio of 2.5 for the baseline model and 10 (R =
1000 mm) for the full scale fan casing, plates with ratios of 0.75 (R = 75 mm),
1.25 (R =125 mm) and 3.75 (R = 375 mm) were also studied.

The plates were fully constrained along their four edges and impacted
normally at the middle of the span and width by the above spherical projectile
at 151 m/s. Material coordinates were carefully assigned so that the through-
thickness direction of the material is pointing to the centre of the curvature for

each element.
6.4 Results and discussion
6.4.1 Shape of projectile

6.4.1.1 Results summary

The residual velocities of the projectiles are plotted against the impact
velocities in Figure 6-4 (a), (b) and (c), showing the effects of projectile shape
for 50 mm, 100 mm and 200 mm plates, respectively. At the same impact
velocity, the residual velocity is lower if the plate is more resistant to impact.

In all three cases, the curves for the flat cylinder are clearly above the others,
indicating larger residual velocities for the same initial velocity. As shown in
Figure 6-4 (b) and (c), at impact velocity of 106 m/s, this type of projectile
rebounds from the 100 mm and 200 mm plates, and its rebounding velocity is
apparently lower than those of the projectiles of other shapes. The rebounding
of the projectile is due to the Kinetic energy stored in the plate transferring back
to the projectile. Rebounding velocity, i.e. negative residual velocity, could
therefore be considered as an indication of this energy. In Figure 6-4 (b), for the
flat cylinder, almost no energy was stored by the plate. At the other extreme, one
third of the initial kinetic energy (48 J) was stored in the plate when impacted
by the spherical projectile. These observations counter-intuitively suggest the
cylinders with flat faces are more effective in penetration and damaging the

target plate than the pointed projectiles, e.g. the conical projectile.
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Figure 6-4 Impact velocities vs residual velocities for (a) 50 mm, (b) 100 mm and (c)
200 mm plates.

Based on the analysis as presented above, in terms of their penetration
capability, the projectiles can be listed in an ascending order as cuboid, sphere,
cone, FSP and flat cylinder. Interestingly, the cuboid projectile also has flat faces,

but, unlike the flat cylinder, it is the least effective in penetration.

6.4.1.2 The process of impact
To identify the causes for different penetration capabilities of the

projectiles as were presented in the previous section, the penetration process
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needs to be understood. Depending on the shape of the projectile, there can be
two types of first contact between the projectile and the target. The first one is a
point contact for the conical and spherical projectiles, and the second type is the
face contact for the FSP, the flat cylinder and the cuboid.

Time = 2.3998e-005

xxxxxxxxxxxxxxxxxxx
xxxxxxxxxxxxxxxxxxx

Figure 6-5 The penetration of the target with the conical projectile at 151 m/s.

A series of images showing interaction between the conical projectile and
a flat plate are presented in Figure 6-5. In this case, the point contact initially
indents and generates a “blind hole” in Figure 6-5 (a). As the projectile moves
further down, the material around the hole is crushed and pushed away from the
projectile path. The size and depth of the hole increases until the nose of the
projective is fully buried in the plate, as shown in Figure 6-5 (b). This process
will be referred to as hole enlargement. At its later stages, the projectile begins
to push and bend the target plate. The kinetic energy is transferred from the
projectile to the plate. Then the material around the projectile is cut by through-
thickness shear stress as shown in Figure 6-5 (c). material around the projectile
Is cut by through-thickness shear stress. A plug is formed and propelled.
Meanwhile, the bending of the plate becomes substantial.

The velocity history plots of this conical projectile are shown in Figure 6-6.
It can be seen that the deceleration during the initial contact is minor, but it
increases dramatically during the later stages of hole enlargement. After the
target is penetrated and its resistance is lost at 0.000112 s (Figure 6-5 (c)), and

the projectile travels at a constant residual velocity.
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Figure 6-6 The velocity histories of different projectiles impacted onto the 100 mm
plates at 151 m/s.
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Figure 6-7 The penetration of the target with the flat cylinder projectile at 151 m/s.

Similarly, the impact process of the flat projectile is shown in Figure 6-7.
By contrast, the face contact of the flat projectile leads to severe through-
thickness shear and crush around the periphery of the projectile from the
beginning of contact (Figure 6-7 (a)). As the projectile moves down through the
plate (Figure 6-7 (b)), the shear and crush take place inside the plate. The plate
is also pushed and bent by the projectile, which is accompanied by the tensile
failure on the back surface. Greater deceleration is accompanied by a much
earlier penetration (Figure 6-7 (c)) as compared to those observed for the conical
projectile. The degree of bending and its associated kinetic energy transfer are
also reduced. Same as in the case of the point contact, a plug is formed by the
shear cutting and then propelled by the moving projectile. The volume of
material under crush and shear plugging is related to the projected area of the

projectile and also the thickness of the plate.
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As can be seen in Figure 6-6, the velocity reduces very rapidly from the
very beginning of this process, for both the flat cylinder and the cuboid.
However, the deceleration of the cuboid is larger than the flat cylinder. Given
they have the same cross-sectional area, the similar volume of material is under
crushing and the similar weight of plug should be generated by them. The
difference is then very likely to be attributed to the mechanism related to

through-thickness shear.

6.4.1.3 The length of shear cutting

The shear failure of the target takes place around the edges of the projectile
and is therefore related to the edge length. When the areas of the square and the
circle are the same, the perimeter of a square is 13% larger than the

circumference of the circle:

L. 2
Ly=4a=4x+nr?2 =4 xn—=—L. ~ 1.13L, (6-1)
2w

where Lsis a perimeter of the square, a is the edge length of the square, r is the
radius of the circle and L. is the circumference of the circle.

To investigate the effect of shear cutting length, the cuboid was modified
in a new model (denoted as “Modified Cuboid) to have the same perimeter

length as the flat cylinder, but this in turn decreases the projected area by 21.5%:

A
Ag=a?=(—)%= = n4c ~ 0.7854, (6-2)

where As and Ac are the cross section areas of the cuboid and cylinder
respectively.

Another model (denoted as “Modified Cylinder”) for this investigation was
made by enlarging the cross section of the cylinder to have the same cutting
length as the cuboid. This leads to a 27% increase of cross sectional area from
the “Cuboid” and the “Cylinder” models. The projectile length of the “Modified
Cylinder” is decreased correspondingly to keep the mass constant. The
differences in shear cutting length and projected area are summarised in Table

6-1. The values are normalised to those of the cylinder. Projectile kinetic energy
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during the impact, which is derived from the projectile velocity history, is shown

in Figure 6-8.

Table 6-1 Projected areas and cutting lengths of the projectiles.

Cuboid  Cylinder  Modified cuboid Modified cylinder

Normalised 1 1 0.785 1.7
projected area
No_rmallsed 113 1 1 113
cutting length
120 —e— Conical
—#— Modified Conical
100 - ==-Cuboid
y Modified Cuboid
Cylinder
80 —&— Modified Cylinder
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Figure 6-8 The kinetic energy histories of various projectiles when impacted at 151
m/s on the 100 mm plate.

It can be seen that the decrease of kinetic energy for the “Cuboid” is faster
and greater than those for all other types of projectiles. Second largest reduction
in Kinetic energy was observed for the “Modified Cylinder”, followed by the
“Modified Cuboid” and the “Cylinder”. In the “Modified Cuboid”, both the
cutting length and the projected area of the projectile are smaller than those in
“Cuboid”. Consequently, less energy is dissipated via the related mechanisms.
The residual kinetic energy for the “Modified Cuboid” model increased to 37.5
J, from 18.9 J calculated with the “Cuboid”, much closer to 45.1 J of the
“Cylinder”. Similar trend is found when comparing the “Modified Cylinder”
with the “Cylinder”. Even though the analysis as presented here does not allow
to specify whether it is the cutting length or the projected area that contributed

most to the increase of the kinetic energy, effects of their contribution is evident.
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On the other hand, the projectile in the “Modified Cylinder” has larger area
and length as compared to the “Cuboid”. However, its residual kinetic energy is
32.7 J, which still higher than that calculated with the “Cuboid”. This suggests
that there are some purely shape-related mechanisms affecting the impact

performance of the plate.

6.4.1.4 Hole enlargement

Along with shear cutting, crushing and plug formation, hole enlargement
with point contact projectiles also dissipates projectile kinetic energy. Its
contribution and effects were investigated by modelling a larger conical
projectile (denoted as “Modified Conical”). The taper height is increased by 20%
while the taper angle is the same as the original cone. The height of its cylindrical
part is also 6.35 mm. The density of the rigid projectile was changed accordingly

to keep the projectile mass constant.

Time = 4.7988e-005

Figure 6-9 (a) the end of hole enlargement for the original conical and (b) the end of
hole enlargement for the modified conical projectile.

Their kinetic energy histories and the end of hole enlargement for them are
shown in Figure 6-8 and Figure 6-9, respectively. The two curves are identical
before the hole enlargement for the original conical ends at 48us (Figure 6-9 (a)
and the left black square marker in Figure 6-8). Then the projectile in the
“Conical” model starts to crush and shear off the target material, leading to the
formation of shear plug, while the one in the “Modified Conical” continues hole
enlargement until 64us (Figure 6-9 (b) and the right black square marker in
Figure 6-8). In the “Modified Conical”, the dissipation mechanisms related to
hole enlargement contribute 59.5 J to the total dissipation of 94.1 J while it is
38.7 Jt0 69.7 J in the “Conical” model. This proves that the mechanisms related
to hole enlargement play important roles in the energy dissipation for point

contact impactors. The energy after hole enlargement is also increased which is
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to be expected as the cross section of the projectile is larger in the “Modified
Conical” model.

Clearly, this process is much related to how the hole is enlarged. In Figure
6-6, the hole enlargement of the spherical projectile leads to a faster deceleration
than the conical one. During the hole enlargement, given the same depth, the
hole made by the sphere has a larger area than the one by the conical. After the
hole enlargement, less energy is dissipated by through-thickness shear cutting
due to the smooth shape of sphere. Therefore, the final residual velocity ends up
being close to the conical projectile. For conical projectiles, the degree of taper
should greatly affects the hole enlargement. It is self-evident that the hole
enlargement is less efficient when the degree of taper is larger, and consequently
the projectile is more efficient in penetration.

The impact of the FSP is a combination of shear cutting due to face contact
and hole enlargement due to its taper. Its initial shear cutting length is smaller
than the “Cuboid” and the “Cylinder” models, so its deceleration in Figure 6-6

is in between the point contact group and the face contact group.

6.4.2 The span to thickness ratio

From Figure 6-4 (a) to (c), the span to thickness ratio is increased. Along
with this increase, the residual velocity of each projectile decreases, no matter
what the impact velocity is. Figure 6-10 (a) shows the histories of the kinetic
energy, internal energy and their sum total energy in the plates of different sizes,
when impacted by the spherical projectile at 151 m/s. The results for 50 mm,
100 mm and 200 mm plates are illustrated respectively by curves in black, blue
and red.

In terms of peak and average values, it is evident that the greater the ratio,
the greater all the three types of energy are. However, if the energies are
normalised to their weights as in Figure 6-10 (b), the above trend is reversed, i.e.
the 50 mm plate has the highest levels. This normalisation process essentially
indicates the average energy densities in the target plates. The plate with a large
span to thickness ratio actually behaves less efficient in dissipating the impact

energy.
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Figure 6-10 (a)When impacted at 151 m/s by the spherical projectile, the Kinetic,
Internal and Total Energy histories of 50 mm plate in black, 100 mm plate in blue and
200 mm plate in red, and (b) these energies normalised to the mass ratios of the three

target plates.

In Figure 6-10 (b), fluctuations of the kinetic and internal energy can be
noticed especially in the 50 mm plate. This is the result of plate vibration and
conversions between the kinetic energy and the internal energy. The vibration
frequency is much higher in the 50 mm plates than the other two. At the end of
Figure 6-10, several fluctuations are finished in the 50 mm plates, while the 200
mm plate is yet to reach its first peak of internal energy, indicating that the plate
is still in contact with the projectile and being pushed by it. This trend reveals
that the contact duration is longer in plate with large span to thickness ratio.

When impacted by the same projectile at a higher velocity (227 m/s), the
above conclusions concerning the span to depth ratio are also applicable, as

shown in Figure 6-11. Rather than significantly bending the plate, the high
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velocity leads to localised crush during a much shorter contact. Therefore the
internal energy related to bending and the kinetic energy related to vibration

become much smaller in Figure 6-11.
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Figure 6-11 (a) When impacted at 227 m/s by the spherical projectile, the Kinetic,
Internal and Total Energy histories of 50 mm plate in black, 100 mm plate in blue and
200 mm plate in red, and (b) these energies normalised to the mass ratios of the three

target plates.

In contrast to the findings in [192, 202, 203], the projectile shape effect is
more significant in a plate with a large span to thickness ratio. The reason behind
this could be the duration of contact and its relation to bending. For instance, if
the velocity histories of the cuboid and the flat cylinder, when fired at 151 m/s
onto the 50 mm plate, are plotted, as shown in Figure 6-12. The time point when
the velocity becomes constant is here regarded as the end of contact. They are
illustrated by black markers in the figure. It is found that the duration of contact

differs by about 1.6x10°s, while the duration difference in Figure 6-6 for the
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100 mm plates is 4.8x10s, three times larger. If the projectile is still in contact
with the target plate, its residual kinetic energy makes it push the target farther
away from the original position. The contact duration to some extent positively
relates to the degree of bending. A larger difference in the contact duration leads
to a larger difference in the degree of bending and consequently, energy
dissipation. Therefore the shape effect is found to be more significant for plates

with larger span to thickness ratios.
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Figure 6-12 The velocity histories for the flat cylinder and the cuboid when fired at
151 m/s onto the 50 mm plates.

6.4.3 Oblique impact

The results of oblique impact simulations with constant normal velocities
of 151 m/s and 106 m/s are shown in Figure 6-13 (a) and (b), respectively. The
plots show the velocity vectors, normal (Vn) and tangential (V1), before (solid
lines) and after (dashed lines) the impacts.

In Figure 6-13 (a), the increase in residual Vy is barely noticeable from 0°
to 15°, while it becomes more and more apparent when the impact angle is
further increased. This means that penetration becomes easier at larger angles.
A similar trend can also be seen in Figure 6-13 (b) (cf. 45R and 60R).
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Figure 6-13 Velocity vectors, normal (Vn) and tangential (V+), of oblique impacts at
different angles with constant normal velocities (a) Vn= 151 m/s and (b) Vn= 106
m/s. Dashed lines denoted with “R” are residual velocities.

The exception to the increasing residual Vn as impact angle increases is the
75° impact. In Figure 6-13 (a), the Vn of 75R is much lower than that of 60R.
When analysing the projectile trajectory, as shown in Figure 6-14 (a), it is found
that due to the large tangential velocity of the 75° model, the projectile reaches
the boundary before it can completely penetrate the plate. Afterwards, there is
no resistance from the plate to Vn and V. This suggests that the resistance to the
penetration of this impact is actually underestimated. At 60° (Figure 6-14 (b)),
the projectile does not reach the boundary before penetration, as is the case for
all the other angles. Therefore, the results at these angles are indicative of the

real penetration resistance of the plates.
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Figure 6-14 When V=106 m/s, (a) at 75° the projectile reaches the edge of the plate
before full penetration and (b) at 60° full penetration takes place before the projectile
reaches the edge of the target.

Figure 6-15 (a) shows the changes of kinetic energy based on the normal
velocities, before and after impact. Recall that rebounding takes place at 0°, 15°
and 30° at 106 m/s. Energy is a scalar so the kinetic energy change does not take
rebounding into consideration. Therefore for the rebounding cases, the less
change in the kinetic energy actually stands for higher impact resistance and
therefore more energy dissipation. Based on this, it is possible to find the
common trend in Figure 6-15 (a) for both velocities, which is that the dissipated
energy falls with increasing impact angle other than for the exception from 60°
to 75°. This fall is attributed to an increase in hole opening resulting from the
tangential velocity. A larger impact angle leads to a higher tangential velocity
and a larger hole, and therefore less material of the plate is resisting the projectile
moving vertically.

Figure 6-15 (b) is the kinetic energy changes based on the resultant
velocities. The energy gradually increases with increasing impact angle,
followed by a sharp rise from 60° to 75°. At 0°, the least amount of Kinetic
energy is dissipated. This indicates that the plate is most vulnerable to
penetration at the normal impact. Thus, if impacts at various angles with
constant resultant velocity were modelled, the normal velocities would
obviously reduce with increasing impact angle and it would become more

difficult to penetrate the target.
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Figure 6-15 Resultant kinetic energy change of the projectile based on normal velocity
En in (a); and the energy of tangential velocity Er and resultant velocity E in (b).

The kinetic energy changes for tangential velocities are the subtraction of
Figure 6-15 (a) from the resultant energy in (b). They are illustrated by the
dashed lines in Figure 6-15 (b). It is worth noting that, at 75°, substantial amount
of energy is dissipated through the reduction in tangential velocity. At 151 m/s,
the tangential velocity change contributes 813 J to the total change of 882 J,
while the normal velocity change accounts for only 69 J. The ratio is 164 J to
211 J to 47 J at 106 m/s. While the impact at 0° is along the through thickness
direction, the impact at large angles is more like impact along the in-plane
direction, where not only mechanical properties are superior but also the
dimension is many times larger. When the impact angle becomes larger, the in-
plane dimension increases and consequently the related energy dissipation
mechanisms are also enhanced. One of the reasons behind the above exceptions
at 75° is very likely to be that, from 60° to 75°, the in-plane behaviour becomes

dominant.

6.4.4 Curvature of the target plate

The mass of the most curved plate (R/S=0.75) is 9% larger than the baseline
plate, while the other plates are within 2% from the mass of the baseline plate.
The mass difference is taken into account when analysing the results of impact

simulations of plates with different degrees of curvature.

149



12000 160

10000 140
120
8000 =
> EIOO
8 6000 280
= 3}
= % 60
P
4000 >
40
2000 -
0 0 *
0 0.0001 0.0002 0 0.0001 0.0002
Time (s) Time (s)

Figure 6-16 Histories of (a) contact force and of (b) velocity and change of kinetic
energy for plates with different radius of curvature to span ratios.

Time histories of the contact force between the plate and the projectile are
shown in Figure 6-16 (a) for plates with different radius-to-span ratios (R/S).
Before the peak values, there are only slight differences among the curves, which
are also reflected in the velocity history plots in Figure 6-16 (b) that show the
deceleration of the projectile. The velocities are nearly identical before 50 pus,
when all the contact forces reach their peak values. After that, the contact forces
begins to decrease, but after 80us, for R/S=0.75 and R/S=1.25 it decreases at a
much faster rate than in the other cases. These changes are also reflected in the
velocity history plots in Figure 6-16 (b). Namely, the velocity reduction after
80us is less substantial for the plates with R/S=0.75 and R/S=1.25, hence the
residual velocities in these two case are higher than in all the others. When the
same data is presented in terms of energy change normalised to the plate mass,
and shown by the dashed lines in Figure 6-16 (b), it becomes clear that, in terms
of impact resistance, the plate with R/S=0.75 is less efficient than the plate with
R/S=1.25.

In addition, the figures show that the effects of target curvature only
become noticeable when the value of R/S is relatively small, or in the other
words, when the target plate is curved to a certain degree. This finding is in
consistent with the conclusions made in [219]. In the present study, this
transition happens somewhere between R/S=2.5 to R/S=1.25. In contrast to
observations made in [218], the present study shows that the more curved the

plate is, the less resistant it is to impact. Above R/S=2.5, the influence of
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curvature is negligible. Therefore, it can be concluded that it is reasonable to
assess the penetration resistance of the containment casing, which has a degree
of curvature of R/S=10, based on the tests on flat panels (R/S= +) or on the
scaled cylinder (R/S=2.5).
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Figure 6-17 Histories of kinetic energy (solid line) and internal energy (dashed line) of
the plates with different radius of curvature to span ratios.

The reasons behind these findings can be explained by analysing the
histories of the kinetic energies (solid lines) and internal energies (dashed lines)
of the plates in Figure 6-17. The residual velocities in Figure 6-16 (b) become
constant after 1.3x10s for R/S=0.75 and R/S=1.25, and after 1.6x10*s for the
other three. The plates have been penetrated after these time points so the
remaining parts of curves are merely energy conversion in the plates and
therefore can be ignored.

It can be seen that the energy levels, especially the internal energies, of
R/S=0.75 and R/S=1.25 are apparently lower than the other three. This indicates
that the differences in Figure 6-16 (b) are related to the differences in the
energies transferred to the plates. The analysis in Section 6.4.2 for flat plates
indicates that bending has a significant contribution to the dissipated energy, and
the more bending in the plate, the more resistant the plate is to penetration. But
for curved plate, the larger curvature makes the plates more resistant to bending
and therefore less kinetic energy can be converted to the energies in the plates,
leaving higher levels of residual velocities in Figure 6-16 (b). The curvature is
much less significantly changed from R/S=10 to 3.75 to 2.5, so the differences

among them in these figures are trivial.
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6.5 Conclusions

A parametric study has been performed to study the effects of the projectile
shape, the target size, the impact obliquity and the target curvature on the impact
performance of the CF-IM7 3D woven composite. It is found that, among the
designated projectiles, the target plate is the least resistant to the penetration of
the flat cylinder projectile, followed by the FSP, conical, spherical and cuboid
projectiles. The difference between the flat cylinder and the cuboid indicates
shape-related mechanisms can play significant roles in energy dissipation for the
projectiles with flat end faces. In addition, shear cutting, crushing and plug
formation, whose contributions are largely affected by the cutting length and
projected area of the projectiles, are also significant mechanisms of energy
dissipation. The penetration of the projectiles with a point contact, e.g. the
conical projectile involves hole enlargement, whose contribution to energy
dissipation can also be substantial.

The effects of the projectile shape become more apparent for plates with
larger diameter-to-thickness ratios, as the larger ratios magnify the difference in
the target bending. Meanwhile, the plate with a larger ratio dissipates more
impact energy but with a lower efficiency.

The effect of impact obliquity is evident for both penetration and
rebounding cases. The normal velocity required for penetration reduces with
increasing impact angle. But in terms of resultant velocity, the trend is the
opposite and the normal impact requires the least amount of energy for
penetration.

It was revealed that plates with large curvature are less resistant to
penetration as it is more difficult to bend them. However, the effects of the
curvature only become apparent when the plate is curved to a certain degree.
This transition happened when the ratio of target radius to target span, R/S, was
decreased from 2.5 to 1.25 in this study. Therefore, it is reasonable to assess the
impact behaviour of full scale casings by tests on flat plates whose R/S=+c0 or

scaled casings whose R/S>2.5.
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Chapter 7 Mixed element type analysis (META) and

simulation of casings under impact loadings

7.1 Introduction

For modelling the FBO of metallic fan casings, it has been reported [221,
222] that very fine mesh should be used in the impact region to accurately predict
the damage observed in experiments. For composite materials, mesh sensitivity
of the impact analyses is particularly important [73, 223]. Fan casings are very
large structures. For example, the fan of General Electric GEnx engine has a
diameter more than 2800 mm [224]. The FE simulation of its FBO tests requires
a very large number of elements and nodes, which can make the simulation
costly.

During such event, the trajectory and impact of the blade is surprisingly
repeatable, in spite of the fact that the event occurs randomly [225]. As a result,
the impact performance of a fan casing can be assessed using the ballistic tests
where a projectile is fired at high velocity onto a target at an oblique angle [225].
Unlike the FBO event at engine level, which usually involves several revolutions
of the rotor, the circumferential motion of the projectile in ballistic tests can be
controlled, making it a well-defined localized event. This also makes it possible
to perform a numerical analysis with mixed element types, in which a critical
local domain modelled with solid elements is embedded in a global domain
modelled with elements of reduced dimensions, e.g. shell elements, and the
different types of elements are coupled [226]. The concept has been practiced in
the marine [227], automotive and aviation industries [228], and its use has been
demonstrated in the multi-scale modelling of composites [229, 230].

In this study, the capability and limitations of a mixed element type analysis
(META) in simulating the impact performance of composite structures were
assessed. META then was used to simulate casing rings made from CF-IM7 3D
woven composites under several simple impact loading cases, which more
closely represent the conditions of an FBO event than the impact testing on

plates.

153



7.2  META analysis for plate impact

7.2.1 General Methodology

In the present study, accuracy of META in predicting the damage and
failure modes of composite materials was initially assessed by applying it for
simulating the ballistic impact tests of the 2D composite laminates reported by
Gama et al. [198]. In the tests, an air gun apparatus was applied to fire cylindrical
projectiles of 13.8g mass, 12.7 mm in diameter and 14.02 mm in height onto
plain-weave S-2 glass/SC15 composite plates. The impact velocity and the
residual velocity of the projectile were measured and recorded in the
experiments. Material model MAT162 in LS-DYNA is applicable for defining
the constitutive behaviour of laminates based on plain weave reinforcements.
Simulation was conducted in [198] for the ballistic impact tests by using
MAT162 model, and a good agreement with the experiments was reported. The
input properties which were specified for MAT162 in the simulation are listed
in Table 7-1. The definitions of the parameters are listed in Table 5-1.

Table 7-1 MAT162 input parameters for the plain-weave S-2 glass SC15 composite
from [198].

p[kg/m3] EA[GPa] EB[GPa] EC[GPa] PRBA PRCA PRCB

1850 275 27.5 11.8 0.11 0.18 0.18
GAB GBC GCA SAT SAC SBT SBC
[GPa] [GPa] [GPa] [MPa] [MPa] [MPa] [MPa]
2.90 2.14 2.14 604 291 604 291
SCT SFC SFS SAB SBC SCA PHIC
[MPa] [MPa] [MPa] [MPa] [MPaq] [MPa] [°]
58 850 300 75 58 58 10
SFFC E LIMT S DELM OMGMX ECRSH EEXPN CRATEL
0.3 0.2 1.2 0.999 0.001 4.5 0.03
AM1 AM2 AM3 AM4 CRATE2 CRATE3 CRATE4
2 2 0.5 0.2 0 0.03 0.03

The target plates had nominal thickness of 13.2 mm, in-plane dimensions
178 mm x 178 mm and comprised 22 plies of lamina. The composite plates were
placed between two square steel plates, both of which had central circular cut-
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outs with a diameter of 101.6 mm. This assembly was bolted to the test rig. The
size of the exposed area of the target is very similar that in the ballistic impact
experiments as described in Chapter 4. To understand how META works for
targets of different diameter-to-thickness ratios, both impact configurations were

analysed by using META as shown in Figure 7-1.
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Figure 7-1 The META model for the two configurations of ballistic impact test.

In both cases, only the exposed area of the target was modelled explicitly.
The displacement of the peripheral nodes are constrained in all directions In spite
of symmetric in-plane material properties and loads, a whole circular plate
model was built to avoid complexity arising from element deletion at the
symmetry boundaries. A single surface contact algorithm was applied to all the
material interfaces.

The META model for the plates as shown in Figure 7-1 employs two types
of elements. Both the central impact region and the projectile were meshed with
hexahedral solid elements with single integration point. Belytschko-Tsay shell
formulation was used for the shell elements involved. Multiple integration points
were set up in the thickness direction to represent the layup. Based on the result
of the mesh sensitivity study in Section 5.3.1, the models for this study have a
larger central region (40 mm x 40 mm) of uniform fine solid element (0.5 mm
x 0.5 mm), which is referred to as the “solid region” in the following, and a

surrounding region meshed with the shell elements (referred to as the “shell
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region”). The mesh size for the impactor was chosen to be comparable to that at
the centre of the plate. The mesh was carefully made so that all shell element
nodes at the shell-solid interface were in alignment with the corresponding solid
element nodes. Then the solid element nodes were constrained to the shell
element nodes by using CONSTRAINED_ SHELL_TO_SOLID [112], as
shown in Figure 7-2. In the current version of LS-DYNA (R7.1.2), the shell-to-
solid constraint allows coupling of one shell node with a maximum of 9 solid
nodes, i.e. 8 elements. All-solid models have also been constructed with exactly
the same mesh sizes as the META models.

Nodes are constrained
to stay on fiber vector.

‘S1

Nodes s; and n; are
coincident.

Figure 7-2 The shell-to-solid interface ties shell node s; to a line of nodes on the solid
element n;-ns [112].

Since the material model MAT162 is only available in solid element
formulation, material model MAT58 of LS-DYNA [111] was used as the
material model for the shell region. The differences between these two material
models and their possible influences on META are discussed in Sections 7.2.2
and 7.2.3 below. The projectile was modelled as a rigid body with the properties
of steel (p=7850 kg/m3, E=210 GPa, v=0.29). Energy time history was checked
for each simulation to ensure the total energy of the system was constant and the

hourglass energy was controlled to be less than 5% of the total energy.

7.2.2 Differences between MAT58 and MAT162
In contrast to MAT162, the strain rate dependency of composite materials

is not accounted for in MAT58 model formulation. In addition, the
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representation of the damaged material in the two models is different. MAT162
allows controlling gradual stiffness degradation due to damage via an
appropriate definition of damage evolution parameters, while MAT58 only
allows defining the residual strengths at tension (SLIMT1 and SLIMT?2),
compression (SLIMC1 and SLMC2) and shear (SLIMS) to represent damage in
the composite.

These differences, if not treated carefully, can result in substantial
discrepancies between the impact resistance predictions given by the two models.
For a study on the feasibility of META as a methodology of modelling impact
response, the differences in the two models should be reduced to a minimum.
To “equalise” the impact energy dissipation capability of the two types of
elements, simplifying assumptions were made and implemented as follows:

a) Strain rate effects were not considered in both MAT58 and MAT162. The
strain rate scaling factors in MAT162 were set to zero;

b) The damage-related material constants, AM1 and AM2 in MAT162 model,
were chosen in such a way to ensure that under the tensile in-plane loading
the two models predict the same stress-strain response;

c) The progressive shear damage in MAT162 is neglected and the material is
assumed to fail in an abrupt manner under shear loading. This was ensured
by setting damage-related material parameter AM4 to a large value;

d) The residual strengths in both models are set to zero, i.e. SFFC= 0 in
MAT162, SLIMT1=SLIMT2=SLIMC1= SLMC2= SLIMS= 0 in MAT58;

e) The element deletion criteria were deactivated in both material models by
assigning very large trigger values. The solid and shell elements are given
the same deletion criterion of 30% maximum effective strain (EFFEPS)
provided by the keyword MAT_ADD_EROSION.

These changes resulted in another set of input data for MAT162, which is
denoted as "Solid-2" in Table 7-2 and compared with the set employed in [198].
The corresponding inputs for MATS58 are given in Table 7-3 and this set of input
data for the shell elements is denoted as "Shell-1". The definitions of the

parameters are available in [111].
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Table 7-2 Differences to the inputs of Table 7-1.

CRATE1
ml= =CRATE E_LIM
m2 m4  SFFC 3=CRAT - ECRSH EEXPN EFFEPS
E4
Solid-1 2 0.2 0.3 0.03 0.2 0.001 4.5 None
Solid-2 6.5 1000 0 0 9999 1x10° 9999 0.3

Single element modelling, similar to that described in Chapter 5, was
conducted to obtain the predictions of MAT162 model with the modified input
properties (“Solid-2”) under in-plane tension, compression and shear. Similar
analyses were carried out with shell element and MAT58 model. The calculated

stress-strain curves are shown in Figure 7-3 .

Table 7-3 The set of input data for MAT58 ("Shell-1").

p[kg/m3] EA[GPa] EB[GPa] EC[GPa] PRBA TAUl GAMMALI

1850 275 275 11.8 0.11 0.18 0.18
GAB GBC GCA
el GPa] GPal SLIMTL SLIMC1 SLIMT2 SLIMC2
2.90 2.14 2.14 0 0 0 0
SLIMS TSIZE ERODS  SOFT FS
0 1x10%2 9999 1 0
E11C E11T E22C E22T GMS

0.011406  0.022686  0.011406 0.022686 0.01308
XC[MPa]  XT[MPa] YC[MPa] YT[MPa] SC[MPa]
291 604 291 604 75

As can be seen, under each loading mode, the predictions of the initial
elastic response obtained by using the three sets of inputs are very similar. Once
the damage initiation is triggered, the stress-strain curves calculated with "Solid-
1" suggest that the material maintains substantial load carrying capability,
especially under the shear loading. This is similar to the actual material response
as obtained in the shear tests in Chapter 3. As was explained above, it is
challenging to model this kind of material response with MAT58. Therefore,
there would be a substantial mismatch between the predictions of the two

material models if the original inputs (“Solid-1") were used. The modifications
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to the input parameters bring the curves predicted by MAT162 ("Solid-2") and
MATS58 ("Shell-1") much closer. There seems to be discrepancy for the shear
curves, but in terms of strain energy density, which is defined as the area under
the curves, it is rather insignificant, as listed in Table 7-4 for the three sets of

input parameters. They are all normalised to the tensile one for the set “Shell-1".
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Figure 7-3 Stress-strain curves of the single element models of MAT162 and MATS58
under in-plane tension (a), compression (b) and shear (c).

Table 7-4 Normalised strain energy for the curves in Figure 7-3.

Solid-1 Solid-2 Shell-1

Tension 170% 100% 100%
Compression 42% 23% 23%
Shear 59% 5% %

159



7.2.3 The relation between the prediction and the definition of the
regions

This section presents the investigation whether the prediction is
significantly affected by the material definition in the solid region and in the
shell region. For this study, META models were generated for the plate impact
tests described in Chapter 4, which is shown by the model on the right in Figure
7-1. Those are more representative for thin structures such as the fan
containment casing. Along with the META maodels, solid-element-only (SEO)
models, where the material behaviour was prescribed by MAT162, and shell-
elements-only models, with MAT58 defining the constitutive response of the
composite, were analysed for comparison purposes. Two impact cases were
generated for each type of models, where the projectile was assigned an initial
velocity of either 105 m/s or 227 m/s, which are respectively below and above
the ballistic limit. The time histories of the kinetic energy of the projectiles are
shown in Figure 7-4.

0 0.00002 0.00004 0.00006 0.00008 0.0001

200

Solid-only("Solid-1")

e+ e+ e+ META("Solid-1"+"Shell-1")
_______________ Solid-only ("Solid-2")

\ T - - —Shell-only("Shell-l")

150 * - ====META("Solid-2"+"Shell-1")
Solid-only-del("Solid-2")

----- META-del("Solid-2"+"Shell-1")

L R

Energy (J)
=
o

50

0 0.00005 0.0001 0.00015 0.0002 0.00025 0.0003

Time (s)

Figure 7-4 Significance of the solid region: projectile Kinetic energies. The curves for
227 m/s are in the top; the ones for 105 m/s are in the bottom.

The energy curves calculated in the models with the modified input sets,
i.e. "Solid-2" and "Shell-1", are shown in black. From these curves, it is easy to
see that there is large discrepancy between the energy predictions of the solid-
elements-only models and shell-elements-only models, though the two types of

elements are defined to have nearly the same energy dissipation capability (see
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Table 7-4 for the comparison). The likely cause for that is 2D stress state
formulation in shell elements, which makes them not appropriate for modelling
the material response in the impact region, where substantial through-thickness
material compression and shear is caused by impact. This type of failure and
deformation, however, can be reproduced if solid elements are used. The
comparison of the calculated energy curves therefore indicates that simplifying
the impact model by completely replacing the solid elements with the shell
elements could lead to significant inaccuracy in predictions. On the other hand,
also from the black curves, it can be seen that the energy predictions of the solid-
only model and of the META model are very similar in both loading cases. The
discrepancies in the final energy are 4 J at 227 m/s and less than 1 J at 105 m/s.

This similarity between the META and the solid-elements-only (SEO)
models is not related to any premature element deletion. Simulations were
repeated with another set of modified input properties for solid elements, where
the deletion strain EFFEPS was doubled (denoted as "Solid-2-del™), while the
input for the shell region remains "Shell-1". The appropriate energy curves are
in red in Figure 7-4. The discrepancies in energy predictions were still found to
be very small, 8 J at 227 m/s and 5 J at 105 m/s. The reason why the predictions
of both the SEO model and the META model were lowered is related to the
progressive crushing damage defined by a small value of AM3 in Table 7-1.
When a larger strain is needed to trigger element deletion, the energy dissipated
through this mechanism is increased.

Out of all the cases simulated, the highest energy dissipation was predicted
by the SEO model with the input set "Solid-1", which are the blue curves in
Figure 7-4. The projectile rebounded at the lower velocity and the contact was
also prolonged. The predicted kinetic energy of this model is in good agreement
with the one from its corresponding META model, where the input sets "Solid-
1" and "Shell-1" are used for solid elements and shell elements respectively.

In all the META models analysed in this section, the material behaviour in
the shell region was defined by the same set of input data, i.e. "Shell-1" in Table
7-3. Comparison of their energy curves revealed the impact response predictions
can vary greatly depending on the material properties chosen for the solid region.
With appropriate choice of the input properties, predictions obtained with

META models are very similar to those obtained with their corresponding SEO
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models. This indicates that the accurate definition of material behaviour in the
solid region of the META model is crucial for accurate predictions of the impact
response. This study also suggests that precise definition of the material
behaviour in the shell region is of much smaller significance. This frees the
concern about the differences between the material models that were raised in
the Section 7.2.2. Therefore, the input set "Shell-1" and MAT58 are used for the
shell regions in all the analyses involving META models below.

7.2.4 META for thick plates

The plates simulated in the previous section have a diameter to thickness
ratio of 100:4, and can therefore be considered thin structures. Their deformation
in the regions away from the impact site can be approximated by shell elements
with good accuracy, therefore, META modelling was able to provide accurate
predictions. Applicability of META for modelling the impact response of plates
with large diameter to thickness ratio is investigated in the present study by
simulating the impact of the thick plates as were used in the previous numerical
and experimental study [198]. The FE model of the plate and of the projectile is
shown in Figure 7-1. The plates had a diameter of 101.6 mm and thickness 13.2
mm, which results in a diameter to thickness ratio of 7.7. Two impact cases were
simulated, where the projectile was assigned with the initial velocity of 360 m/s
and of 800 m/s, at which the projectile rebounded and penetrated the target plate,
respectively.

In addition to that, plates with different diameter to thickness ratios were
studied by varying the diameter and keeping thickness constant at 4 mm (see the
one on the right in Figure 7-1). For those plates, the initial projectile velocities
were 105 m/s and 227 m/s.

Apparently, in this study, if the projectile size and shape are kept the same
for all the loading cases, the projectile size increases relatively to the diameter
of the plate, when the plate diameter is reduced. If the projectile is large enough
to cause a widely extended 3D stress state, META is more likely to fail in
delivering accurate prediction. On the contrary, META is expected to be more
appropriate for small projectiles. To exclude the influence of projectile size in
the study involving varying diameter-to-thickness ratio, the projectile size is

varied, too, to keep the ratio of the projectile diameter to the plate diameter
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constant. Similarly, the size of the solid region is varied accordingly so that the
ratio of its area to the area of the entire plate is also constant.

The calculated time histories of the projectile kinetic energy are shown in
Figure 7-5. The each of them is normalised to their initial kinetic energy values.
Energy curves calculated with the SEO models are shown by solid lines, while
dashed lines are used for the predictions of the META models.
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Figure 7-5 Projectile kinetic energy histories normalised to their initial values for the
cases of rebounding (a) and penetration (b). The solid lines are for the SEO models
and the dashed lines are for the META models.

Regarding the projectile size, as expected, for the 160 mm plate with
“smaller” (12.7 mm diameter) projectile, the META prediction is very close to
the corresponding solid model throughout the simulation. It confirms that
META is applicable and more accurate for small projectiles.

The influence of the span-to-diameter ratio is studied by comparing the blue
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(ratio=60:4), black (ratio=100:4) and red curves (ratio=160:4). The accuracy of
META changes marginally with the diameter to thickness ratio. In the
rebounding cases, as shown in Figure 7-5 (a), the discrepancies between the
META models and their corresponding SEO models are 10%, 14% and 9%,
respectively, from the plates with small diameter-to-thickness ratio to the plates
with the large ratio. It is worth noting that, before rebounding, there are scarce
discrepancies between the META models and their corresponding SEO models
for all the three diameter-to-thickness ratios investigated. The lower final
energies predicted by META models indicates the elastic energy stored in the
plate was underestimated because of the shell region. The energy plots for the
penetration scenarios are shown in Figure 7-5 (b). In these cases, the diameter-
to-thickness ratio has even less noticeable effects on the results. The predictions
of the META models are only 3%, 1% and 4%, respectively, different from those
of the SEO models.

Even for the plates with the ratio of 7.7, META also provided very accurate
predictions with respect to the final energy. Some discrepancy between the
calculated energy curves in Figure 7-5 (a) was observed prior to the rebounding
of the projectile. This could be an indication of a difference in the deformation

of the target.

7.2.5 Deformation response of the plate

The deformation of the target, which is also an important aspect of
modelling impact, was investigated for the 101.6-mm-diatmer 13.2-mm-
thickness plate and the 100-mm-diameter 4-mm-thickness plate. They represent
thick and thin targets, respectively, and will be referred to as “the thick plate”
and “the thin plate” in the following. The deformation of the target plate under
impact is studied by comparing the displacements at seven nodes in the X-
direction, which is the through-thickness direction. All of these nodes are on the
XY-plane, which is one of the two planes of material symmetry. The positions
of those nodes in a META model of the target plate are shown in Figure 7-6.
Nodes 1, 2 and 3 are on the central axis of the plate and are respectively located
on the front face of impact, the middle plane of the plate and the back face.
Nodes 4, 5 and 6 are located at the solid-shell interface. Node 7 is in the shell

region. The same impact case was also simulated with the SEO model, and

164



displacements of the nodes at exactly the same positions were studied.

Solid region Shell region

Figure 7-6 The nodes used to study the deformation of the target plate.

The comparison of the nodal displacements in the META and SEO models

of the thin plate is presented in Figure 7-7.
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Figure 7-7 The displacements of the seven nodes for the 100:4:12.7 plates impacted at
105 m/s, i.e. rebounding (a and b), and 227 m/s,i.e. penetration (c and d). Solid lines
are for the SEO models, dashed lines are for the META models.

Generally in the four figures, there is little difference in displacement at the
nodes through the thickness, for instance at Nodes 1, 2 and 3 in Figure 7-7 (a).

This indicates that the plate thickness was maintained during the impact. This
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was captured by both the SEO and the META models. At the low velocity
(Figure 7-7 (a) and (b)), the predictions by META are in good agreement with
the SEO model before rebounding. After rebounding, the META predictions
began to divert from those of the SEO model, leading to a discrepancy of
approximately 1 to 2 mm for the nodes right under the projectile at the end of
simulation. For the nodes at the interface, there is about 1 mm of discrepancy.
The difference is minor for the nodes in the shell region. For the high velocity
impact (Figure 7-7 (c) and (d)), the displacements predicted by the META model
are very close to those of the SEO model throughout the simulation. The
displacements for Nodes 1, 2 and 3 in Figure 7-7 (c), were zero throughout the

simulation due to immediate element deletion after the contact began.

6 1

4 3 0.5 Pt

[\
(e

(=]

o
W

1
I

Displacemenet (mm)
)
o

N
Displacemenet (mm)

{
[\

o
W

1
(8)

Displacemenet (mm)

g Time (s)

Figure 7-8 The displacements of the seven nodes in Figure 7-6 for the 101.6:13.2:12.7
plates impacted at 360 m/s, i.e. rebounding (a and b), and at 800 m/s i.e., penetration
(c). Solid lines are for the SEO models, dashed lines are for the META models.

In the thick plate, the deflection predicted by the META model is less
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accurate, as shown by Figure 7-8. For the case of projectile rebounding (Figure
7-8 (@)), the nodal displacements are obviously under predicted, and earlier
rebounding of projectile was predicted for the META model. This indicates that
the plate modelled with META has greater stiffness than the SEO model.
Comparison of nodal displacements in Figure 7-8 (b) and (c), shows that in the
SEO model, the node on the back face of the plate (Node 6) displaced more than
the node on the front face (Node 4) and the node on the middle plane (Node 5).
This may be attributed to bulge formation, which pushes the material near the
front face sideways. This effect was not captured by META, as these
displacements were predicted exactly the same. The minor differences for Node
7 displacements in both figures indicate that the shell element was able to

accurately reflect the deformation at the middle plane of the plate.

7.2.6 Damage prediction

Prediction of material failure in the plate was also studied in a way similar
to the analysis in Section 5.3.3. In the solid region where material model
MAT162 was employed to define the material behaviour, the damage
predictions of META at the end of the simulation were examined in terms of the
fibre damage, the matrix damage and the delamination, all on the back face,
where the most material damage occurs. The fibre crush failure is always
localised within the impact vicinity and is thus excluded in the discussion. The
contour plots of corresponding damage variables are shown in Figure 7-9. The
contour scale varies from zero to one, which corresponds to intact and
completely damaged/failed elements, respectively. The pattern of fibre damage
is only indicative for the weft direction. Because of the material symmetry of
the woven laminated composites [198] and the loading symmetry, the fibre
damage in the warp direction is identical to that in the weft direction, and can
therefore be visualised by rotating the contour plots showing weft fibre failure
by 90°.

There are no variables specified in MAT58 that could be outputted for
visualising failure or damage. Therefore, when the damage extends into the shell
region of META model, this cannot be reflected in the contour plots as presented
in Figure 7-9. Because of that, some forms of damage in the META models,
such as the matrix damage of the thick plate impacted at 360 m/s, are shown as
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a square pattern of the same size as the solid region.

By comparing the four SEO models, it can be seen that all three modes of
damage tend to be more localised when penetration takes place (Vi=227 m/s and
Vi=800 m/s). Except for some damage at the boundary of the thin plate, no
damage extends beyond the central square region. For both the thick plate and
the thin plate, accurate predictions of the shape and size of the damaged area for
each mode were obtained with META. In lower velocity impact cases, when the
projectile rebounded off the target, the localised damage modes, namely fibre
damage and delamination of the thin plate, as well as the fibre damage in the
thick plate, are also well captured in the META models.

Delamination is triggered by a criterion involving the direct stress and two
shear stresses in the through-thickness direction. The small delamination failure
in the thin plate suggests that in this case the values of those stress components
were relatively small, which justifies the use of shell elements. At the same time,
at the solid/ shell interface, those stress components become discontinuous,
which results in false delamination predictions along the solid/shell interface in
the META models.

The damage modes which extend beyond the solid element regions are the
matrix damage in both plates in the case of rebounding, as well as the
delamination in the thick plate. Matrix damage is determined by the in-plane
shear stress and therefore could still be captured by the shell region. However, a
large area of delamination indicates a major part of the thick plate was under
high through thickness stress. Since the solid element area in the META model,
was not sufficiently large to contain it, errors are introduced in the META
predictions.
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Figure 7-9 Damage predictions on the back face by MAT162 in the SEO and META models.
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7.2.7 Using the ANN model with META

The analyses in the previous sections have shown that META can be an
effective method of simplifying the computationally costly solid element models.
When the ANN model in its present form was used for the solid region in META
to model the ballistic impact tests of CF-IM7, the results, in terms of the final
projectile Kinetic energy, are in very good agreement with the all-solid-element
ANN models as shown in Table 7-5. However, in all the cases considered, the
predicted failure was very localised because of the premature element deletion.
Because of the localised early failure, the plate deflections are relatively small,
hence the contribution of the shell region into the impact response of the entire
plate is insignificant. An improvement in the ANN model would be useful to
fully assess the use of META with the ANN model.

Table 7-5 also shows the results when MAT162 was used, together with
the calibrated inputs of CF-IM7 for the solid region of META. Again, META as
a simplification method, makes prediction with very good accuracy compared
to the equivalent SEO models. This is the case at all the velocities analysed.

Table 7-5 Final projecitle kinetic energies normalised to their initial values when the
ANN was used in META to model the impacts on CF-IM7 plates.

Vs B ANN- ANN- MAT162- MAT162-
SEO META SEO META
105  27%*  96% 96% 35%* 28%*
151 7% 96% 96% 27% 28%
227 52% 96% 95% 64% 64%

*The projectile rebounded.

7.3  META analysis for casing impact

It has been shown that META is able to deliver accurate predictions for the
plate impact. In this section, the accuracy and efficiency of employing META
for modelling large scale components are assessed. META and SEO models of
a cylinder representing a fan containment casing have been constructed and

analysed.
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7.3.1 Methodology

The setup of the models follows an experiment described in [4] for testing
composite fan casing components, as shown schematically in Figure 7-10.
Geometric simplification was made by modelling the full scale fan casing as a
ring of 2000 mm in inner diameter, 750 mm in length and 20 mm in thickness.
Furthermore, the curved fan-blade-like projectile was simplified as a long thin
plate. The bottom of the ring was fixed on a 30° slope. The projectile was fired
along the horizontal direction to the ring, resulting in oblique impact on the inner

surface of the ring.

Casing structure Projectile

[ yd
Front view ~_ 0 ,\\4’/ =
o
30 Motion of projectile

%&% N

Figure 7-10 Test configuration for composite fan casing impact testing in [4].
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Figure 7-11. The META model with quarter of the casing ring modelled with thin
shell elements.

META models, as shown in Figure 7-11, and SEO models were built to
simulate the test. The approach of META for plates described in Section 7.2.1
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was adopted for the casing models, including the shell-solid region coupling, the
material models for the composite and the single surface contact algorithm. The
properties of the plain-weave S-2 glass/SC15 composite from [198] were used.
The two yarn directions were set along the circumference and the length of the
casing. In the META model, a quarter of the casing was modelled with 5 mm
cubes of solid elements while the remainder was modelled with square shell
elements with edge length of 5 mm. The mesh density and topology of the
quarter of the casing in the SEO model were exactly the same as the META
model. The projectile was modelled as rigid steel with mass of 7.875 kg and
assigned an initial velocity of 120 m/s, giving an energy level of 57 kJ, which is
close to the value employed in [225]. It was meshed with 3 layers of solid
elements. The fan casing impact models were run on the high performance
computing (HPC) system, at the University of Nottingham. 16 cores and 64G
RAM were used.

7.3.2 Accuracy

60000 160
so000 -\ _mmmaem=mTT 140
120
40000

100

—SEO kinetic energy 80

----META kinetic energy

Energy (J)
ké)
S
S
(=)

20000 ——SEO displacement

--=--META displacement 40

Displacement (mm)

10000
. 20

A e LS 0

0 0.001 0.002 0.003

Time (s)

Figure 7-12. The projectile displacement and kinetic energy history in the casing
impact model.

The time histories of projectile kinetic energy and displacement are shown
in Figure 7-12. The kinetic energy reached a constant value close to 0 J at 3 ms,
at which point the simulation was terminated. It can be seen that very good
agreement between the META model and the SEO model is achieved for both

projectile Kkinetic energy and displacement throughout the simulation. The

172



biggest discrepancy of 5% happened for the projectile displacement at the end
of the simulation.

The deformations in the casing at 3 ms are compared in Figure 7-13. In
general, the indentation and the deformation of the casing predicted by the
META model are very close to the SEO model. In Figure 7-13 (b), in the region
adjacent to the area of impact undergoes a rotation. This is captured by the
META model in Figure 7-13 (a), where the top left quarter of the casing is
modelled as a solid-element region. The rotation is observed near the interface
between the two element regions. In particular, at the left interface, larger
rotation is predicted by the META model than the SEO model. Far away from

the impact region, neither deformation nor rotation is observed.

Solid-shell interface

Solid-shell interface /

Figure 7-13. The deformation of the casing at 3 ms in (a) the META model; (b) the
SEO model.

The contour plots in Figure 7-14 show the fibre damage along the
circumference of the casing predicted by MAT162, viewing from the front face
and back face of impact. In this case, fibre damage appears to be more of a global
mechanism, as predicted by the SEO model in (a) and (c), and this damage mode
extends far beyond the impact region. Again, due to the lack of implementation
of a damage contour in MAT58 for the shell region, fibre damage cannot be
illustrated here. Nevertheless, the damage patterns within the solid region are
very similar for both the SEO and the META models. Such similarity is also
observed for fibre damage along the height of the casing.
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Figure 7-14 Results of the SEO model and the META model. Fibre damage contours

viewing from the front face (a) and (b), and back face (c) and (d) of impact.
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Figure 7-15 Results of the SEO model and the META model. Fibre crush failure

contours viewing from the front face (a) and (b) and back face (c) and (d) of impact.

Fibre crush, as shown in Figure 7-15, is a localised failure mode, mostly

concentrated in the impact region and its vicinity. The prediction for this mode
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by the META model is in very good agreement with the solid model.

7.3.3 Saving

The computational savings of the above META model have been calculated
by comparison with the SEO model, as shown by the first two columns in Table
7-6. The results are all normalised to the ones of the SEO model of using
MAT162. By modelling one quarter of the casing with shell elements, the
number of nodes is halved and the number of elements is reduced by 65%. The
computational run time for the same event duration is saved by 40%. The saving

in memory usage (34%) is less due to the solid-shell coupling.

Table 7-6 The simulation costs of the casing impact models when using MAT162 and
ANN. All the results are normlised to the ones of the all-solid model of MAT162.

SEO- META-  SEO-  META-
MAT162 MAT162 ANN ANN
Number of elements in the casing 100% 35% 100% 35%
Number of nodes in the casing 100% 50% 100% 50%
Memory required 100% 66% 76% 50%
Computational run time 100% 60% 25920%  6966%

A similar assessment was made for the ANN material model, which
replaces MAT162 in the solid regions of the above two casing impact models.
The models with ANN are found to be much more time-consuming than the ones
with MAT162. In the SEO model with MAT162, it took about 6 hours of
computational run time on the HPC to finish an event of 1 ms, which is merely
the beginning of the impact. When ANN is used, it has been estimated that more
than two months of real time is needed to finish the first 1 ms. In this case of
using the ANN model, META is able to reduce the simulation time to a quarter
of its corresponding SEO model, as shown in Table 7-6. The accuracy is not
discussed here due to the aforementioned premature element deletion by the

current ANN model.

7.4  Casing impact study
To investigate the performance of the 3D woven composites in an FBO

scenario, in this section, META was used to model a casing made from CF-IM7

175



under four simple impact conditions. Instead of simplifying the blades as long
thin plates, the twisted shape which is commonly found in fan blades was
brought into consideration. In addition, rather than considering as rigid, the
blades were modelled as deformable with conventional choice of titanium alloy

and the popular new choice of composite materials.

7.4.1 Methodology

The casings in the META models, were generated in the same way as in
Section 7.3.1 including the same dimensions, and the same boundary conditions.
In this study, however, half of the casing is modelled with solid elements and
the impactor is replaced by the twisted wide chord fan blade of a high bypass
ratio turbofan aero engine, as shown in Figure 7-16. MAT162 with the inputs
for CF-IM7 was used for the solid region and MAT58 was used for the shell

region.

Y
¥ .- R
Figure 7-16 The META model of casing under ballistic impact by a single blade.

Simplifications were made to the geometry of the blade, such as excluding
the sharp leading edge and trailing edge and assuming uniform thickness. The
blade was modelled with single integration point solid elements. Three types of
projectiles were considered. The deformable titanium blade was modelled with
MAT_STRAIN_RATE_DEPENDENT_PLASTICITY and the inputs are given
in Appendix 2. In addition, a rigid titanium blade was also considered, so was a
blade made with CF-IM7, which was also the material for the casing. Its weft
direction which has greater stiffness and strength was aligned with the radial
direction of the blade. This would normally be the case to resist the centrifugal
force during rotation. In addition, a rotational impact of the deformable titanium

blade is also considered.
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Table 7-7 A summary about the four models.

Notation Impact Projectile Initial kinetic energy
BR Ballistic Rigid titanium 102kJ
BD Ballistic Deformable titanium 102kJ
BC Ballistic CF-IM7 33kJ
RD Rotational Deformable titanium 102kJ

The weight of fan blades and the energy during FBO are usually treated as
confidential information by engine manufactures. The initial kinetic energy of
this model was estimated in the rotational impact model by rotating the blade
about the centre axis of the casing at 3000 revolutions per minute (RPM), which
is normally the range of fan operating speed of a high bypass ratio turbo fan
engines. The estimation was 127 kJ, based on a solid titanium blade. However,
the real fan blades are actually lighter than the solid one modelled in this study,
for instance, the widely-known hollow titanium fan blades developed by Rolls-
Royce will be significantly lighter. Therefore, the initial energy for this study
was scaled down to 102 kJ by a conservative assumption that the weight saving
is 20%. An initial linear velocity was assigned to the solid titanium blade in the
META ballistic impact model to match this energy level. In the META model
with the CF-IM7 blade, the same initial velocity was assigned, but this resulted
in an initial kinetic energy of only 33 kJ. The four models are summarised in
Table 7-7.

7.4.2 Results

7.4.2.1 Blade movement during impact

At the simulated energy levels, the casings in all four models managed to
contain the blade. The simulation was terminated after the blade became clearly
incapable of penetrating the casing, which was identified from the analysis of
the three momentum components of the blade, as shown by Figure 7-17.
Deformations of the casings at specific time points in these models are shown in
Figure 7-18.
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Figure 7-17 Momentum components of the blade during the impact. The
coordinate systems are shown in Figure 7-18.

Given the coordinate system (see the dashed box in Figure 7-18),
penetration would be indicated by the residual X-momentum in the BR, BD and
RD models, and by the residual Z-momentum in the RD model. These
momentums in the BR, BD and RD models become negative at about 6 ms, 6
ms and 9 ms respectively, indicating the “rebounding” of the blades. For BC,
the X-momentum maintains a small positive value after 5 ms, but penetration
also does not happen as shown in Figure 7-18. This positive residual is the result
of the projectile sliding along the inner wall of the casing.

In the BR model with the rigid blade, first contact occurs before 3 ms, during
which the projectile begins to tumble. At 3 ms, the tip of the blade already
separates from the casing. This is reflected in Figure 7-17 as the X- momentum
plateaus at about 400 kg-m/s. Even so, the casing continues to deform during
this process due to the stress wave. At the same time, the blade hub gets closer

to the casing and eventually from 5 ms, the second impact of the blade on the
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casing occurs and lasts until 7 ms. Then the blade rebounds and separates from
the casing. Similarly, the impact process of the other three models with
deformable blades also involves a second impact, though the duration of the first
contact differs. All these projectiles deformed and kept in contact with the casing
after the first impact. It should be noted that in the rotational model the blade
hub impacted onto the blade itself at the second impact, which is different from
the ballistic cases. Separation is not observed in these three models after the

second impact.
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Figure 7-18 The impact process of the four models. The coordinate systems are also
given: red for X, green for Y and blue for Z.
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7.4.2.2 Casing deformation

While the casings impacted by the titanium blades deform substantially, the
composite blade causes no obvious casing deformation. To better understand
this difference, the casing deformation in terms of resultant displacements, is
contour-plotted in Figure 7-19. It can be seen that in the BC model the maximum
displacement was less than 10 mm throughout the simulated period. This is most

likely due to the much lower level of impact energy.
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Figure 7-19 Deformation of the casing as resultant displacement (in mm) during the
impact in the four impact models.

The energy of the models with the titanium blades is more than three times
larger. At the ends of the first impacts (3 ms for BR, 3 ms for BD and 5 ms for
RD), there are large regions of substantial displacement (above 80 mm for BR
and BD, and above 40 mm for RD). By the ends of the second impacts, as shown
in the second column in Figure 7-19, the free edges of the casings in BR and RD
seemed to be wrapping towards their centres. There are regions where the

displacement is as large as 200 mm. The corresponding displacements in BD are
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about 100 mm, much less than the above two. By modelling the blade as
deformable, a large part of the impact energy is dissipated through the blade
deformation. It is self-evident that appropriate modelling of the blade is vital to
the accuracy of the whole simulation. At the same time, the difference between
the ballistic impact and rotational impact is revealed. With the same Kinetic
energy, the rotational impact leads to larger deformation to the casing than the
ballistic impact, and therefore presents a larger threat. On the other hand, in all
the four models, the deformations are minor along the fixed edges and in regions

far away from the impact.

7.4.2.3 Failure and damage

The failure modes predicted by MAT162 are examined and presented as
failure contours in Figure 7-20 in a way similar to the ones for panel impact in
Section 5.3.3. While there is no failure at all in BC, the large deformations in the
other models are reflected as the globally extended fibre failure, matrix failure
and delamination. Shortly after the initial impact at 1 ms, BR and BD casings
fail globally except for the fibre crush mode and fibre failure mode along the
height of the casing. At the same step, the fibre failure in RD is very much more
localised. By 7 ms, it can be seen that, except for the fibre crush failure, all the
failure modes exist all over the solid region in these three models. Itis very likely
these failure modes also took place in the shell region, although MAT58 cannot

display this information.
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Figure 7-20 Pridiction of failure modes by MAT162 at 1 ms and 7 ms for the four models.
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7.5 Conclusions

The impact loading of composite plates and full scale containment casing
rings, were analysed by using mixed element type analysis (META). The
capabilities and limitations of META were examined by comparing the
predictions of the META models with those of their corresponding solid-
element-only (SEO) models.

The modelling of plate impact started with an effort to minimise possible
influences due to the differences between the material models for the solid
elements (MAT162) and the shell elements (MATS58). It was found that the shell
region has minor influence on the prediction of the projectile final kinetic energy.
As long as the solid region is defined the same way as the corresponding SEO
model, the projectile kinetic energy by the META model is very close to that
predicted by the SEO. This is applicable to the plates whose diameter-to-
thickness is within the range from 7.7 to 40. META also provides very accurate
prediction about the localised damage modes in the plate. However, META has
less accurate prediction of deformation and damage for the (thick) plates with
small diameter-to-thickness ratio. This is because the impact of the thick plates
involves a larger region of 3D stress, which extended into the shell region.

The savings obtained by employing META was assessed in the simulation
of a full scale composite casing ring, where MAT162 and solid elements were
used for a quarter of the ring and the rest three quarters of the ring were meshed
with shell elements and modelled with MATS58. It gives predictions similar to
the corresponding SEO model with respect to projectile trajectory, casing
deformation and material failure. This was achieved with a 40% reduction in
computational run time. The savings of META when the ANN model is used
were also investigated. It was found that the SEO model which employs ANN
requires a significant longer computational run time for simulating the same
event duration than the SEO model which employs MAT162. In this case, by
using META, the computational run time is 75% less than the corresponding
SEO model.

The response of full scale fan casings made from CF-IM7 when impacted
by blade-like projectiles, was investigated by using META. The setup of the
above ballistic impact tests was employed but the projectile was modelled as a
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rigid body of titanium (Ti), deformable Ti and deformable CF-IM7 in three
models respectively. The rotational impact of the deformable Ti blade was also
simulated. The impact energy level was estimated by rotating the Ti blades at
3000 RPM. The same rotational speed leads to significantly lower impact energy
in the model with the CF-IM7 blade, where the impact caused no failure and
trivial deformation to the casing. In all the models with the Ti blades, the casings
managed to resist penetration during the first impact as well as the second impact
caused by rigid blade tumbling or blade deformation. However, significant
deformation (>100 mm) was found in the casings after the second impact. The
prediction by MAT162 also indicates that, after the second impact, global failure
of all the modes in the composites casings occurred except for the fibre crush

mode.
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Chapter 8 Conclusions and Recommendations

In this chapter, the main contributions and conclusions from this doctoral

project are presented. Then, recommendations for future work are outlined.

8.1

Conclusions

Characterisation of 3D woven composites

This study involves several characterisation tests for 3D woven composites,
which provide important information for the macro scale simulation and the
validation of multi-scale modelling approaches. The investigation is focused
on a special form of 3D woven textile which is often referred to as 2.5D
woven textile. Four types of 2.5D woven textile composites were tested
under quasi-static in-plane tensile, compressive and shear loadings.

The tension in both the weft and the warp directions shows that the tensile
moduli and strengths are directly related to the mechanical properties and
volume fraction of fibres. Out of the four types of composite tested, the one
with IM7 carbon fibres (CF-IM7) possesses the largest strain energy density
at final failure, which is also an indication of higher capability of dissipating
impact energy. Via microscopic observation on specimens loaded to
different levels of strain, the commonly-observed reduction of tensile
stiffness is found to be caused by the debonding of yarns from the matrix.
Under compression, the mechanical properties appear unrelated to the fibre
contents, except the weft compressive strength. The stress-strain curves are
generally linear until the maximum stress, where specimens failed under
through thickness shear via fibre kinking for the weft compression or
connection of debondings for the warp compression. The failed specimens
are still in one piece and significant load carrying capability remains.
In-plane shear was performed by two methods, i.e. 45° off-axis tensile shear
and two-rail shear. Between these tests, only minor difference is found with
respect to the shear moduli and the 0.2% offset strength, both of which also
show little difference among the four composites as a result of matrix
dominant behaviour. Non-linearity is commonly observed after the initial

linear part. Fracture happened in the glass composites transverse to the
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weaker yarns, while yarn rotation took place in the other composites and
made the tests little representative of pure shear state at later stages of the
testing.

SHPB compression was carried out to obtain the compressive properties at
high strain rates and then to establish the strain rate dependency for impact
simulation. Unreliable measurements of compressive moduli were obtained
due to non-constant strain rates in the early stages of the testing. However,
the dynamic compressive strength results are more reliable and clearly rise
with increasing strain rate for all the materials. The failure modes of the
SHPB specimens resemble those under QS compressive loadings, namely
fibre kinking in the weft specimens, and debonding and further crimping in

the warp specimens.

Ballistic impact tests on composite plates

Ballistic impact tests, which are even less reported for 3D woven composites
than their characterisation tests, were performed in this study for the above
3D woven composites and a quasi-isotropic IM7 carbon fibre laminate. An
air gun apparatus was used to fire rigid steel spherical projectiles onto
clamped flat composite plates at various velocities. The ballistic limits are
determined by non-linear curve fitting of the measured velocity pairs to the
Jonas-Lambert equation, as an indicator of the resistance to penetration.
The analysis shows that more tests are needed for the glass composites, but
the conclusion can be drawn that GF-2 has the largest penetration resistance
with the limit velocity being 180 m/s, followed by GF-1 (173 m/s), CF-IM7
(161 m/s) and QI-IM7 (134 m/s). However, the penetration resistances of the
three types of 3D woven composites differ less than 10%, if normalised to
their densities.

Visual inspection and XCT were employed to observe the damage modes in
the impacted plates. It is found that there is more damage and material loss
near the back face of impact. Crushing and breakage of both weft and warp
yarns together with the debonding are the failure modes observed in similar
locations in both glass and carbon composites. The failure modes in the warp
direction are only found in the impact vicinity, while those in the weft

direction are more extended. In addition, the yarn damage modes are more
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extended in CF-IM7, while debonding is more extended in GF-2.

Simulation of the ballistic impact tests

As an achievement of a parallel PhD project, the ANN material model,
developed via a multi-scale modelling approach, have been used in this work
for the macro scale simulation of 3D textile composites. They are employed
in LS-DYNA to simulate the ballistic impact tests on the plates. The
simulation shows the correct trend, however at present underestimates the
penetration resistance.

The main simulations in this work employ a commercially available material
model, MAT162 of LS-DYNA, as it includes three important features of
modelling, i.e. mode-dependent failure criteria, damage mechanics and
strain rate dependency. Following calibration and selection of input data,
acceptably accurate prediction can be made by using MAT162 about the
projectile velocities during plate impact. Important failure characteristics
caused by the impact, such as fibre failure in the weft direction, are also
captured. This provides a viable approach for FE analysis of 3D textile
composites under impact loading alternative to multi-scale modelling
approaches.

The drawback of using MAT162 or similar phenomenological macro scale
material models is also exposed. Even for each variation of the same textile
architecture, this approach requires an extensive experimental testing
programme to provide the material input data. The limitations and
recommended developments regarding MAT162 are presented in the next

section.

Parametric studies of plate impact tests

Parametric studies were performed by FE simulation to understand the
factors which may differentiate the commonly used plate impact tests from
the rarely reported FBO tests, and how the impact performance of the IM7
carbon fibre 3D woven composites are affected by these factors.

Projectile shape was found to affect the penetration resistance. Among the
five designated projectiles, the flat cylinder projectile is the most efficient in

penetration, followed by the FSP, conical, spherical and cuboid projectiles.
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For projectiles with flat end faces, energy dissipation is related to shape-
related mechanisms as well as size-related mechanisms such as shear cutting,
crushing and plug formation. The penetration of projectiles with a point
contact, e.g. the conical projectile, involves hole enlargement, whose
contribution to energy dissipation can also be significant.

The effects of the projectile shape are more apparent for a target with a larger
span-to-thickness ratio, as the larger ratios magnify the difference in target
bending caused by the projectiles. However, the dissipated energy, when
normalised to the target mass, is actually lower for the plates with the larger
ratios.

The effect of impact obliquity is evident for both penetration and rebounding
cases. The normal velocity required for penetration reduces with increasing
impact angle, while the corresponding resultant rises significantly. Normal
impact (0°) results in the most dangerous scenario as it requires the least
amount of energy for penetration.

It is also revealed that more curved are less resistant to penetration as it is
more difficult to bend them. However, the effects of target curvature only
become apparent when the plate is curved to a certain degree, which in this
study happened when R/S was decreased from 2.5 to 1.25. Therefore, the
impact tests on the flat plates are representative for the targeted casing

structures whose R/S>2.5.

Simulation of impact on composite casing structures

Mixed element type analyses (META) has been employed to ease the
computational requirements for simulating the localised impact of large
composite casings. This method was assessed by modelling plate impact
tests. It is found that, for plates whose diameter-to-thickness ratio are within
the rage of 7.7 to 40, META provides accurate predictions of the projectile
kinetic energy and the localised damage modes in the targets. However,
when impact response and damage are widely extended, META is less
accurate in predicting the target deformation and damage. The saving of
META was assessed by modelling a ballistic impact for casings. The
computational run time was reduced by 40% when a quarter of the casing

was meshed as solid elements while the rest of the casing was meshed as
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8.2

shell elements. The newly developed multi-scale ANN model takes a
significantly longer run time to simulate the same event duration. In this case,
the saving of run time by using META is 75%.

The response of fan casings, made from CF-IM7, when impacted by blade-
like projectiles was investigated in four META models, where blades were
modelled as rigid titanium or deformable titanium or CF-IM7, the same
material as the casing. At the considered energy levels, all the casings
manage to contain the blades after the first impact as well as the second
impact caused by rigid blade tumbling or blade deformation. Compared with
the composite blade, the titanium blades are much heavier and possess larger

kinetic energy, leading to severe deformation and damage of the casings.

Recommendations for future work

Characterisation tests for textile composites

The through thickness (TT) reinforcements make 3D textile composites
stronger than laminated composites in the through-thickness direction.
However, the small thickness of the studied materials imposes challenges to
the testing of through thickness properties, with issues such as the clamping
in TT tension tests and strain measurements. It is recommended to develop
appropriate testing techniques and investigate the TT properties of 3D textile
composites. This topic is scarcely discussed in the open literature.

The dynamic testing in this thesis has been limited to compressive loading.
Efforts were made in developing appropriate methods for other loading
conditions, but the testing was not conducted due to the time constraint in
this project. In this study, it is found that the strain rate effects on the weft
compressive strength are very different from those on the warp compressive
strength. It is recommended to continue the development and carry out an
investigation to understand how other mechanical properties, e.g. tensile

strengths and shear strengths, are affected by strain rates.

Development of apparatus for impact tests

The current gas gun apparatus can only fire 12.7 mm ball bearings normally
onto a circular plate of 100 mm diameter. By simulation, a parametric study

reveals that some factors do differentiate the plate impact tests from the FBO
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impact. It is recommended to further develop the gas gun and the target
fixture such that the parametric studies can be verified experimentally, so
that the above factors can be investigated in more depth.

e The impact of casing structures has been studied by simulation only. It
reveals that the rotational impact is not identical to the ballistic impact at the
same kinetic energy. In order to get a better understanding about the
performance of 3D textile composites during FBO, apparatus for rotational

impact tests is recommended for future development.

Macro scale material model for textile composite

e Phenomenological macro scale material model similar to MAT162 is able to
achieve acceptable accuracy in the impact simulation of 3D textile
composites. If such models are developed based on MAT162, improvements
are needed by addressing the exposed limitations of MAT162. These include
the competency of modelling bilinear and non-linear stress-strain relation,
the distinction of compressive behaviour from tensile behaviour and the
difference in the strain rate effects on various mechanical properties.

e Appropriate material models for shell element formulation are also
recommended to save the computational run time for simulations which
involve little through thickness stress. It can also be used in the shell region
in a META analysis.
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Appendix 1. Macro scale artificial neural network (ANN)

material model from multi-scale modelling

This ANN material model, which was used in the studies in Chapter 5 and
Chapter 7, is developed in a parallel PhD project [8] by using a multiscale
modelling approach. It has been implemented as User Define Material
Subroutine in LS-DY NA for the macro scale simulation of 3D textile composites.
A flow chart of this multiscale simulation methodology is illustrated by Figure

Al-1. In this appendix, the key procedures of its development are introduced.

Fibre volume fraction Micro scale
within the yarns

I Fibre Properties _, Effective properties of
the yarn
I Resin Properties I—

|
l Meso scale

Geometric parameters
of the fabric N Meso-scale Stiffness and strength
; under uniform loading
Damage parameters | unit cell °

ANN training cases
(strain-stress pairs)

Key:
Input parameters (defined
by the user)

S-DYNA

. Artificial neura
Analysis output ANN User
- network .
. database material
algorithm .
ubroutine

Figure A1-1 A flow chart for the multiscale simulation [8].

Micro scale

The multiscale modelling starts from micro scale level, where a yarn within
fibre-reinforced textile composites can be considered as unidirectional (UD)
composites, to obtain the mechanical behaviour of the yarns. The packing
pattern of fibres within a yarn was assumed as regular and represented by
hexagonal unit cells as shown by Figure A1-2. The dark region represents a fibre.
Its volume fraction was estimated to be 78.6% in Chapter 3.

Mesh was generated for the whole hexagonal unit cell but only half of it
was analysed to save computational effort. Central reflection symmetry

boundary condition based on [231] was imposed on the unit cell.
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Figure A1-2 Hexagonal unit cell for micro scale simulation [8].

Rate sensitivity of the fibre and the matrix were taken into consideration by
scaling their uniaxial moduli and strengths via user-defined subroutine UMAT
according to Eq. 3-19 in Chapter 3. To obtain the scaling factors for the PRIME
20LV resin, disk specimens were tested at various dynamic strain rates by using
the SHPB apparatus in Chapter 3, together with cylindrical specimens tested
under quasi-static compression according to ASTM D695-10 Standard Test
Method for Compressive Properties of Rigid Plastics. Despite it has been shown
in Chapter 3 that the strain rate during the initial elastic deformation was not
constant, its chord moduli was also taken into consideration in this scaling.
Taking the QS as the reference strain rate, the scaling factors for strength and
modulus are 0.0193 and 0.1175 respectively.

For the glass fibres used in GF-1 and GF-2, the dependency of their moduli
and strength was assumed to be the same as the matrix. Carbon fibres were
regarded as strain rate insensitive. Maximum principle stress criteria were
applied to predict the failure initiation for both fibre and matrix.

The micro-scale had gone through sanity check before it was used in further
analysis. The fibre in the unit cell model was assigned the same material
properties as the matrix. In such case, a sane model should predict that the
effective properties are the same as those of the matrix. This check was also
applied to meso-scale unit cell. The majority of issues related to implementation
could be found by such checks, however, passing them does not mean the model
nor is the methodology validated. For micro-scale level, the modelling was
validated against numerous extensive researches on the testing and prediction of
various UD composites, for example as in Table Al-1. It was generally found

that the prediction is accurate especially for longitudinal properties.
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Table A1-1 The predicted effective properties in [8] compared with [179].

E, (GPa) E, (GPa) vy, Uz Gy (GPa) G,3 (GPa)

Experimental 45.6 16.2 0278 04 5.83 5.786
Umt[ C?” 45.7 11.8 0.252 0.401 4.33 4.215
prediction

Then the unit cell was analysed at various strain rates from QS to 10%/s to
find out corresponding dynamic effective properties of the yarns namely six
moduli (Ex, Ey, Ez, Gyy, Gyz and Gx,) and nine strength properties (Sxt, Sxc, Syt, Sy,
Sat, Sz, Sxy, Syz and Sx). Again, based on Eqg. 3-19 in Chapter 3, the strain
sensitivity of the yarns with respect to these fifteen properties was also defined.

Meso scale

At meso scale, the unit cells of the 3D woven composites were created
according to the micro CT results in Chapter 3. It was assumed that the outmost
two layers have minor effects on the mechanical properties of the whole plate so

that the unit cell could be largely simplified into as shown by Figure Al-3.

Figure Al1-3 Simplified unit cell for meso scale modelling.

The geometry of the unit cell was generated in TexGen based on the
measured geometrical parameters in Chapter 3 and then Hypermesh was
employed to generate high-quality mesh. Periodic boundary conditions were
imposed to the unit cell in Abaqus. The strain-rate dependent material properties
of matrix and yarns, which were found in micro-scaling modelling, were used.

The yarns within the unit cell were regarded as UD composites, whose
damage initiation was predicted by the failure criteria posed by Hashin [60].
After damage initiation, the stiffness begins to degrade until the final failure and
this process was predicted by the damage evolution law by Matzenmiller et al.
[82]. The matrix was treated as isotropic material, whose final failure was

predicted by von Mises criterion [232].
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Table A1-2 The predicted effective properties [8] compared with the experimental

values.
GF-1 GF-2 CF-T300 CF-IM7
Weft Sim. 18.81 22.94 56.99 62.9
tension Exp. 15.92+0.55 25.67+1.45 55.16 62.71+0.43
modulus  error 18% -11% 3% 1%
Warp Sim. 24.61 20.61 51.66 55.83
tension Exp. 24.77+£3.12 21.83+0.76 48.68 35.79+£3.43
modulus error -1% -6% 6% 56%
In-plane  Sim. 4.95 4.73 4.19 3.6
shear Exp. 4.03+£0.14 4.06+0.50 3.41+0.54 3.85+0.42
modulus  error 23% 17% 23% -6%
Weft Sim. 223.16 443.3 512.21 1308.45
tension Exp. 206.46+13.57 336.79+31.44 485.29 832.11+40.69
strength  error 8% 32% 6% 57%
Warp Sim. 185.16 210.48 327.27 352.06
tension Exp. 223.49+3.35 213.21+6.81 335.53 421.36+25.14
strength  error -17% -1% -2% -16%
Weft Sim. 185.08 329.67 422.45 1038.01
compression Exp. 199.07+5.08 323.18+9.36 386.22+32.81 296.52+17.6
strength error -1% 2% 9% 250%
Warp Sim. 184.85 242.39 296.87 309.37
compression Exp. 173.33%6.92 167.5+15.37 189.45+31.05 113.13+7.06
strength  error 7% 45% 57% 173%

After sanity checks, validation for meso-scale unit cell model was carried
out against the experimental results of the four 3D woven composites in Chapter
3. The effective properties predicted by the meso-scale unit cell modelling are
compared with experimental results in Table Al-2 with errors normalised to
corresponding experimental values.

It seems that, though some of the properties were accurately predicted, the
discrepancy of the others is significant. The ones with more than 20% are
underlined in the table. If the deviation of experimental results in Chapter 3 is
taken into consideration, those still significantly larger than 20% are marked in
bold. It can be seen that the prediction is least accurate for CF-IM7, whose
compressive strengths were overestimated by more than 1.5 times. While

the predictions for the other three composites are generally in acceptable
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accuracy. Relatively accurate prediction is made on the weft tension modulus,
in-plane shear modulus and warp tension modulus for all the four composites.
The least accurate prediction is the warp compressive strength, which seems to
be significantly over predicted for GF-2, CF-T300 and CF-IM7. This is possibly
more related to the experiment as the warp specimens under compression may
buckle early and become unstable due to yarn crimping, while the unit cell model
excluded the possibility of instability and predicted failure only when the criteria
were satisfied. As a whole, the prediction of the meso-scale unit cell modelling
is considered as acceptable. It was then used with ANN to predict the effective

properties of the 3D woven composites for any loading conditions.

NN

ANN is essentially a sophisticated interpolation method, where a
complicated structure consists of numerous neural elements in several layers.
Only the key procedures of using ANN method are introduced here. Detailed
procedures and an overview about ANN could be found in [233].

A full ANN can comprise numerous neural elements in several layers.
Several types of ANN have been developed by varying the connections among
the elements. The ANN used in this study is a feed-forward (FF) ANN, which
provides accurate prediction in a simple network. Each element within the
network has multiple inputs (xi,X2,...Xn) and one output y. The relationship f(x)
between the inputs and output is defined with weight coefficients w; and
threshold @ as Eq. (Al-1). A process called training, during which the weight
coefficients and threshold are determined through complicated iterations for

each element, is required before any prediction can be made by ANN.

y = f (Z wix; - 9) (AL-1)

i=1

The inputs of ANN in this study are the six strain components and the strain
rate while the outputs are the six stress components. For instance, for a specific
strain rate, if the direct strains e11, €22, 33, were assigned values from the set [0,
0.3, -0.3] and the shear strains y11, y22, y33 were assigned values from the set [0,

0.3], there would be 215 loading conditions as the all-zero condition needs to be
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excluded. Furthermore, if 30 increments were defined for each loading condition,
there would be 6450 strain combinations. The stress for each strain combination
was then calculated by the meso-scale unit cell model. This process was repeated
for the other strain rate. Eventually, a large number of stress-strain pairs were
generated. Half of them were used to train the ANN and then the quality of
training was tested against the other half. The error was found to be commonly
less than 1% in [233].

Then the parameters and structure of the trained ANN were coded into a
database file, which can be accessed by LS-DYNA solver via the user-defined
subroutines to predict the material response at macro-scale level. The final
failure of the material and its corresponding element deletion was designated to

happen when the tangential stiffness matrix (DDSDDE) becomes singular.
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Appendix 2. The properties of titanium

Table A2-1 The properties of Titanium used to model deformable blade-shape
impactor provided by ACAE [234].

. Density Young's modulus  Poisson's
Material s :
(kg/m?) (GPa) ratio
Titanium 4453.2 110.3 0.310

Table A2-2 The strain rate dependency of the Titanium provided by ACAE [234].

Strain rate (1/s) Yielding strength (MPa) Strain at yielding
0 896.3 0.18
4.4x10* 965.2 0.18
4.4 1158.3 0.18
520 1254.8 0.18
10000 1392.7 0.18
1.0x10° 1461.7 0.18
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